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OPENING ADDRESS 

Marius Le Fevre 
Director of ESTEC 
ESTECy Noordwijk, The Netherlands 


Fellow Directors, Chairmen, Ladies and Gentlemen! 

Structures and mechanical testing are both disciplines 
with long histories. As far as spacecraft applications are 
concerned, however, significant and far-reaching 
advances have been witnessed in the last three decades, 
driven by the development of space systems with 
increasing complexity, dimensions and significantly 
increased service lifetimes. 

Stringent projet requirements, combined with the 
advances in new materials, in problem modelling and 
simulation, and in testing techniques for the flight/in¬ 
orbit environment, have contributed to the rapid pace in 
satellite development. 

The concept of maintaining a space station as a per¬ 
manent laboratory in space has raised many new issues, 
which include durability of the structure in agressive 
environments, costs of repair and maintenance, the relia¬ 
bility of electromechanical and mechanical systems, and 
the need to design for long-term system support. In 
striving to meet such objectives, we need to encourage an 
ever-growing interaction among a range of disciples, 
including applied mechanics, materials technology, 
dynamic-control technology, numerical analysis, soft¬ 
ware design, structural engineering, and advanced manu¬ 
facturing and testing. 

The international character of the Plenaiy Session, in 
which key papers based on the American, Japanese and 
European space segments will be presented, testifies to 
the cooperative spirit of Space Station Freedom. The 
technical challenges of two of the Agency’s other pro¬ 


grammes, Ariane-5 and Hermes, are also covered by key 
papers. 

Many of the contributed papers cover the structural- 
engineering aspects of scientific, earth-observation and 
telecommunication satellites. Indeed, about two-thirds of 
the 148 papers are directly associated with space project 
applications, where hardware developments and experi¬ 
ence will be reported by major space contractors. The 
other one-third will cover important technological 
advances in satellite structural design, development and 
verification. 

Although recent advances in structure design and tech¬ 
nology may be far reaching, the basic principle under¬ 
lying all good structural design, namely that of 
establishing efficient load paths and providing material 
where it will be most effective, should not be overlooked 
by practising engineers. 

There is a saying: ‘God blessed many hands, but not 
many mouths’. Nevertheless, I hope that the next few 
days of presentations and ensuing discussions will show 
that this is unduly pessimistic in the case of space- 
oriented structural engineers and mechanical testers. 

I am happy to welcome you all to this Spacecraft 
Structures and Mechanical Testing Conference, and I 
now formally declare the meeting open. I look forward 
to reading the proceedings of the conference and studying 
the recommendations that will result from your delibera¬ 
tions. The outcome of this gathering will certainly be 
taken into account when we come to establish directives 
for future Agency activities in this rapidly expanding and 
challenging area. 


* 
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WELCOMING ADDRESS 

Jean-Louis Marce 
Assistant Director for Technology 
CNES, Toulouse, France 


Ladies and Gentlemen! 

On behalf of CNES, I am particularly happy to make 
a welcoming address for this international conference on 
spacecraft structures and mechanical testing. 

Sixteen years ago, in 1975, the first conference of this 
kind took place at Frascati. It was followed by the second 
in Toulouse (1985) and the third in Noordwijk (1988). 
Now we are about to embark on the fourth, which comes 
very opportunely, just before the start of the development 
phase of the challenging European programmes: 
Hermes, Columbus and the Earth Observation Platforms. 

During the last ten years, there have been very 
important changes in the field of structures; very briefly, 
they are the following: 

— design tools have advanced enormously, with the 
general application of CAD technology, improve¬ 
ments in design software and standardisation of finite- 
element codes; 

— integrated engineering systems based on a geometrical 
data base common to the various users, structural 
analyses, thermal analyses, radiation-dose computa¬ 
tions and contamination assessments are becoming a 
reality; 

— the participation of many industrial firms in each 
project leads to the need to standardise data exchange; 

— attitude-control and structure specialists are tending 
increasingly to use common tools and languages, to a 
large extent because the increasing size of space 
vehicles is leading to lower structure frequencies; 

— the fact that representative deployment tests on large 
structures cannot be performed on the ground has 
made it essential to improve modelling techniques in 
this field; 

— the problem of microvibrations has become critical as 
a result of drastically increased pointing-stability 
requirements for payloads combined with a greater 
complexity of payload arrangements; this has made it 
necessary to improve modelling in this field, particu¬ 
larly as regards damping assessment; 


— improvement of test methods has become imperative 
in two main areas: 

(a) on the one hand, representativity with regard to 
the real launch environment as a means of 
avoiding needless overstressing (Here, I once 
more take the opportunity to urge close co¬ 
operation between launcher and space vehicle 
designers; it is in all our interests to optimise 
design and reduce margins.); 

(b) on the other hand, partial testing (The general 
increase in the size of space vehicles means that it 
is no longer possible to test the fully integrated 
vehicle. Consequently, vehicles have to be tested 
element by element, entailing a need to improve 
qualification philosophy and dynamic-identifi¬ 
cation processes. We are facing the inevitability of 
qualification by analysis.); 

— the increase in required lifetime (up to thirty years in 
the case of a space station) has made it necessary to 
improve our knowledge in the field of space debris, its 
impact on space vehicles and ways in which the latter 
can be protected; 

— progress in the field of materials has been important, 
driven not only by the permanent requirement to 
reduce mass, but also by the increased stringency of 
payload-stability requirements and the space vehicle’s 
need to survive re-entry into the earth’s atmosphere. 

This long but certainly not exhaustive list merely serves 
to emphasise the importance of the topics that are the 
subject of this conference. It makes very clear the need 
for the specialists of the various disciplines to exchange 
information and share experience. 

I am happy to note the markedly international character 
of the list of participants and am especially glad to see 
many non-Europeans taking part. I have no doubt that the 
quality of the technical exchanges taking place in the next 
three days will be of a high order and that the space 
community in general will benefit. The large number of 
participants (more than 400 from about 20 countries) and 
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WELCOMING ADDRESS 


the many papers presented (about 140) are a further 
indication of the importance of the subject and the need 
that exists for conferences of this kind. In this 
connection, I am happy to announce that the next 
conference in the series will by hosted by CNES in 
Toulouse in 1994. 

In conclusion, I should like to express my thanks to: 

— ESA and DLR for their efficiency and co-operative 
efforts in organising and preparing for this 
conference; 

— ESTEC management and staff for their hospitality; 


- all those who have been involved in the preparation of 
the conference and who have in many cases had to put 
in a lot of overtime to make it a success; 

- all those who are presenting papers; 

- all those who are taking part and by their presence and 
active interest are helping to make sure that the con¬ 
ference is a worthwhile and stimulating event. 

I wish the conference success and look forward to 
seeing you all in Toulouse in 1994. 
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Report on the Conference 

(Reprinted from the ESA Journal, Vol. 15, No. 2) 


The Conference attracted some 420 participants, 
emanating mainly from the ESA Member States but 
including a strong representation from the United States 
(15 delegates) and Japan (11 delegates). 

The Conference was co-sponsored by the European 
Space Agency, CNES (F) and DLR (D). The opening 
addresses by ESTEC’s Director, Mr M. Le Fevre, and 
CNES’s Technical Director, Mr J.L. Marce, and a 
message from DLR’s Director, Prof. W. Kroll, read in 
his absence, identified the importance attached to this 
area of activities by senior space management. 

Two-thirds of the 149 papers presented were directly 
associated with space project applications of scientific, 
earth observation, and telecommunication satellites, 
reporting hardware design, development, and testing and 
related experiences of major space contractors. The other 
one-third covered important technological advances in 
satellite structural design, development and verification. 
As a result, the sessions were particularly useful to space¬ 
craft mechanical engineers. 

The papers were grouped into 40 sessions with the 
following themes: 

— Space Station (2 sessions) 

— Launchers (2 sessions): Loads/Optimisation, 
Development 

— Space Plane and Re-entry (2 sessions) 

— Design & Development (2 sessions): Mechanical 
Systems, Structures 

— Analysis (6 sessions): Dynamics, Methods, 
Fluid/Structure Interaction 

— Vibro-acoustics (4 sessions): Environment, Methods 

— Materials (8 sessions): Characterisation, 
Fracture/Fatigue, Composites, Damage Mechanics, 
Metallic Structures 

— Testing (3 sessions): Systems, Methods, Facilities 

— Multibody Dynamics (2 sessions): Microgravity, 
Deployment Dynamics 

— Dynamic Identification (3 sessions) 

— Antenna Design (3 sessions) 

— CAD/CAE (1 session): Methods & Interfaces 

— Arianespace Plenary Session: Presentations on the 
Arianespace organisation, the Ariane family of 
launchers, and the dimensioning and testing of 
Ariane payloads. 


The international make-up of the Plenary Session, in 
which key papers based on the American, Japanese, and 
European space segments were presented by the respec¬ 
tive project managers, testified to the co-operative spirit 
of the Space Station. The concept of maintaining the 
Space Station as a permanent laboratory in space raises 
many new issues, which include durability of the struc¬ 
ture in aggressive environments, costs of repair and 
maintenance, the reliability of electromechanical and 
mechanical systems, and the need to design for long-term 
system support. The technical challenges of two of the 
Agency’s other major programmes, Ariane-5 and 
Hermes, were also covered by key papers. In striving to 
meet the programme objectives, an ever-growing inter¬ 
action between a range of disciplines was presented, 
including applied mechanics, materials technology, 
dynamic control technology, numerical analysis, soft¬ 
ware design, structural dynamics, structural engineering, 
and advanced manufacturing and testing. 

The most important points identified during the Con¬ 
ference are the need for a better understanding of 
launcher loads, qualification requirements imposed by 
launcher authorities to cover launch events, and particu¬ 
larly qualification requirements imposed by space pro¬ 
jects and programmes to ensure mission success. It is 
generally considered that the latter is not treated ade¬ 
quately, and different practices are followed by the 
various space organisations, satellite developers, and 
within the various centres of the major space agencies. 
This problem has been experienced internationally, with 
in-orbit satellite functional failures occurring as a result. 
The establishment of a special panel to define policy and 
requirements in this area has been proposed by represent¬ 
atives of major space agencies and organisations. 

The Conference attracted a high level of international 
specialists in spacecraft structures, and ESTEC was 
identified as a centre of knowledge in this area. During 
the Conference, visits were arranged to the ESTEC Test 
Facilities and the neighbouring Space Expo. 


C. Stavrinidis, Conference Chairman 
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DEVELOPMENT OF JAPANESE EXPERIMENT MODULE 


Fumio Otsuki, Kuniaki Shiraki, 

Kazuhiko Kamesaki, Kazuyuki Tasaki 


National Space Development Agency of Japan 
2-5-6, Shiba, Minato-ku, Tokyo 105, Japan 


Abstract 1. Introduction 

The National Space Development Agency The JEM, shown in Fig.l (*1), is a 

of Japan (NASDA) started preliminary design multi-purpose research and development 

of the JEM in January 1990 along with the laboratory which consists of five elements: 
component development test activities, and a Pressurized Module (PM), an Exposed 
has a plan to conduct the Preliminary Design Facility (EF), a Remote Manipulator System 
Review (PDR) in early 1992. NASDA's JEM (RMS) and a two-piece Experiment Logistics 
Program faces many challenges as it strives Module (ELM). (The ELM is composed of a 
to overcome the large number of technical pressurized Section (ELM-PS) and an Exposed 
obstacles associated with designing. Section (ELM-ES)). 

developing and integrating the JEM. These elements are assembled on orbit 

This paper presents an overall picture using the Space Station Manipulator System, 
of the JEM program structural development The PM, attached to a Space Station Freedom 
activities including design, testing and (SSF) node, is a cylindrical laboratory 
analysis activities. It focuses on some where shirt sleeve clad crew members can 
technical challenges which have been or must conduct material processing and life science 
be surmounted in order to assure JEM experiments in a micro-gravity environment, 
structural safety. The paper introduces The EF is an exposed platform attached 

some approaches taken to implement these to PM with a berthing mechanism. The EF 
solutions. provides attached payload accommodation for 



Fig.l JEM CONFIGURATION 
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conducting material processing, earth 
observation, and technology development 
experiments in an environment exposed to 
space. The ELM-PS and ES are used as both 
carriers and for on-orbit stowage of 
pressurized and unpressurized items 
respectively. Such items include specimens 
and payload equipment as well as system 
equipment for on orbit exchange. The ELM-PS 
is normally located at the side port of PM, 
and ELM-ES, on the top of the EF. The RMS, 
attached at the aft end cone of the PM, will 
handle the ELM-PS and ELM-ES as well as user 
payloads. Payloads, specimens and equipment 
will be transferred between the interior of 
the PM and the EF through a scientific 
airlock on the aft end of the PM. 

PM, ELM-PS, EF, ELM-ES and RMS are 
being integrated by four contractors, each 
of which will also design and manufacture 
the corresponding structure. 

As the JEM is a complex facility with 
multiple functions, it is composed of a 
variety of structural elements each of which 
has a specific mission life requirement as 
shown in Table 1. This paper provides an 
overview of JEM structural development 
activities being conducted by NASDA. 


2. JEM Structural Design Status 

Although the JEM structural design 
approach is to use conventional technologies 
to assure product safety, some advanced 
technologies are being applied to achieve 
higher performance and to promote technology 
development for future space programs. 


Table.1 MISSION LIFE REQUIREMENTS 


JEM ELEMEMT 

MISSION LIFE REQUIREMENTS 

P M 

30 YEARS LIFE, CONSIDER RETRIEVAL 

ELM-PS 

15 YAERS LIFE, 10 CYCLE LAUNCH/LANDING 

E F 

10 YAERS LIFE, 2 CYCLE LAUNCH/LANDING 

ELM-ES 

10 YAERS LIFE, 10 CYCLE LAUNCH/LANDING 

RMS 

10 YEARS LIFE, CONSIDER RETRIEVAL 


2.1 PM and ELM-PS Structure 

The PM structure as shown in Fig.2 is a 
fusion welded pressure vessel, which 
consists of a cylinder section, a forward 
cone and an aft cone. The* material is 2219 
Aluminum alloy which has good weldability, 
strength and ductility. 

The cylinder section, with internal 
diameter of 4.2m, is made of iso-grid-type 
integral stiffened panels and ring frames. 
At one end, there is a radial port where 
NASDA will locate a Space Station Common 
Berthing Mechanism (CBM) for attaching the 
ELM-PS. The forward cone has a 25 degree 


8891.8 
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Fig.2 PM STRUCTURE 
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pitch and also uses an integrated welded 
construction. The endcone will house the 
Space Station CBM for attaching the JEM to 
the Space Station Node. The aft end panel 
has a large cut for the airlock, and 
attachment structure for the manipulator 
arm, and the RMS viewing windows. This 
structure is a machined integral panel which 
is made from a forged plate thereby 
providing high rigidity to sustain the RMS 
launch loads and internal pressure load, 
while minimizing structural deformation. 
The ELM-PS will utilize a common structural 
design with the PM, except the aft endcone 
is different. 

The meteoroid and debris shield will 
use the multi-shield design approach. The 
current concept for implementing this 
approach is to cover the pressure shell with 
a double layer of aluminum alloy sheets. 

The JEM PM and ELM-PS structure design 
and manufacture utilizes technology 
developed for manufacture of the Japanese 
H-II launch vehicle liquid H2/02 pressure 
vessels. 

The airlock structure consists of a 
cylinder with inner and outer hatches as 
shown in Fig. 3. The airlock cylinder is an 
integrated pressure cylinder with stringers 
and frames for stiffness. The diameter of 
the cylinder varies between the inside and 
outside the PM. The airlock hatches are 
also integrated pressure plate stiffened 
with ribs. The airlock cylinder and hatches 
are made of 2219-T852 aluminum forgings, and 
the cylinder is manufactured by welding. 


2.2 EF Structure 

The EF shown in Fig. 4 is composed of a 
box type main structure with a subordinate 
structure to support the Space Shuttle 
trunnions. The main structure is a formed 
semimonocoque structure assembled with 
panels and frames. The size is about 
4.7m(L)x3.lm(W)xl.2m(H). As for the Shuttle 
trunnion support structure, there are two 
primary longeron fittings, two stabilizing 
longeron fittings and one keel fitting. The 
main structure and Shuttle trunnion support 
structure are made of 7075 Aluminum, and 
mechanically integrated constructions. 

JEM EF Berthing Mechanism is attached 
on the forward panel. 

2.3 ELM-ES Structure 

The ELM-ES structure shown in Fig. 5 
consists of an upper part and a lower part. 

The lower part is a pallet type 
structure which accommodates payloads on top 
of it. This pallet consists of two panels 
and frames which are placed between the two 
panels. The ELM-ES has 4 longeron trunnions 
and a keel trunnion. Two of the longeron 
trunnions are connected to the pallet 
structure with oblique frames. This feature 
is used to achieve wide payload mounting 
area as well as to enhance NSTS loading 
volume efficiency. 

The upper part is made of rigidly 
connected frames covered with panels. This 
part accommodates bus equipment, grapple 
fixtures and a berthing mechanism. 

Panels and frames are made of the 
Carbon Fiber Reinforced Plastics (CFRP), and 
joint parts are made of 7075 Aluminum alloy. 
Metal fasteners are used for their assembly. 



Fig.3 AIRLOCK STRUCTURE 




Flg.5 ELM-ES STRUCTURE 


























2.4 RMS Structure 

RMS consists of a main arm, a small 
fine arm and a console. The Main arm is 
launched in a folded configuration attached 
at the aft endplate of the PM. It consists 
of a base mechanism, six joints, two booms 
and a Standard End Effector. The base 
mechanism uses a splined coupling to provide 
automatic alignment capability when 
replacing the arm on orbit. The joints have 
an inner and outer housing made of a 
titanium alloy in order to maintain the 
clearance between housings and bearings 
under thermal deformation. 

The boom structure shown in Fig. 6 
consists of a CFRP tube with interface 
flanges made of aluminum alloy. Some 

internal rings made of CFRP are located in 
the tube to resist buckling by bending. 


3. Development Plan 

The JEM structural development plan 
consists of the development tests of 
components and full-scale structures, and 
the flight model acceptance tests, as well 
as analyses of dynamic load, stress and 
fracture. 


3.1 Structural Components Development Test 

The components development tests are 
conducted to obtain the structural elements 
characteristic data, design data, and to 
establish the work and assembly process as 
well as to qualify the major structural 
components. 

Table 2 shows major structural 
components development activities and their 
purposes. These tests are being performed 
throughout the preliminary design to detail 
design phase and to finalize the component 
design and material selection. 


3.2 Full Scale Testing 

Structural testing of the full-scale 
structural model or engineering model which 
utilizes the flight equivalent structures 
will be conducted for each element. These 
include the static load and dynamic load 
tests. The purposes of the testing are 
(a) to verify the math model, (b) to measure 
the dynamic response, and (c) to qualify the 
structural strength. 

Other dynamic environment exposure 
testing such as acoustics testing will be 
performed for those elements sensitive to 
the environment. The completion of this 
test activity will qualify the structural 
assembly. 

For the flight structure, the proof 
tests will be conducted for the acceptance 
of fracture critical structures. 

The major qualification tests planned 
for the PM structure are internal pressure 
of up to 2.0 times the maximum operating 
pressure, static loads, and modal tests. 

A combined dynamic test of the JEM will 
not be done because of the complex 
configuration of JEM on the ground. 

The verified math model for each 
element will be used to update each load 
analysis model and the synthesized overall 
JEM math model as well. 



f 

I 

Interface Flange(metallic) 

Fig.6 RMS BOOM STRUCTURE 


Table.2 MAJOR STRUCTURAL COMPONENTS DEVELOPMENT 


ELEMENT 

DEVELOPMENT ACTIVITIES 

PURPOSE 

P M 

• STRUCTURAL MATERIAL SELECTION 

• EVALUATE TO SATISFY MIP 

REQUIREMENT 


- METE0R0ID/DEBRI SHIELDING 

DEVELOPMENT BASED ON HYPER¬ 
VELOCITY IMPACT TEST 

• OBTAIN DESIGN DATA 


• MANUFACTURING TESTS 

■ ESTABLISH MANUFACTURING 

PROCESS 

■ ASSURE VELDING CAPABILITY 

E F 

• STRUCTURAL ELEMENT TESTS FOR 

PRIMARY STRUCTURE COMPONENT AND 

HSTS SUPPORT STRUCTURE 

• ASSURE STRESS ANALYSIS 

ELM-ES 

• STRUCTURAL MATERIAL TEST 

■ OBTAIN CHARACTERISTICS DATA OF 

CFRP TEST PIECES SUCH AS 

STRENGTH,STIFFNESS, FATIGUE, 

THERMAL EXPANSION, ETC. 


• STRUCTURAL COMPONENTS EVALUATION 

• OBTAIN CHARACTERISTICS DATA OF 


-JOINT 

ELM-ES STRUCTURAL COMPONENTS 


-MAIN STRUCTURE BEAM 

SUCH AS STRENGTH,FATIGUE, 


-SUBASSEMBLY 

AND FAILURE TOLERANCE. 

RMS 

• BOOM MATERlAL(CFRP) TEST 

■ EVALUATE CFRP STRUCTURAL 

PROPERTIES BY TEST PIECES 


• BOOM COMPONENT TEST 

■ VERIFY SAFE LIFE OF BOOM JOINT 

BY FATIGUE TEST 




7 


’93 

’94 

’95 

’96 

’97 

’98 


YEAR 


’90 


’91 


’92 


’99 


MILESTONE 


PDR 


□ 

CDR 


A A 

#1FLT #2FLT 


ANALYSIS 


ON- 
ORBIT 


PDR LOAD ANALYSIS (NASA) 






NSTS 


PRELIMINARY COUPLED 
ANALYSIS ANALYSIS#! 




HARDWARE 
FABRICATION 
& TEST 


a 


CDR LOAD ANALYSIS(NASA) 

CDR LOAD ANALYSIS(NASDA) 

_r 


PDR LOAD 
ANALYSIS(NASDA) 


COUPLED 

ANALYSIS#2 


PRELIMINARY DESIGN 


SYSTEM DESIGN 



COUPLED #1FLT- #2FLT- 
ANALYSIS#3 CLA CLA 

I_JULJUI 


PEM 


(NASA) 


SUSTAINING DESIGN 


Fig.7 JEM LOAD ANALYSIS PLAN 


23 MODELING 


3.3 Analyses 

JEM is a combination of several 
elements, and those elements are launched 
by the Space Shuttle and assembled on-orbit. 
To define the critical operational loads, a 
large number of analyses are required for 
both Space Shuttle launch/landing and 
on-orbit configurations. 

Fig.7 shows load analysis plans 
throughout the JEM development program 
synchronized with plans for design 
activities and hardware development. 

The overall JEM on-orbit mathematical 
model is provided to NASA to be used for the 
overall space station on-orbit load 
analysis. This analysis will define the 
space station core to JEM interface loads 
and JEM major dynamic responses that is used 
for JEM on-orbit load definition. 

As JEM has overhanging structures, 
such as the RMS ARM and EF/ELM-ES, the 
micro-gravity environment is sensitive to 
external disturbances. Therefore, 
micro-gravity environment management and 
control are essential. 

For defining the Space Shuttle launch 
loads, the current assembly flights are 
shown in Fig. 8- Flight No.l will contain 
the PM with attached RMS. Flight No. 2. 
contains the EF, ELM-PS, and ELM-ES. As the 
ELM-PS and ES are used as carriers, to 
estimate the critical loads conditions, 
additional Space Shuttle combined analyses 
which consider launch and retrieval of these 
elements, manifested with other foreign 
cargos are required. 

An example of ’the stress analysis by 
FEM (NASTRAN) is shown in Fig.9. This 
figure shows stress contour at the radial 
port of the PM under maximum operating 
pressure (1.05 kg/cm2). 



JEM No.l Flight 



JEM No.2 Flight 


Fig.8 JEM FLIGHT CONFIGURATIONS 


4. Major Technical Challenges 

Throughout the JEM development program, 
some technically challenging topics exist. 
Two of those topics are introduced below. 
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Fig.9 STRESS ANALYSIS EXAMPLE 


4.1 Meteoroid/Debris Shield Development 

NASDA . has conducted several 
hypervelocity impact tests to observe the 
impact phenomena and to evaluate the shield 
design feasibility. (*2) 

Debris with velocities from 2 to 16 
km/s are considered to impact JEM with 
higher probability than meteoroids since the 
amount of debris has increased drastically 
in recent years. 

The program design requirements require 
that the module structure protect the crew 
and system from meteoroids and debris. 

NASDA utilizes a two-stage light gas 
gun, a shaped-charge launcher, and 
computational simulation as tools to 
implement the JEM shielding design. 

Testing employing two-stage helium/hydrogen 
gas guns, capable of launching 1 gram weight 
aluminum up to 8km/s, have started for 
modeling hypervelocity impact phenomena and 
gathering data to define design parameters. 

The current NASDA shield design 
approach employs a double-sheet metallic 
shield design which is considered to be more 
weight effective than a single-sheet. 

The JEM shield will be designed based 
upon these test results, and considering the 
commonality with international partners to 
enhance the overall Space Station safety. 


4.2 Fracture Control Implementation 

As JEM is a long life manned system 
with an operational life time of 30 years, 
and carried by the Space Shuttle, assuring 
structural safety is essential. 

On implementing the JEM structure 
fracture control program, the definition of 
environment, loads spectra history through 
complete mission life time, and obtaining 
mechanical and fracture properties of 
materials under all expected environments 
such as liftoff, ascent, on-orbit, and 
landing are key drivers. 

The major fracture critical items are 
the welded metallic pressure shell of the 
PM, and the light weight composite/bonded 
structures of the ELM-ES and RMS. NASDA 
plans to gather mechanical and fracture 
property data of materials throughout the 
structural development phase to certify the 
safe life of the structure. 


The other topics considered are the 
development of on-orbit inspection 
techniques, and estimating the safe life for 
the item to be retrieved after its service 
life, considering the material degradation 
and aging during on-orbit service. 


5. Conclusion 

This paper reviewed the whole spectrum 
of JEM structural development activities. 
The JEM program is very complex from the 
point of view of management and integration 
because five (5) different elements are 
involved, and due to the in-depth interfaces 
among JEM elements, NASA space station core 
and the Space Shuttle. 

The structural development activities 
are quite varied ranging from manned system 
pressure shell design to development of 
light weight retrievable structures. 

NASDA will manage and integrate the JEM 
stressing the product safety assurance. 
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Abstract 

The COLUMBUS Free Flyer has a 30 year mission in 
low earth orbit with the primary objective to 
provide microgravity laboratory capabilities. The 
paper explains the particular mechanical require¬ 
ments resulting from this mission, presents the 
relevant design features and outlines the 
verification approach envisaged in the development 
programme which shall lead to a launch of the 
laboratory in 2001. 


1. Introduction 

The objective of the COLUMBUS Free Flyer, which is 
presently being developed for the European Space 
Agency (ESA), is to serve as a permanent, man- 
tended laboratory in space: permanent has to be 
interpreted as continuously available for a life 
time of 30 years, based on a combination of design 
for the entire life time, and of repair and 
exchange of life limited items. Man-tended 
signifies that men have access to the facility in a 
shirt sleeve environment to inspect, install, 
retrieve payloads and to service and maintain the 
facility. The 1aboratorv offers a set of resources 
and services to experimenters for research in 
various scientific fields centered around one of 
the outstanding environmental conditions offered by 
earth orbiting spacecraft, microgravity. 

This objective results in a number of rather 
specific requirements in the mechanical design 
area, which are subject of the present paper. 


2. Mission Description 

A space laboratory for 30 years lifetime requires 
access not only for the users who wish to install 
and retrieve their experiments but also for regular 
servicing. The optimization of a mission scenario 
for this long period is a complex process which is 
driven to a large extend by the capabilities of the 
servicing vehicles. 

Whereas it has been decided early in the programme 
that the Free Flyer shall be launched by Ariane 5 
and shall draw support from HERMES and the Space 
Shuttle/Space Station Freedom (NSTS/SSF), key 
parameters such as: 


*Dipl.-Ing., COLUMBUS Free Flyer Programme Manager 


Launcher performance 

HERMES cargo capability versus orbit altitude 

SSF orbit parameters 

Propellant consumption 

Life limited items 

Solar activity variations 

Microgravity requirements 

have to be analyzed to find the optimum mission 
strategy. 

The corner stones of this strategy have been 
determined in the past phases of the COLUMBUS 
program and are today: 

o A Free Flyer consisting of a Pressurized 
Module (PM) as permanent laboratory and a 
Resource Module (RM) which will be replaced 
after consumables have been used up. 

o Launch by Ariane 5 

o Servicing of the Pressurized Module by HERMES 
in one-year intervals 

o Exchange of the RM supported by NSTS every 
5 years. 

The life cycle (Fig. 1) starts by an Ariane 5 
launch of the complete Free Flyer into a 28.5 
degree inclined circular orbit of 470 km altitude, 
which offers the maximum payload mass taking into 
account the Ariane 5 capability and the Free Flyer 
propellant consumption. These mission character¬ 
istics generate two mechanical design cases: 

o The launch loads on a 17.8 ton spacecraft of 
12.5 m length and 4.4 m diameter composed of 
two separable modules 

o The meteoroid and debris loads characteristic 
for this low earth orbit. 

Whereas the first one is a classical case, though 
specific due to the combined effects of the 
parallel development of spacecraft and launcher and 
of the large dimensions of the spacecraft, the 
debris environment poses a number of problems to a 
man-tended long life spacecraft, which are new at 
least by European scales and represent very 
important design drivers. 

Fig. 2 shows that the debris flux generated by past 
space activities is significantly higher than the 
natural meteoroid flux for particle sizes above a 


Proc. Internat. Conf.: ‘Spacecraft Structures and Mechanical Testing \ Noordwijk, The Netherlands, 
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Fig. 1: Free Flyer Mission Scenario 
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2: Meteoroid and Debris Flux Distributions 


few millimeter diameter. A set of requirements 
have been imposed on the Free Flyer (Fig. 3) which 
shall ensure survival in this environment. 

They induce design requirements for inspection and 
repair of structures in orbit and for leakage and 
leak detection. 


PROBABILITY FAILURE CASE 


> 0.995 


> 0.995 


> 0.995 


NO DANGER TO CREW SUR¬ 
VIVAL FOR INITIAL 
10 YEARS IN ORBIT 

NO DANGER TO MOOULE SUR¬ 
VIVABILITY FOR INITIAL 
10 YEARS IN ORBIT 


NO PM LEAK OVER A ONE- 
YEAR PER 100 


> 0.995 


> 0.995 


NO PENETRATION NOR BURST 
OF A PRESSURE VESSEL OR 
SEALED CONTAINERS (EXCEPT 
E.G. PM) DURING ONE YEAR 

NO MAJOR DEGRADATION OF 
FUNCTIONAL EQUIPMENT OVER 
A PERIOD OF ONE YEAR 


INTERPRETATION 

- APPLIES TO MAN-TENDED PERIODS 

- CREW TO BE ABLE TO LEAVE MODULE 
PRIOR TO DEPRESSURIZATION 

- PM TO SURVIVE UNTIL NEXT 
SERVICING VISIT 

PM TO BE REPAIRABLE TO 
RESTORE NOMINAL OPERATION 

- LIMITS FAILURES DUE TO NON¬ 
PENETRATING DAMAGE AND SUB¬ 
SEQUENT CRACK GROWTH BETWEEN 
INSPECTION PERIODS 

I 

- LIMITS RISK FOR LOSS OF MISSION 
DUE TO PROPELLANT LEAK 


Figure 3: Meteoroid and Debris Protection 
Requirements 


Microgravity is one of the important laboratory 
conditions offered by the Free Flyer. Its 
imperfections are caused by the natural 
environmental conditions, in particular the 
residual air drag, the effect of the earth gravity 
gradient field within the laboratory, the 
compensation of disturbance torques (air drag, 
gravity gradient, and other induced torques) by 
control torques (Magnetic Torquers, Reaction 
Wheels) and on the other hand by self-induced dis¬ 
turbances due to moving masses and noise generated 
in the laboratory. These disturbances have to be 
kept below the levels indicated in Fig. 4. 

Whereas the control and limitation of the natural 
and low frequency microgravity disturbances i$ a 
task of the configuration design and the attitude 
control subsystem, the limitation of disturbances 
from on-board equipment like reaction wheels, 
pumps, valves fans etc. and the reduction of 
disturbance vibrations transmission from these 
sources to the sensitive payloads is a mechanical 

design task. 
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Fig. 4: Microgravity Environment Requirements 


The servicing scenario contains two main elements: 
The European space plane HERMES will execute once 
every year a docking manoeuvre at the access port 
of the pressurized module and the NSTS will berth 
the Free Flyer in 5 years intervals by its 
manipulator arm to a fixation mechanism in order to 
then detach the old RM and replace it by a new one, 
using the manipulator arm. These manoeuvres 
represent yet another set of mechanical load cases: 
the repeated actuation of mechanisms and the 
docking/berthing and latching shocks. In addition 
the scenario requires the RM to be designed for two 
launch situations: as part of the Free Flyer and 
for an individual launch, in the latter case with 
much higher propellant masses. 

In summary: In contrast to a standard satellite 
which has to be dimensioned mainly against the 
launch loads, the Free Flyer design is driven by a 
combination of 


- Launch 

- On-orbit manipulation 

- Meteoroid and debris protection 

- Microgravity disturbance suppression 

requirements, which result in a significantly more 
intricate process of optimization towards the final 
mechanical objective of minimum mass. 


3. Concept Description 

The Free Flyer is composed out of two modules 
(Fig. 5) with rather different and specific func¬ 
tions: the shirt sleeve environment laboratory (PM) 
and the module which provides basic resources to 
the laboratory (RM). The module characteristics 
are 

PM 

* Permanent (30 years) operation in space 

* Basic structure and equipment designed for 30 
years life 

* Holds all life limited items (as far as 
admissible in a manned environment) 

* All internal equipment serviceable by HERMES 

* No external ORUs, i.e. no nominal external 
servicing. 

RM 

* Supplies energy, heat rejection, communication 
links to the laboratory 

* Controls orbital attitude of the composite 

* Designed for replacement after 5 years 
lifetime 

* Holds all safety-critical equipment 

* No ORUs. 

Seen from a mechanical point of view, the PM is a 
pressure vessel composed of a cylindrical shell and 
end cones which taper to a flange interfacing with 



Fig. 5: COLUMBUS Free Flyer 





12 


the Docking/Berthing Mechanism and bulkhead 
respectively. The diameter of approx. 4.4 m is 
determined by similarity to the Attached 
Laboratory, i.e. by the NSTS interface. Fig. 6 
shows the welded construction consisting of 3.2 mm 
thick waffle-reinforced cylinders, rings and cones 
in 2219 A1 alloy. Bolted flanges with double 
seals, the inner one being maintainable, are used 
for 6 feedthrough plates and the DBM/bulkhead 
interface in the cone areas. This structure is 
dimensioned mainly by micrometeoroid and debris 
loads, leakage rate, eigenfrequency requirements, 
and load-carrying performance against buckling 
failure of the fully equipped Free Flyer in launch 
configuration. 



The design of the internal (secondary) structure is 
driven by the requirement to accommodate 
exchangeable individual experiments and equipment 
as well as complete experiment racks. Stand-offs 
provide the load paths from the rack to the primary 
structure and house the utility distribution to the 
standardized racks which are mounted to form the 
four walls of the crew cabin (Fig. 7), the "floor" 
panels providing a vertical reference for the crew. 
All racks are hinged and can be tilted to provide 
access to their rear as well as to the shell for 
inspection. 

The connection to the servicing vehicles is made by 
a docking/berthing mechanism (Fig. 8) which has to 
generate a leak tight interface against the space 
vacuum even after 30 operations over 30 years 
lifetime. For reliability reasons the active part 
of this mechanisms is mounted on the servicing 
vehicle to allow maintenance and verification prior 
to use. 



Fig. 6: Shell Assembly 


Fig. 8: Docking and Berthing Mechanism 



Fig. 7: PM Internal Layout 
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Meteoroid and debris protection is a very important 
and interesting mass optimization problem. By a 
clever geometrical configuration, by using 
assemblies whose primary purpose is a different one 
and by taking into account the failure mechanisms 
caused by MD impact one has to minimize the mass 
which is installed for the sole purpose of 
protection of sensitive items against MD. 
Generally, meteoroid and debris protection (MDP) is 
provided by a combination of protections shields 
and structure wall thickness (see Ref. 2 for 
details). A specific protection shield has to be 
build only for the forward cone. The cylindrical 
section is protected by thermal radiators, the 
facesheets of which are dimensioned for MDP and the 
aft cone is covered by the appropriately dimension¬ 
ed RM/PM connection structure. 

The RM is a non-pressurized element and has a 
classical satellite-type structure (Fig. 9) with a 
load carrying central tube, sandwich platforms and 
radiator walls which carry the equipment. A 
special combination of tasks is assigned to the 
RM/PM connection which has to carry the launch 
loads and must permit removal and berthing in orbit 
as well as transfer of utilities. This task is 
solved (Fig. 10) by: 

* A marman clamp connection for launch 

* 4 latches and 2 guidance stubs to provide the 
on-orbit structural connection, separable for 
de-berthing with a central actuator activated 
by the NSTS manipulator 

* 2 utility connector mechanisms to transfer 
power, Ng, Freon and water. 

As in the case of PM, the RM structure has to 
provide MDP to the equipment by an adequate 
configuration and wall thickness. For this reason, 
the propellant tanks which represent a "loss of 


mission" single point failure in case of leak are 
located inside the central tube behind several 
structural protection layers. 

A synopsis of all Free Flyer subsystem is given in 
Fig. 11. As this paper is oriented towards 
mechanical aspects, a description of these 
subsystems is beyond its scope (refer to [3]). As 
far as microgravity disturbance is concerned, 
however, most of these subsystems have to be 
critically reviewed because disturbances shall be 
reduced at the source, e.g. by higher balancing of 
reaction wheels, fans, or lower rotational speed, 
and by a reduction of the transmissibility from the 
source to the sensitive microgravity payload via 
source damping, e.g. anti-vibration mounts. 



Fig. 10: RM/PM Berthing Mechanism 



Fig. 9: RM Structure (exploded view) 
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Fig. 11: Free Flyer Subsystems _ 

Fig. 12 and Fig. 13 give an impression of the 
complexity of the task to determine the 
microgravity levels to be expected at the payloads 
and underlines the need for a strict microgravity 
control plan to be applied throughout the 
development program and at all levels from 
equipment up to system level. 


4. Verification Approach 

The verification of requirements is always a 
compromise between partly conflicting constraints 
and desires: 


For each of the design drivers 
launch loads, on-orbit 
manipulation, meteoroid and 
debris impact, microgravity 
disturbance - a specific 
verification approach has been 
elaborated. 

As far as verification of the 
Free Flyer for launch 
requirements is concerned it 
is evident from the size and 
complexity of the end item 
that the routine structural 
test sequence-static load, 
sine vibration, and acoustic/ 
random test on various models 
is neither technically 
adequate nor programmatically 
feasible (budget and schedule 
constraints). Therefore, an 
incremental verification 

approach shown in Fig. 14 has 
been selected which is based 
on test and analytical 
verification. 

Workmanship acceptance of the 
flight models will be perform¬ 
ed by a proof pressure and 
leakage test of the 
pressurized module shell, by 
functional test of mechanisms 
and by inspection of all other 
structural assemblies. 



the desires 


to provide analytical proof 
prior to fabrication 
to provide test evidence prior 
to launch 

to avoid overtesting 


the constraints of 


budget 

availability of facilities 
limitations of facilities 
limitations of analytical 
tools 
schedule. 
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Fig. 13: Mechanical Microgravity Disturbance 
Sources 


life as well as for the design capability to 
capture and release the PM under worst-case dynamic 
misalignment conditions (see Fig. 15). Further 
dimensioning loads may result from these events for 
the solar generator and antenna booms, which have 
to sustain the shocks in deployed configuration. 
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Fig. 15: Docking/Berthing Mechanical Verification 


For these cases acceleration force spectra will be 
obtained through analysis of multibody dynamics and 
strength will be verified by quasi-static tests. 

The protection against meteoroid and debris has to 
be verified for different damage modes (Fig. 16): 

o Sudden failure, in particular burst or leak of 
pressure vessels and destruction of 
electronics 


The forces and shocks associated with the docking/ 
berthing events on-orbit are generally encompassed 
by the launch loads. The immediately participating 
components and equipment, however, have to be 
verified for the repeated loading over the 30 years 


o Effect of impacts on material properties of 
pressure vessels, in particular with regard to 
fracture control 

o Effects of impact shock on electronics. 
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A) Surface craters with internal wall spallation 



B)Bumper Penetration 



C)lnternal equipment impact shock r etaled 


loss of operational capability 


Fig. 16: MD Damage Modes 

It is well known that the physical phenomena during 
hypervelocity impacts are very complex. The 
available results from theoretical investigations 
and tests are not sufficient to predict the 
shielding efficiency of all possible design 
configurations or to define in detail the damage 
results from different impacting particle/velocity 
combinations. 


The dimensioning of MDPS will be based on 
semi-empirical damage laws found in the literature. 
They will be verified by tests performed on samples 
of actual Free Flyer hardware at various speeds and 
projectile sizes within the limits of available 
test facilities, i.e. up to 8 km/s (Fig. IT). At 
higher speeds, hydrocode analyses will be performed 
for selected cases. Fig. 18 outlines the logic of 
combination of tests and analytical methods for the 
MDPS verification. 



Fig. 18: MDPS Verification Logic 


As microgravity disturbance is mainly a self 
produced effect, a "microgravity control plan" has 
been implemented, which shall ensure that 



Fig. 17: Verification of MD Damage Laws 





5. Conclusion 


o Designs at the lowest possible level avoid 
sources of disturbance 

o Disturbance sources are recognized early and 
protection measures are initiated (design 
alternatives, source damping, remote location) 
are implemented. 

Fig. 19 outlines the verification logic which 
systematically encompasses all equipment and 
subsystems which participate in the generation and 
transmission of disturbances. Fig. 20 displays the 
test/analysis methodology. 


The COLUMBUS Free Flyer as a permanent space 
laboratory has to sustain a variety of mechanical 
load cases over and above the usually predominant 
launch loads. Due to its size and complexity the 
verification of most of these requirements cannot 
be performed in representative tests at system 
level. Therefore, a verification approach has been 
conceived, which uses incremental test and analysis 
results to arrive at a conclusive analytical 
verification of the system performance. 
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Fig. 19: Microgravity Environment Control Approach 
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DBM Docking & Berthing Mechanism 

MD Meteoroid & Debris 

MDP Meteoroid & Debris Protection 

MDPS Meteoroid & Debris Protection Shield 

NSTS National Space Transport System 

ORU Orbital Replaceable Unit 

PM Pressurized Module 

RM Resource Module 

SSF Space Station Freedom 
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STRUCTURAL ASSESSMENT OF THE SPACE STATION 
FREEDOM PRESSURIZED ELEMENTS 

R. L. Grant 

Vice President, Space Station Freedom Program 
Boeing Defense and Space Group 
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Huntsville, Alabama 


ABSTRACT 

The design of the Space Station Freedom (SSF) pressurized 
element structure and the requirements that affect the structure and 
its associated mechanisms are unique and particularized to the 
unique set of load and functional environments. This paper 
describes the procedures used to develop the most significant 
structural requirements and presents typical results as they are 
known at the end of the preliminary design phase. Loads, 
acoustics, thermal environments, and the meteorite/orbital debris 
environments are discussed. A section of the paper discusses the 
materials chosen for SSF, as well as the rationale. 

Finally, this paper describes the verification job. Detailed stress 
analyses, backed up with development tests, are used to ensure that 
the SSF pressurized element structure meets all imposed 
requirements. When the final design is complete, special flight- 
quality hardware is built and tested to prove that the hardware is 
qualified for flight. The structural qualification program planned 
for SSF is briefly described. 

1. INTRODUCTION 

An essential part of the SSF structure is the group of pressurized 
elements consisting of the U.S. Laboratory, the Habitation 
module, or living quarters, and the connecting resource nodes as 
shown in Figure 1. Boeing Defense and Space Group, Huntsville 
Division, under contract to Marshall Space Flight Center (MSFC) 
is responsible for the design and verification of the pressurized 
element structure, as well as the design, verification, and 
integration of all hardware and software into the U.S. Lab and Hab, 
and their integration into launch and on-orbit assembly sequences. 

During the writing of this paper, the details of the pressurized 
element design are being reviewed with the intent of reducing the 
number of flights and the cost to assemble the full SSF on orbit. 
Although the details of the pressurized elements are changing 
(such as element length) the basic components (ring frames, 
trunnions, hatches, berthing mechanisms), as well as their 
requirements, are not expected to change. Iherefore, the 
requirements processes and the typical results presented here are 
expected to apply to the configuration that results from these 
studies. 

This paper concentrates on the task of ensuring that the structure of 
the pressurized elements will meet the requirements of the 
program and provide a habitat enclosure for up to 30 years. 

© Copyright 1991, The Boeing Company, All Rights Reserved. 



Figure 1 . SSF pressurized elements 

2. BASIC REQUIREMENTS 


Before structural strength assessments, the applied environments 
must be convened to structural design criteria. Design criteria are 
derived that will envelop all events in the service life of the 
pressurized elements. 

Figure 2 shows the loads development plan for the elements. The 
pre-preliminary design review (PDR) analysis derived some 
first-cut loads to help with initial sizing. The PDR analysis 
established the element design loads, while the critical design 
review (CDR) and design certification review (DCR) analyses will 
update these lo ads only if they are higher than the PDR results. The 
flight readiness review (FRR) analysis is the final analysis, 
performed by NASA National Space Transportation System 
(NSTS) engineers. Each design cycle uses the latest available 
models, test data, and forcing functions. 

These events include pre- and postflight ground handling and 
transportation, Shuttle lift-off and ascent, on-orbit activities such 
as seen during space station assembly and operations, and Orbiter 
descent and landing. Combinations of these loads are considered 
as well. 

Of all the events, the highest loads for the majority of structure are 
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* PDR analysis will establish the design loads. All other cycles will revise the loads if required 


Figure 2. Loads development plan 


Shuttle lift-off and Orbiter landing. These loads are derived from 
transient dynamic analyses using NASA-provided Shuttle and 
Orbiter dynamic math models and forcing functions. Figure 3 
shows how the pressurized element models are combined with the 
Shuttle models for this analysis. Structural loads are derived from 
the model dynamic responses. 



Figure 3. NSTS transient analysis 


Figure 4 shows some typical loads results for the U.S. Laboratory 
lift-off analysis. The shear and moment data are used for cylinder 
skin design. Shuttle-to-element interface loads are used for 
element design and to compare with Shuttle allowable data. Load 
factors are derived for rack and other component design criteria. 

On-orbit loads analyses, as in NSTS loads analyses, are based on 
space station response to time history forcing functions. The space 
station models are synthesized from element models provided by 
each partner. Forcing function time histories are derived from 
various sources and applied to the space station from which 
pertinent loads are backed out. Some of the on-orbit forcing 
functions are Orbiter docking, pressurized element berthing, EVA 
events, and Orbiter thruster plume impingement. Another forcing 
function being considered is Orbiter berthing. Figure 5 shows an 
alternative Orbiter berthing system and associated peak berthing 
impact forces. 

Because the loads are dependent on the structural dynamic 
response to external forces, and these responses are calculated 
using math models, the math models of the pressurized elements 
must be test verified. This is done by performing fixed-base modal 


surveys for NSTS flight events and free-free modal surveys for 
space station on-orbit events. 

A second induced criterion affecting structure is the temperature 
variations caused by the natural thermal environment. As an 
example of the structural thermal analyses that are performed in 
accomplishing the overall structural development activity, 
thermal consideration of the common berthing mechanism is 
presented. The example is pertinent because the berthing 
mechanism section of the pressurized module will be the least 
protected during the berthing sequence. 

Preliminary hot and cold temperature time history induced 
environments for the berthing mechanism alignment guide and 
associated structure were calculated using the steps provided 
pictorially by Figure 6. The analyses progressed from orbital 
natural thermal environment definition, to hardware material and 
optical property determination, to thermal analyses using 
available transient heat transfer programs, to component induced 
temperature environment definition, and finally to the berthing 
component functional and thermal tests in the Thermal Vacuum 
Test Facility. 

Several orbital cases were studied. The element was assumed to be 
orbiting directly in line with the Sun (P = 0) and the element was 
oriented in each of three mutually perpendicular axes, one of them 
being with the berthing mechanism facing directly at the Sun. This 
gave temperature variations resulting in the hottest structure. The 
other cases studied included the element (in three separate axes) 
orbiting at a p angle of 52 deg, the largest P angle that SSF will see. 
This case, with the berthing mechanism facing space, provided the 
coldest structural temperatures. 

The element initial temperature was assumed to be 70 deg, when it 
was separated from the Shuttle cargo bay. The debris shield and 
MLI surrounding the berthing ring were assumed to be removed. 
Results were calculated for a 6-hour orbital flight time following 
this initial orbital insertion time. Radiative heat transfer was 
simulated from the internal element mass to the element pressure 
shell with an emissivity = 0.8 for both surfaces. Analytical 
predicted hot and cold temperatures are provided for the alignment 
guides by Figures 7 and 8, respectively. 

The berthing mechanism alignment guide calculated orbital cyclic 
temperature variation was used as an induced thermal 
environment definition to simulate during the berthing mechanism 
development test. Thermal analysis is required before the 
development test to ensure that the flight environments are 
simulated during the test. The data obtained from the development 
test will be used to verify the thermal flight hardware math model. 


























Remote manipulator 



Berthing Impact Loads 
(sSRMsj SRMS 

F* 

±200 

±450 

F 

r y 

±330 

±460 

Fz 

-660 

-1390 

M, 

±2100 

±4500 

My 

±2200 

±4600 

m 2 

±800 

±1100 


Figure 5, Alternative Or biter berthing system design concept 



Altitude = 250 nmi 
Solar constant = 442 Bru/h/ft 2 
Earth albedo = 0.3 
Earth 1R = 75.2 Btu/h/ft 2 
Orbital beta angles - ±52° 

Internal module radiative boundary 
condition or emission = 0.9 


Figure 6. Thermal analysis!testing of structure 
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Figure 9. Acoustic excitation 


A third environment affecting structural design, especially the 
lighter secondary structure, is the vibration induced by the engines 
and the aerodynamics during the atmospheric part of flight. The 
sound pressure level time history of a Shuttle flight and the 
enveloping levels for the maximum cases in the Orbiter bay are 
shown in Figure 9. 


VAPEPS (Vibroacoustic Payload Environment Prediction 
System) to derive vibration levels on the secondary hardware in 
the pressurized element as well as on the shell plates. These 
derived levels will be compared with the preliminary 
requirements, and the requirements will be adjusted as necessary 
for the final qualification of all SSF hardware. 


The sound pressure impinging on the element shell causes 
vibrations that must be considered as part of the structural loading, 
particularly for lightweight structure. During the preliminary 
phase of the element design, the vibration requirements for 
structure were derived from vibration data gathered on Spacelab. 
As the design matures, these requirements will be refined using 
mathematical techniques depicted in Figure 10. 

The detailed structural parameters will be derived from drawings 
and resolved into a structural model using the finite element 
software NASTRAN. This model will be combined with the 
acoustic excitation data to form a statistical energy analysis (SEA) 
model. The SEA is then operated on by another software program, 


A fourth environment that must be considered in the pressurized 
element design are meteoroids and space debris. A combination of 
testing and analyses are used to determine an effective design to 
minimize damage from these high-speed particles. 

The role of testing in the shield validation is illustrated by 
Figure 11. Since the meteoroid and debris protection require¬ 
ments are given as a probability of no penetration, the meteoroid 
and debris protection system must be verified by an analysis that 
demonstrates that the probability is met. The computer program 
BUMPER has been written to perform the analysis. 

The inputs to BUMPER shown in Figure 11 are (1) the geometry of 
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corresponds to the conditions leading to no penetration, and the 
region above the curve corresponds to the conditions leading to 
penetration. Note that a 3-mm (0.12 in) diameter debris panicle 
could perforate the shielding at 2 km/s (6.6 kft/s) while a panicle 
larger than 8 mm (0.32 in) would be required at 8 km/s (26 kft/s). 
Since the shielding has such a strong dependence on impact 
velocity, the full range of orbital debris sizes must be considered 
and not just a single “design particle.” 


Figure 10. Techniques used to refine vibration requirements 



Probability of no 
penetration (PNP) 


Figure 11. Shield validation procedure 

the spacecraft for the calculation of self-shielding, (2) the altitude 
of the spacecraft, (3) the meteoroid and debris environment, and 
(4) the ballistic limit of the spacecraft shielding as determined by 
test. 

The output of BUMPER is the calculated probability of no 
penetration (PNP) for the specified duration of exposure to the 
meteoroid and debris environment. BUMPER is also capable of 
calculating the probability of penetration per unit area as a function 
of position on the spacecraft. This feature is useful for identifying 
those portions of the spacecraft most likely to be penetrated. 

The meteoroid/debris protection system requirements for SSF 
have necessitated a major adaptation of the impact test philosophy 
developed for previous manned spacecraft programs. Previously, 
the shield designs were qualification tested against a single 
“design particle.” This came about because the distribution of 
meteoroid velocities is so sharply peaked at the average velocity of 
20 km/s (66 kft/s). Hence, only impacts at 20 km/s (66kft/s) were 
significant. 

The meteoroid/debris development test was limited to the 
capability of present test techniques which can impact targets with 
particles up to 1 cm in diameter at velocities up to 8 km/s. Hence, 
each development test consisted of impacting a specimen at 
velocities of less than 8 km/s (26 kft/s) and by analysis calculating 
the PNP over the expected full range of velocities and particle 
sizes. 

To illustrate the low-velocity effect some of the test data used as 
input for BUMPER are shown in Figure 12. These ballistic limit 
data were collected by varying the impact velocity while the 
projectile diameter was held constant. This procedure was 
repeated for a number of projectile diameters, mapping out the 
whole ballistic limit curve in the 3 to 8 km/s (10 to 26 kft/s) impact 
velocity range. The region below the ballistic limit curve 



Figure 12. Ballistic limit test data 


3. MATERIALS 

The material for the SSF pressurized elements must be carefully 
selected to meet all the requirements of space with a goal of 
surviving 30 years in that space environment. The environments, 
as well as the program for selecting appropriate material, are 
shown in Figure 13. 

In addition to surviving the environments, the materials must be 
reviewed from the standpoint of performance, risk, and cost. To 
optimize the proper materials, trade studies considering many 
materials were conducted early in the program. As a result of the 
trade studies, the materials shown in Figure 14 were selected for 
the major components. 



Figure 13. Materials and processing test 
evaluation and analysis 
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Figure 14. Space Station Freedom materials 



4. ANALYSIS/TEST 


Figure 16. Finite, element model develonment nrocess 


With the requirements generally defined and the materials 
selected, the structural design then proceeds as an iteration 
between the designer and other affected organizations. The design 
must consider other factors such as manufacturing, inspection, 
safety, reliability, maintainability, and environmental. 

Figure 15 shows the general flow from the requirements to the 
delivery of the hardware. The major analyses effort occurs 
between the preliminary requirements review (PRR) and the CDR. 
The first task of the designer and stress analyst is to develop a 
preliminary design that can be shown to meet the general 
requirements of the program. During this period, trade studies are 
conducted to select designs that optimize performance, risk, and 
cost and still meet requirements. Stress analyses are accomplished 
using traditional handbook analyses and finite element models. 
The process of developing a finite element model is shown in 
Figure 16. 

Because the design is being generated on three-dimensional 
computer-aided design (CAD) equipment, it is possible to 
translate the configuration directly into a math model for stress 
analysis. Software translates the CAD geometry into one of two 
software programs, IDEAS or PATRAN, that construct finite 


element models. Depending on the analysis required, the finite 
element model is submitted to one of these programs to develop 
the stress levels. NASTRAN, a NASA-developed program, 
provides good, quick linear results. ABAQUS, a privately 
developed program, has good nonlinear capability. Either is used 
depending on requirements of the analyst. The analysis results are 
fed back into IDEAS or PATRAN to post-process the results for all 
of its finite elements. These programs allow manipulation of the 
results into several formats. Figure 17 is a typical result of stress 
levels in the ring frame that joins the pressure element cylindrical 
skin to the endcone. 

When a preliminary design is completed, a PDR is held with the 
customer to be sure they are satisfied with that design. When the 
preliminary design is satisfactory, the designer begins to add the 
details to finish the design, and the analyst refines his analyses to 
include all load conditions, fracture studies, and analyses of the 
details. 

Also during this period, a series of development tests are planned 
and conducted to help the analyst determine that his methods and 
assumptions are correct. Several component tests, some including 
major sections of the pressurized elements, were planned and are 


Requirements 

• SS-SRD-0001C 

• SSFP system requirements 

• MSFC-HDBK-505A 

• Structural strength program 
requirements 

• MSFC-HDBK-1453 

• Fracture control program 
requirements 

• MIL-HDBK-5E 

• Metallic materials and elements 
for aerospace vehicle structures 

• D683-10505-X 

• Structural loads data books 


PRR 


PDR 


CDR 


DCR 



Figure 15. Flow of structural design from requirements to hardware delivery 
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Distance from ring center (in) 

Figure 17. Typical result of stress levels in the 
bulkhead to cylinder ring frame 

in work. The hardware and the type of tests planned are shown in 
Figure 18. The results of these tests will be used in the final 
analysis and design of the flight hardware. 


End Bulkhead and 
Aft Thrust Structure 
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Racks 


* Static loads 
| • Modal tests 

| • Vibration 


Figure 18. Hardware and development tests planned 


occur in use. A final acceptance test is planned for actual flight 
articles to prove that the elements, as manufactured, will perform 
the intended mission. 

The qualification test program is depicted in Figure 19. Structural 
test articles (STA) of each major pressurized element, and the 
unpressurized logistic elements, will be manufactured to exactly 
duplicate flight hardware. The tests planned on this hardware 
(shown in Figure 19) will prove that the hardware can withstand 
the extremes of the expected environments and meet the required 
FSs. 
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Figure 19. Qualification tests 


In most cases, the tests are considered sufficient proof of 
compliance. However, since the tests can only simulate flight 
conditions, some analyses will be required to prove certain 
hardware meets the final requirements. For example, the modal 
tests only verify that the inputs to the loads models are correct. An 
analyses of the data is necessary to show that the models are indeed 
correct for the simulated conditions. In some cases, additional 
stress analyses, backed up with stresses measured on the qualified 
article, will be required to cover untested conditions. 

Finally, when the flight hardware is fabricated, the pressurized 
elements will be tested to proof-test pressures to assure structural 
integrity and that the elements meet leakage requirements. 


5. VERIFICATION 


After the structural acceptance tests, the elements will be stuffed 
with their equipment and prepared for flight. The final tests are 
functional tests of all hardware and software. 


The verification, program planned for the pressurized elements 
consists of two types of tests and some analyses. The first tests are 
qualification tests designed to put flight identical hardware 
through tests simulating the full range of environments that could 


As the final design nears completion, the CDR is held with the 
customer to gain his approval of that design. When all details are 
worked out, the fabrication of qualification hardware begins and a 
verification program is undertaken. 
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THE VALIDATION OF HYDROCODES FOR ORBITAL DEBRIS IMPACT SIMULATION 

M. Lambert, ESA - European Space Agency, Noordwijk, The Netherlands 

J.D. Frey, J.F. Rios, X. Garaud, J. Dubois, Engineering Systems International, 

Rungis, France 

E. Schneider, EMI - Fraunhofer-lnstitut fur Kurzzeidynamik, Freiburg, Germany 


ABSTRACT 

Orbital debris poses a danger for spacecraft in orbit. Protection against 
this threat is obtained by shielding. One or more sheets placed at 
some distance from the structure to be protected can minimize the 
damage inflicted by projectiles at high velocity. 

The range of velocity between 0 and 8 km/s is well covered by tests. 
Unfortunately, the average velocity of debris in low earth orbit is above 
10 km/s with a maximum velocity around 15 km/s. 

The methodology presented in this page is aimed at validating the 
numerical approach. It will predict and extrapolate the behaviour of 
multishock shields in the velocity range between 8 and 15 km/s. 

The formation of the debris cloud, after perforation of the shields on 
the one hand and the generation and propagation of damage in the 
backwall on the other hand, is a key factor. 

It is examined, discussed and illustrated with correlation between 
numerical simulation, analytical formulae and test results. 

Keywords : Hypervelocity, Impact, Orbital debris, Damage, Hydrocode. 


1. INTRODUCTION 

Orbital debris belongs to a man-made environment. It is generated by 
the destruction of payloads, upper stages or any hardware in orbit. 
The number and the size of debris is a function of the destruction 
mode : explosion or collision. The range of size is from tiny particles to 
huge chunks of satellites. 

The debris size of interest is defined by the size of the spacecraft, the 
mission characteristics, and the associated systems requirements. 

For manned craft, safety aspects of orbital debris are most relevant. 
Projectiles to be considered are generally of between 1 and 10 mm in 
diameter. The density of aluminium is up to now accepted as 
representative. 

The most striking characteristic of debris is their potentially high relative 
velocity. Maximum relative velocity in low earth orbit is approximately 
15 km/s with an average around 11 km/s. 

For the considered projectiles, the velocity range between 0 and 
8 km/s is well covered by testing. It follows thus that computer 
simulation is necessary for the investigation of the upper velocity 
range. 

An acceptable level of confidence in the computer outputs has to be 
built up for the considered regime. 

The following reports on the findings of ESA address this subject. 


2. HYPERVELOCITY IMPACT PHYSICS 

When solids collide at speeds of the order of several kilometers per 
second, the pressures generated reach megabar proportion (Table 1). 
Because these pressures exceed the strength of materials by many 
factors of ten, there is a regime where it is possible to neglect the 
effect of strength and to treat the solid as an inviscid compressible 
fluid. The pressures eventually decay and the material strength then 
becomes the dominant factor, determining the final configuration in 
which the materia! comes to rest. 

If the target is thick enough, only cratering will occur. This complex 
process is driven by mechanical and metallurgical properties of the 
target as well as projectile characteristics. 

In the beginning of the impact process a bright light flash occurs. It 
originates from a dense, hot plasma, ejected from the impact site. 
From the states of ionization within the plasma cloud, temperatures 
between 3000 K and 20000 K depending on the impact velocity, can 
be calculated (Ref 1)). 

When a particle strikes a plate at high velocity, the compressive shock 
is attenuated as it travels through the plate and is generally reflected 
off the rear surface as a rarefaction wave. 

If the plate is thin enough, the reflected wave will be so intense that a 
portion of the rear surface of the plate may be ejected with a 
momentum sufficient to damage other parts of the structure. This is 
spalling. 


Shield material 


Aluminium 


Projectile material 


Aluminium 


Impact velocity (km/s) 

3 

6 

10 

Initial kinetic specific 
energy (kJ/g) 

4.5 

18 

50 

Max. pressure (Mbars) 

.3 

.76 

1.64 

Max. materia! density (g/cm 3 ) 

3.3 

4. 

4.6 

Max. temperature (°K) 

689 

2080 

5455 

Shock velocity (km/s) 

7.4 

9.4 

12.1 

Temperature after shock ( °K) 

480 

922 

1780 

Material final state 

solid 

melted 

liquid 


Table 1 : Hypervelocity impact, state of material. 
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Perforation results from the combination of cratering and spalling. This 
mechanism shows that perforation can occur for plate thickness 
significantly greater than the expected depth of penetration when 
calculated as a semi-infinite target. 

The rarefaction waves generated to satisfy boundary conditions can be 
looked upon as tension waves. Fracture in aluminium is created by 
void nucleation, growth and coalescence under tensile stress. In 
addition rarefaction will be produced to satisfy boundary conditions at 
any nearfracture surfaces and these raretactions can lead to further 
fractures. 

The finite size of the projectile allows lateral shock waves to propagate 
back and forth. These waves generate uprange ejecta and are 
responsible for the dispersion of the debris cloud behind the plate. 


The significance of a shield is that it can fragment the projectile, spread 
the fragments radially and significantly reduce the velocity of many of 
the fragments below the velocity of the original projectile (Fig 1). 

If the conditions are adequate, released fragments are liquefied and 
fairly homogeneously distributed at the front of the debris cloud. It 
produces splashes of molten material as well as plastified droplets 
collapsing upon hitting the back-up structure (Fig 2). It allows a better 
distribution of the loading on the structure protected by the shield. 

The debris cloud can thus induce in the structure three types of 
loading : 

- cratering 

- spalling 

- impulse inducing gross deformations. 

3. BACKGROUND WORK 


This technological work has been undertaken to support the design of 
the COLUMBUS pressurized modules. Certain parameters like 
projectiles characteristics, shield spacing and material selections are 
driven by project requirements. 


The baseline shielding is considered here (Fig 3). 


Once the configuration is chosen, the basic need of the designer is to 
be able to predict if the pressurized wall will be perforated or not by a 
certain projectile. Projectiles to be considered according to project 
needs range from 1 to 10 mm aluminium spheres. 



Figure 1. Backwall impact damage 

4 mm diameter aluminium projectile, V = 7 km/s, normal impact. 
2 mm aluminium bumper, 1.5 mm aluminium backwall, 200 mm 
spacing. 



Figure 2. Examples of material splashes and plastified droplets after 
impact (Electron scanning microscope, magnification - 100, 200 x). 


Illustrating the hypervelocity impact physics, the required backwall 
thickness shows (Fig 4) a first peak around 3 km/s, associated to a poor 
fragmentation of the projectile. The curve goes down from the peak to 
a minimum of around 8 km/s. It highlights the effects of the improved 
fragmentation with the velocity. The minimum corresponds roughly to 
the beginning of the liquid phase for the debris cloud. For higher 
velocities, the required thickness must increase again as the projectile 
momentum continues to grow. 

Unfortunately, projectile accelerators are limited in performance. 
Technologies other than the commonly used light gas gun can be 
considered. They can only accelerate projectiles several orders of 
magnitude smaller than the one required for the electrostatic 
accelerators. Shaped charges are considered but the singleness of an 
adequate projectile is not yet demonstrated. 

Experimental data are available in the velocity range defined by the 
accelerator performances (Fig 5). The axploration of the velocity range 
above 8 km/s is thus limited to computer simulation. 
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Bumper 1 : 2024 T3 
.8 mm 


| 60 mm 


Bumper 2 : 2024 T3 
.8 mm 


Backwall : 2219 T851 

3.2 mm 

Figure 3. COLUMBUS attached pressurized module. Meteroids 
and orbital debris protection configuration. 





Figure 4. Ballistic limit curves of a single shield and a double wall 
meteroids and orbital debris protection. 



projectile mass (without sabot) UBTr. gl 


4. THE CODE 

EFHYD-2/3D is a finite element Arbitrary Lagrange-Euler (ALE) Code 
for the elastoplastic and hydrodynamic analysis of multimaterial 
continua and structural systems. It builds upon the features of the 
original DYNA-3D code (J.Hallquist, Lawrence Livermore National 
Laboratory). The code handles in two and three dimensions solid and 
shell elements with impact sliding surfaces and various boundary 
conditions. Manual and automatic rezoning as well as complete 
remeshing coupled with ALE capabilities are available to perform 
simulations for the highly distorted shapes typical of hypervelocity 
impacts (Fig 6). 

Key features of a hydrodynamic code are the materials descriptions 
(Ref 2): 

- equations of state (EOS) (High pressure and phase 
changes) 

- constitutive modelling (strength) 

- failure modelling (damage). 

The velocity range (8 - 20 km/s) considered here covers all 3 states 
(solid, liquid, vapour) for Aluminium and the associated phase 
changes. A correct description of this transition is thus a must for the 
selection of the equation of states. 

Many simple equations of state (Mie Gruneisen EOS or Tillotson EOS) 
do not cover all the pressure range encountered here. 

More sophisticated EOS, like the ANEOS package (Sandia) or 
SESAME tables (Los Alamos) including several analytical models and 
experimental data enable the carrying out of operations for a large 
range of densities, temperatures and phase transitions. 

The tabulated Sesame EOS is used here. It is well correlated with 
experiments and its accuracy is acceptable for most of the applications. 

The constitutive model has to cope with the elastoplastic behaviour at 
high strain rates : Johnson Cook and Steinberg models in which the 
plastic flow depends on pressure, strain rates, temperature are 
incorporated in the code. 



Figure5. EMI light gas gun performances. 


Figure 6. Typical remesh case for bumper impact (8 km/s). 
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Satisfactory ductile fracture models have to incorporate the 
contribution of 3 distinct mechanisms : 

. crack and void nucleation 
. crack growth and propagation 
. coalescence of cracks and voids. 

A detailed description of these mechanisms, as in the SRI model, 
requires the determination of many material parameters. This approach 
is not practical from an engineering viewpoint. For this reason, the SRI 
model is not considered. The simpler Sandia Model (Grady and al.) 
based on energy balance and statistical considerations is incorporated 
in the code. It accounts for material degradation due to potential 
damage and includes a fragmentation model. The model has been 
used to describe dynamic fragmentation occurring in brittle and ductile 
solids with reasonable success (Ref. 3). 

EFHYD has been extensively used and validated in a wide range of 
hydrodynamic applications for defence and spacel industries. 

5. VALIDATION LOGIC 

As no direct and fuli scale testing is possible with the current test 
capabilities, the validation beyond 8 km/s has to include the 
verification of two important features : 


As spalling can be influenced by the time duration of the pulse, the 
projectile thickness allows a parametric investigation of this important 
impact characteristic. 



- each key physical phenomenon involved in the backwall 
loading has to be validated. For example for cloud density and 
spreading, cratering, spalling and gross deformation have to be 
checked versus cloud density and spreading angle (material validation 
cases); 

- the trend observed with velocity increases have to be 
predicted by the code : it can be determined indirectly by assessing 
the pressure on the backwall (high velocity cases). 

6. REFERENCE CASES 

The purpose of this investigation is to confirm the ability of the code to 
predict, for the real geometry, the main features of the backwall with a 
projectile representative of those expected for COLUMBUS. 

The velocity chosen must be compatible with the experimental device 
but fast enough to get the debris cloud in a liquid phase which is 
representative of the velocity range of concern. Parametric analysis 
has shown that apart from mass, velocity and spreading, the density of 
the debris cloud impinging on the backwall is a key element. For this 
purpose, bumper hole diameter, spray angle and backwall pressure 
have to be cross-checked with tests results. 

In order to obtain an idea of the shock pressure levels induced in a 
back-up structure by fragment cloud loading, piezoresistive pressure 
pulse measurements have been mounted within back-up plates in a 
sandwich arrangement. In this way, a pressure time record measured in 
the center of a fragment cloud impact area or a back-up plate can be 
obtained (Fig 7). Pressure pulses of the order of some tens of kilobars 
have been detected. 

Visualisation of fragment clouds has been achieved by means of flash 
X-ray techniques as well as image converter camera photo series. 
Both methods are appropriate to derive fragment cloud expansion 
velocities (Fig 8). 

An additional case with different thicknesses for the second bumper is 
considered to explore the effect of the debris cloud variations on the 
backwall. 


7. MATERIAL VALIDATION CASES 

A relation has to be established between the shock wave amplitude 
and the debris cloud density on the one hand and the cratering and 
spalling on the other hand. 

As some degree of shock wave uniformity is needed to correlate the 
test results with the calculations, the projectiles are made of circular flat 
plates impacting the target on a surface significantly larger than the 
measurement gauges. 

Different projectile materials are used to explore the effects of the 
debris cloud density. 


Figure 7. Flypervelocity impact pressure on the backwall measured 
with piezoresistive transducers. 
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Figure 8. Kinematic of fragment cloud visualized by an image 
converter camera. 

.5 mm Aluminium bumper, 2 mm diameter projectile, 8.1 km/s 
Photos time step : 1 p s 
Fragment cloud velocity 7.1 km/s 
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8. HIGH VELOCITY CASES 

The object of this investigation is to demonstrate the extrapolation 
capabilities of the code for very high velocities. 

For this task, at least 2 conditions in the upper velocity range have to 
be investigated. As the accelerators have limited performances, a 
small projectile diameter is used to allow the covering conditions 
leading to liquid debris clouds. With small projectiles, a reasonable 
damage pattern on the backwall can only be obtained after scaling of 
the configuration. 

The validity of geometrical scaling, at least for modest ratios, has been 
demonstrated (Ref. 4). 

9. COMPARISON BETWEEN EXPERIMENTS AND 
NUMERICAL SIMULATIONS 

9.1. Description of the methodology 

Comparison with experiments are made on different parameters 
(kinematic parameters : residual velocities, hole diameters in the 
bumpers, spray angles and cloud parameters : the shape of the cloud 
with exploitation of x-ray pictures : pressure on the backwall indirect 
measurement) for the density of the cloud. 

The 2D computations are performed for Whipple concept as well as for 
multishield concepts (3 plates). Due to the relative complexity of such 
calculations and the need of parametrical analyses to understand the 
physics, a simplified ID methodology is also calibrated and used to 
predict the cloud state and the backwall behaviour. This mixed 
approach using 2D simulations, and a simplified ID calculation has 
been already validated for typical cases and will be necessary to define 
the design curves of the studied configuration. 


a. Impact on the first bumper (B1) 

The first impact simulation has been validated already (Ref 5). So it 
leads with high accuracy (less than a few percent with experiment) to 
the determination of the hole diameter and the residual velocity of the 
debris cloud (Table 2). 

This phenomenon lasts about 2.5 microseconds (Fig 6) for the 
considered configuration. 

b. Flight and expansion of the debris cloud to the second 
bumper (B2) 

From this time to the impact on the second target (bumper in case of 
MS shield concept or backwall in case of a Whipple concept), which 
occurs at about 8 microseconds, one can observe a release and 
expansion of the cloud resulting in a heterogeneous distribution of 
mass (sharp gradient of density). 

In particular, one can see in front of the cloud, a thin liquid zone of 
relatively high density. For this impact velocity (8 km/s) a density of 
about -0.56 g/cm 3 is found which is significantly greater than in the 
internal part of the cloud (Fig 10). 

c. Impact on the second bumper 

For a striking velocity of 8 km/s, physical phenomena involved in this 
second impact are quite different from those resulting from the first 
impact. A low density projectile made of vapour, liquid and fragments, 
impacts the second bumper with a velocity close to the initial velocity. 

Physical phenomena are different (i.e. melting at the interface). 
Vaporisation during the compression of the impacting cloud occurs. 
This impact is not purely hydrodynamic. 


9.2. Description of a triple plate simulation 

The numerical simulation of the triple plate configuration (Fig 9) 
involves the knowledge of several impact phenomena depending on 
the state of the projectile and the behaviour of the impacted target. 

The simulation is divided into 5 steps as follows : 

a. Impact on the first bumper 

b. Flight and expansion of the debris cloud to the second bumper 

c. Impact on the second bumper 

d. Flight and expansion of the debris cloud to the backwall 

e. Impact on the backwall. 

Using remeshing technique and AEL processor, it becomes possible 
to simulate these successive phenomena (Fig. 6). 


The impacted bumper undergoes deformations under applied 
pressure and the use of an adapted failure law is necessary to obtain 
good results in terms of residual velocity or hole diameter. The simple 
EOS model alone is no more valid. 

The correlation between the simulation and the experiment shows a 
good agreement concerning the residual velocity and the hole 
diameter in the bumper (Table 2). 

For this case, the residual velocity is relatively low (< 1 km/s). 

d. Flight and expansion of the debris cloud to the backwall 

The cloud continues to spread behind the second bumper. Only a 
little part of the total mass flying to the backwall seems to come from the 
initial debris cloud. 
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This kinematic phase is similar to the previous one between B1 and B2 
at a lower velocity level. 
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tl = 0.8 mm 
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Figure 9. History of a high velocity projectile perforation of a triple 
plate. 


Figure 10. Debris cloud material state and density before second 
impact. 
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Table 2. Reference cases - comparison between experiments and computer simulations. 

R 1 0 = 4 mm, V = 8km/s,t1 = .8 mm, t2 = .8 mm, t3 = 3.2 mm,SI = S2=60mm 

R2 0=4 mm, V = 8 km/s, tl = .8 mm, t2 = .5 mm, t3 = 3.2 mm,SI = S2 = 60 mm 

debris cloud velocity after 1 st bumper 
Vb 2 debris cloud velocity after 2d bumper 
0 b 1 diameter of 1 st bumper perforation hole 

0b 2 diameter of 2d bumper perforation hole 
7 1/2 main and total spray angle behind 1 st bumper 

Y‘ 1/2 main and total spray angle behind 2d bumper 



Vbl 

Vb2 

0 b 1 

0 b 2 

71/72 

7 'l/y '2 


(km/s) 

(km/s) 

(mm) 

(mm) 

(en °) 

(en°) 

1 1 








6 76 

0.75 
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33 

29/56 

8/25 

Experiment 

2D calculation 

6.9 

0.7 

8 
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30/45 

10 / 

ID calculation 

5.85 

5 
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2D calculation 

6.9 

0.9 
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3U/43 


ID calculation 

5.85 
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e. Impact on the backwall 

The last stage of the simulation is the impact of the resulting cloud on 
the backwall. 

Measurements of the pressure were performed with a Manganin 
gauge. 

Once again, the correlation between the calculation and the 
experiment is quite good (Table 2). 

No significant damage appears on the backwall for this velocity. 

9.3. Material validation cases 

The early objectives of the material test cases were to reproduce the 
behaviour of the backup-plate impacted by a debris cloud generated 
by a very high velocity projectile (up to 20 km/s). Up to 10 km/s in the 
studied configuration, the average residual velocity after the second 
bumper appears to be less than 1 km/s. Such a velocity level is easy to 
reach with the current facility but experiments are now restricted by the 
low density and large radii inherent to an equivalent flat load. 

An important requirement is to avoid the accelerated plate tumbling 
before it reaches the target. Moreover, materials with densities lower 
than .9 g/cm 3 tend to collapse under acceleration imposed by a light 
gas gun. Considering these experimental limitations, it is difficult to 
reproduce at the same time, peak pressure and areal density 
representative of a typical debris cloud. 

However, it is possible to observe the cratering and spalling processes 
in order to validate the material models implemented in the code. The 
selected configuration includes a flat projectile (Radius = 15 mm, 
thickness = 5 mm) impacting at 1 km/s an aluminium target 10 mm thick. 

The material cases experiments as well as the related simulations are in 
progress. 

9.4. High velocity cases 

Numerical simulations give detailed information not directly measurable 
from tests like local density, temperature and state of the projectile, the 
bumper and the debris cloud (Fig 9). During the second impact, the 
rebound of the debris cloud (Fig 11) is typical of the rebound observed 
in the test. 


The backwall impact damage is sensitive to projectile conditions and 
shielding configuration. At 7 km/s, craters generated by solid 
fragments are still present (Fig 1). At 8 km/s, for the triple plate 
configuration, no crater can be identified (Fig 12). Provided the 
projectile is completely shocked, the last example must be 
representative of what happens at high velocities. 

According to the performance curves of the experimental facility, the 
maximum velocity case will be performed at approximately 9.5 km/s. 
This velocity is well inside the liquid phase regime for aluminium alloys. 

The maximum pressure induced by the debris cloud on the backwall is 
correctly predicted by the code (Fig 13). 

One calculation has been performed and validated on a Whipple 
concept at 8 km/s. After validation of an other calculation at a velocity 
as close as possible to 10 km/s, the validated tool will be used to 
extrapolate the behaviour of the structure up to 20 km/s. 

The first correlation between experiments and calculations gives some 
confidence in the possibility of explorating higher velocities and other 
configurations. 



Figure 11. Velocity field after impact on second bumper. 
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10. PLANNED WORK 



Figure 12. Backwall impact damage. 

4 mm diameter aluminium projectile, V = 8 km/s, normal impact. 

.8 mm aluminium 1st bumper / .5 mm aluminium 2d bumper, 3.2 mm 
aluminium backwall, 120 mm spacing. 



Based on the present work, some problems to be solved can already 
be identified : 

- the effects of oblique impact on the structure ; 

- the damage induced at the backwall by poorly shocked 
projectile ; 

- the strength of the backwall under gross deformations 
induced by the debris cloud impact. 


11. CONCLUSIONS 

The present correlation between the computer simulation and the 
performed experiments indicates that the code presents a reasonable 
accuracy in the velocity range above 8 km/s. 

As soon as an experimental method is available to accelerate relevant 
projectiles to velocities in the range of 11 km/s, a final validation case 
will be performed. 
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Figure 13. Comparison of numerical and experimental backwall 
pressure. 
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MATERIAL CONSIDERATIONS FOR HABITABLE AREAS OF MANNED SPACECRAFT 
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ABSTRACT 


The purpose of this paper is to examine important material 
considerations relative to the design of habitable areas of 
manned spacecraft. The issues that are considered include 
flammability, toxic offgassing, particulate generation, fungus 
growth, odor, and general corrosion. Specific material appli¬ 
cations such as hook and loop (Velcro™ type) fasteners and 
protective coatings for the interior of pressurized structures are 
also discussed relative to these issues. This paper shows that the 
greatest emphasis has appropriately been placed on character¬ 
izing materials for flammability and toxic offgassing, areas 
where life-threatening situations could occur if improper 
material selections are made. Less emphasis has been placed on 
the areas of particulate generation and fungus growth. Unre¬ 
solved issues were identified in all areas. 

Keywords: Materials, spacecraft, space station, manned, inte¬ 
rior, particulates/fibers, flammability, offgassing, fungus, Vel¬ 
cro™, fasteners, paints. 


1. INTRODUCTION 


Material considerations for the Space Station Freedom (SSF) 
crew compartments are addressed, although the concepts are 
pertinent for any long-life spacecraft mission in low Earth orbit 
(LEO) or future manned lunar or Martian missions. This paper 
is an extension of the topics covered in Reference 1, which 
addresses the effect of LEO environments on materials, thermal 
control coatings, multilayer insulation (MLI), fluid/material 
compatibility, and lubrication issues. The material consider¬ 
ations include flammability, toxic offgassing, particulate gen¬ 
eration, and fungus control. Odor and general corrosion are 
discussed briefly with respect to specific applications. In 
addition, hook and loop fasteners and long-life interior pressure 
wall finishes are discussed in terms of the design requirements 
for manned areas. 

Material requirements for Space Station are specified in SSP 
30233A, Space Station Requirements for Materials and Pro¬ 
cesses. NHB 8060. IB, Flammability, Odor and Offgassing 
Requirements and Test Procedures for Materials in Environ¬ 
ments that Support Combustion, describes the tests used to 
evaluate candidate materials for spacecraft. Additional require¬ 
ments related to flammability, toxicity, and particulates are 
contained in SSP 30213B, Space Station Program Design 
Criteria and Practices. The requirement for the number and size 
of airborne particles in the habitable areas of the SSF is 
specified in JSC 31013B, Medical Requirements of an In-Flight 
Crew Health Care System. There are no specific tests required 
for particulate generation or corrosion. 


2. FLAMMABILITY 

The oxygen concentration of the environment inside crew 
compartments of a spacecraft is important for two reasons 
(other than creating a breathable atmosphere): (1) it determines 
the amount of time that an astronaut must “prebreathe” in 
preparation for extravehicular activities (EVA) and (2) it is the 
key variable relative to the flammability risks associated with 
material usages. A higher concentration of oxygen in the crew 
compartment is desirable because it decreases the amount of 
time that an astronaut must prebreathe prior to an EVA. 
However, material flammability risks increase as the oxygen 
concentration increases and therefore a balance between these 
two competing requirements needs to be established. 

Prebreathing prior to EVA is necessary to reduce the level of 
dissolved nitrogen in the bloodstream. Sudden decreases in 
pressure can cause nitrogen bubbles to form, resulting in a 
painful and potentially fatal condition referred to as the 
“bends.” For example, the bends could occur if an astronaut 
whose body is accustomed to breathing space station air at a 
nominal 10,300 kg/m 2 (14.7 psia) and 21% oxygen is suddenly 
exposed to the low-pressure 3520 kg/m 2 (5 psia) environment 
of an EVA suit. The Space Station program has baselined a 
7170 kg/m 2 (10.2 psia) atmosphere as the prebreathe environ¬ 
ment prior to an EVA to minimize the time required for 
prebreathing. Medical personnel recommend that the oxygen 
concentration for a 7170 kg/m 2 environment should range 
between 28.9 and 31.8% (2070 and 2280 kg/m 2 ) in order to 
meet the physiological needs of the astronauts. 

Because of the strict flammability requirements imposed on 
NASA manned programs, candidate materials for the Space 
Station must be evaluated for flammability at the maximum 
oxygen concentration to which the crew environment will be 
exposed. All materials must pass NASA’s Upward Propagation 
Test, as described in NHB 8060.IB, at the maximum oxygen 
concentration level that will be experienced. The number of 
materials tested by NASA at oxygen concentration levels 
ranging from 20.9 to 33% is shown in Table 1. At the 33% 
oxygen concentration level, material selection and design is 
restricted because of the limited number of acceptable materials 
that pass the flammability test. Flammability tests at 33% 


Table 1. Flammability Test Results 


Oxygen 

concentration 

(%) 

Number of 
materials tested 

Number of 
materials passed 

20.9 

1121 

766 

23.8 

986 

563 

25.9 

1504 

658 

30.0 

1142 

654 

33.0 

244 

123 


h7032: tl 04/17/91 


Proc. Internal. Conf.: 'Spacecraft Structures and Mechanical Testing \ Noordwijk, The Netherlands , 
24-26 April 1991 (ESA SP-321, October 1991) 
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oxygen were conducted on 244 materials used in the Orbiter. 
All had passed at 30% oxygen and only 123 passed at 33% 
oxygen. Materials that failed included polyimide foam insula¬ 
tion, silicone conformal coating used as a fire barrier, the fabric 
used for the crew uniforms, and the outer fabric of the EVA 
suits (Figure 1). Such high-use materials would be difficult and 
expensive to find substitutions for on Space Station. In 
addition, the rate at which a material burns increases with 
increased oxygen concentration and the minimum thickness at 
which a material passes the flammability test also increases. A 
30% oxygen level has been recommended as the maximum 
oxygen concentration level for Space Station because of the 
significant reduction in the number of acceptable materials for 
oxygen levels above 30%. 
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Increasing the Oxygen Concentration — 

□ Reduces astronaut prebreathe time prior to an EVA 

□ Increases flammability risks 

• Maximum allowable oxygen concentration should 
be 30% 



Figure 1. The effects of increasing oxygen 
concentration 


2.1 Material Flammability Testing Requirements 


The current NASA flammability test, described in NHB 
8060. IB, Test No. 1, Upward Propagation Test, is a severe test 
for evaluating material flammability. Test 1 requires that a 
material be self-extinguishing when a vertical 30 cm length of 
the material is ignited at the bottom edge with a 1093°C flame. 
Most of the commercial tests use a top ignition or a 45-deg 
material incline and rarely ignite the sample at the edge. Many 
materials that are advertised as “self-extinguishing,” “flame 
resistant,” and “nonflammable” are based on horizontal 
propagation tests and will fail the NASA test. 

A fire in space bums differently than it does on the Earth. In 
zero gravity a fire bums slowly, the flame front taking the shape 
of a slowly expanding sphere, which will be directed by forced 
airflow inside the Space Station. In normal gravity, a fire that 
starts at the bottom of a material rapidly rises upward as 
convection, due to gravity-induced buoyancy, ensures a con¬ 
tinuous, fresh supply of oxygen. Therefore, NASA has taken a 
conservative approach to spacecraft material control by impos¬ 
ing the upward propagation test to evaluate flammability 
behavior. 

2.2 Effect of Material Chemistry on Flammability Behavior 

Manufacturers sometimes make small changes in their product 
to improve a material or to reduce production costs without 
changing the material’s name or nomenclature and without 
notifying customers. Slight changes in chemistry do not usually 
create a flammability risk for aerospace materials. 

One known case where a chemistry change has affected the 
flammability behavior of a NASA-qualified material involves 
electrical wire insulation. In the mid-1970s, the wire and 
insulation passed the NASA Upward Propagation Test. Later, 
in the mid-1980s, the same wire failed this test. The manufac¬ 


turers claimed that they had only made a small change in their 
formulation, less than 1% of the weight of the insulation. The 
change had been made to satisfy NASA’s special vacuum 
outgassing requirements for a particular application. 

To eliminate this kind of problem, NASA had considered 
requiring batch testing of all materials used in NASA space 
programs. But because of the high costs involved, batch testing 
is currently imposed only on materials used in high-pressure 
oxygen fluid systems due to the hazardous nature of these 
systems. Batch testing costs arise primarily from the system 
required to track which batch of material is used on each 
component. 

3. TOXIC OFFGASSING CONTROL 

Two areas related to materials are controlled to ensure that 
unacceptable levels of toxic gases never exist in the habitable 
areas: selection of materials that meet the NASA toxicity 
requirements given in NHB 8060.IB and selecting materials to 
minimize those which release gases that can reduce the 
efficiency of (or “poison”) the environmental control and life 
support system (ECLSS) by reacting with and reducing the 
efficiency of the catalytic oxidizer. Also, specific control 
procedures need to be established for cleaning the hardware 
during fabrication, test, and preflight checkout to avoid 
inadvertently having solvents absorbed into materials or trapped 
in faying surfaces. 

3.1 Design Selection Considerations 


The current NASA requirements to limit the total amount of a 
particular trace gas, spacecraft maximum allowable concentra¬ 
tion (SMAC), have evolved as a result of several experiences. 
Early in the Apollo program, an ink that passed total organic 
compounds and carbon monoxide requirements caused a 
reaction in test panel members, indicating that the ink was 
toxic. Since then, NASA test facilities have identified and 
quantified all major offgassing components. 

Most materials and/or components that are marginal or fail the 
offgassing test can be baked in a conventional air oven to make 
them acceptable. One incident in which the baking did not work 
was for a fabric-covered elastic shock (Bunge) cord. The 
manufacturer used a trichloroethylene cleaner that has an 
SMAC of 0.26 mg/m 3 . The elastic shock cords were baked for 
4 days and they still exceeded the trichloroethylene limits. The 
hardware had to be remanufactured and cleaned with a less 
toxic substance. Organic materials may absorb cleaning sol¬ 
vents and should be controlled to prevent such occurrences. 

Another incident occurred when a temperature-sensitive exper¬ 
iment was shipped to NASA’s White Sands Test Facility 
(WSTF) packaged in a foam that contained a high concentration 
of acetonitrile, a highly toxic material. Acetonitrile was 
deposited on the experimental unit and was very difficult to 
bake out because of the temperature sensitivity of the unit. 
Further investigation indicated that the source of the toxic 
compound was the adhesive used to bond the packaging foam 
in the shipping container. To help avoid this kind of problem, 
an approved list of packaging materials is being created for 
WP-2. 

Occasionally, the type and quantity of materials used in an 
off-the-shelf component are not known because obtaining a 
detailed materials list is not cost effective or the list may be 
protected as proprietary information. In these cases, the entire 
component is tested and the quantity of each trace gas is 
measured to ensure that no toxic gases are produced. Testing is 
also required to determine if toxic gases are produced from 
personal items such as shoe polish, shaving cream, deodorants, 
mascaras, etc. 
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The creation of toxic gases from small, limited fires or 
overheated components also needs to be addressed. Fluoro- and 
chloro-hydrocarbons have excellent flammability resistance but 
produce toxic compounds when ignited or exposed to high 
temperatures. Materials that produce the least toxic products of 
combustion are also highly flammable. These factors are 
considered during the design development activities. In the case 
of a fire, crews are trained to put on emergency oxygen masks, 
start venting the combustion gases, and extinguish the fire. 
During the many US space flights, only two very limited small 
fires are known to have occurred on American spacecraft in 
orbit, and they were handled without any adverse effects on the 
crew. 

The low level of allowable trace gas contaminants requires 
control of experimental techniques to ensure comparable results 
between different laboratories. Several offgassing test pro¬ 
grams were conducted comparing results from two NASA 
agencies and the Japanese Space Agency. Substantial differ¬ 
ences were found between testing centers, and it was deter¬ 
mined that results were highly dependent upon the types of gas 
chromatograph columns used to separate the components of the 
offgassing sample prior to identification with a mass spectrom¬ 
eter. Because capillary columns are viewed as more accurate 
than packed columns, NASA-JSC’s WSTF began analyzing 
with capillary columns. Both Japan and NASA-JSC use 
capillary columns and have had satisfactory agreement in 
results. The types of columns used by the European Space 
Agency are not known. In addition, more sensitive mass 
spectrometers were installed at WSTF around 1985. It is 
recommended that borderline materials or materials that were 
tested more than 5 years ago be retested per NASA’s standard 
test method at WSTF. 


3.2 Material Selection to Prevent Poisoning of the ECLSS 


The SSF program is considering the use of an activated charcoal 
adsorber and a catalytic oxidation system in combination with 
an adsorber/lithium hydroxide system such as used on the 
Orbiter. Figure 2 shows the proposed SSF trace contaminant 
control system. The activated charcoal adsorber removes most 
trace organic contaminants such as ammonia, methylene 
chloride, aldehydes, ketones, and alcohols as well as silicon 
and halogen compounds that could poison the calalytic oxidizer 
system. The catalytic oxidizer system is designed to oxidize 
methane and carbon monoxide as well as other organic 
compounds not adsorbed by the activated charcoal. Tests done 
for the Japanese Experimental Module (JEM) (Reference 2) 
indicate that if the catalytic oxidizer system were poisoned, 
large quantities of methane and carbon monoxide would be 
produced. These quantities could overwhelm the LiOH post¬ 
sorbent system that is designed to remove any toxic gases and 
acids produced by the catalytic oxidizer. 

There are a number of design considerations associated with the 
selection of materials to minimize the possibility of poisoning 
the catalytic bed. Silicon-containing products are commonly 
used inside spacecraft. Silicone rubber seals are the only kind 
of seal material currently being considered for windows 
because of their good low temperature properties and the 
unacceptable odors associated with polysulfides. Silicone pot¬ 
ting compound in electrical connectors are also commonly 
used. Offgassing requirements are specified in NHB 8060.IB 
for only one silicone-containing compound, hexamethylcyclo- 
trisiloxane. Most silicones pass the offgassing requirements, 
except acetic acid-curing RTVs which fail odor requirements. 
The available offgassing test data for silicones should be 
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Activated Charcoal Adsorber 

□ Removes catalytic poisons such as silicone 
and halogen compounds, removes ammonia, 
dichloromethane, and other trace gases 

Catalytic Oxidizer System 

□ High temperature (370 to 425°C). Completely oxidizes 
all remaining trace gases, methane, and ammonia 

LiOH Postsorbent Bed 

□ Removes toxic gases and acids such as hydrofluoric 
and hydrogen cyanide. Removes gases created if 
catalytic oxidizer is poisoned 


Figure 2. Proposed trace contaminant control system for Space Station 
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reviewed to ensure that the quantities emitted do not overwhelm 
the adsorption capacity of the activated charcoal and poison the 
catalytic bed. WP-2 requires that window seals be baked to 
reduce the outgassing to 1/10 of the requirement in NHB 8060.1 
to prevent fogging of the windows. Although baking is believed 
to reduce offgassing, it needs to be confirmed experimentally. 
The approved material list for WP-2 only contains materials 
that meet NASA’S offgassing requirements and will also be 
used for the interior of the airlock and nodes. 

In addition to control of materials used in design, the use of 
halogenated solvents must be controlled through all operations 
prior to launch. The systems-level offgassing test required in 
NHB 8060. IB of the completed module, airlock, and node is 
designed to identify any possible oversights. In the case of fire, 
the SSF has baselined C0 2 and N 2 fire extinguishers. This 
avoids the issues associated with halogenated fire extinguishers 
such as those using Halon 1301™, which can quickly introduce 
large quantities of halogenated compounds into the air, even for 
relatively small fires, potentially overwhelming the activated 
charcoal adsorber and poisoning the catalytic oxidizer. 

4. PARTICULATE/FIBER GENERATION 

On manned spacecraft, particulates consisting of paint chips, 
metals, fibers, plastics, and miscellaneous debris floating in the 
cabin in space can create crew health and equipment problems. 
These are not considered critical or capable of causing a 
catastrophic failure on the SSF. JSC 31013 requires control of 
air particulate levels to less than 3,350,000 particles per cubic 
meter for particles greater than 0.5 |xm. There is also a 
requirement in SSP 30213 that materials should be resistant to 
flaking. Efforts are under way to better control air quality by 
defining requirements for limits on particles greater than 
0.5 jjim and defining air filtration requirements. 

The medical requirements for SSF were derived from experi¬ 
ences on Apollo, Spacelab, and the Shuttle. On Apollo, the 
primary source of particles was the woven fiberglass cloth made 
from the Beta™ fiber used for storage bags, insulation covers, 
clothing, and other applications. There were no requirements to 
control particulates. On the European Spacelab, there also were 
no particulate level requirements. On the Space Shuttle, 
astronauts complained about particles getting into their eyes and 
causing irritation. The initial inclination was to impose a class 
100,000 clean room standard as defined in FED-STD-209, 
Clean Room and Work Station Requirements, for the Shuttle 
atmosphere. However, this was not deemed practical because 
of the normal shedding of human skin particles, dandruff, and 
hair and the normal expiration of particles and water droplets 
from human lungs. On orbit, particles do not settle to the floor 
as they do on Earth and would be very difficult to control in the 
atmosphere. Although no official requirements were placed on 
the Shuttle, a number of practices were adopted which helped 
reduce the particles encountered in space. One of these was for 
Velcro. Broken Velcro hooks had been a problem in the past but 
have been significantly improved by the practice of combing 
and vacuuming the Velcro after installation. The control 
exercised during ground operations is also very important. 

Equipment problems due to particulates in the Shuttle were 
generally confined to filters becoming plugged on air cooled 
electronic boxes, causing the electronics to overheat and 
potentially malfunction. Filters were subsequently redesigned 
to be corrugated in order to maximize filter surface area within 
a minimum volume. This still has not entirely resolved the 
problem, as evidenced by a recent Shuttle flight on which the 
air filters for two computers on the Astro telescope experiment 
became plugged. The Astro manufacturer has admitted inade¬ 
quate cleanliness controls during assembly, but particulates 
generated during the Shuttle flight also contributed to the 
problem. 

In general 80 to 95% of the material in Shuttle filters are cotton 
fibers and lint that were shed from the crew's blue cotton 


uniforms, towels, other cotton clothing, sleeping bags, and 
other miscellaneous cotton fabric supplies (Reference 3). 
Reduction in the use of cotton is continually being addressed. 
The use of chemically treated flame-resistant cotton fabric 
wearing apparel is primarily based on crew comfort. Other 
fabrics that would potentially meet the flammability require¬ 
ments, such as a cotton blend with 50% polybenzimidol (PBI), 
are under consideration but have not been qualified for use in 
manned space programs or evaluated for crew comfort. Entirely 
synthetic fabrics, such as Nomex™ and PBI, are generally 
unacceptable as underclothing because they do not ventilate 
well or readily absorb perspiration, thereby making them less 
comfortable for the crew to wear. Nomex™ outer garments 
have been adopted to help reduce the amount of cotton lint 
produced. Another approach to help reduce total particulates in 
the atmosphere is to limit cotton fabrics not used in crew 
apparel or bedding to relatively lint-free fabrics, such as 
Nomex™ or PBI. Candidate equipment are supply bags and 
privacy curtains. Where stiffer fabrics are required, a combi¬ 
nation of a layer of Armalon™ (Teflon™-coated glass cloth) 
sandwiched between two layers of Nomex™ is a candidate. 
This composite fabric is expected to meet flammability require¬ 
ments and produce less lint than cotton fabrics. 

Early in the program, consideration was given to quantify and 
rank particulate generating materials for habitable areas. This 
never became a requirement. There are no standard tests to 
measure the number and size of particles generated by a specific 
material. MDSSC has proposed that during all normal opera¬ 
tions, habitable volumes should have an air filtration and 
circulation system that uses high-efficiency particle air (HEPA) 
filtration to filter a minimum of five cabin air volumes per hour. 
The 24-hr average mass of particles in the cabin atmosphere 
should be less than 0.2 mg/m 3 for particles between 0.5 and 100 
\xm in diameter. In addition, MDSSC has proposed that 
equipment be designed to eliminate or contain the generation of 
loose particulate matter which may be detrimental to Space 
Station operation or crew safety. These requirements should 
mitigate some of the situations currently experienced on the 
Shuttle that could become problems on SSF during its 30 years 
on orbit. 

5. FUNGUS 

Certain forms of fungus create spores that can adversely affect 
some people, particularly those who have allergies or asthma. 
Fungus has not created any known problems in space except on 
the Soviet Salyut 4 mission. This vessel had a mahogany wood 
lining, a fungus nutrient per MIL-STD-810D, Method 508.3. 
The Salyut 4 had been left unattended, and when the cosmo¬ 
nauts returned they found mold on parts of the wall (Reference 
4). 

A potentially critical fungus problem for spacecraft would be 
fungus growth on the paint system, which could lead to 
corrosion, such as on a pressure bulkhead. Such corrosion 
could lead in the worst case to a weakening of the bulkhead and 
a subsequent need to reinforce the bulkhead wall. Paints used 
on spacecraft walls are polyurethane based, and some polyure¬ 
thanes are known to be fungus nutrients. One candidate supplier 
of this type of paint declined to add an antifungal agent because 
of the extensive recertification required and the relatively small 
quantity of paint required for the Space Station. The candidate 
paint is similar to that used on the Shuttle program where no 
fungus has been reported on any of the vehicles. However, the 
extended time on orbit, 30 years for SSF as opposed to 7 days 
for the Orbiter, will provide greater opportunity for fungal 
growth. Areas of poor air circulation behind cabinet areas and 
water condensation on the walls are conducive to fungal 
growth. 

A hardware design and system development goal on both the 
SSF and the Orbiter is to prevent water condensation on the 
wall. However, such condensation has occurred on previous 
Orbiter flights and it is likely that it will occur again. 
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Unfortunately designs that ensure good air circulation to help 
minimize the possibility of condensation may carry unaccept¬ 
able weight and power requirements and cost penalties. Other 
design solutions may be available to reduce the degree of 
moisture condensation. 

The requirements related to fungus are stated in SSP 30233A, 
which indicates that all materials will be submitted for fungus 
resistance testing and/or analysis. The cost of the testing 
specified in MIL-STD-810D for determining whether a mate¬ 
rial is a fungus nutrient is very expensive with cost estimates of 
$2000 to $3000 for one test. Service testimonials relative to 
fungus problems are lacking. Because fungus growth is a 
relatively long-term problem with some time being available to 
remedy the problem should it occur and it is noncatastrophic as 
a threat to human life, programs have met the specified fungus 
requirements by analysis based on the generic test results 
reported in MIL-STD-810D without conducting confirmational 
tests. 

6. HOOK AND LOOP STYLE FASTENERS 

Hook and loop (also called hook and pile) fasteners are 
frequently used in nonstructural fastening applications where 
easy assembly/disassembly is required. These fasteners are 
commonly known as Velcro, a trade name of Velcro USA, Inc. 
Hook and loop fasteners are generally available in Nylon™ and 
Nomex™ (Dupont trade names), polyesters, and 304 stainless 
steel. Peel strength, tensile strength, and cycle life vary greatly 
among the different materials. 

Hook and loop style fasteners generally do not meet the 
flammability requirements when tested as a single material, but 
do meet the requirements when the configuration is controlled 
on assembly. Typically, maximum fastener size is 25 cm 2 and 
fasteners are separated from adjacent pieces by a minimum of 
5 cm on all sides. These sizes and spacing were developed for 
the Shuttle program and are being used by WP-2 for the SSF. 
The 5-cm separation prevents fire propagation in the event of an 
ignition. 

Hook and loop fasteners tend to create particles during cycling 
due to hook and loop filament breakage. These particles 
contributed to astronaut eye irritation on past Shuttle flights. 
There are no data on the rate of particle generation or the size 
distribution of the particles formed. Dual-Lock™ (3M Corpo¬ 
ration trademark) style fasteners, which consist of continuous 
plastic strips with mushroom-shaped stems, form fewer parti¬ 
cles during cycling but are more difficult to close than hook and 
loop fasteners. Dual-Lock™ fasteners require positive finger 
pressure and some manipulation to close securely. Figure 3 
illustrates the closure mechanisms for hook and loop fasteners 
and Dual-Lock style fasteners. Whether or not Dual-Lock™ 
fasteners would be acceptable to the astronaut corps has not 
been established. 

There are several attachment techniques for hook and loop 
fasteners, including adhesive bonding and mechanical fastening 
to a substrate by riveting, sewing, clipping and attachment 
using threaded inserts. The adhesives selected must also meet 
flammability, toxicity and fungal nutrient requirements as 
described in earlier sections of this paper. 

7. INTERIOR PRESSURE WALL COATINGS 

Paints were selected for the SSF in preference to anodic 
coatings and other finishing methods because they provide 
excellent corrosion protection for long periods of time. But 
paints do have some problems. Interior paints can be chipped 
during ground maintenance and on-orbit use, sometimes ex¬ 
posing bare aluminum. In space, this creates two potential 
problems, corrosion of the aluminum and floating paint chips. 
Tough paints resisting such chipping are of particular impor¬ 
tance for interior pressure walls that can not be sent back to 
Earth for maintenance or repair. These structures include the 
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nodes, airlock, crew transfer tunnel and modules, described in 
detail in Reference 5. Boeing (WP-1) will be selecting the 
coatings for the nodes and modules, while MDSSC (WP-2) will 
be coating the airlock and crew transfer tunnel. It is doubtful 
that paints will remain undamaged over the 30-year life of the 
Space Station. Since techniques have not been developed for 
on-orbit painting, repair methods for locally damaged areas will 
need to be established in order to ensure corrosion protection of 
the 2219-T6 and 2219-T851 aluminum pressure shells. This 
differentiates the Space Station from all previous US and 
European manned space programs, including Skylab, European 
Spacelab, and the Shuttle. 

Coatings for interior pressure walls should provide corrosion 
protection, toughness, resistance to fungus growth, and they 
should meet NASA flammability and offgassing requirements. 
Interior surfaces of the Space Station airlock and crew transfer 
tunnel will be exposed to vacuum and need to pass vacuum 
outgassing requirements. 

7.1 Design Considerations 


The temperature of the interior of the Space Station will 
normally be held between 65°F and 80°F and the dew point will 
be held at around 60°F. The temperature may go below the dew 
point, causing condensation that may remain on the surface 
long enough to allow corrosion to develop in damaged areas, 
particularly those without ventilation sufficient to re-evaporate 
the water. Further, contaminants such as salt (from perspira¬ 
tion), grease, dust, and food particles can collect on surfaces, 
causing fungus problems and increasing corrosion risk. 

Several design approaches are being considered for reducing 
the amount of condensation residing on these pressure walls. 
One approach is to install heaters to maintain the temperature of 
the structure surfaces above the dew point at all times, including 
during assembly. If condensation does occur, the heaters could 
be used to re-evaporate the condensation, thus minimizing the 
potential for corrosion and fungal growth. A second option is to 
minimize condensation behind close-out panels, racks, and 
hard-to-reach areas through increased ventilation. These op¬ 
tions are not attractive because they increase weight and power 
requirements. 

Less than 10% of the pressure wall area on the node and 
modules will be exposed to potential damage from astronauts 
during daily activities. The airlock and crew transfer tunnel will 
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have significantly more exposed pressure wall area. Expansion 
and contraction of structure surfaces must also be accounted for 
in the selection of a protective coating. 

7.2 Coating Selection 

Paint systems and anodic coatings were considered for use on 
the interior of the Space Station pressure walls. A summary of 
the evaluation of these materials is found in Table 2. 

Anodic coatings can provide corrosion resistance in preferred 
exposure conditions, but they are known not to provide 
corrosion protection in habitable environments for long periods 
of time. Anodic coatings have good durability and scratch 
resistance, and they pass the NASA tests of toxicity, flamma¬ 
bility, and outgassing. Practical considerations such as finding 
anodic baths of sufficient size limit the consideration of anodic 
coatings. For these reasons, anodic coatings were not pursued 
as finishes for interior pressure walls. 

7.3 Polyurethane Paint System 

A polyurethane paint system with compatible epoxy primer 
provides excellent durability and corrosion protection proper¬ 
ties and has been selected for WP-2. The candidate primer is a 
chromated epoxy-amine primer, Desoto 515X349, selected for 
toughness, flexibility, and adhesion. Because the chromates 
leach into scratches, chromated primers provide some corrosion 
protection even in damaged areas. The candidate topcoat is a 
high-impact polyurethane, Desoto Desothane Series 1000, with 
8 years of service on commercial aircraft wings and landing 
gear. It was selected for corrosion resistance, flexibility, and 
abrasion resistance. High-impact coatings are used to protect 
areas of commercial aircraft that are subject to damage from 
runway debris. To meet NASA’s offgassing requirements, this 
paint system requires baking at approximately 110°C for 16 hr 
in an air oven. Corrosion protection prior to priming will be 
provided with either chromic acid anodize or a conversion 
coating, depending on the part size. Both of these coatings 
serve as excellent bases for application of primer. 

No standard tests have been developed to rank paints coatings 
for space applications. Standard tests were used as a guide for 
evaluating the selected polyurethane paint. The tests conducted 
include a mandrel bend flexibility test (ASTM D522), an 
impact resistance test (ASTM D2794), an adhesion tape test 
(FED STD 141, method 6301.2), a chip resistance test (ASTM 
D3170), and the Taber abrasion test (ASTM D4060). Paint 
manufacturers commonly test their coatings for moisture 


resistance, oxidation, color stability, adhesion, durability, and 
corrosion. Because the above tests do not fully predict 
performance of coatings, MDSSC weighted service experience 
as the most important consideration in selection of the paint 
system. 

8. SUMMARY 

Selection of materials for the habitable areas of manned 
spacecraft involves much more than mechanical properties and 
functionality. Crew safety mandates that materials be carefully 
evaluated and controlled for flammability and toxic offgassing. 
Other material characteristics such as particulate shedding and 
fungus resistance must also be evaluated to ensure crew health 
and hardware durability. NASA and its contractors have 
developed many test methods to evaluate materials for these 
properties. Through careful materials selection and control 
using a comprehensive material data base, safe and comfortable 
spacecraft interiors can be designed. 
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Table 2. Evaluation of Potential Interior Pressure Wall Coating Materials 


Coating type 

Corrosion 

resistance 

Durability 

Toxicity 

Flammability 

Vacuum 

outgassing 

i 

i 

Repair concept 

Sulfuric acid 
anodic coatings 

Good 

Good 

Passes per NHB 
8060.1 

Passes per NHB 
8060.1 

Passes per SP-R- 
0022 

Epoxy patches 

Orbiter interior 

paint/primer 

system 

Excellent 

In test. Many 
service testimo¬ 
nials. Unex¬ 
plained difficul¬ 
ties on Shuttle 

Passes per NHB 
8060.1 in con¬ 
figuration 

Passes per NHB 
8060.1 

Passes per SP-R- 
0022 in configu¬ 
ration 

Epoxy patches 

Proposed WP-2 
interior paint/ 
primer system 

Excellent 

In test. Many 
service testimo¬ 
nials. Used on 
aircraft landing 
gear 

Fails NHB 

8060.1 without 
baking. Passes 
with 16-hr bake 
at 110°F 

Passes NHB 
8060.1 at 30% 

0 2 , 10-mil alu¬ 
minum substrate 

Fails SP-R-0022 
without baking. 
Passes with 16- 
hr bake at 110°F 

Epoxy patches 

» 
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ABSTRACT 

As a result of the space activities during the last three 
decades there are lots of artifical particles orbiting the 
earth, the so called orbital debris. These particles 
increase the probability that spacecraft will be hidden 
during mission considerably. Especially large spacecraft 
planned for long missions will be endangered and have 
to be protected against this new threat. 

In this paper the present known techniques for protection 
of spacecraft are presented and compared. Semi-empi¬ 
rical formulae for calculation of dimensions of protection 
systems are given. Based on these formulae and on the 
directional distribution of the particles, three different 
approaches for reduction of the required mass of the 
protection system are presented. 

Keywords: Orbital Debris, Meteoroids, Hypervelocity 
Impacts, Protection Systems 


1. INTRODUCTION 

Protection of spacecraft against impacts from meteoroids 
is considered to be needed since the first space activities. 
Intensive investigations were performed during the 
development of the APOLLO spacecraft. This is 
documented in a huge number of papers, published in 
the 60's (Refs. 1-5). The work was concentrated on 
impacts resulting from meteoroid particles having very 
high velocities and comparatively low masses. The 
preferred protection concept was the "Wipple" bumper 
shield already introduced in 1947 (Ref. 6). This concept 
is considered to be most effective at particle velocities 
above about 10 km/s. Design formulae were established 
based on test data and on analytical investigations. This 
work was followed by a period with no further activities 
related to meteoroid protection. This can be explained by 
the reduced number of manned space missions but also 
by the fact that one considered the problems as solved. 

A new challenge were the Comet-Haliey-missions. Here 
the spacecraft had to survive an environment with high 
concentrations of meteroids (Refs. 7, 8). The success of 
GIOTTO is also based on a proper design of a meteoroid 
protection concept. These 1978 started investigations 
were followed by those related to the protection of the 


international space station against impacts. There are 
mainly two reasons for this new work: 

o the long time of mission (30 years) and the large 
surface area of the space station increase the 
probability of impacts, 

o the space activities of the last three decades led to 
artifical particles orbiting the earth, which are more 
dangerous than meteoroids (Ref. 9). 

Calculations show that in case of ten impacts with 
perforation about nine will result from orbital debris 
particles while only one will be produced by meteoroids. 

To overcome this new problem NASA as well as ESA 
initiated technology studies to investigate the 
phenomena resulting especially from orbital debris 
impacts. In contrast to the work performed in the 60's, 
now higher particle masses have to be considered and 
the design formulae have to be extended to velocities 
below 10 km/s. The work is based on experimental and 
on numerical simulation of impacts. The main problem is 
the limitation of available test facilities with respect to the 
attainable velocity. The maximum velocity with particle 
masses of interest is about 8 - 9 km/s. Higher velocities 
can only be treated by analytical and numerical 
investigations. 


2. ENVIRONMENT AND REQUIREMENTS 

The presently considered environment models for the 
design of the COLUMBUS modules were defined by 
NASA (Refs. 10, 11). Fig. 1 shows the particle fluxes 
versus diameter for meteoroids and debris. The altitude is 
500 km and the particles are assumed to be spheres. It 
can be seen that there are above about 2 mm diameter 
more debris fragments than meteoroids. Other properties 
of meteoroids and orbital debris shall be given briefly: 

Velocities: 

t 

o meteoroids: 

9 < v < 72 km/s average: v m = 20 km/s 
o orbital debris: 

0<v<16km/s average: v d = 10km/s 


Proc. Internat. Conf.: *Spacecraft Structures and Mechanical Testing Noordwijk, The Netherlands, 
24-26 April 1991 (ESA SP-321, October 1991) 
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Fig. 2: Directional distribution of orbital debris 


For the COLUMBUS modules it is required that the 
probability of no leak is 0.995 within one year. A first 
estimate shows that a module having a surface area of 
200 m 2 has to be protected against about 5 mm debris 
particles in order to meet that requirement. 


3. IMPACT BEHAVIOUR OF DIFFERENT WALL 
DESIGNS AND DESIGN FORMULAE 


Fig. 1: Particle fluxes versus diameter 
Average mass density: 

o meteoroids: p m - 0,5 g/cm 3 

o orbital debris: p d = 2,8 g/cm 3 (d < 1 cm) 

The meteoroids are considered to be omnidirectional 
with respect to the earth while orbital debris is assumed 
to fly parallel to the earth surface. The directional 
distribution of orbital debris relative to a spacecraft with 
500 km altitude and 30° inclination is presented in Fig. 2. 

Protection of spacecraft has to be designed such that 
certain requirements are fulfilled. One main requirement 
is a probability of no perforation. This probability is linked 
to the particle flux, the surface area and the mission 
duration as follows: 


where; F - particle flux 
A - surface area 

T * exposure time. 

If one knows which particle diameter will lead to 
perforation the flux for particles with that or with larger 
diameter can be determined which allows to compute the 
probability of no perforation. As the impact conditions are 
not constant over the surface area of a spacecraft Eq. 1 
has to be modified accordingly: 


Within this paper the following wall designs will be 
described (Fig. 3): 

o single wall, 
o double wall, 
o triple wall. 

The single wall represents the unprotected structure, the 
double wall is the classical concept for protection of 
spacecraft against meteoroid impacts, and the triple wall 
is selected for the COLUMBUS modules. As shown in 
Fig. 3 the complexity of the wall design increases with the 
number of walls. It should be mentioned that a full 
description of the three designs is not available. Fig. 4 
gives a rough estimate of the percentage of 
understanding achieved for the different concepts. The 
lack of knowledge results mainly from: 

o limitation of test facilities in velocity (all concepts), 
o huge number of parameters to be investigated 
(double wall and especially triple wall). 


3.1 Single Wall 

In case of the single wall it is useful to distinguish into two 
problems: 

o Semi-infinite targets: 

The target is much thicker than the crater depth 
produced by the impacting particle, 
o Thin target: 

The target thickness is in the same order than the 
crater depth. 



-<l A i F i> T 
= e 


In case of the semi-infinite target the crater formation is 
(2) not influenced by the rear side of the target. The crater 
depth and its shape depend on the mass, the shape and 




45 



Fig. 3: Protection concepts 


0 50 100 % 

Single Wall 
Double Wall 
Triple Wall 

Fig. 4: Percentage of understanding achieved for the 
different concepts 

the velocity of the particle as well as of the density, the 
hardness and the strength of the target. If the particle 
velocity is larger than about 3 km/s (aluminum projectile 
and target) and if the particle aspect ratio is near to one 
the crater is nearly hemispherical. 

There exist a huge number of formulae to calculate for 
this case the crater depth. They rely mainly on test 
results. The following formula is commonly used for 
spacecraft design (Ref. 12): 



„ 0,352 1/6 2/3 

p = K nr p„ v 

r'oo oo p 


thickness. This results from plastic deformation and from 
spallation of material on the rear side as a consequence 
of tension waves exceeding the tensile strength of the 
material. The modified formula for the thin target 
thickness is: 

t = kp„ (4) 

One can distinguish into 3 different cases as shown in 
Fig. 5: 

o k > 3.0: no spallation on the rear side, 

o k > 2.2: no detached spall on the rear side, 

o k > 1.8: no perforation of the thin target. 

It has to be mentioned that Eqs. 3 and 4 are only valid in 
the velocity region up to 8 km/s where tests can be 
performed. A further limitation is the particle mass which 
should be smaller than about 1 gram. Extrapolation to 
higher velocities and masses might result in incorrect 
results. For higher velocities theoretical investigations 
were published by Bjork (Ref. 18) which should be taken 
into account. 


where: p* - crater depth [cm] 

m p - particle mass [g] 3.2 Double Wall 

P p - particle density [g/cm 3 ] The double wa j| concept is the classical design against 

v - velocity [km/s] meteoroid impacts. Its efficiency results from the fact that 

the incoming particle becomes destroyed upon impact 
Koo is depending on on the target material. For aluminum w j t h the first wall, the bumper shield. The fragments heat 

alloy it is given to 0.42. up and may melt or even vaporize. Between the two walls 

the produced cloud of particles, droplets or vapor 
If the target is thin, a modification of Eq. 3 is suggested expands and hits the second wall (back-up wall) over an 
(Ref. 13). This is to consider that perforation can occur enlarged area. This load can be defeated better without 

although the crater depth is smaller than the target serious damage to the wall than an impacting solid 

|p~ 



Fig. 5: Impact damages in thin sheets 
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particle. Thus the total wall thickness of the double wall 
concept can be reduced down to about 20 % of that of a 
single wall design. 

If the material is not changed the main parameters 
influencing the efficiency of the double wall design are: 

o particle velocity, 
o ratio: shield thickness/particle length. 

Particle Velocity: 

In order to destroy the particle a certain pressure is 
needed which occurs above a certain velocity. Below this 
velocity the shield is nearly ineffective. If the particle and 
the shield are out of aluminum this velocity is about 
3 km/s. If the velocity is increased, the fragments become 
smaller begin to melt and to vaporize. At velocities above 
about 7 - 9 km/s the double wall concept is most efficient. 
Fig. 6 shows the back-up wall thickness needed to avoid 
perforation versus velocity. 

Ratio: Shield Thickness/Particle Length: 

The influence of the ratio: shield thickness/particle length 
on the impact behaviour of the double wall is shown in 
Fig. 7. Here the total wall thickness needed in order to 
avoid perforation of the second wall is plotted versus the 
shield thickness/particle diameter ratio. The particle 
velocity and the diameter as well as the distance 
between the walls are kept constant. The diagram shows 
a rapid decrease of efficiency if the shield becomes too 
thin. This is because a part of the particle remains solid if 
the shield is not thick enough. The optimum ratio 
depends on the material combination. Fig. 7 is 
representative if both particle and shield are out of 
aluminum. 

Although many formulae exist for the double wall 
concept, there is no complete set available that describes 
the influence of all parameters over the total velocity 
regime. The following approach is presently used. The 
velocity is devided into three regions with different impact 
behaviour (Fig. 6): 

o ballistic region, 
o shatter region, 
o hypervelocity region. 



I_i__i-1-1 
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Fig. 7: Total wall thickness versus 

shield thickness/particle diameter (Ref. 3) 

For typical spacecraft designs it is assumed that the 
ballistic region is between 0 to 3 km/s. The hypervelocity 
region begins above about 7 km/s. Based on results 
published in the literature the double wall is treated in 
the ballistic region similar to a single wall. In Ref.16 it is 
shown that the crater depth in a protected semi-infinite 
target plus shield thickness is equal to the crater depth in 
a semi-infinite target alone (Fig. 8): 

p = p +1 (5) 

If one considers the relation between semi-infinite targets 
and thin plates (Eq. 4) one achieves the following 
expression for the back-up wall thickness: 


t b = P„ k=(p„ -t )k (6) 

D 2 1 5 



Fig. 8: Penetration in a bumper-protected target and in 
a semi-infinite target versus velocity (Ref. 16) 

¥ 

For velocities above 7 km/s a formula published by 
Cour-Palais (Ref. 8) is suggested. The original formula 
developed for small particles was modified according to 
suggestions made by Cour-Palais (Ref. 19) in order to 
apply it also to larger particles: 
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t b = (0.045 +0.084 d)(p p p s ) 1/6 m; /3 v J ~~ (7) 

where: d - particle diameter [cm] 

p s - shield density [g/cm 3 ] 

a y - yield strength - back-up wall [N/mm 2 ]. 

A further modification is suggested. In cases where the 
shield thickness/diameter ratio is below 0.2 the needed 
back-up wall thickness is larger than predicted by Eq. 7 
(Fig. 7). In order to consider that Eq. 7 shall be multipied 
by a factor F* which is defined as follows: 

F=5-40(^) + 100(i) 2 ; ( ^ ) < 0.2 (8) 

For the shatter region there ecxists presently no design 
formula. Here a linear interpolation as shown in Fig. 9 is 
suggested. Fig. 9 shows also test results for 5 mm 
aluminum particles. It can be seen that the proposed 
approach is in that case somewhat conservative 
compared to the achieved test results. 



Fig. 9: Double wall: semi-empirical formulae compared 
to test results 


3.3 Triple Wall 

The triple wall concept showed in tests several 
advantages over the double wall design. These are: 

o the velocity of the debris cloud produced upon 
impact of the particle with the shields is reduced, 
o solid particles within the debris cloud resulting from 
the shields are small as the shields are thinner, 
o the limit between the ballistic and the shatter region 
might be shifted to lower velocities. 

These advantages are all expected in the ballistic and in 
the shatter region. In the hypervelocity region which 
presently cannot be tested it is expected from theoretical 
considerations (Ref. 3) that the triple wall might be not as 
effective as the double wall. This is explained by the fact 


that the expansion of the debris cloud is reduced by the 
intermediate shield. An other advantage of the triple wall 
is the fact that small particles can be already stopped by 
shielding alone which results in less damage to the 
back-up wall and e.g. to the thermal protection. 

Presently there exist no formulae for the description of the 
impact behaviour of the triple wall design. To generate 
such formulae is quite complex as the number of 
parameters is very large and as the number of tests 
already performed is low. On the other hand to have 
formulae is very important in order to be able to find a 
mass optimum solution. 


3.4 Oblique Impacts 

The above given formulae are valid for normal impacts. In 
reality most of the impacts are oblique. Presently there 
are only few results available for oblique impacts. Based 
on theoretical considerations and on available test data 
one assumes that in case of oblique impacts the given 
formulae for computation of crater depth and of back-up 
wall thickness can be used if the normal component of 
the velocity vector is considered. 


4. DESIGN OF PROTECTION SYSTEMS 

Three different measures are thinkable to find a 
protection system with a minimum of additional mass. 
These are: 

o selection of a suitable protection concept, 
o optimization of the selected protection scheme, 
o consideration of threat directional distribution. 

These measures will be explained using the surface area 
(200 m 2 ) and the orbit of the attached pressurized modul 
(APM) of the COLUMBUS project. The modul is idealized 
as rectangular box (Fig. 10) in order to simplify the 
example calculations. 


4.1 Selection of the Protection Concept 

The selection of the protection concept is mainly driven 
by the following two considerations: 

o is the structure able to fulfill the requirements with¬ 
out additional shielding, 
o what is the expected particle velocity. 


A = 200 m 2 

Fig. 10: Simplified modul structure 
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The conclusion from the answer to the first question is 
obvious and needs no further explanation. In case that 
shielding is needed the answer to the second question 
allows for example to decide if a double or a triple wall 
concept should be preferred. For orbital debris the 
average normal component of the velocity vector never 
exeeds 6.5 km/s. This indicates that the triple wall is from 
protection point of view the best selection as it is 
expected to be most effective at velocities below 7 km/s. It 
should be mentioned that there might be other design 
driving aspects for the selection of protection concepts as 
there are maintenance, repair, inspectability, stiffness, 
etc. which cannot explained within this paper. 


4.2 Optimization of the selected Protection Scheme 

Protection concepts can be optimized if several 
parameters affect their efficiency. A further condition is 
that formulae are available that describe the influence of 
these parameters. This means an optimization of the 
triple wall design is presently not possible. Although for 
the double wall concept no complete set of formulae is 
available do the above presented formulae allow to 
perform a first optimization. 

For the example calculation the distance between the 
shields was fixed to 12 cm. The probability of no 
perforation (no leak) was computed for constant total wall 
thicknesses while the ratio back-up wall/bumper shield 
thickness was varied. The results are presented in 
Fig. 11. It can be seen that there exists for each total wall 
thickness one thickness ratio leading to a maximum 
probability of no perforation. In case that the modul wall 
has to have a certain wall thichness not all thickness 
ratios can be realized. This is considered by the limit 
curves for the 0.24 cm and the 0.32 cm thick modul wall. If 
the modul has to be 0.24 cm thick a total wall thickness 
of 0.35 cm is needed in order to achiev a probability of no 
perforation of 0.995. This results in a mass of 1979 kg. 



Fig. 11: Probability of no perforation for different wall 
thicknesses 


4.3 Consideration of Threat Directional Distribution 

There are two possibilities to consider the threat 
directional distribution for the optimization of the 
protection design: 

o vary the wall thickness at different locations to 
achieve a minimum mass, 


o vary the attitude of the spacecraft to reduce the 
expected number of impacts (Ref. 17). 

Both strategies shall be explained for a single wall 
concept. This does not mean that the single wall is 
suggested for practical application but it is best suited to 
demonstrate the approaches. 



Fig. 12: Related number of impacts with perforation 


Fig. 12 shows the number of impacts with perforation per 
surface area depending on the wall thickness (aluminum) 
for the six different surfaces of the box. If the wall 
thickness is equal for all faces it can be seen that the front 
face M 1” will achieve the highest number of impacts which 
is a result of the velocity distribution and the relativ 
velocity of the spacecraft. The surfaces "4", "5" and "6” will 
only be hidden by meteoroids and therefore they will 
have the lowest number of impacts. 

If one designs the box such that the probability of no 
perforation is 0.995 per year by keeping the wall 
thickness constant for all surfaces this thickness has to be 
1.59 cm which gives a mass of 8994 kg. If one varies the 
wall thicknesses such that the number of impacts per 
surface area is constant for all surfaces the following 
thicknesses are needed: 

^ = 2.66 cm t 2 = 1.90 cm 

t 3 = 1.90 cm t 4 = 0.88 cm N/A = 2.510 5 

t 5 = 0.38cm t 6 = 0.45cm. 

This results in a total mass of 7403 kg which means a 
18 % reduction compared to the box with constant wall 
thickness. 




Fig. 13: Longitudinal and transversal orientation 
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If one changes the attitude of the box from longitudinal 
(Fig. 13a) to transversal orientation (Fig. 13b) a further 
mass decrease to 6868 kg is attainable. This can be 
explained by the fact that the surface area threatened by 
orbital debris is smaller in case of the transversal 
orientation. 

The same strategies can also be applied to the double or 
the triple wall concept. It is obvious that this is not as easy 
as for the single wall concept. The same is valid for more 
realistic structures than rectangular boxes as there are for 
example cylindrical modules. A variation of the shield 
thickness over the surface area in order to equalize the 
related number of impacts is also suggested in that case. 


5. CONCLUSIONS 

Meteoroid and especially orbital debris impacts become 
a challenge for the design of future spacecraft. It was 
shown that presently not all problems are solved in order 
to allow an optimum design of protection concepts. The 
main reason is that extensive experimental and 
theoretical investigations are needed to understand all 
parameters influencing the impact behaviour. This is 
particularly valid for new up to now hardly considered 
concepts as for example the triple wall design planned 
for the COLUMBUS-APM. A main difficulty results from 
the limitation of available test facilities to velocities below 
8-9 km/s. 

The presented calculations have shown that careful 
design of protection measures will lead to considerable 
mass saving. The mass to be saved might be further 
increased if one developes other protection schemes like 
the multi-shock concept recently introduced by 
Cour-Palais (Ref. 20) or if one uses advanced materials 
in combination with advanced concepts as suggested by 
Christiansen (Ref. 21). 
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COUPLED LOAD ANALYSIS: SCATTER RELATED TO MODEL UNCERTAINTIES 
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ABSTRACT 

This work, carried out within the frame of a transient test 
feasability study for ESTEC, is dedicated to the influence of 
spacecraft structural misrepresentation on Coupled Load 
Analysis (C.L.A.) results. The C.L.A.’s are performed using 
the equivalent force method and modal synthesis results. 
The study has a statistical approach in which regular 
Monte-Carlo procedures are applied to estimate C.L.A. 
scatter distribution. 

Two main applications are presented ; both are limited to 
the launcher longitudinal axis, at one flight event (second 
stage burn-out), for an ARLANE 3 version. Firstly, we 
calculate an envelope for the shock spectra of any satellite 
compatible with the ARIANE user’s manual in terms of 
modal characteristics. Results can be compared with 
ARIANE’s first 15 flight measurements. Secondly, we 
simulate the influence of the uncertainties about the modal 
parameters (frequency and effective masses) of a given 
specimen. In this case, at certain frequencies, the greatest 
shock spectra can reach values twice as high as the nominal 
level. 


KEYWORDS: Vibrations - Coupled Load Analysis - 
Statistical methods, Modal parameters, transient test. 


1. INTRODUCTION 

There is a tendency, in modem satellite manufacture, to 
reduce the margin between structural design loads and flight 
loads, at the start predicted by preliminary analyses. 
Moreover, C.L.A. again play a key role at the end of the 
development stage since test levels are expected to overtake 
their levels in all the frequency band. C.L.A. reliability is 
therefore essential; it depends on three sets of parameters: 

- spacecraft structural representation, 

- launch vehicle structural representation, 

- excitation force estimation. 


The study presented here is dedicated to the influence of the 
first set of parameters on C.L.A. accuracy. A statistical 
method is constructed that computes C.L.A. (characterized 
by shock spectra at launcher/spacecraft interface) scatter 
versus spacecraft modal parameter uncertainties. Such a 
method can be used to take into account various spacecraft 
misrepresentation origins such as: 

- evolution during development, 

- accuracy of the mathematical modelisation, 

- variations between successive flight models. 

This study was effected under a contract for ESA aimed at 
dimensionning on the basis of transient flight events and 
tests. However, its results could well be relevant for 
classical design methodologies. 

2. TRANSIENT DESIGN AND TESTS 

The option between transient tests or sinusoidal vibration 
tests is left open to the spacecraft authority in the 
ARIANE 4 user’s manual, with respect to low frequency 
environment compatibility tests. However, the current 
practice is to use sinusoidal vibration tests, even though the 
true nature of the flight environment is transient. 

Moreover, the transient loads computed from 
spacecraft/launcher coupled analysis tend to be taken into 
account earlier and earlier in spacecraft design, so that the 
sweep sine vibration tests performed during the validation 
phase need to be widely and deeply notched to avoid 
overtesting the spacecraft. This process does not always 
obtain the launcher authority agreement with ease. 

Transient tests could represent an appropriate alternative to 
sine sweep vibration tests, since they are more 
representative of flight conditions. In order to evaluate their 
feasibility, an investigation was performedat CNES within 
the frame of an ESA contract started in 1985 for ARIANE 
class satellites (Ref. 1). The practical feasibility of transient 
testing was demonstrated using ARABSAT STM spacecraft, 
and a conventional electrodynamic shaker. 


Proc. Intemat. Conf.: 4 Spacecraft Structures and Mechanical Testing \ Noordwijk, The Netherlands, 
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These investigations were extended to the dimensionning 
aspect at the end of 1989 under the form of a contract for 
ESA entitled "Dimensionning of spacecraft structures on 
the basis of transient flight events and tests". The final 
objective is to elaborate a complete methodology including 
design and appropriate testing. Both phases need reliable 
C.L.A. Moreover, the capacity to perform sensitivity 
analyses on C.L.A. to spacecraft representation is 
primordial: 

- since the design is performed at an early stage with 
preliminary C.L.A., the uncertainty due to the evolution of 
the spacecraft during its development must be taken into 
account; 

- if a qualification test is to be performed, the influence on 
C.L.A. of the variations between successive flight models 
has to be evaluated. 

3. GENERAL HYPOTHESES 

The aim of this study is to demonstrate the feasibility of a 
statistical treatment of the uncertainties associated to some 
input parameters in C.L.A., and to evaluate an order of 
magnitude of the scatter on the results. There is no need for 
the demonstration to be exhaustive and, therefore, this 
presentation is restricted to: 

- one flight event: second stage burn-out (this event is 
generally the most demanding on spacecraft structure), 

- one axis: longitudinal, 

- one launcher: ARIANE 3, 

- one launch configuration: double launch, upper position 
on Sylda. 

Modal systhesis results are preferred to physical models for 
performance reasons. The C.L.A. are calculated with the 
equivalent force method (Ref. 2), using input data obtained 
during the previous study (Ref. I). It is assumed that the 
launcher dynamic characteristics and the excitation forces 
are perfectly known. Therefore, M$(w) is the only member 
that will be scattered, in the left part of the equation below. 


= MjCooH-M/®) 

The acceleration at interface will be characterized here by 
its shock spectrum, but the strengh at interface and the 
modal responses have also been investigated. 


4. MONTE-CARLO SIMULATION (REF. 3, REF. 4) 

This statistical method consists of building up many 
systems by computer calculation and evaluating the 
performance of such synthesized systems. This method is 
particulary efficient in evaluating the behaviour of a system 
modelised with a great number of input parameters (here 
the satellite modal characteristics) involved in a complex, 
non linear process. We assume that the input parameters 
follow independant identical probability distributions. The 
output parameter is chosen as the relative shock spectrum 
between 0 and 100 Hz of the acceleration at the 
launcher/satellite interface. This shock spectrum is sampled 
over 100 frequencies so that there are actually 100 output 
parameters. We concentrate the estimation procedure on 
the maximum value of the shock spectrum reached at each 
of the sampled frequencies. 

Because the Monte-Carlo method involves random values, 
the results are subject to statistical fluctuations. Thus, any 
estimate will not be exact but will have an associated error 
band. In practice, the concept of confidence level can be 
used to represent the accuracy of the results. The larger the 
number of trials in the simulation, the higher the 
confidence. 

In the general case, let x be a random variable with 2 
possible outcomes A and A ; we wish to estimate the 
probability P^ that the outcome of x is A. 

We know that n^ outcomes out of a number of N trials were 
A. By using the binomial law, we can assume with a 
confidence level (1 - C) that P^ lies between Pj and P 2 , 
where: 

N „ r 

PI is such that * Pj (1-Pp * ^ 

n==n A 

nA _n a _ N-n C 
p 2 is such that X P 2 (I-P 2 ) 35 2 

n=0 


In our case, at a given frequency, the random variable x is 
the value of the shock spectrum, the outcome A is "x higher 
than the maximum value reached during N trials", and n^, 
is therefore equal to 0 . We are interested only in finding an 
upper boundary for P^, so we can tell with a level of 
confidence (1 - C) that P^ < P 2 , 

0 

where X R * C 

n^) 

* 

N 

which becomes (I-P 2 ) * C 



55 


Figure 1 shows the value of I-P 2 as a function of the sample 
size N for several values of (1 - C). 

For pratical reasons, we will limit N to 625 trials and the 
confidence level 1 - C to 95 %, which give P 2 = 0.48 %. This 
means that at any frequency, for any satellite of the family, 
with a confidence level of 95 %, the probability that the 
value of the shock spectrum lies above the computed upper 
boundary is less than 0.5 %. 



flg.1: Succ — protxMty ft* a function of th* number of trial* 


5. RESULTS 

5.1 General scatter of satellite characteristics 

The main goal of this part is to build a global envelope for 
the shock spectra of all reasonable satellites that could be 
found in reality. This is a system study, in which synthetic 
satellites are generated and their responses analysed. 
During this process, the individual modes used have no 
relationship to a specific spacecraft mathematical model. 

5.1.1 Definition of the satellite characteristics domain 

In order to be consistent with the available launcher model 
(ARIANE 3, double launch upper position), the rigid mass 
of all satellites is kept equal to 1 000 kg. Each satellite has 
10 dynamic modes. 

Based on a set of existing satellites and considering design 
constraints, synthetic satellites are generated. This is done 
by varying the general modal properties (i.e. frequencies 
and modal masses) in a random way within bounds. The 
contraints which have to be respected by the repartition 
law chosen to draw the satellite modal characteristics are : 


- to respect the Ariane 4 manual (all modes above 31 Hz), 

- to be realistic (in practice, a large amount of the 
longitudinal dynamic mass must be present below 60 Hz). 

Since the scope of this scatter analysis is not to be universal 
but rather, to cover reasonably a very wide range of cases, 
we defined the parameters as follows: 

- the damping factors are all equal to 2.5 %, 

* the frequency of each of the 10 modes is chosen at random 
between 31 and 100Hz with a uniform repartition, 

- their effective masses are chosen at random between 0 and 
1 000 kg with a uniform law, and are then multiplied by a 
coefficient C in order to guarantee a large amount of masses 
in the low frequency domain, 


^nodc"3 ^ 2 

c(U) = I°- 6 + 04 cos < * — m — > 1 


- the residual mass is chosen at random between 0 and 400 
kg with a uniform law, 

- a factor of scale is applied to the effective masses so that all 
rigid body masses stay equal to 1 000 Kg. 

The cumulated effective mass diagrams of the 625 satellites 
randomely chosen with this method are shown in Figure 2. 
It can be seen that a large domain is covered. 





FREQUENCE EN HZ 


general scatter, cumulated effective masses 
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5.1.2 Results 


5.2 Specimen scatter of satellite characteristics 


The transient responses and the absolute shock spectra 
corresponding to the acceleration at satellite/launcher 
interface obtained with each of the 625 drawn out satellites 
are computed. Figure 3 shows the envelope above and 
below these shock spectra, their average, and their standard 
deviation. 

The damping factor of the oscillators taken into account in 
the calculation of the spectrums is 2.5 %. 

It can be seen that apart from the zone around 50 Hz, the 
scatter of the results is very large. The level of the 2 peaks at 
26 Hz and 34 Hz reaches values above 20 g’s, which 
corresponds to an equivalent sine at interface above 1 g. 


The objective of this part is to evaluate the scatter of C.L.A. 
results due to the uncertainties about the mathematical 
model of a specific satellite, called hereafter the 
“specimen*. It is assumed here that the basic frequencies 
and effective modal masses result from that mathematical 
model. 

The factors which are responsible for these uncertainties are 
beyond the scope of this study ; we assumed an arbitrary 
domain centered on the basis of the specimen’s theoretical 
model and considered that the real model could be 
anywhere within this domain. 

5.2.1 Definition of the satellite characteristics domain 


Above 35 Hz, the equivalent sine level always stays below 
0.5 g apart from the zone between 65 Hz and 80 Hz. It is 
interesting to compare these results with the 15 ARIANE 
first flight measurements, where the equivalent sine was 
always below 0.5 g above 40 Hz (Ref. 5). 

According to the developments detailed in 3.1, we can say 
with a confidence level of 95 % that 99.5 % of the shock 
spectrum of satellites within the domain we defined will be 
below the upper curve, 

i.e. P (to exceed the upper curve) = 0,5 %. 

It seems, however, impratical to use this curve directly in a 
design process because the levels it reaches are relatively 
high. A specimen based approach in which reduced scatter 
is used is described in the next section. 
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The cumulated effective mass diagram of the specimen can 
be seen in figure 4, and its dynamic mass in figure 6. Its rigid 
mass is 1150 kg and its residual mass 184 kg. The damping 
factors of its modes are all equal to 2.5 % and will not be 
scattered. 

In order to be realistic, we considered that the relative 
errors, in terms of modal frequency and effective mass, 
increase as the effective mass of the mode decreases. 

More precisely, we assumed that a mode with 
characteristics (m 0 ,f 0 ) could be shifted with a uniform 
probability within the intervals: 


[mo(l-Aino) t inQ(l+AmQ)], [f()(l-AfQ),f()(l*fA£Q)] 

Am _ -0.482 

AmQ-mo 

where; , 

Afo = 5 mo- 


These laws are indeed arbitrary though they do seem to give 
typical figures, since we get for example: 


Am0(5OO Kg) * 5 % 
A^(500 Kg) = 5 % 


Am^(5 Kg) = 46 % 
Afo(5 Kg) = 14 % 


These variations have the same order of magnitude as 
variations found in practice (Ref. 5). 

Figure 4 shows the cumulated effective masses diagram of 
the specimen and the boundaries of the cumulated effective 
masses of all the satellites chosen according to the laws 
specified above. The residual mass bar charts of these 
satellites stays between 120 kg and 240 kg. 

Figure 5 shows the envelope of the dynamic masses of the 
chosen satellites, with the dynamic mass of the specimen in 
dotted lines. 
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Figure 6 shows the envelope of the dynamic mass of the 
specimen, the dynamic mass of the launcher and the 
dynamic mass of the composite which is the sum of the 
previous two. It is clear that the characteristics of the 
specimen are predominant above 40 Hz. 



30 «0 #0 120 

fig.4: specimen scatter, cumulated effective masses 



flg5: specimen scatter, dynamic masses 



flg.6: launcher and specimen dynamic masses 


5.2.2 Results 

Figure 7 shows the envelope of the shock spectra obtained 
for each of the 625 satellites, their average, and the shock 
spectrum of the specimen. According to the Monte Carlo 
approach developed in chapter 3, the upper curve will be 
passed by less than 0.5 % of satellites in the defined 
domain, with a confidence level of 95 %. 

It can be seen that the average curve stays close to the 
specimen curve, and that the scatter can be rather high, 
particulary around 70 Hz and 85 Hz. The peaceful zone 
between 45 Hz and 55 Hz is again present; the maximum 
value of the shock spectrum, above 35 Hz, stays below 10 
g’s, which corresponds to 0.5 g for the equivalent sine. 

Figure 8 shows the envelope of the shock spectra obtained 
for the scatter around the specimen as 
line —, which stays within the envelope of the shock 
spectrums obtained for the general scatter of paragraph 4.2., 

shown as line .. It can be seen that both maximum 

curves present the same shape. 

„ 4 - 1 



flg.7: ap edms n scatter, shock spsctrum snvslop# 
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6. CONCLUSION 

* ' . f J 

The primary achievement of this research is its 
demonstration of the feasibility of statistical treatment 
based on the Monte-Carlo method of Coupled Load 
Analyses over relatively large sample ranges (up to 625 
samples) for the price of reasonable computer time (1 h 
C.P.U. on a CDC CYBER 180-992-31 for the largest 
simulations). 

With the limitation of the hypotheses exposed in Chapter 2, 
and keeping in mind the arbitrary nature of the satellite 
characteristics scatter ranges, defined throughout Chapter 4 
and 5, the main conclusions about shock spectrum scatter 
are: 

- all simulations show little scatter for a zone of the shock 
spectrums around 50 Hz, which is in agreement with 
pratical experience, 

- for a moderate scatter range of effective masses and modal 
frequencies around the characteristics of a specimen, the 
scatter of the shock spectrum can be very large particulary 
above 70 Hz, 

- great care has to be taken about the representativity of a 
model in the frequency bands with low effective mass 
density. 

This statistical approach seems therefore, performant in 
determining influent spacecraft parameters on C.L.A. 
results. However, this worthy, qualitative performance 
cannot be extended to a true quantitative stage unless the 
probability densities concerning the spacecraft modal 
parameters scatter are known with reasonable accuracy. 
The scatter range assumed for the specimen study 
(Chap. 5.2) is consistent with the results of a study 
dedicated to this problem (Ref. 6), but the exact shape of the 
probability densities is difficult to evaluate with precision 
and will depend on the phenomena one wants to take into 
account (evolution during developement, accuracy of 
mathematical modelisation, variation between successive 
flight models...). Moreover, depending on these 
phenomena, there might be some correlation between the 
parameter scatter of the versions mode. 

This study hopes to stimulate a fuller exploitation of C.L.A. 
by spacecraft authorities. Such an approach would seem 
absolutely necessary when the sensitivity of C.L.A. to 
spacecraft, particularly in the upper frequency band, is bom 
in mind. A next stage would be to extend it to the scatter of 
the internal stresses in the spacecraft. 
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ABSTRACT 

Two methods by which modal synthesis can be used as 
part of a non-linear dynamic analysis are presented. The 
first method is based on the DYNA3D finite element code 
and describes the approach taken to incorporate a modal 
synthesis capability in the code. The second method is 
demonstrated for a missile rail launcher for which a 
particular computer code was developed based on the 
modal synthesis approach. Examples of both of the 
methods are presented. 

Keywords: modal synthesis, DYNA3D, rail launcher. 

1. MODAL SYNTHESIS 

Modal synthesis techniques are widely used in the 
aerospace industry to analyse a variety of dynamic 
response applications. They use the normal modes of 
vibration of a structure to describe its overall dynamic 
response. Each mode of the structure becomes a single 
degree of freedom in a numerical solution. This 
compares with the finite element approach where a 
system is described by a series of nodes each of which 
may have up to six degrees of freedom, corresponding 
to translation and rotation in the global axis system. 

A major advantage of modal synthesis becomes apparent 
when one considers that the dynamic response of a 
structure is usually dominated by a relatively small 
number of modes. The structure can therefore be 
modelled by a few degrees of freedom instead of the 
hundreds or thousands of degrees of freedom required 
for a finite element model. Computation time can 
therefore be dramatically reduced. 

The main limitation of modal synthesis is that it can only 
be used for structures that behave linearly. Frazer-Nash 
Consultancy has widened the scope of application by 
developing a method by which modal synthesis can be 
used in conjunction with non-linear analysis. Parts of a 
structure which behave linearly can be represented by 
modal properties and connected to other parts of the 
structure which exhibit non-linear behaviour. This 
approach has been implemented by Frazer-Nash 
Consultancy in the DYNA3D finite element code and has 
also been incorporated into a code for simulating the 
release of a rail launched missile. 

2. MODAL SYNTHESIS IN DYNA3D 

DYNA3D is a very powerful non-linear transient analysis 
code which is widely used for the analysis of structures 


under impact conditions. When considering the impact 
of a structure it can be expected that the part of the 
structure directly involved in the impact will undergo large 
strains and plastic deformation. Other parts of the 
structure away from the impact zone may remain linear 
and can therefore be modelled by modal properties. The 
implementation of modal synthesis in DYNA3D utilises the 
standard code features of discrete masses and spring 
elements to represent modal mass and stiffness but 
introduces a feature called multicoupling to enable the 
modal substructure to be connected to the main finite 
element model. The approach is summarised in 
Figure 1. 


FULL STRUCTURE 


SUBSTRUCTURE 


MODAL DATA 


SELECTED MODES 


MULTICOUPLINGS 


ANALYSE 



Figure 1: Modal Synthesis Approach 
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2.1 Cylinder Model 

A validation case of an infinite cylinder under a half¬ 
cosine distributed pressure pulse has been analysed for 
the following: 

- DYNA3D with 20 elements 

- DYNA3D using modal synthesis 

and compared with an analytical solution. The following 
modes were included in the model: 

- rigid body translation 

- five lowest frequency extensional modes 

- five lowest frequency bending modes. 

The results show that the modal synthesis results are in 
closer agreement with the analytical solution than the 20 
element model. The comparative model run times were: 

Case Run Time 

20 element model 312s 

modal synthesis 203s 

from which it can be seen that a run time saving of 35% 
has been achieved. 

2.2 Bar Impact Model 

The example of a copper bar impacting a rigid surface 
was chosen for a second example of the use of modal 
synthesis within DYNA3D. In this case the bar material is 
non-linear and a considerable amount of non-linear 
behaviour occurs as shown in Figure 2. However the 
results from the standard case show that the top half of 
the bar remains in the elastic region of material 
behaviour. It is thus possible to replace this part of the 
model with a modal representation. 


One may intuitively suggest that the top half of the bar 
could be replaced by lumped masses attached to the 
bottom half as the main effect will be that of mass 
loading. This is of course a form of modal synthesis, in 
which only the rigid body modes are chosen. 

In this case the top half of the bar was analysed using 
ABAQUS to obtain the first ten modes in terms of modal 
mass and stiffness and the modal displacement at each 
node on the end face. These modes were incorporated 
into a DYNA3D mode! with the lower half being modelled 
with brick elements. The modal masses were connected 
to the rest of the model using multicouplings. 

The initial velocity loading was applied to the brick 
elements and also to the rigid body modal mass. 

The results show good agreement with the results of the 
standard case. 

This example shows that the modal synthesis approach 
can be used even where in parts of the structure large 
plastic deformation is occurring. Significant run time 
savings were obtained for this case, the time reducing 
from 23420 secs to 12410 secs showing a 47% reduction 
in run time. 

2.3 Pipe Impact Model 

The behaviour of a pipe under impact conditions is of 
interest in a wide range of engineering applications. An 
example of such a case has been analysed using a full 
finite element mesh and also making use of the modal 
synthesis capability in DYNA3D. A cylindrical bar 
travelling at 114 m/s strikes a pipe at the centre of an 
unsupported span as shown in Figure 3. The final 
deformed shape is shown in Figure 4. Making use of 
symmetry only one quarter of the pipe was modelled. 



Figure 2: Bar Impact 


Figure 3: Pipe Impact Model 






Figure 4: Deformed Shape 


Figure 5: Modal Synthesis Model 


Modal synthesis was then used to represent the part of 
the pipe away from the impact. Fourteen modes as given 
in Table 1 were used for the modal representation. 


MODE NO 

FREQUENCY 

GENERALIZED 


(RAD/TIME) 

MASS 

1 

3802. 

2.11495E-03 

2 

5157. 

1.14899E-03 

3 

8968. 

1.33526E-03 

4 

13909. 

8.25524E-04 

5 

14618. 

2.91635E-03 

6 

14987. 

1.05952E-03 

7 

16931. 

3.58730E-03 

8 

17496. 

1.26719E-03 

9 

18241. 

1.08620E-03 

10 

23564. 

1.15058E-03 

11 

25747. 

2.44305E-04 

12 

25974. 

8.02551 E-04 

13 

26350. 

8.83247E-04 

14 

26954. 

1.81780E-03 


Table 1: Modal Parameters 


The final deformed shape of the model is shown in 
Figure 5. Once again, symmetry conditions led to only 
one quarter of the pipe being modelled. 

A computer run time saving of 47% was achieved for this 
model. 


modal synthesis involve the analysis of systems where the 
structural response of the system is perfectly linear and 
coupling between modal substructures is at discrete 
points. The dynamic response of a rail launched system 
is geometrically highly non-linear since there are no fixed 
points of contact between the missile and the launcher. 
In fact the coupling between the two substructures varies 
continuously as the missile travels down the rail. 
Moreover, the number of coupling points reduces as 
each missile hook reaches the end of the rail. 

The geometric non-linearities described would under most 
circumstances render a modal synthesis approach invalid. 
However, the use of an explicit integration scheme allows 
us to effectively uncouple the two substructures and 
handle interaction between the two components in terms 
of variable internal forces generated in the hooks. The 
internal forces are applied to the substructures in a similar 
way to the external aerodynamic and manoeuvre loads. 
The two substructures can now be considered to be 
geometrically linear systems which are subjected to a 
number of forces whose magnitudes vary during launch. 
These linear systems can then be analysed using modal 
synthesis techniques. 

A typical rail launcher layout is shown in Figure 6, and 
two representations of it are presented in Figure 7. The 
finite element representation contains 216 degrees of 
freedom, whilst the modal model requires only 22 
degrees of freedom to be representative up to a 
frequency of 2000 Hz. The analysis time for this model 
is significantly reduced over that of the finite element 
model. 


3. BAIL LAUNCHER MODEL 

The application of modal synthesis techniques to the 
simulation of the launch event for a rail launched missile 
is quite novel. As discussed earlier, classical examples of 


As has already been indicated the novelty in the Frazer- 
Nash Consultancy rail launcher simulation program lies in 
its ability to handle the variable coupling between the 
modal substructures. This task is performed by special 
purpose hook elements. These elements perform two 






Figure 6: Typical Rail Launcher 



MODAL MODEL 


Figure 7: Rail Launcher Model 


functions. Firstly they interpolate the mode shapes along 
the launcher rail in order to calculate the correct coupling 
coefficient depending on the exact location of each 
missile hook. Secondly each hook element behaves like 
a discrete spring, modelling the flexibility of the hook and 
the local flexibility of the rail, whilst calculating the 
interface forces between the two components. Before the 
hook forces can be calculated it is necessary to obtain 
the physical displacements at the two ends of the spring 
from the current modal amplitudes. The difference in the 
displacements of the two ends corresponds to the 
extension in the spring and hence the hook force can be 
calculated from its stiffness. 

Once the interface forces and the correct coupling 
coefficients have been calculated the generalised forces 
for each mode can be calculated and the dynamic 
simulation continued by the explicit integration technique. 


missile are presented in Figure 8. The discontinuities 
occur when the hooks detach from the rail. 



Figure 8: Typical Hook Force Responses 

The simulation program tracks the response of the missile 
from the instant at which the total forward force on the 
missile exceeds the detent force up to the point where 
the rear of the missile passes the front of the launcher. 
Conceptually there is no reason why the simulation could 
not continue further into the free-fiight regime. However, 
it must be emphasised that such an extension would 
require a full and accurate description of the inertial and 
aerodynamic forces acting on the missile. 

The simulation also checks for boat tailing where the rear 
of the missile contacts and slides along the rail of the 
launcher. The program can also cater for the situation 
where one hook may detach prematurely if the effective 
rail lengths are different for the different hook positions. 

4. CONCLUSIONS 

Modal synthesis, which traditionally has been used only 
in completely linear analyses has been shown to be a 
viable technique in conjunction with non-linear analysis. 
A modal representation of linear parts of a structure can 
be connected by the use of special couplings to a non¬ 
linear finite element model where both material and 
geometric non-linearities may be present. This technique 
has been implemented for the well respected DVNA3D 
code. 

The second approach to a non-linear application of 
modal synthesis uses special elements to provide non¬ 
linear coupling between modal models. 

The methods can lead to significant reductions in model 
size and computer run times without compromising the 
accuracy of the results. 


The dynamic simulation provides time histories for the 
modal amplitudes (displacements), modal velocities and 
accelerations. The physical displacements, velocities or 
accelerations at any particular point of interest can be 
obtained easily by post processing the modal results. 
The simulation also provides time histories of the interface 
forces. Typical hook force responses of a two hook 
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ABSTRACT 


2. THEORY 


In the past few years, with the extensive use of the 
finite element method, the concept of effective 
masses has been introduced to analyse the satellites 
structure. Up to now, the results used were applied 
to the whole system. 

In this paper, we propose to transfer the use of 
effective parameters from the whole structure to all 
the subsystems, in order to define precisely which 
part of the spacecraft will tend to vibrate. 


2.1 Global effective parameters 
(recall of basic theory) 

This theory uses the modal superposition method. It 
applies to slightly damped structures modelized by a 
viscous damping equivalent : the modal damping. The 
movement equations system for the finite element 
model can be written by this matricial equation : 

Mq(t)+C q (t) + k q (t) = F (t) (l) 


This note presents the theoretical study, the 
introduction of the new effective parameters and 
some example. 


1. INTRODUCTION 

The effective parameters characterize the different 
free-clamped eigenmodes of a structure, in order to 
estimate the response to an excitation at the base. 

This concept, born in the seventies, is very useful 
for the satellites design. The principal parameter, 
the effective mass matrix, is necessary to determine 
the importance of the interface loads, between the 
launcher and the spacecraft, introduced by each 
mode. However, for a non global mode, it is 
impossible to determine the local importance and 
which part of the satellite creates these loads. For 
example, a local mode may be critical for an 
appendice, without giving high loads at the 
spacecraft/launcher interface. 

Up to now, the solutions to solve these problems 
have been to "plot" the deformed shape, and to 
calculate the response at a base excitation in the 
three axes. This is a long procedure and the 
visualisations are not always very simple to 
analyse. That is the reason why we tried to develop 
new effective parameters in order to get information 
for every substructures. 

This paper, after describing the existing theory, 
develops the new concept of effective parameters by 
subsystem. 

Finally, we give some examples to illustrate the use 
of this new concept in mechanical analysis. 


Hypothesis 1 

Consider a structure with n nodes Mi and support 
node R, whose degrees of freedom will be used to 
define rigid body displacements (3 translations and 
3 rotations). This support realises an isostatic 
interface. 


When we dicompose the diplacement vector 
doF and its complementary : 



support doF known 
interior doF (unknown) 

reaction at the support 
force known 


in support 


The relation 1 becomes : 


m 

- 


*»4 " 


• « 


r» 1 


9 a 


> 1 

Mi 

Mij 

Mji 

Mjj 


St 

94 

Pi 

► M 


Cj Cjj 
Cij c a 

1 J 


q, 

* a 

+ 

Kj Kji 
Kij K„ 

k « 


qi 

» i 

mats 

matrix 



damping matrix 


softness matrix 




( 2 ) 


In the case of a base excitation, the displacement 
results in a rigid body movement and an elastic 
deformation : 


qj = $ij qj + <Pik % 


Driving movement 
due to the jonction 


Relatif movement 
dlconposed in a 
eigenmode base 


(3) 
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With : 


♦ij 

K* 


rigid body vectors which are solutions of 
0 and defined with a unit displacement of 
each support d.o.f. : 


Kg 

J<i 


Kji I 

Kg 4>ij 


4*ij = ’ K ii' 1 K ij 



<Pik : eigen vector of the structure clamped at the 
base and solution of 


(- Wk 2 M s + Kjj) «Pik = o f (5) 

eigenvalue j j 

T|^ are the generalized coordinates associated with 
the elastic eigen vectors. 


When we apply 
the relation 2. 


q = ^ s O 



the transformation q - fqjl to 


ij <Pik 


We obtain : 

Mg L jk fe + 0 qj + 0 ^0 ty _ F ( + «g F| ' 

'mj HkJ [o 'cj [fi k J [o r k K J [n k J [<PiuFj 

L*g ■ <Pw ( + M „ ^|) modal participation matrix 

“ 9w M i 9k generalized mass diagonal matrix 
- 9wKa9k generalized stiffness diagonal matrix ^ 
^ - 2^1^ p* generalized damping diagonal matrix 
M| - 4> T M4> rigid body mass matrix 

The second line of relation (?) gives a uncoupled 
equation allowing to write. 


% = rH k ( M ) («Pki F i + 0)2 Mq ) 

** ( 8 ) 

H^co)_ 1 -* 

+2) ^ (ota* 

For the excitation the solution of dynamic equation 
(7) is the transfer matrix following : 

“qj* ’Gy (to) Tg (o)j My ' 1 My F l j 

Fj = -TJ (to) + Mp Mg " 1 - M| (©) - «o? (M| - Mp Mg ’ 1 Mg) qj \ 

T,,{ co) « 1 + (co/cogj 2 H^co) 

Q- (co) ■ Xk Tk (CO) 9 ^ <pkj / rn k dynamic fleribPity matrix 

M|(w) «Xk T k(«>) 4k L kj /m k dynamic mas* matrix (9) 

Tg (<d) » Sk H k (o>) 9 tk L ^ / m k dynamictransmbsfbility matrix 


We also consider that the internal forces Fi are 
null, so that the dynamic equation has explicit 
solutions for qj and Fj. 

qj = (T^j (o>) - Mg' 1 Mjj) qj (10) 

Fj = - <o2 Mjj (co) qj - to 2 ( My - Mjj Mg’ 1 My) qj < u > 

We are going to consider the forces Fj, which are 
the reactions at the base due to an acceleration of 
-«2qj. We notice that the contribution of each 
mode is the product of an amplification coefficient 
T k (o>) and a matrix( Ljk L kj / fi^k ) which depends only 
on the mode and which characterizes the importance 
of each mode for a dynamic response .This matrix is 
known as the effective mass matrix Mjj f k 


Mjj f k — Ljk L kj / m k 


(15) 


The reactions at the base can be expressed by 

Fj=Xk T k(a>) My k Qj + F j' ^ (13) 

with Fj' = ( Mjj - Mjj Mjj* 1 My) qj 

We also introduce the effective transmissibility 

Tp = <Pik L kj / mk (is) 

in order to simplify the expression of qj: 

qi = £ k T k ((o) fj, k qj + q'j 

with q'j= My qj 

The amplification coefficient T k (<D) is very 
significant when (0- COk especially when the modes 
die uncoupled and the damping coefficients are 

i 1 1 

Remarks : 

For ©"dJk the reactions can be estimated to be 
very close to 


(16) 

(17) 


Fj = Mjj k / ( 2 j ) <Jj 


(18) 


All the equations above are relations between 
matrices, but we often use only the diagonal of the 
effective mass matrix. In fact, all the diagonal 
terms are positive and the others terms can be 
deduced (except the sign) from the diagonal terms. 


fv/ 


M^-.k = Mjk M jT,k 


(19) 


The contribution of the effective mass of all the 
q j[genmodes adds up to rigid mass matrix 


Xk Mjj.k * Mngjd - m base 


( 20 ) 


The effective mass can give us information about the 
modes which will create the greatest reactions at 
the base, therefore,permits us to characterize their 
relative importance. However, it is impossible to 
know which part of the structure is affected by this 
mode. The aim of the study is to determine some 
effective parameters for each substructure. 

2.2 Application to subsystem 

We want to determine the maximum forces at the 
interface of one subsystem with excitation at the 
base. The internal load Fi and the mass matrix of 
the support (Mjj an Mij) are assumed to be null, in 
order to simplify the expressions : The relations 
(13) and (if) become 


k T k (“) Mjj k qj 

qj=2rfk"*k(®) Ty,k qj 


Let us consider the subsystem s and its complement 
s * (the rest of the structure), and express each 
matrix as the sum of two matrices for each part s 
and s ' . m—I—i 


M - Ms + Ms' 
K - Ks + Ks' 
C - Cs + Cs' 


— 'Hst 

e> b'i 

y C«V 


( 21 ) 


Here, a subsystem is defined by elements and not 
grids. 

* 

The dynamic equation (1) can be written : 

(K, - © 2 Mg + J <o C t ) q (co) » F (co) * (Kg- - Mg* +) © C # -) q (<o) 

(22 ) 


( 12 ) 
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Let us take the force Fs : 


F s = (Kg - to2 M s + j co Cs) q (w) 


(23) 


We note that only the non-zero components correspond 
to the interface nodes. 

(Demonstration : the left part of the above dynamic 
equation shows that the non-null components 
correspond to the degrees of freedom of s ; the 
right part shows that they also correspond to 
degrees of freedom of s' ; so, the non-null 
components are the degrees of freedom connected to 
both s and s'). 


Consider now -the problem 

M s Qs + Qs + = ffl 

with Fs given 



(24) 


We know the solution of this problem. Fs can be 
considered as the equivalent load at the interface 
between s and s', which gives the same response for 
the subsystem s as an excitation at the base. That 
is also the reaction at the interface for the 
excitation at the base. These are usually called 
quasi static loads. 

2.3 Equivalent resultant of Fs - effective mass by 
subsystem 


(25) 


We can evaluate the force Fs : 

F s =(Ks- co 2 M s +j<oC s )q(<D) 
with Pi = X k T k M T i],k <lj 

In order to have the equivalent resultant Ts/j of 
these forces at the support, we project the relation 
in multiplying Fs by the transposed rigid vector. 
Assuming that the damping forces are not 
significant, the expression of can be written as 
foliows : <26) 

Ts/j - P ♦)] Ksjj • M s,jj Ksji - <0* M s j, 

.Ks.ij ■ M s,iJ K^jj - (D 2 


1 

z TkWTj 


A global rigid vector is also a local rigid vector 
(each subsystem is composed of elements and not 
grids) so that : 


Ksjj + Ksji 1 _ 0 

j<m + m [ L° 


(27) 


We can now easily transform the expression of 

- (M^j + + 2 k Tk (w) ( M # | + L w / mk) q» 

( 28 ) 

We note that the expression of this resultant is 
very similar to the expression of the reactions at 
the base for the whole structure. 

Let us introduce new effective parameters for the 
subsystem s : 

L s,kj = <Pki ( M s,lj + M s,„ *i|) (29) 

modal participation matrix for the subsystem s 

M s ,jj,k = L s,]k L kj ' m k (30) 

effective mass matrix for the subsystem s. 


The resultant matrix can be written as follows : 

T s/j - ( m s,base + 5* Tk (co) M s j k ) qj 
m s,base = M s,i| + M s ,j 


(31) 


The effective mass matrix for the subsystem s is 
equivalent, for the resultant of the forces at the 
interface, to the global effective mass matrix for 
the reactions at the base. 

Properties 

- Sum over the subsystems 


We can sum all 
subsystems : 


Xs M s,ii,k = M ii,k 


the effective masses for all 


(32) 


So, we have decomposed the global effective mass 
matrix as the sum of matrices of the subsystems. 
This is to be expected because the sum of the 
reactions at the interface of each subsystem is, of 
course, the global reaction at the base. 

- Sum over the frequencies 

We can also sum the effective mass matrices for the 
subsystem s, and easily demonstrate, for a subsystem 
with no interface with the support, that : 


Sk M s 


s,jj,k * M s ,rigid 


(33) 


The contribution of the effective max of all the 
eigenmodes adds up to rigid mass matrix of the 
subsystems s. 


- Sign of the diagonal 

We have already mentioned that the most used 
components of the global effective mass matrix are 
the diagonal. This diagonal is obtained by squaring 
each component of the modal participation matrix 
(when m^ is normalized at 1), so all the terms are 
always positive. 

For the effective mass of the subsystem, this rule 
is no longer true. The diagonal is the product of 
the corresponding terms of the global modal 
participation and the modal participation of the 
subsystem s. We have the equation : 


>r-i 

l-s,kj = *-Jq 


(34) 


but the sign similarity of the two corresponding 
components is not known. A negative element in the 
diagonal of M .. , indicates that this subsystem is 
globally oppos&d J from the rest of the structure for 
this mode and this direction. Negative terms called 
"mass" could be surprising, however, the effective 
mass by subsystem is actually the decomposition of 
the global effective mass. 

- Properties of the modal participation by subsystem 
Ls, jk 


m^ - 1. (However, if hl 
arameter independant or 


was 

the 


We decide to normalize 

not equal to 1, the parameter independant 
normalization would be L g * 

This parameter is very important to determine the 
modal deformation of the substructure, i.e. to give 
us information about , for s. 

If at each degree or freedom of the system we 
imposed the acceleration (* <q< 2 ifc) , the forces at 
the interface would be e* 2 , and the 

resultant at the support would be [(K* - Mg) q>gj.. The 
modal participation gives us information about the 
direction and the importance of deformation of the 
subsystem s. However, it is difficult to have a 
comparative scale for this modal participation. A 
solution is to square all the terms of the modal 


man of * at the baso 
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The effective mass decomposition enables us to find 
its origin. The results are in agreement with the 
theoretical calculations made for this very simple 
model. This decomposition is represented in the 
figure 2. However, in this example, it is very 
interesting to look at the squared modal 
participation, which we represent with the sign of 
the substructure modal participation. 


This decomposition enables us to localize the modes 
which have null effective masses. As shown in 
figure 3, for the second frequency, the fact that 
the effective mass is null indicate only that this 
mode can not be excited by the base. It is therefore 
possible to know with the squared modal 
participation, the origin and the direction of this 
mode. This second mode is the antisymmetric mode for 
the subsystems 1 and 2. 


Moreover, in the case of a change in the model, it 
is possible to get an estimation of the effective 
masses involved in the range of frequencies. 

In figure 4, all the subsystems frequencies are 
uncoupled, and we can see, that every subsystem 
vibrates with its own whole mass. 
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3.3 Utilization of the effective passes -by 

subsystems as reprentatlve of the Interface 
l o ad s 

In the development of the telecommunications 
satellite LOCSTAR, it was necessary to identify the 
modifications of the dynamic behaviour of the 
satellite due to a different frequency specification 
for one appendice. 


The satellite LOCSTAR is topped by a "tower", 
composed of a cylinder and a structure "FSS" (Feed 
Supporting Structure), on which two feed structures 
are fixed, called "S band feed" and "L band feed". 
All the following structure concerns the feed tower 
assembly clamped at its base. 


Moreover, in the case of a change In the model, it 
is possible to get an estimation of the effective 
masses involved in the range of frequencies. 

In figure 4, all the subsystems frequencies are 
uncoupled, and we can see, that every subsystem 
vibrates with its own whole mass. 

3.2 Equipment platform 

The aim of this study is to optimize the location of 
support points for the platform of Ariane 5 Vehicle 
Equipment Bay Structure. The first frequency must be 
higher than 100 Hz. 

The subsystem decomposition results concerning the 
first frequency are displayed in figure 5 to 9 and 
the deformed shape in figure 10. The effective 
masses by subsystem are sufficient to know the 
origin and the direction of each mode. 



These feed structure were initially specified not to 
have their first modal frequency below 130 Hz. The 
first development of these two subsystems showed 
that the L band feed has Its first modal frequency 
around 228 Hz, whereas it was not possible to 
respect the specifications for the L band feed. The 
aim of the study was then to elaborate a new 
specification for the S band feed, but without 
interfering with the specification of the FSS and 
the L band feed. 

In this structure, the main constraint Is the 
interface load. The effective mass by subsystem 
gives us the importance of this load for each 
eigenmode. For the sensibility study, we consider 5 
different frequential configurations of the S band 
feed and we want to know the impact on the effective 
masses of the FSS and the L band feed, which must 
not be larger than for the nominal case. The 
histograms on the following page give us the 
important effective masses for the first three 
eigenmodes. The substructures were : 

- the cylinder, 

- the FSS, 

- the L band feed, 

- the S band feed. 

The nominal reference case is the first one. We see 
that the impact of the modifications is not 
significant at 52 and 54 Hz, but more important for 
the last frequency (80 Hz), where it appears that it 
is impossible to satisfy the constraint of having 
smaller effective masses. 
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participation. We obtain a new parameter, the 
squared modal participation by subsystem, whose 
unity is mass and which can be compared to the mass 
of the subsystem. We call this new parameter Sl # ^. 

Sl s,jj,k “ Ls-jk L s.kj / mR (35) 
- The squared modal participation 


The sum of SL 
estimated : 


s.jj 


,k 


above the frequencies can be 


Xk sC,jj,k = 4y M s,ii M*- 1 M s ,a *j (36) 

This sum is often very close to the rigid mass of 
the subsystem. A comparison between the total mass 
and the squared modal participation gives the 
importance of the mode for the subsystem. 


The maximum subsystem deformation of translation can 
be obtained from the above parameters. A large 
fraction of strain energy and a small fraction of 
kinetic energy would show, for example, that only 
the interface is affected by the mode. 

After having introduced the effective parameters : 

- effective mass matrix by subsystem, 

- modal participation by subsystem, 

- squared modal participation by subsystem, 

- fraction of strain energy, 

- fraction of kinetic energy, 

we are going to explain how we introduce these 
matrices in the NASTRAN solutions. 

3. EXAMPLES 


The study of this parameter is particularly 
interesting, When the effective mass matrix is null, 
because it gives the origin of this mode which 
cannot be excited at the base. 

If the squared modal participations are important 
for some substructures, and the effective masses 
null, these subsystems have coupled and opposed 
modes, which could be uncoupled if we modified one 
of the substructures. 

This notion introduced here could be very 
interesting for free-free studies, but has not been 
developed. 

2.4 Energies 


The interest of substructure effective mass concept 
is illustrated across some very simple examples. We 
underline the improvement given by those new 
parameters and we explain their physical 
interpretation. 

The first application in an unidirectionnal mass 
spring model equivalent to a simplified satellite 
modelled by the structue with a few appendages. 

The second application is based on the equipment 
platform of Ariane 5, from which we present the 
informations provided by the effective parameters 
for the modal analysis. And the third application 
shows the effective masses by subsystems as 
representative of the interface loads. 


We can also calculate the effective energies of 
deformation in each subsystem : 

E s .de( = 0.5qTK s q (37) 

We have already calculated explicitly the value of 

q : 

q. is the acceleration imposed at the base 

qi-XkT k («» S ° 8) 

We can now estimate the energy. For <D*(Bk , we can 
approximate the energy by neglecting all the terms 
which do not have the expression Tk(t*>k), because 
T k(°°k) for k different from k' . Hence, 

E^def («k) = 0.5 T k 2 («*) q/ T^ k T^ k q, (39) 

We can now consider the energy for a unit 
displacement qj and calculate the effective energy 

E s,def,j,k ’ . 


^s.def (°^t) 55 0-5 "Ty? (<°k) ^s.def.j.k 


with 


^s.dtefJ.k - = T ji,k Ks.ii^.k 
We can also have the global 
energy : 

Edefj.k - * T |i,k ki T i k 


effective 


(40) 

(41) 
strain 

(42) 


The interesting result is the fraction of strain 
energy in each subsystem, ®def,J,k . We can easily 
demonstrate that this fraction is directly obtained 
by using the eigenmodes, and that it is not 
necessary to calculate the transmissibility. 

We also note that this fraction is independent of 
the excitation axis. 

edaUk ~ < 4ki Ka,*^k)/(9W Kfl *k)- ( 9W *«,• *k)' k * 

A similar calculation can give the fraction of 
kinetic energy : 


®kin,j,k " ( ^ki ^ii,* / ( 9 m My 9 *) - ( ^ 9 *) / m ^ 


014) 


3.1 Mass & spring model 

This model illustrated in figure 1 is made out of 

seven substructures. ___ 

r 




Set 0 : is represented by three frequencies 
using three spring and mass systems. 

The effective mass study gives the results : 
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The effective masses at 80 Hz show that the phase 
of the S band feed is the opposite of the rest of 
the structure, so that the global effective mass 
would vary less than the effective masses of the 
subsystems, and would not be representative of the 
local interface load change. 

The aim of having the smallest modifications to the 
effective masses leads to the choice of case number 
6. This configuration has been checked by 
calculating the harmonic response to an excitation 
at the base of the tower. 
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4. CONCLUSION 


We have introduced new effective parameters which 
can help to understand the behaviour of a structure 
excited at the base. 

The effective masses by subsystem do the following : 

- They can help to identify the different modes. 
Whith these parameters, we know the origin of the 
modes and their main direction. The fractions of 
energies also help with this identification. 

- They give information to appreciate the magnitude 
of the Interface loads for an excitation at the 
base of the whole structure, so the design of a 
structure can be improved in order to minimize 
these forces, without running a response analysis 
with excitations in all directions. 


- The resultant of these forces can also be 
evaluated at the centre of gravity of each 
substructure, which gives us information on the 
magnitude of acceleration which this subsystem 

will have to withstand. 

. ,•« . 

The squared modal participations give us interesting 
informations, specially when the global effective 
mass is null, because we obtain the origin of this 
non-excitable mode and appreciate better hown his 
mode can change if we modify a part of the 
structure. 


Extensions are still developed. In order to get all 
the useful information from ^the substructure 
effective parameters. ~ ... - 
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ACOUSTIC ABSORPTION DUE TO SPECIMEN IN TEST 
IN A REVERBERANT CHAMBER 


A. Girard, C. Blanchard 


INTESPACE, Toulouse 


ABSTRACT 


With the objective of determining an empiric law for 
the acoustic absorption of a specimen in test in a 
reverberant chamber, a methodology using commonly 
available test data is first presented. The approach is 
based on the determination of the reverberation times 
at test cut-off, leading to the acoustic absorption 
losses, then to the specimen acoustic absorption 
coefficients. This methodology is then applied to the 
acoustic test results of five satellite specimens already 
tested in the INTESPACE chamber. Finally, the 
empiric law is derived from these results by 
averaging, providing a quick estimation of acoustic 
absorption losses in any chamber with known 
characteristics and a check of the capability of 
acoustic generators to achieve specifications. 

Keywords : acoustic simulation, test chamber, sound 
pressure, absorptivity, sound transmission, 
spacecraft. 


1. INTRODUCTION 

It is now a common practice to test satellites in a 
reverberant chamber to verify their ability to 
withstand the acoustic environment generated during 
launch. The walls are as reverberant as possible to 
obtain a diffuse pressure field with homogeneous and 
isotropic properties. 

In order to achieve a given specified spectrum for the 
specimen in the chamber, the acoustic field is 
generated during a pre-test with a dummy specimen 
in the chamber, or with no specimen if the volume to 
be tested may be considered negligible with respect to 
the volume of the chamber, as is often the case for 
satellites. 

The acoustic pressure spectrum is then analysed 
from measurements given by several microphones 
distributed in the chamber, generally by octave or 1/3- 
octave bands. The levels are then compared to the 
specifications and the test parameters are adjusted to 
obtain values within the tolerances. The values of all 
the test parameters are recorded in order to be 
reproduced during the test with the specimen. 


However, when the specimen is in the chamber, the 
acoustic field is modified. There is an absorption of 
acoustic energy by the exposed surfaces of the 
specimen, giving mechanical motion in all its 
structural parts. Significant corrections on the test 
parameters must be performed to achieve the 
specifications. 

As this absorption results from complex elasto- 
acoustic interactions between the specimen and the 
pressure field, it is very difficult to predict analytically 
the modifications. However for a given class of 
specimen, one can think that these modifications 
depend approximately on a very limited number of 
major parameters, such as the exposed areas. In this 
case, the estimation of the absorption of typical 
specimens from previous acoustic tests may lead to 
useful empiric laws. 

This paper presents the study performed to derive an 
empiric law for the specimen acoustic absorption 
from the available test data concerning five specimens 
already tested in the INTESPACE acoustic chamber. 


2. METHODOLOGY 

2.1 Scope 

The specimen acoustic absorption may be deduced 
from the acoustic absorption loss generated by the 
specimen in the chamber, which can be directly 
obtained from pressure measurements with and 
without specimen if all the test parameters remain 
the same between the two tests. However, as these test 
parameters are always adjusted during tests to 
achieve the specifications, this direct method is not 
applicable. It could be possible to estimate the 
variations of the test parameters to compensate for the 
acoustic absortion loss, but as these parameters are 
generally multiple and their impact on the acoustic 
loss are not obvious, it is difficult to obtain reliable 
results by this way. 

A more convenient method is to use transient decay 
measurements, namely the reverberation times at the 
test cut-off from available microphone records, 
without any special device which would be anyway 
hardly compatible with project constraints, as 
summarized in figure 1. 
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Fig. 1: Methodology 


2.2 Formulation 

For a specimen (s) in a chamber (c) with diffuse 
acoustic field, the determination of the reverberant 
time TR at test cut-off in each frequency band enables 
us to derive : 

• acoustic absorption loss spectrum AL S for each 
specimen from : 


AL s (dB) = 10 logio 


TRc 


TRc 


( 1 ) 


+s 


• acoustic absorption spectrum A s of each 
specimen from Sabine's formula : 


A s = 0.16 V c 


[TR C+S TR C J 


( 2 ) 


where V c is the volume of the chamber and 
assuming that V s « V c , 

• average acoustic absorption coefficient spectrum 
a s of each specimen from : 

A s 

a s =^~ ■ (3) 

where S s is the area of boundary surface. 

For the last step, the delicate point is the estimation of 
the concerned areas S s . Accurate determination from 
drawings is difficult and in fact not necessary because 
the empiric law will take advantage of simplicity. In 
this context the following strategy leads to satisfactory 
results : 

• Decomposition of the specimen in simple 
"volumes" having a significant contribution to the 
exposed areas : 

- central part, generally cylindric^ or 
parallelepipedic (small appendages, such as 
sensor or thruster devices, neglected), 

- large appendages, mainly deployable solar 
arrays and large reflectors. 


• Derivation of the corresponding areas, to be 
summed: 

- area of the central volume, 

- twice the areas (2 faces) of the large 
appendages assimilated to thick plates or 
shallow shells (total unfolded areas for solar 
arrays, even if folded during test, because all 
these surfaces are exposed to the sound 
pressure field) 


3. 




PERIMENTAL RESULTS 


3.1 Implementation 

The reverbation times TR were estimated at test cut¬ 
off from the available microphone records. A 
comparison was made by a spectrum analyser (BK 
2131 - 1/3 octave frequency bands) on two spectra 
corresponding to times separated by a few seconds, 
giving decreases generally between 10 and 30 dB. The 
reverberation times TR were derived by extrapolation 
to 60 dB. 


Some problems were encountered, in particular : 

• short time (inevitable) for acquisition of the 
second spectrum, leading to inaccuracies due to 
the limited number of averages, mainly at low 
frequencies (< 160 Hz), 

• nitrogen exhaust after cut-off, which disturbs the 
acoustic decay at high frequencies (> 3 kHz), 

leading to anomalies in some frequency bands. The 
corresponding results were not considered. 

This technique was first applied to the INTESPACE 
chamber without specimen and compared to results 
obtained during the acceptance tests of the acoustic 
chamber. 

An overview of the INTESPACE acoustic test facility 
is given in figure 2. The dimensions are 
approximately 10.3 m * 8.2 m * 13 m (volume Vc about 
1100 m 3 , area S c about 650 m 2 ). The acoustic 
generators consist of 2 LING EPT 200 for high 
frequencies and 1 WVLE WAS 3000 for low 
frequencies. 

The acoustic characterization of the chamber by 
reverberation time had been performed using 1 
auxiliary source successively at 3 distinct locations 
and a large number of microphone measurements 
(96) giving reliable results, but at a very low level (103 
dB) compared to usual levels for satellite testing. The 
average values obtained with the 3 sources in each 
1/3-octave frequency band compared with the values 
obtained with the acoustic generators of the chamber 
at high level (150 dB) using the present approach are 
given in figure 3. The agreement is very good above 
300 Hz. At lower frequencies, some discrepancies 
occur, the maximum differences being between 80 
and 200 Hz. They are due partly to the low modal 
density and partly to the methods of determination. 
However, this comparison is globally quite 
satisfactory in the present context. 
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The same technique was applied with the test records 
available from five acoustic tests already performed at 
INTESPACE on specimens at qualification or 
acceptance levels (see figure 4).: the reverberation 
times were determined in the same conditions as 
previously, in order to have the maximum reliability 
for the results. Several microphones were considered 
when possible. 



Specimen 

OASPL 

micro¬ 

phones 

central volume 
+ appendages 

1. Observatory sat, 

144.5 dB 

6 

41 m 2 + 0 m 2 

2. Scientific sat. 

146 dB 

2 

14 m 2 + 0 m 2 

3. Hipparcos sat. 

146 dB 

1 

18 m 2 + 13 m 2 

4. ECS 4 sat. 

143 dB 

2 

15 m 2 + 29 m 2 

5. Telecom, sat. 

143 dB 

1 

17 m 2 + 36 m 2 


Fig. 4: Specimens 


3.2 Main results 

The acoustic absorption loss spectra AL S of the five 
specimens are given in figure 5 (when several 
microphone results were available for a specimen, the 
average spectrum was used). Questionable values 
have been suppressed. Losses up to 2.5 dB may be 
noticed. 

The acoustic absorption spectra A s of the five 
specimens are given in figure 6. The infuence of the 
exposed surface areas can be seen by higher 
absorption levels in all frequency bands for larger 
specimens (including appendages). 

The estimation of the boundary surface areas S s of the 
five specimens was made from the available project 
documentation. The results are given in figure 4. 

The acoustic absorption coefficient spectra a s of the 
five specimens are given in figure 7. These results 
show that the average acoustic absorption coefficient 
spectrum for the 5 specimens tested lies 
approximately between 0.2 and 0.3 between 250 and 
2000 Hz. Below 300 Hz and above 2000 Hz, the values 
are rapidly decreasing, but difficult to assess due to 
test discrepancies. 


Fig. 2: INTESPACE reverberant chamber 



Fig. 3: Chamber without specimen - Reverberation 
times TRc from acceptance test and present study 
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Fig. 5: Acoustic absorption losses ALg(dB) 
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3.2 Empiric law 

From the previous results, a simple law may be 
proposed : 

• up to 250 Hz : increasing value proportional to the 
square of the frequency, 

• 250 - 2000 Hz : constant value of 0.25 (average, for 
nominal estimation) or 0.3 (max, for pessimistic 
estimation), 

• above 3000 Hz : decreasing value inversely 
proportional to the square of the frequency. 

with the following comments: 

• 250 Hz is an average value, possibly varying with 
the specimen between 160 and 400 Hz), 

• variation in f 2 and 1/f 2 gives only an order of 
magnitude, 

• the value of 0.25, which may be believed rather 
high with respect to current values, corresponds 
to a simplified estimation of the specimen exposed 
surface areas, as described in paragraph 2.2. 

This empiric law is plotted in figure 7. 


4. CONCLUSIONS 

From the reverberation times measured in the 
chamber at test cut-off, coherent results concerning 
acoustic absorption of the five specimens considered 
have been obtained. 

An empiric law has been derived giving a value of 
about 0.25 for the acoustic absorption coefficients up to 
2000 Hz, which may be applied to any specimen 
provided that: 

• its configuration is similar to that of a typical 
satellite structure tested in acoustic chamber (for 
example, a fairing would probably lead to 
different results) 

• the associated exposed surface areas are 
estimated from : central part area + twice large 
appendage areas (small appendages and complex 
shape contribution neglected). 

These results enable to estimate the acoustic loss in 
any reverberant chamber due to a given specimen, 
and therefore to verify the capability of the acoustic 
generators to achieve specifications. 
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MAXIMAL MODAL ENERGY METHOD : AN OVERVALUING TOOL FOR LOW FREQUENCY 
PREDICTION OF STRUCTURE ACOUSTIC RESPONSE 


B. LAVIRON 


P. HERMAN 


S. DE ZOTTI 


MATRA Space Branch 
Department of Mechanical Engineering 
Toulouse (France) 


ABSTRACT 


2. THEORETICAL APPROACH 


This paper demonstrates the development of a 
numerical tool for elasto-acoustics : MME Method. 

Stress will be laid upon the advantages and 
limitations of the MME Method. 

Moreover, comparisons will be drawn between this 
method, results of tests performed on space 
structures, and a classical modal superposition 
tool. 

Keywords : acoustic, modal superposition. 


We start with an expression of the modal energy- 
resulting from a modal superposition approach : 


1. INTRODUCTION 

The development of powerful launchers such as the 
forthcoming Ariane 5, has given a large extent to 
the acoustic environment of the satellites : It is 
no longer possible to neglect the effect of noise on 
large and flexible satellite appendages such as 
solar arrays and reflector antennas. 

As a result, the general trend is to obtain the most 
reliable predictions of acceleration and strain 
levels in these equipments when exposed to sound 
pressure. 

At the present time, several softwares are available 
which can provide with these informations. 

The major interest of the MME method relies on the 
fact that it gives with limited computation cost, 
maximum acceleration levels on every structure 
submitted to an acoustic field. 

In concrete terms, the results obtained with the MME 
method can be very well applied to the dimensioning 
of satellite structures as they match the reality 
with a definite safety margin. 


- Sp( p) 


TCo 


fo^p 2 1 


Sa (p) + l S 


Where 


Ep is the energy of the pth mode 

COp is the pulsation value of the pth mode 

Sp(GJp) is the power spectral density calculated at 

£0p 

Co,^ o are respectively the celerity and the density 
of the surrounding fluid 
^s is the structural damping coefficient 

Asa. . is the average radiation damping coefficient 
of the p mode. 

The basic assumption in MME approach is to consider 
a strong structure/acoustic coupling. As a result, 
the structural damping coefficient's may be 
neglected in comparison with the modal damping added 
by acoustic radiation ( / ljsa^) . 

Consequently, in the previous expression (1), the 

^ sa ( P ) 

ratio -- ' r/ m is asymptotically equalled to 1. 

i a (p) Y 

A first expression of the maximal modal energy is : 


Ep - Spftip) ^ C ° „ (2) 

r max Pi i) 2 

C° P 

th 

Let's consider now the energy of p mode as thesum 
of cinetic and potential energies of the same mode : 

Ep - E + E (3) 

cp pp 

As energy can be assumed to be equally distributed 
between cinetic and potential effects, we set : 


Ep - C Vp [m 3 Vp 


(4) . 


Vp : velocity vector of the pth mode 
([m 3 : mass matrix of the structure. 
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Now, there exists a proportionality relationship 
between displacement and modal shape : 


q -*<J)p - J 


top 


If the substitute these relations in (4), we 
obtain : 

Ep = ct 2 m GOp 2 (5) 

P 


with m 
mode p. ^ 


00 § p : generalized mass of 


A very usef ul parameter, is the average acceleration 
level ^ < fjp -'jfp : 


d qp 




and Qfp 2 -<*>p 2 OC 2 <^p 2 > t 


As a result, Ep may be formulated in a 2nd way : 


Ep - 


and (6) 


Wp 2 <<j ? P 2 > t 


The comparison of the expressions (1) 
provides the following expression : 

ft, 2 _ Sp0Op) <$p 2 > (7) 


The total maximal acceleration is then obtained in 
adding up the contributions of all modes (at least, 
the most representative of the structure). 


total 


max 


/ftp' 


modes 

P 


(ie root-mean-square acceleration). 


'(Jr 


RMS 


max 


TP Co 


modes 

P 


<J p 2 > (9) 

in t 


3. INPUTS/OUTPUTS OF MME PROGRAM 
3.1 Inputs 

The initial data can be subdivided into 2 main 
parts : 

- Acoustic field : 

. Basic properties of the surrounding fluid 
(celerity of sound, density), 

. Definition of the excitation acoustic levels per 
band of frequency. 

- Structure : 

. Modal pulsations in vacuum, 

. Modal displacements for each mode of the model 
and in the 3 directions. 


3.2 Outputs 

The final output of the MME computation method is a 
file which contains the modal maximal* 
accelerations in the three directions of a reference 
coordinate system. 

* Note : 

It is possible to improve the method by the use of 
modal radiation damping (at least, per band of 
frequency) determined from other sources (SEA for 
example), to the detriment of its overvaluing 
property. 

4. RESULTS 

4.1 Application to Locstar reflector antenna : 
comparison with a classical tool 

MME Method has first been tested on a relatively 
simple structure. 

The modal acceleration levels have been compared to 
those obtained by a classical modal superposition 
approach (the corresponding computation code, VIRUS , 
has been developed by Intespace). 

More precisely, MME method's evaluation carries on 
two points : 

- The "envelope" approach in terms of safety margin, 

- The convergence of the two methods when the same 
modal radiation damping are used. 



Figure 1 : Locstar reflector antenna 


These two last points result from a preliminary 
finite element computation. 
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This first confrontation (figure 2) leads to the 
following conclusion : 

- MME method, coupled to radiation damping 
introduction, and virus, give similar results 
(only a few % of difference) ; 


MME method, as a maximal approach, represents a 
very good envelope with regard to VIRUS'S results 
(increase of 20 to 40 %, in average). 


sa 


is not so far from 1 : 


This last point may be explained by the fact that 

t-v. • ^ sa 

the average ratio + ^ 

From virus computation : 


Z * 


sa(P-). 


nb.modes modes + / 7 e 
up to 500 ^ 

0,58. 


sa 


(P) 


4.2 Application to INMARSAT 2 

The same study has been carried out on Inmarsat 2 
solar array. 

Nevertheless, MME method's evaluation has grown 
richer with the comparison with tests results. 

4.2.1 Comparison with VIRUS 

The comparison of the results obtained by VIRUS and 
MME program tends to confirm the previous 
conclusions for Locstar antenna : 

The results obtained from the MME method with 
introduction of radiation damping are remarkably 
similar to those of VIRUS. 

As for MME method, it represents a good over 
estimating tool compared with virus approach. 

(Cf figure 4). 

Note : 


As the different modes are quite well coupled 

^.s a 


(average radiation factor 


— 0,4), the two 


^s + 'Tjsa 

previous methods can be reasonably compared. 


We also have to lay stress upon a phenomenon that 
reveals the limitation of MME method : 


The gap between the two approaches varies from 30 % 
up to 90 %. 


The overestimation brought by MME approach is 
greater than in Locstar case, because of the 
decrease of the average radiation factor : 

^sa 

Locstar -> ( - - ) - 0,58 


Inmarsat 2 -> ( 


I s + 1- average 

% 


sa 




) 

sa average 


0,4. 


2. The overestimation margin is slightly more 
extensive than in the previous case as the 
standard deviation increases from 0,2 (Locstar) 
to 0,233 (Inmarsat 2). 


4.2.2 Comparison MME method/test results 
Presentation of the test conditions 


This acoustic test has been conducted in July 1988 
by Fokker. 

The aim was to set a figure to acceleration and 
stress levels in several points of the solar array 
submitted to a given acoustic field. Concerning the 
general conditions, the solar array was vertically 
hanged, and instrumented. 

The figure 5 shows the margin between test and MME 
computation. 

The striking point is that MME acceleration levels 
are in average twice as much as the test results. 

The similarity of these two kinds of results seems 
to be influenced by the location of the 
accelerometers : 

There are often relatively important differences 
when the measurement points are close to panel edges 
(example : accelerometers nb : 112, 109, 102, 303, 
310, 312), whereas the location near a fixation 

point reduces the margin between test and 
computation (example : 100, 104, 200, 202, 204, 
304). 

Moreover, air effects on the intermediate panel were 
not taken into account when the modal analysis was 
performed. 

As a result, acceleration levels are more 
overestimated on that part of the structure than on 
the outer panels. 

However, this comparison may be led positively when 
maximal computation and test levels are compared : 

Test maximum : 80 g 

MME computation maximum : 150 g. 

-> Ratio < 2. 

Therefore, MME method can give an estimation of the 
maximal acceleration to be encountered during tests 
development with a safety margin of 2). 


5. CONCLUSION 

The comparison of MME method with the classical 
superposition approach and the test results has 
shown several advantages : 

- The computation times are very short : 1 mn CPU to 
be compared with 7 to 10 hours for both Locstar 
and Inmarsat 2 models. 

- Acceleration levels are obtained on every node of 
the model. 

- These levels are definitively overestimated which 
tends to act in favour of safety. 

On the other hand, some drawbacks have to be pointed 
out : 

- The safety margin induced by MME method is not 
easy to control. 

As a matter of fact, the knowledge of the modal 
radiation damping (at least an order of magnitude) 
is quite essential when the hypothesis of strong 
structure/acoustics coupling is not satisfied. 


6. REFERENCES 

1. C. Lesueur, Ravonnement acoustique des 
structures . Eyrolles 

2. H. Defosse, VIRUS'S user manual - Version 3.0 . 
NT 88.091/EIA 


80 



17029 17028 17027 17026 17025 17024 17023 17022 17021 

UP fid* DOWN 


120 

100 

80 

60 

40 

20 

0 



40 . 00 % 

35 . 00 % 

30 . 00 % 

25 . 00 % 

20 . 00 % 

15 . 00 % 

10 . 00 % 

5 . 00 % 

0 . 00 % 



80 . 00 % 

70 . 00 % 

60 . 00 % 

50 . 00 % 

40 . 00 % 

30 . 00 % 

20 . 00 % 

10 . 00 % 

0 . 00 % 


17030 17057 17056 17055 17054 17053 17052 17051 17050 

UP Qd4g DOWN 

♦ VIRUS • MME METHOD A MME METHOD with O Difference between MME 

radation damping method and VIRUS 


17032 17059 17078 17089 17088 17087 17086 17071 17048 

UP suit DOWN 


t 










m 

ser 1 

• PRNEL-l 

* 

S ET2.. 

n 

SET3 

r^EL3 


30 2 





5 

0 

"zoz 

0 

ih 

203 

B 

0 20S 


0 

0 C 


►M 


30 * 340 

^ (cun 
















82 



Acceleration levels (g - 
mns) 



100.00% 

90 . 00 % 

80 . 00 % 

70 . 00 % 

60 . 00 % 

50 . 00 % 

40 . 00 % 

30 . 00 % 

20 . 00 % 

10 . 00 % 

0 . 00 % 


UP 


Orl<to 


DOWN 



90 . 00 % 

80 . 00 % 

70 . 00 % 

60 . 00 % 

50 . 00 % 

40 . 00 % 

30 . 00 % 

20 . 00 % 

10 . 00 % 

0 . 00 % 


UP 


Grid* 


DOWN 



80 . 00 % 

70 . 00 % 

60 . 00 % 

50 . 00 % 

40 . 00 % 

30 . 00 % 

20 . 00 % 

10 . 00 % 

0 . 00 % 


UP 


Grid* 


DOWN 



Acceleration levels ( g - 
rms) 



200 , 00 % 

180 . 00 % 

160 . 00 % 

140 . 00 % 

120 . 00 % 

100 . 00 % 

80 . 00 % 

60 . 00 % 

40 . 00 % 

20 . 00 % 

0 . 00 % 











83 



NUMERICAL AND EXPERIMENTAL STUDY OF NOISE GENERATED BY A VIBRATING PLATE 


0. von Estorff A. Homm 2 and F. Bartels 2 

i Industrieanlagen—Betriebsgesellschaft mbH, Einsteinstr. 20, D-8012 Ottobrunn, Germany 
- Fraunhofer-Forschungsgruppe fur Hydroakustik, Waldparkstr. 41, D—8012 Ottobrunn, Germany 


ABSTRACT/RESUME 

Applying an indirect Boundary Element Method the sound 
radiation of a vibrating cantilever plate is investigated. 
The numerically obtained results are compared with 
measured data in order to show the accuracy and 
applicability of the numerical approach. The study clearly 
enhances the confidence in the computational solution of 
noise problems which are of particular importance in 
connection with the qualification of large spacecraft 
structures like HERMES. 

Keywords : acoustic calculation, noise evaluation, sound 
radiation, Boundary Element Method, directivity pattern. 


L INTRODUCTION 

With the advent of high-speed digital computers the 
development of numerical methods tor acoustic analyses 
has been considerable during the last years. As a result, 
the design of many acoustic devices could be improved 
significantly. 

Among the available techniques, the Finite Element 
Method (FEM) (Ref.l) and the Boundary Element Method 
(BEM) (Refs. 2, 3), turned out to be the most suitable 
tools for acoustic calculations. Based on a volume 
discretization into 3—D finite elements, the FEM requires a 
large amount data and considerable efforts to model this 
volume (acoustic fluid), but the method is very flexible 
and well known. The BEM, on the other hand, only 
requires a 2—D surface (boundary) discretization of the 
acoustic region which leads to a significant reduction of the 
total number of degrees of freedoms but also to fully 
populated coefficient matrices. Due to these aspects, the 
Boundary Element Method is best suited for exterior 
acoustic problems, such as the radiation of sound waves, 
while Finite Elements can be used more efficiently for 
interior problems, for instance, passenger compartments of 
an airplane. 

While Raasch (Ref. 4), MacNeal, Citerley, Chargin 
(Ref. 5), Coyette and Guisset (Ref. 6), and von Estorff 
(Ref. 7) solved several interior problems using Finite 
Elements, Antes (Ref. 8), Amini and Wilton (Ref. 9), and 
Ciskowski and Brebbia (Ref. 10) discussed comprehensively 
the applicability of the Boundary Element technique to 
acoustic problems. Also Coyette, Dejehet, Guisset ana Fyfe 
(Ref. 11), and Seybert and Cheng (Ref. 12) used the BEM, 
concentrating on harmonic problems, while Antes and von 
Estorff (Ref. 13), Mansur (Ref. 14), Antes and Meise (Ref. 
15), and Groenenboom (Ref. 16) investigated transient 
problems by means of a BE—metnod working directly in 
the time domain. 


Despite of the large number of numerical investigations, 
only very little work has been done in the field of 
validation of the acoustic models. The sound propagation 
in a passenger compartment of a car was investigated, e.g., 
by Burfeinat and Zimmer (Ref. 17) making use of the FE 
analogy described in (Ref. 5), and by Guy and 
Bhattacharya (Ref. 18) employing an analytical 
formulation. Ochmann and Wellner (Ref. 19), on the other 
hand, calculated the sound radiation of an L—shaped 
structure by Boundary Elements and compared their 
results with measured values. A fluid—structure interaction 
roblem, namely a plate under water, was recently tested 
y Coyette and Fyfe (Ref. 20), but only the change of the 
resonance frequencies was considered. 

Therefore, in the present paper the sound generated by a 
vibrating plate (exterior problem) is investigated 
numerically as well as experimentally. The comparison of 
the results is performed in two steps. First, several mode 
shapes of the cantilever plate (in air) are calculated using 
finite elements, and the results are compared with the 
tested configuration. Second, the acoustic field generated 
by the vibrating plate is considered. By means of an 
indirect boundary element approach, realized in the 
computer program SYSNOISE (Ref. 21), sound directivity 
patterns of the plate are analyzed and compared with the 
experimental results. 


2. CALCULATION PROCEDURES 

The numerical determination of the mode shapes of the 
plate was performed by a Finite Element analysis. Linear 
shell elements were used to model the plate, and the 
eigenvalue problem was solved by using the Subspace— 
Iteration—Method. Details of the FEM approach are 
extensively discussed in (Ref. 1). 

For the calculation of the sound radiation, an indirect 
BEM was applied. Assuming time dependence with the 
circular frequency a/, the propagation of small-amplitude 
acoustic waves in a homogeneous acoustic medium Q can 
be defined by a boundary integral equation of the form 
(Refs. 8, 11, 21) 

Ct <?G(X,Y) v 

p( x ) = J Uy) —-<KY) G(X,Y) dr(Y) (1) 

r V 0 ny ' 

where p denotes the acoustic pressure and n the outward 
normal vector of the boundary I\ The equation relates two 
singularities along V which are the jump of pressure, /i, 
ana the jump of the pressure normal derivatives, a . 
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The kernel G(X,Y) is the fundamental solution of the 
Helmholtz equation for a point source, defined by 

exp(-ikR) 

G(X,Y) -- (2) 

4t R 

where R is the distance between a field point X and a 
point Y located on the surface T (boundary). 

Defining appropriate boundary conditions for the 

singularities p and a, for instance, 

p = 0 on T| (3) 

(r = 0 on Tj (4) 

where T = Tj U 1^, two integral equations can be derived 
which yield, in a first step , the unknown singularities p 
and a along the boundaries 1^ and Ft, respectively. For 
details see (Refs. 8, 11, 21) 

Once the singularities p and a are known, equation (1) can 
be used, in a second step , to determine the acoustic 

pressure p at any point X within the acoustic medium. 
(Note, that two steps are needed to compute the acoustic 
pressure. This is the reason why the presented BE— 

approach is called "indirect method".) 


3. VIBRATION BEHAVIOR OF THE PLATE 

3.1 Numerical Investigations 

The considered system is shown in Figure 1. It consists of 
a horizontal aluminum plate of a/b/t = 305/254/12.7 mm 
which is held at one edge by a heavy circular steel disk to 
simulate a clamped end. The material data of the plate are 
YOUNG's modulus E = 70000 N/mra 2 , Shear—Modulus 
G = 27000 N/mm 2 , and density p = 2660 kg/m 8 . The 
plate was discretized by 320 finite shell elements and the 
Subspace—Iteration—Method (Ref. 1, 21) was used to 
determine the eigenfrequencies and mode shapes of the 
system. The result for tne first 15 resonance frequencies is 
given in Table 1. 

3.2 Experimental Studies and Comparison 

The eigenfrequencies of the plate can be determined 
experimentally by measuring the shock response of the 
plate with accelerometers. A Fourier transformation of the 
transient accelerations yields the frequency response 
spectrum of the plate, where sharp peaks show the 
resonance frequencies of the system (see Fig. 2). 



Fig. 1: FE—discretization of the plate. 


Mode 

f (Hz) 

Mode 

f |HzJ 

Mode 

flHz] 

1 

116.2 

6 

1788.7 

11 

[31732 

2 

320.7 

7 

[]?82AJ 

12 

3380.4 

3 

713.2 

8 

[2089.2J 

13 

3639.1 

4 

1109.8 

9 

2352.9 

14 

3919.0 

5 

1180.0 

10 

2379.5 

15 

4227.5 


Table 1: Eigenfrequencies of the plate. 



7th Mode 

8th Mode 

1 Ith Mode 

Calculation (FEM) 

1982 Hz 

2089 Hz 

3173 Hz 

Experiment 

1965 Hz 

2130 Hz 

3062 Hz 


Table 2: Comparison of the eigenfrequencies. 


With respect to the far field conditions (Ref. 23) for the 
acoustic evaluations (next section), three frequencies, 
namely 1965 Hz, 2130 Hz, and 3062 Hz were chosen from 
this spectrum. Table 2 shows that the measured and 
calculated values match remarkably well. 

The structural modes of the plate can be visualized by the 
CHLADNI method (Ref. 22). For that purpose the 
horizontally adjusted plate has to be evenly covered with 
sand and one of its edges must be excited by an 
electromechanical shaker running with the plate resonance 
frequency of interest. The vibrations cause the sand to 
concentrate at the lines of zero vertical displacements, at 
the so-called nodal lines. Exemplary, a comparison of the 
computationally and experimentally obtained result for the 
7th eigenmode can be seen in Figure 3, — both results 
agree very well. Although not shown here, the accuracy of 
the two other structural modes also was extremely good. 

4. SOUND RADIATION OF THE PLATE 
4.1 Numerical Investigations 

After the calculated mode shapes were found to be in good 
agreement with the experiments, the plate and its 
mounting block were discretized with 946 boundary 

O 

fO to 

T- O 





Fig. 2: Frequency spectrum of the plate (accelerations). 
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Experiment 



Calculation 



Fig. 3: Comparison of the 7th structural mode. 


elements [Fig. 4], At the elements modeling the surface of 
the plate the structural velocities, normal to the 
mid—plane of the plate, were prescribed. The mounting 
block, on the other hand, was assumed to be rigid, i.e. zero 
surface velocities were prescribed at the respective 
boundary elements. For the air surrounding the plate a 
density of pt s= 1.189 kg/m 3 and a wave speed of c = 
343 m/s were assumed. 

First, applying the indirect BE—formulation provided in 
the program SYSNOISE, the unknown singularity 
distribution at the surface of the entire plate/block system 
was calculated for the three frequencies. Next, in a region 
of 1 m x 2 m, perpendicular to the mid—plane of the plate 
(see sketch in Fig. 5), 911 field points were defined. As an 
example, the acoustic pressure at these points, generated 
by the plate at a frequency of 1965 Hz, is plotted in 
Figure 5. The result clearly shows the typical sound 
characteristics (maximum/minimum) emitted by the 
vibrating surface of a structure. 



Fig. 4: BE-discretization of the plate and the 

mounting block. 


S ystem: 



l 

1m 

I 



4.2 Experimental Studies 

For the measurements of the acoustic field generated by 
the plate, an additional aspect has to be considered: it is 
difficult to excite the plate, e.g. with a shaker, and not to 
disturb the acoustic field. Therefore, a reciprocity approach 
is employed, where, instead of measuring the sound 
emitted by the vibrating plate directly (via a microphone), 
the plate is excited by a loudspeaker which is set up in 
place of the microphone. The method makes use of the fact 
that the vibration amplitude of the plate, measured by an 
accelerometer, is proportional to the radiated sound of the 
system. 

The plate and its mounting block was installed in an 
anechoic chamber. Turning the complete system (on a 
horizontally revolving table) and keeping the loudspeaker 
at a distance of 0.95 m from the center of the plate (on a 
vertical, circular guide—rail), it was possible to scan a 
nearly complete sphere around the vibrating plate. 
Figure 6 depicts the spatial directivity pattern of the plate 
measured at a frequency of 1965 Hz. 
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Fig. 6: Spatial directivity pattern: f = 1965 Hz. 


4.3 Comparison of the Eeaults 

First, to compare calculated and measured values, 180 field 
points were defined on a circle of radius r = 0.95 m 
around the center of the plate (see Fig. 7, solid circle). For 
the selected frequency of 1965 Hz, the acoustic pressure at 
these points was calculated and plotted in Figure 8, 
v... together with the measured values, which are a part of the 
/ ’ spatial directivity pattern shown in Fig. 6. The comparison 
r of the patterns, particularly the locations of their minima 
and maxima as well as their general shape, shows excellent 
agreement between numerical and measured values. 


Second, the acoustic pressure on a smaller, horizontal circle 
above the plate is considered. Its radius is 0.82 m around 
the vertical center line of the plate (see Fig. 7, dashed 
circle). Looking at Figure 9, it is obvious that also at this 
location the numerical and experimental data match quite 
well despite of some non-symmetric effects that can be 
observed in the case of the experiment. 

At this point it should be mentioned that neither the FE 
solution of the eigenvalue problem, nor the performed 
experiments, yielded absolute results (e.g. absolute 
displacements). Therefore, the data had to be scaled to get 
equal maxima. The performed linear analysis, however, 
allows the scaling of the results with any factor, i.e. the 
consideration of the results presented here is sufficient to 
judge about the accuracy of the BE—model. 



90 



Fig. 8: Comparison of the directivity pattern: 

f = 1965 Hz, r = 0.95 m 


90 



Fig. 9: Comparison of the directivity pattern: 

f = 1965 Hz, r = 0.82 m 
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5. CONCLUSIONS 

The noise radiation of a cantilever aluminum plate has 
been investigated using an indirect Boundary Element 
Method. Comparing numerically and experimentally 
obtained results, it could be shown that not only the 
structural Finite Element calculation (mode shapes of the 
plate), but also the Boundary Element simulation of the 
sound radiated by the vibrating system yielded very 
accurate results. 

In view of these facts, it can be stated that the currently 
available Boundary Element formulations are very well 
suited to handle noise radiation problems. In particular, 
during the development phase of acoustically sensitive 
systems, these methods will be very helpful and complete 
or even replace some costly series of experimental tests. 
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DEVELOPMENT OF FATIGUE DAMAGE MECHANICS FOR APPLICATION TO THE 
DESIGN OF DAMAGE-TOLERANT COMPOSITE COMPONENTS 


P.W.R. Beaumont, S.M. Spearing and M.T Kortschot 


Cambridge University Engineering Department, 
Trumpington St, Cambridge CB2 1PZ, U.K. 


ABSTRACT 


The basic principle that dominates is the 
recognition that the strength of a composite 
changes with accumulated damage and that the 
composite can retain adequate strength by creating 
a microstructure that permits regions of 
sub-critical damage growth. 

This involves the development of 
computational models that describe changes in 
microstructure brought about by stress which 
simulate those in service. Application of 
practical damage mechanics analysis can be made to 
the prediction of residual strength and stiffness 
and fatigue-life of fibre composites. The 
extension of basic damage models of composite 
failure to design is a powerful tool in the 
development of design procedures for composite 
hardware. 

KEYWORDS: Damage, notch strength, fatigue, failure 
modes, micro-mechanics 


1. OBSERVATIONS OF DAMAGING MECHANISMS 
1.1 Components of Damage 

K 

An X-ray image of a typical (90/0) 

fatigue-damaged specimen is shown in Fig. 1. The 
dark images of the photograph indicate three forms 
of matrix crack emanating from the notch: 

1) splitting in the 0° plies; 

2) de lamination zones at 90/0 interfaces 
whose size is related to split length; and 

3) transverse ply cracking in the 90° plies. 

A concentration of fibre breaks occurs at the 
intersection of a split and a transverse ply 
crack. 

In the example notch tip damage has grown in 
a self-similar manner, with a characteristic 
triangular-shaped delamination zone at the (90/0) 
interface. At the tip of the split, the 
delamination angle, a, is constant at about 4°. 
Essentially, the damage pattern at the notch tip 
can be characterised by the average length, £, of 
four splits. Fig. 2 shows a schematic view of the 
idealised damage pattern. 



Fig. 1 

X-ray images of a (90/0) s specimen subjected to 
a fatigue test. (a^ = 300 MPa, R = 0.1). 



Load direction 


Split Surface 
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2. THE FATIGUE DAMAGE MODEL 

Damage at notches in composite materials can 
be characterised by the split length 2, at the 
notch tip (Fig.2). The starting point of the 
model is the fatigue-crack growth law (’’Paris" 
law) for isotropic materials [2]: 

^=X 1 (AK) m [1] 

clsi 

is the crack growth rate; 

AK is the stress intensity factor range; and 
Aj and m are empirical constants. 


is the remote applied tensile stress on the 

specimen, W is specimen width and t is ply 
thickness. 

For the damage zone to grow, 6E^ > SE^: 

1 P 2 6C l G t62 + G,262 tan a [7] 

2 s d 

For the limiting case (E r = E ab> : 

1 p 2 3C G + Gjitan a [8] 

H ae = s d— i 


This can be recast in terms of the split 
growth rate, d£/dN, of the composite and energy 

release-rate, G (using K 2 = YG, where Y is an 
appropriate modulus): 

ar = x 2 (AG) m/2 [2] 

This, however, is inadequate when splits and 
delaminations grow in combination at the notch 
tip, as they do in carbon fibre-epoxy laminates. 
As the split length, 2, increases, the associated 

2 

delamination area grows with a dependence on 2 , 

implying an increasing resistance to further crack 

advance. It is more appropriate, therefore, to 

normalise AG by the current toughness G (as 

c 

measured in monotonic loading), giving: 


( G = G c ) 


This expression can be evaluated if 3C/32 is 
known. A finite element model can determine it 
numerically [13* For a range of split length 
between 2/a = 0 and 2/a = 6 (2a is notch length), 

“ was found to be constant, dependent only on the 
32 

angle a and the lay-up [1]. 

Rearranging eqn. (8), the load for split 
initiation is given by: 



[9] 


de 

dN 



[3] 


where A^ is a constant. In essence, the rate of 

damage growth is related to the ratio of the 

driving force, AG, to the current damage growth 

resistance G or toughness, 
c 


Growth In Mono tonic Loadii 


The growth of the damage zone in a notched 
tensile specimen is self-similar, i.e., the shape 
of the delamination front remains constant: it 
simply grows in scale (Fig. 1). For an increment 
of split growth, 62, the energy absorbed in 
forming new crack surfaces, 6E ab , is given by [1]: 


For subsequent split growth under monotonic 
loading: 


p 2 (j> _ % t ' 

2G { jtan a G^ tan a . 


[ 10 ] 


Dividing both sides of eqn. (10) by notch length, 
a, and substituting for P (in terms of applied 

dC 

stress a , and r, (scaled from the finite element 

oo oc 

result 3C this expression can be normalised as 

32 FE 
follows: 


2_ 

a 


K) 2 (t) (W/2) re (2t) ra x 

G d tan a(2a/W) 32 FE 



6E ab = G g t6£ + G d (£tan a)62 [4] 

G is the energy absorbed per unit area of split; 
s 

G, is the energy absorbed per unit area of 
d 

delamination; 

t i$ the thickness of a 0° ply; and 
a is the delamination angle at the split tip. 

Some of the global energy of the system is 
dissipated when the split extends with a 
corresponding increase in specimen compliance 
(SC): 

6E = i P 2 6C [5] 

r 2 L 

where P is the applied load on one quadrant of the 
specimen given by: 


In practice, G g << G^, hence the second term of 
eqn. (11) is small, allowing the simplification: 

* K,) 2 (t) (w/2) FE (2t) FE ac|_ ri2] 

a = G d tan a (2a/W) 

Equation (12) indicates that for a given 2a/W, the 
ratio 2 /a is dependent only on applied stress, o^. 

The normalised split length versus applied stress 

curves for all (90/0) specimens should be 

s 

coincidental regardless of width. Figure 3 shows 
split growth data for three (90/0) specimens 

(W/2a = 3) under monotonically increasing load. 
Equation (12) produces a good fit to the data 
using selected values of G d = 400 J/m 2 and 

G g = 158 J/m 2 . Now we apply the model to fatigue 

damage. 


P = a„(W/2)(2t) 


[ 6 ] 
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APPLIED STRESS (MPa) 


Fig. 3 Split growth in monotonic loading in 
carbon fibre-epoxy (90/0) . 

SI 



log (N) 

Fig. 4 

Split growth in cyclic loading in carbon fibre-epoxy 


2.2 


[e Growth in Cyclic Loadii 


We start with equation (3). Inserting the 
definition 


AG = 1(AP) aC [13] 

2 t ae 

and combining with equation (8) gives: 


= X 


2 C* im/2 


1/2(AP) (^) 

G t + Gj^tan a 

s d 


[14] 


For an initial split length, the split length 

after N cycles of constant load amplitude is given 
by the integrated form of eqn. (14): 


L_ X(AG) ">/2[n|2] (Gdtan o)N 


(G t+G e tan a) (m+2)/2 
s Cl o 


2/(m+2) 


[15] 


where AG is given by equation (13). The split 

length in the first cycle, £ can be determined 

o 

using eqn. (12). It only remains to identify 
values for X, m, and (dC/dZ). 


3- APPLICATION OF THE FATIGUE fUMACF MOTET 
3.1 (90/01 Laminates 

Figure 4 shows split growth data for a 
(90/0) laminate cycled at three different peak 

stresses. Assuming a delamination angle, a, of 
o —^ 

3.5 , X = 8x10 , and m = 14, and a determined 

value of ( dC/di ) = 2.9 x 10" 7 N _1 , a good fit is 
obtained to the data [2], 

For laminates containing 0° and 90° plies of 
varying thickness, the nature of damage is 
essentially the same. It is assumed that the 
damage pattern is similar in all plies and that 
the delamination shape is the same at all 
interfaces. 


The basic fatigue damage growth law (eqn. 3) 
has to be modified in order to cope with the 
different conditions controlling damage growth. 
For convenience, the growth laws are kept in 
differential form but used in integrated form. 


3.2 (90.70 


Laminates 


For this family, AG increases linearly with 

ply thickness; ixt. As for the (90/0) case, 

s 

there are only two interfaces at which 
delaminations can grow. If delamination growth is 
the dominant energy absorbing process (and it is 
since G^ > G g , and delaminations have a greater 

surface area than splits), then the ratio AG/G 

c 

increases as i increases. The fatigue law has the 
form: 


1 9 im/z 

§ = X g(AaJ (W/2)(2it)(W/2) re (2t )fT 

G it + G,£tan a 
s d 

[16] 

Figure 5 illustrates the increasing rate of damage 
growth with increasing ply thickness. There is a 
good agreement between experimental data and the 
predicted split growth curves. 



Fig. 5 Effect of ply thickness on split length data 
of (90 /0 ) laminates in cyclic loading. 

1 1 3 
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3.3 f90./0.) Lami nates 

-*— x — ^ 


The fatigue law is, therefore, modified to* 


Laminates with 90° and 0° plies of unequal 
thickness can be modelled in a similar way. The 
relative ply thicknesses of the layers in the 
finite element meshes are adjusted, and the 


resulting values of are scaled appropriately 

0t FE 

[1, 2]. In this case, the fatigue law has the 
form: 


J|{AaJ 2 (W/2) ((i+j)t)(W/2) FE (i+j)t^g| FE 


G it + G,€tan a 
s d 


m/2 


[17] 


“ ^ does not have the same value as that for 
dS FE o o 

laminates with equal thicknesses of 0 and 90 

plies. ~r increases with increasing thickness 
K di FE 

of the 0° plies; therefore laminates with j > i 
will exhibit more rapid damage propagation than a 
(90/0) laminate. The predicted split growth 

curves together with experimental data are shown 
in Fig. 6. Good agreement is achieved for the 
three laminates investigated. 

8 1 o (90/0 2 ) s - or max = 208MPa 
_ 0 (90/0) s - <w = 208MPa 
x (90/0/90)-cr max =100MPa 

6 - R = o.i 

-based on eqn. ( 17 ) 


xfe 4o «,) 2 ( w/2 )( 2nt )( w/2 ) F E( 2t ) fe §?|fe 

G g nt + G ( j(2n-1 )^tan a 


i m/2 


[19] 


As the number of plies increases, the model 
predicts that the rate of damage propagation 
decreases slightly. In this instance, the model 

tends to underestimate damage growth (Fig. 7). 
This may be the result of unequal damage growth 
throughout the laminate thickness. 


ff max = 208MPa 
R = 0.1 
x- (90/0 ) s 
a - (90/0 ) 2s 
0 - (90/0) 4s 
-based on eqn. ( 


< 

cr 

o 


Fig. 7 


(90/0), 



yl90/0) 4 , 

(90/0),. 


Log (N) 

Normalised split length as a function of 

load cycles for (90/0) laminates. 

ns 


u 0 2 4 6 

Log (N) 

Fig. 6 Normalised split length as a function of 

load cycles for (90./0.) laminates. 

J 'l j ns 


In summary, the model includes the important 
parameters and processes which govern fatigue 
damage behaviour. The ability to model fatigue 
damage growth in several laminates without 
altering the parameters which appear in the static 
and cyclic loading equations and between lay-ups 
is a significant advance on previous methods. 

For damage growth in (90/+45/-45/0) 

s 

laminates, it is assumed that damage evolution is 
controlled by splitting in the 0° plies and by 
delamination at the interface between the 0° ply 
and the innermost -45° plies [2]. The shape of 
the delamination has been identified and the model 
developed in a logical way [2]. 


3.4 f90/01 


Laminates 


4. A DAMAGE-BASED POST-FATIGUE STRENGTH MODEL 


In this series, ply thickness is constant and 
equal for the 90° and 0° laminae, only the number 
of 90/0 interfaces varies. Through half the 
laminate thickness, there are 2n-l interfaces at 
which delaminations can propagate. Since the 

surface area of a split is n x t x £, and ^ 

scales with the number of plies [1, 2], then eqn. 
(8) for split growth in monotonic loading becomes: 


1 p 2 ac 

2 nt (W/2) (2nt) 3i ^ 

(G) 


G + G, (2n-l)ltan a 

s nt 


< G c> 


[18] 


4.1 Failure Criteron 

Using a finite element representation of the 
damage at a notch tip, combined with the observed 
terminal damage-state and measured failure stress, 
Kortschot and Beaumont [1] showed that the maximum 
tensile stress in the principal load bearing (0°) 
ply was approximately constant at laminate 
failure, regardless of the extent of damage. This 
led them to propose a straightfonward tensile 
stress failure criterion: 


[ 20 ] 
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cr r = failure stress of the notched laminate; 

CTqj. = the tensile strength of the (0°) ply; and 
K = the terminal notch tip stress concentration 

V 

factor. 

<7qj. is a material property which can be measured 

independently while can be obtained from finite 

element modelling. For a centre-notched specimen 
K is found [1]) to be: 



_6L3 

(1 - (2a/W) 2 ) 


(*/a) 


0.28 




-0.28 


[ 21 ] 


Furthermore, the strength of a (0°) ply in the 
notch tip damage zone of a centre-notched tensile 
specimen depends on the size of that damaged zone 
[1] 



KV 


CNT 


1/0 


[ 22 ] 


o , V = a reference stress and reference volume 
o o 

(= 1.88 GPa and 7.4 iran^, respectively), for the 0° 

ply in an unnotched (90/0) carbon fibre laminate. 

s 

KVcnt ~ equivalent volume of the (0°) ply in a CNT 
specimen; and 

/3 = Weibull modulus (= 20). 


The stress distribution at the notch tip varies 
with split length, 5, and the delamination angle, 

a, at the tip of the split [1]. For a = 3.5°, 

K = 0.0014 + 0.0025 (5/a); hence 



a 

o 


V 

_o_ 

(0.0014 + 0.0025 (5/a)) 8 


< a2t o> 


i/p 


[23] 



[( 


0.0014 + 0.0025 




(a t^), where t^ is the thickness of the 


(0°) ply. 

4.2 Strength of a Thinged (90/0) laminate 


The notch tip stress concentration factor K 

t 

(eqn. (21)) and the (0°) ply strength, o 0f , (eqn. 

(23)) both depend on split length, 5. Combining 
eqns. (20)-(23), we obtain an expression for the 
laminate failure stress in terms of the normalised 
split length 5/a (for a = 3.5°): 


a 

o 



(l-(2a/w) 2 )(5/a)°- 28 

6.3 


V 

o 


il/0 


[(0.0014 + 0.0025(5/a))8(a 2 t 0 )J 


[24] 


terminal split length (Fig. 8). These results are 
compared with the predicted strength eqn (24). 
The quasi-static failure strength is about 
360 MPa, which corresponds to 5/a = 1.3. If 

higher values of 5/a are obtained during load 
cycling, higher residual strengths result. A 

quasi-static strength of 360 MPa represents a 
lower limit for the residual strength after 
fatigue; hence, the predicted residual strength 
curves are truncated by a horizontal line at 
= 360 MPa, between 5/a = 0 and 5/a = 1.3. 

Since the shape of the notch tip damage zone 

is similar for all notched cross-ply carbon fibre 

laminates [1,2], the model should apply 

successfully to other cross-ply laminates of equal 

thickness (0°) and (90°) plies. Equation (24) is, 

therefore, valid for all laminates of the general 

form (90./0.) 

l i'ns 

RESIDUAL STRENGTH (MPa) 




NORMALISED SPLIT LENGTH //a 

Fig. 8 Residual strength as a function of split length 


Experimental data of residual strength of 

fatigue-damaged (90/0) specimens (W = 24 mm, 

s 

a = 4 mm) are plotted against the measured 


(a) (90/0) specimens. 

3 

(b) (902^2^ and (90/0) 2s specimens. 
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4.3 Post—Fatigue Damage strengtn 

In many ways, a prediction of residual 
(damaged) notched strength is simpler than the 
prediction of notched strength in monotonic 
loading. We know that after fatigue loading there 
is no further damage growth during the residual 
strength test [2]. A successful strength 
prediction, therefore, depends on two distinct 
steps: (1) modelling damage growth: (2) equating 
strength to damage size at the end of a fatigue 
test using eqn. (20). 

The split length for a notched (90/0) g 

laminate after N load cycles (after eqn. (15)) is 
given by; 


a G,a 
a 


5E? A(AG t ) m/2 [=^](G d tana)N + 


(G t+G,£ tana) 

S Q O 


( m +2)/2 


2/(nH-2) 


= C, [ Aa m N + C. ] 


2/(m+2) 


[25] 


Substituting into eqn. (24) for a = 3.5 : 

2/(m+2) 1//3 

CT »f = C 5 [ 1+C 6 ( t ACTmN+€ J ) *0 

[ [ Aa^N + c f'^2)} 0 -™ 
- 7? - [26] 


where C., and C~ are combinations of material 
4 5 6 

constants which can be derived from earlier 
expressions. 


800, 


700 


600 


Equation (26) allows residual strength to be 
predicted as a function of the specimen dimensions 
and fatigue loading (Fig. 9). The level of 
effectiveness of the model is limited by the 
accuracy of both the damage growth prediction and 
the damage-based strength model. We find that the 
overall accuracy of the model is comparable to the 
scatter of the results due to inherent material 
variability. 


5. enwqjJDENG REMARKS 

The development of a damage mechanics model 
is now complete. It allows the prediction of 
strength for notched cross-ply laminates in 
quasi-static and fatigue loading. Experimental 
observations show that fatigue damage has the same 
components as the damage which accumulates during 
a quasi-static load application. This observation 
allows the same parameters to be used to predict 
strength for both the quasi-static and fatigue 
cases. Their treatment by one model has not been 
achieved previously. 
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Fig. 9 Residual strength as a function of number of load cycles for 
(90/0) s specimens. 





ABSTRACT 

The interlaminar fracture toughness, in general, will be 
determined by using DCB- and ENF-tests for mode I 
and mode II fracture, respectively. New methods, the 
transverse crack tension-test (TCT) and the transverse 
crack tension compression-test (TCTC) for mode II 
fracture are presented, which utilized continuous 
graphite-fiber/epoxy laminates, whose central plies 
were separated at the specimen center prior to curing. 
In the course of cycling loading a lateral crack devel¬ 
oped in the area of the separations from which two 
mode II delaminations initiated at each of the separated 
and the continuous ply interfaces. For the compliance 
and the energy release rate G lf simple equations were 
derived. The maximum cyclic energy release rate 
G //may as a function of the delamination (crack front) 
propagation rate dajdN in correlation with the critical 
buckling state (CBS) of separated plies in transverse 
crack tension-compression test can be used for fatigue 
life estimations or of residual compressive strength 
calculations. 

Keywords: Composite Materials, Tension-Compres¬ 
sion Fatigue Test, Delamination, Crack Growth Rate, 
Strain Energy Release Rate. 


1. INTRODUCTION 

Continuous fiber composites are very attractive for a 
variety of applications because of their high strength and 
stiffness-lo-weight ratios. However, the interlaminar 
strength or the fiber-matrix interface strength is often a 
limiting factor in the use of composites. The finale failure 
of composite structures is mainly the result of delami- 
nartion. Therefore, measurements of interlaminar strength 
or fracture toughness and predictions of residual com¬ 
pressive strength of laminates with separated plies after 
fatigue loading or impact are essential to a faile-safe 
design of composite structures. 

Laminates, in general, are assemblies of unidirectional 
plies oriented under 0°, ± 45° and 90° with respect to the 
main load path. The nature of final failure of the speci¬ 
men depends on the kind of cyclic loading. At the stress 
ratio of R = (tJo u (a/ and a u lower and upper stress 
respectively) fatigue failure is usually due to an increasing 
number of lateral cracks in Ihe 90°-plies (first ply failure. 


FPF, and characteristic damage slate, CDS, [1]) followed 
by interfacial delamination, 0°-fiber breaks in different 
locations and massiv degradation by matrix cracks due 
to shear loading in the 0°-plies in longitudinal direction. 

In contrast to that tension-compression fatigue tests with 
different stress ratios R = <tjI<j u indicate that in graphite- 
fiber-reinforced resins fatigue damage manifests itself 
most severely at R-- 1, [2], [3], [4]. The fatigue 
strength loss is due to delaminations which develop dur¬ 
ing the compression as well as the tension load phase at 
comparatively small stress amplitudes, [3]. After a period 
of stable delamination growth due to mode II and mode 
III loading, separated plies tend to buckle (figure 1), and 
the subsequent progression of the delaminations due to 
mode I, mode II and mode III (figure 2) will eventually 
lead to failure (instability), the residual life depending on 
the strength of the remaining intact cross-sections. 

ft I 

a * b. b. c. 

Figure I. Different buckling shapes of delaminated lami¬ 
nates. 

Based on these recognitions a model of delamination 
growth was developed with the aim of predicting the 
number of cycles at which buckling of delaminated plies 
is imminent [3], [4], [5]. The analysis method which has 
been applied in a number of cases is sound and is con¬ 
sidered a valuable improvement of the qualitative and 
quantitative comprehension of the damage mechanisms 
in CFRP. 


2. ENERGY RELEASE RATE 

The formation and propagation of cracks in laminates is 
accompanied by energy releases which, also cause a 
reduction of the laminate stiffness. By establishing a 
relationship between the extent of damage and the change 
of stiffness, the energy release rate G and the stress 



0 Dedicated to Professor Dr.-lng. H.W.Bergmann for his 65 th birthday 

Proc. Internat. Conf.: ‘Spacecraft Structures and Mechanical Testing \ Noordwijk, The Netherlands , 
24-26 April 1991 (ESA SP-321, October 1991) 
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intensity factors K can be determined. For the exper¬ 
imental determination of energy release rales different 
methods have been employed for mode I and mode II 
and for mode I/I I loading [4]. See table 1. It is apparent 
that the majority of the methods utilize very simple test 
configurations like double cantilever beam tests (DCB) 
or end notched flexure tests (ENF) which do not accu¬ 
rately reflect the damage mechanisms occurring in realis¬ 
tic environments. Especially the cyclically changing con¬ 
ditions at the crack front of delaminations subjected to 
tension-compression loading and the unstable growth of 
delaminations due to buckling of delaminated plies are 
rarely taken into account. For that reason, new test con¬ 
figurations were developed which are denoted as trans¬ 
verse crack tension test (TCT) and transverse crack ten¬ 
sion compression test (TCTC). 



Table 1. Tests for experimentally determination of energy 
release rates for mode I, mode II and model/II. New test 
configurations are identified by asterisks. 

From the experimental evaluation of the compliance 
C = SjP and the delamination Ienght a and on the 
assumption that the delaminations grow at constant force 
P y tiie energy release rate G can be formulated for con¬ 
stant width b as [6] and [7], 

„ r 2 dC 6 2 dC ns 

O — _;" * — — T ’ • x 1 / 

2b da 2 bC 1 da 

The total energy release rale G for one defamination front 
in general, is composed of three contributions, see figure 
2: Gj release rate due to tension perpendicular the 
delamination plane, Gjj release rate due to shear in the 
delamination plane and G,n release rate due to shear 
transverse the delamination plane. 

G — f[Gj + Gjj + G/// )* (^) 


For problems at hand (DCB-, ENF-, 1 CT- and TCTC- 
tests with unidirectional layered specimens), the latter is 
of no consequence. The corresponding stress intensity 
factors K can be obtained from the wellknown relation¬ 
ships for orthotropic materials [8]. 





Figure 2. Kinematically admissible crack extension modes. 
Opening mode I, forward shear mode II and parallel shear 
mode III. 


3. ANALYSIS 

The following section introduces the expressions used to 
calculate the mode I and II energy release rate. Brief 
derivations are given and references are cited containing 
the full derivations. 

3.1 Transverse Crack Tension-Compression Test 

For the determination of mode II energy release rates 
unidirectional test specimens were used whose central 
plies, in accordance with figure 3, were separated prior 
to curing. Such laminates are referred to as [0„, the 
slash indicating the cut. 


40 mm 



Figure 3. TCT-Test specimen with central separated plies 
and delaminations, emanating from the transverse crack 
tips, shown as ultrasonic-C-scan of a [0 2 , 0 2 3 j -laminatc. 

In the course of tension cyclic loading a lateral crack 
developed in the area of the separations from which two 
partial delaminalions initiated at each of the interfaces of 
the separated and the continuous plies. To prevent con¬ 
tact between the separated plies during compression 
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phase of tension-compression tests, specimens with gap 
were used, see figure 3. Such laminates are referred to 

COL. 0m*],- 

The two delaminations which were observed at specimen 
edges by a microscope, grew at approximate uniform 
growth rate, but the positions of the four delaminalion 
fronts are shifted by some mm. After predetermined cycle 
numbers extent of dclaminations was recorded by 
C-scans (examples of which are given in figure 3), by 
X-ray examinations or by grid reflection method. 

During cyclic loading load P and displacement <5 were 
continually registered, so that a clear connection between 
the size of delamination, a , and the corresponding com¬ 
pliance C could be established in the form of 


C 



L 

E • F 


u+t-t]’ 



where P denotes the load, L the specimen reference 
length, E the initial stiffness of the test specimen separated 
plies and F= b • t the cross section, t — t s + 2t c signifies 
the total thickness, the thickness of separated and t c the 
thickness of continuous plies. 



Figure 4. Specimen compliance C as a function of dclatni- 
nation crack length (equation 3). 


Figure 4 shows strong relation of the specimen compli¬ 
ance C as a function of dclamination length a. The initial 
compliance C 0 = 6/P = LjE • F at a = 0 has to be meas¬ 
ured during the first loading afler formation of the trans¬ 
verse crack and prior to initiation of delaminations. Dif¬ 
ferentiating equation (3) with respect to delamination 
length a and introducing (1) the total energy release rate 
assumes the simple form 



P 2 c o 
4 b ' L ' t c ■ 



The individual contributions of Gj and G u are not readily 
separable. A numerical approximation is possible by a 
finite element approach, which allows, by appropriate 
coupling of elements, the introduction of either a mode I 
or a mode II displacement and the simultaneous sup¬ 
pression of the other. Figure 5 shows, that energy release 
rale Gj is about 1% of Gjj and therefore negligible. The 
energy release rate G n calculated by finite elements com¬ 
pare very favorable with die result of equation (4). 
Therefore die maximum cyclic energy release rate for 
mode II in TCT- or TCTC-test yields 


G IImax ~ 


rL* c o t, 

46 ' L ■ t e ‘ 



In this equation the G Ilmax and P m9X can be replaced by 
Gj jc and P c respectively for the critical value of static 
mode II delaminalion growth, above which the growth 
rate is unstable, or replaced by G U(h and P fh for a mini¬ 


mum threshold for cyclic loading, below which the 
delaminadon do not develop. 



Figure 5. Results of finite element energy release rate 
calculations for G) and G u of TCT-tcst specimen. 


3.2 End-Notched Flexure Test 


An analysis simular to that for TCT was adopted for the 
ENF specimen, for which the compliance can be 
expressed as [10] 


C = 





a 3 + 


a- 



The constants <x t and a 2 can be found by plotdng exper¬ 
imental values of C versus a 3 . Classical beam theory gives 
values of a, = 1/(4 El) and a 2 = L 3 /(6£7). 


Differentiating equation (6) with respect to delaminadon 
length a and subsdtudng into equadon (1), yields the 
maximum energy release rate for ENF specimen as 


^Umax 


37 > max g l g2 

2b 


2bC 2 




Figure f>. End-notched flexure test specimen. 


3.3 Double Cantilever Beam Test 

The compliance C of the DCB specimen can be shown 
[7] to be equal to a power law function of the delami¬ 
nadon Iengdi a of the form 

C = ^-=/?,./, (8) 

where 6 is the displacement of the specimen at the point 
of load applicadon, P is the applied load, and /? and /?] 
are constants found by plotdng experimenCal values of log 
C versus logfl. Classical beam theory expression would 
give values of /? = 3 and /?, = 2/(3£Y). However beam 
theory makes several assumpdons that may not be true 
in experimental tesdng. Therefore the experimental and 
theoretical values of /? and /?] may differ. The values /? 
and /?j of stadc tests were used as an approximadon to 
those determined in cyclic tests. It was assumed that any 
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variations in the values of /? and /?j between static and 
cyclic testing would be small. 



Figure 7. Double cantilever beam test specimen. 


Differentiating equation (8) to a yields 

= (9) 

Substituting equations (9) and (8) into equation (1) yields 
the maximum cyclic energy release rate as 


T lmax 


P * An ax * ^max 

2 ba 


( 10 ) 


4. TESTS AND RESULTS 

In order to determine the delamination growth rate 
dajdN constant displacement amplitude tests for ENF- 
and DCB-specimens and cyclic shedding or block load 
TCT- and TCTC-tests with increasing and decreasing 
amplitudes were conducted. The test specimens made of 
T300/914C and M40/Code69 material were precondi¬ 
tioned at environmental conditions of the laboratory with 
a temperature of 20°C and 40% relative humidity. 


4.1 TCT- and TCTC-Tests 


Tests run with a load amplitude frequency of 10 \\z and 
a stress ratio of R = 0.1 (or R = — 1 for FCTC-lests). 
Test results of both materials are depicted in figure 8 for 
a stress ratio of R = 0.1. 



Maximum cyclic energy release rate G Wm „ f W/m] 

Figure 8. Dclamination growth rate dajdN versus maxi¬ 
mum energy release rate G JImax for TCT-Tests. 

A logarithmic linear relationship between the delami¬ 
nation (crack front) growth rate dajdN and the energy 
release rate Gjj max in the range of stable delamination 
growth was observed, see cqu. (12) 


da _ 
dN ~ C 


r n 

°Umax * 


(H) 


A straight line was obtained by least squares fit of the 
data points between dajdN — 2 • 10 -6 and 
dajdN = 3 • 10~ 3 mm / cycle. The comparison of results 
from block cyclic loading tests with [0 2 , 0 2 ] y -specimens 
and from load shedding fatigue tests with [0 4 , 0 4 3/speci- 
mens indicates that the delamination growth rate dajdN 
is not influenced by the specimen thickness and by 
increasing or decreasing load amplitudes. 

The complete characterization of cyclic delamination of 
composites must include the threshold Gjj^ below which 
the delamination does not develop, the delaminalion- 
growth rate and a critical value of Gjj c above which die 
growth rale is unstable. TCT-tests are relatively simple 
and should be considered for the characterization of 
toughness sensitivity of fiber-reinforced resin systems in 
general. The constants of the power law relationship of 
equation (11) are shown in table 2. 


symbol 

dim. 

914C/T300 

M40/Code69 

c 

1) 

3.774 10" 14 

5.050 10" 23 

n 

- 

4.344 

8.721 

G llth 

N / m 

60 

80 

G llc 

N / m 

500 

230 


Table 2. Comparison of constants for mode II cyclic frac¬ 
ture toughness. Constant c and exponent n, equ. (11). 

1) dimension of c: [( mjN) n • mmf load cycle'] 

In corresponding TCTC-tests with a stress ratio of 
R =r — 1 ultimate failure of the lest specimens was caused 
by buckling of the delaminated sections during com¬ 
pression load cycle at critical buckling state (CBS). In a 
number of tests load cycling was terminated at various 
cycle numbers before failure and residual static com¬ 
pression strength was recorded. According to figure 9 
linear relationship was found between the length of 
delamination a and the compressive strength (static or 
cyclic loading) of the test specimens. The solid lines in 
figure 9 represents the theoretically computed buckling 
strength (see equation (15)) of simply supported delami¬ 
nated orlhotropic plates [11]. The test results fit the 
experimental data quite well. 



60 


60 


40 


20 


0 



Figure 9. Residual compressive strength versus delami¬ 
nation length. Stacking order [0 2 , 0 2 ] and [0 4l 0 4 ] s . Lines 
show the theoretical buckling strength of the simply supported 
plate. 

9 

4.2 ENF-Tcsts 

The results for ENF-cyclic delamination growth at dis¬ 
placement ratio R = 0.1 are shown in figure 10 and 
compared with results of TCT- Tests. A straight line was 
obtained by least squares fit of the data points between 
dajdN - 2 • 10“ 6 and dajdN = 2 • 10" 2 mm / cycle. The 
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constants of the power law relationship derived with 
equation (11) and the threshold and the critical energy 
release rate are listed in table 2. The scatter of results is 
very small and TCT-lest results compare very well with 
conventional mode II ENF-tests as can be seen in figure 
10 . 


[mm/Load cycle] G J(C 



Maximum cyclic energy release rate [N/m] 

Figure 10. Delamination growth rate dajdN versus maxi¬ 
mum cyclic energy release rate G Um1X for ENF- and 
TCT-tests. 

4.3 DCB-Tcsts 

The results of DCB mode I dclamination growth at dis¬ 
placement ratio of # = 0.1 are shown in figure 11. A 
straight line was obtained by least squares fit of the data 
points between da/dN = 1 • 10“ 6 and dajdN — 2 • 10~ 4 
mm / cycle. The constants of the power law relationship 
of equation fll) are shown in table 3 for T300/914C and 
M 40/Code 69. 


symbol 

dim. 

914C/T300 

M40/Code69 

c 

1) 

3.608 10" 26 

2.321 10~ 50 

n 

- 

10.610 

28.037 

G tth 

N / m 

68 

36 

G lc 

N/m 

140 

48 


Table 3. Comparison of constants for DCB mode I cyclic 
fracture toughness. Constant c and exponent n , equ. (11). 

1) dimension of c: [( mfN) n ■ mm I load cycle'] 


f mm/toaefcyc/ej 



Figure 11. Delamination growth rate dajdN versus maxi¬ 
mum energy release rate G Jmax for DCB-tcsts. 


mechanics [12]. By distinguishing between the mean val¬ 
ues of the growth components a ( and b ( in the x- and y- 
directions of the t' A -ply, the approximate size of the 
delaminated area b, is governed by the equation, 

[4], 


dA t 


dN 


r = c = c ■ • a, 


m 


( 12 ) 


where G imox is the amplitude of total energy release rate 
and e the stress <r induced strain; c, c, n and w are 
experimentally determined values. For delaminalion 
growth with b { = const , the area A,- in the preceding 
equation can be replaced by a • b. Upon integration and 
substitution of the limits for N — 0 with a — Oq, a cycle 
number N s for damage S and a cycle number N B for cri¬ 
tical buckling state (CBS) can be obtained, which corre¬ 
sponds to a delamination length a s and a B respectively, 
[4]: 


N s = 

a S *0 

(13) 

(l-m).c.(r" 

to 

11 

(I — m)_ (l -m) 

a B - a Q 

(14) 

(1 — m) • c • <r" 


Buckling of a delaminated section, or of die complete 
laminate, occurs when the delaminated area of the plies 
reaches a critical buckling dimension. Because of the 
complexity of the issue a precise assessment of the buck¬ 
ling load is not feasible, but die possibility of an approxi¬ 
mation will be demonstrated by an example. Assuming 
an internal delamination of length a and width b the crit¬ 
ical buckling load Pb, and therefor the critical delamia- 
don length a B , is 


p b = k 


2 n 
n D 


11 


* 


— <T D * / 


B * l d * 


a B — 1 2.69 


it 2 D 


11 


B 


(15) 


P* B = <s B * t d is the load intensity per unit width, Z) n the 
bending stiffness, and t d the thickness of the delaminated 
section. K B is the buckling factor, figure 12, which 
depends on the aspect ratio ajby the boundary conditions 
and the stiffness properties of the delaminated sections. 
a B follows on the minimum value of K B = 0.83 for the 
aspect ratio of a B jb — 1.8. 



•/i> 


p } 



<D, ■» Bending stiffness 
of delaminated section 


5. FATIGUE LIFE 

The description of delaminadon growth in cyclically 
loaded unidirectional and multidirectional laminates may 
be based on formulations used in classical fracture 


Figure 12. Critical buckling load of separated plies. 

This model has been applied successfully for the esti¬ 
mation of residual strength and load cycles to failure of 
delaminated TCTC-specimens. To facilitate the compar¬ 
ison with residual strength tests results of multidirectional 
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’ V ' 

laminates the following dimensionless formulation is 
introduced [4], for damage -5* 



and 



1 - m 

frcofrcrJ 2 - 1 

I - m 

( <T co/ <T '/) 2 “I 


(17) 


where < 7 ^ is the initial and <r cres the residual compressive 
strength, respectively, o - / is the lower compressive stress 
of cyclic loading. As the number of test results is as yet 
scant, / • (N s jN B ) = (N s IN B ) n was introduced as a poten¬ 
tial function. The associated scatter range and curves of 
equal survival probabilities P s = 90% , 50% and 10% 
for the damage stale S are shown in figure 14. 
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Figure 13. S - N - curve for fatigued graphite/epoxy spec¬ 
imens. T900/314C, /? a* — 1, multidirectional stacking order of 
[0 2 , + 45, 0* - 45, 0, 90] f . 



Figure 14. Damage state S of delaminated multidirectional 
laminates versus load cycle ratio N S IN B . 


6. SUMMARY 

Analytical and experimental investigations on unidirec¬ 
tional CFRP specimens with transverse separations of 
central plies (TCT- and TCTC-tests) for characterization 
of mode II delamination fracture in CFRP were 
reviewed. Cyclic double cantilever beam (DCB) and end 
notched flexure (ENF) tests were conducted. Delami¬ 
nation growth rates and corresponding cyclic energy 
release rates were measured. 


A model for estimation of fatigue life based on mode II 
cyclic energy release rate was developed, which include 
buckling failure in cyclic tension-compression loading and 
which was used for approximate calculation of multidi¬ 
rectional laminates damage state and residual compres¬ 
sive strength. 
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ABSTRACT 


Fatigue is a primary risk of failure for metallic structural and 
mechanical components which respond dynamically to 
random loading, oscillatory stresses producing fatigue at 
"hot spots". 

However an engineering description of fatigue behavior is 
complicated because the fatigue process consists in two 
phases (crack initiation and propagation), there is 
substantial variability in failure data even in well 
controlled experiments, and stress processes are often very 
complicated. 

The goal of this study is to propose a classification of the 
high cycle fatigue design procedures for a structural 
component subjected to a stationary random stress process 
which in general can be wide band. We describ different 
methods to estimate the fatigue life time of structures 
including threshold and mean stress effects. 

Such procedures could be useful in design of components for 
motor cars, aerospace vehicles, offshore platforms, ... 

Keywords : Fatigue, Damage, Random Process. 


1. INTRODUCTION 

Fatigue can be defined as "the process of progressive 
localized permanent structural change and microcracks 
occuring in a material subjected to conditions which 
produce fluctuating stresses and strains at some points and 
which may culminate in crack after a sufficient number of 
fluctuations". It is a complex phenomenon depending upon 
many parameters such as mean stress, high temperature, 
multiaxial loading, environment,... 

The need to consider fatigue damage in the design of 
structural components arises when the in service loading 
conditions involve cyclic or fluctuating conditions. 
Typical examples are : 

for nuclear power plants : flow induced vibrations, cyclic 
thermal stress internal, pressure variations in pipe line, 
earthquakes,... 

. for off-shore structures : wind, ocean wave loading,... 

. for automotive and flight vehicles: pression variations, 
vibrations induced by turbulent flow,... 

Metal fatigue under such irregular loading is a principal risk 
of failure of components. Several methods of random 
fatigue analysis have been proposed in the litterature, 
depending upon the domaine of application, of the physical 
phenomena taken into account, of the input required,... 

The general goal of this study is to propose a classification 
of these methods with their assumptions and their domains 


of applicability. We have performed, on typical examples, 
some of its and analysed the results. 


2. DESCRIPTIONS OF THE PROBLEM AND 
GENERAL ASSUMPTIONS 


2 . 1 . 


A fatigue resistance to total strain cycling is expressed as a 
function of its elastic and plastic resistance. The magnitude 
of the plastic strain in the high cycle fatigue life can be 
neglected. Transition fatigue life of metals is usually found 
to be in the vicinity of 10000 cycles. We considerer in this 
study only high cycle fatigue where elastic strains dominate 
and control the life time of the component. 


High cycle fatigue life is mainly influenced by the 
following parameters : 

Sequence : the sequence effect is described in fig. 1. For the 
high-low sequence, a crack can be initiated by the high 
level and then failure occures after a few cycles at the low 
level. For the low high sequence application of the large 
number of cycles at the low level does not significantly 
affect the number of cycles required for failure at the higher 
level. Therefore, the sequence has a significant effect on the 
crack initiation life. 



Y-^< 

Nf 


Y^-> 

^ Nf 


Fig.l : Sequence effect 

Mean stresses : for cyclic stress strain histories where mean 
stresses are large relative to the fluctuating stress, fatigue 
life cannot be adequately predicted without considering 
mean stress effects. Tensile mean stress shortens the 
fatigue life and a compressive mean stress prolongs it. 


Proc. Internal. Conf.: ‘Spacecraft Structures and Mechanical Testing \ Noordwijk , The Netherlands, 
24-26 April 1991 (ESA SP-321, October 1991) 
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2.3. Formulation of fatigue damage laws 

All the different fatigue laws in the litterature can be 
included in the scope of the continuum damage mechanics 
developped by Lemaitre Chaboche (ref 1 2). 

A damage variable is defined by : 

D = (S - S) / S (1) 

S : overall section area of a volume element defined by the 
normal n 

S : effective resisting area 
D = 0 corresponds to the undammaged element 
D = Dc corresponds to the rupture of the element 

Assuming an isotropic behavior the damage is caracterized 
by a scalar variable : D. 

Using a thermodynamic potential theory, we can include in 
the same formalism many models of damage (brittle, 
ductile, plastic damage, creep, .... For each particular case 
of damage, a constitutive equation and its identification 
from experiments is given by (refs 1). An interaction effect 
between different kinds of damage can be formulated. 

For high cycle fatigue damage a general constitutive 
equation can be written : 

8d = f (D, ct m , o, ...) 8N (2) 

where Gm is the maximum tensile stress and G the mean 
stress over one cycle. 

The number of cycles to failure is obtained from integration 


N = 0 


N = Nr <- 


-> D = 0 


D = Dc 


If we assume that: 

f(D,a M ,a, ...) = fl (D)*f2 (gm,g...) (3) 

We obtain the linear cumulative fatigue damage law as in 
the Palmgren Miner law. 


2.4. 


The fatigue behavior of the material can be described by the 
Whoelher's curve which is generally assumed to be of the 
piecewise form : 

N R (A<jf = K (4) 

where Ag is the stress amplitude. Nr cycles to failure, m 
and K are empirical constants obtained from fatigue 
experiments. We assume the values of m and K are known. 
The scatter of the experimental data to determine these 
values is not taken into account in this study. 

Mathematical models have been proposed to estimate the 
effect of mean stress G on fatigue strength. For example, 
Goodman model is based on the following relationship : 

Ag(N) = [ 1 - o/o j AOeqCN) (5) 

Ou is the ultimate tensile strength 


AOcq the equivalent stress range that would cause failure 
for a zero mean stress expressed as a function of cycles N. 

If the mean stress varies significantly, the mean stress of 
each cycle must be conveniently determined. 

Assuming linear cumulative law, we can write the 
constitutive behavior law for high cycle fatigue using (3) 
as : 

8D = ° M ' g ‘M withB(o) = B„(l -bo) 

5N o«-Om LB(o)J (6) 


where: 


Cj(G) = G + Gio(l - bo) 


Oi is the fatigue limit 

Om is the maximum stress over one cycle 

The coefficients b, B, Bo, Oio can be identified using 
classical Woelher’s curves. 


Assuming the Palmgren Miner hypothesis, the cumulative 
damage D is defined as : 

D=]T ni/Ni ( 7 ) 

i 

ni : number of cycles of the process at stress amplitude AOi 
Ni: number of cycles at stress amplitude Ao^ to cause failure 

According to this hypothesis, failure occurs when D = 1. 
We don't consider the statistical variability on the critical 
value of the cumulative damage at failure. 

For continuous systems, D can be expressed by : 


D=N 

Jo 


fe(Si)dSi 

Ni 


Ni: number of cycles at stress amplitude AOi to cause failure 
fs (AOi) : probability density function of stress AOi 

For the purpose of fatigue prediction, it is assumed that a 
non stationnary random process o(t) can be described by a 
sequence of k stationnary processes. We consider below 
only stationnary processes which can be described by one 
of the following input : 

1/ Power spectral density function associated with a zero 
mean process The mean of the process F* can be given 
separately, but not the mean of each cycle. 

2/ Probability distribution of peaks 
3/ Probability distribution of stress ranges. 

Using one of the input mentioned above, for computing a 
life time evaluation of the component, we must obtain 
previously a probability distribution of stress ranges. We 
describe below the approaches using a power spectral 
density. 


3. RANDOM APPROACH USING A POWER 
SPECTRAL DENSITY FUNCTION OF A 
GAUSSIAN PROCESS 

Knowing the power spectral density function of the 
process, we can compute easily (refs 3) : 

- the k th moment of spectral density function : rcik 
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- the root mean square value : s 

- the expected rate of zero crossings with positive slope : vj 

- the expected rate of peaks : v m 

- the irregularity factor : a 

- the spectral width parameter : e 

3-1. Probability density fun ction of peak stress 

The probability density function of peaks is given by the 
following formula : 

f(x) = —£—exp[-x 2 /2 £ 2 s 2 ] + [ 1 +erf[xa/EsV2]] exp [-x 2 /2s 2 ] 

VTn s 2s 2 

(9) 

Where erf [x] is the Gaussian error function (refs 4). 

Note that this function reduces to a Rayleigh density for a 

narrow band process with a = 1 and to a Gaussian density 

for a broad band process with a = 0. 

3*2. Probability density function of stress range 

A probability distribution for stress ranges of a broad 
banded stress can be obtained from the distribution of peaks 
if the following assumptions are made : 

. The stress process is assumed to be symmetric. The 
number of local maxima below the mean level are assumed 
equal to the number of local minima above the mean level, 

. All the stress peaks, both above and below the mean level 
are counted. A local maxima above the mean is paired with 
a local minima below the mean of approximatively the 
same amplitude to form a stress cycle regardless of the 
position of these maxima and minima in the time history. 
This means that all cycle interaction effects are neglected. 

. Local maxima below the mean are also assumed to be 
equally damaging. Based on these assumptions, a 
probability density function for stress range can be 
obtained from the density function of the peaks by putting 
x = Ag/ 2 where A a is the stress range. 

4. RANDOM VIBRATION APPROACH USING A 
POWER SPECTRAL DENSITY FUNCTION OF A 
NON GAUSSIAN PROCESS 

When the stress histories follow other process than a 
stationnary Gaussian process and/or we wish to take into 
account the effect of the mean stress of each cycle, the 
probability density function of peak stress cannot be easily 
derived. The use of a cycle counting method on cyclic 
strain/stress histories overcomes this problem. One of the 
disavantages of using this method is that it requires an 
enormous amount of stress/strain history data to obtain a 
reliable high cycle fatigue life prediction. To overcome this 
problem, a typical stress/strain history data block is 
estimated, then this typical block is assumed to repeat 
itself to permit calculation of longer fatigue lives. 

Using a power spectral density function of the process the 
two steps of this method are the following ones : 

. 1 simulation of a time history X(t) 

For a given spectral density function, a sample of X(t) is 
simulated using : 


The purpose of cycle counting method is to reduce time 
history to a counting of constant amplitude cycles. The 
most popular method is the rainflow method (refs 5) fig(2). 
We can obtain, for a given sample, a number of cycles 
associated to an amplitude and a mean value. Then, it is 
possible to group all the stress cycles of different stress 
range magnitudes into a discrete number of blocks and 
build a numerical approximation of the probability density 
function of peaks. 



Fig. 2 : example of rainflow method 

5. DETERMINATION OF THE LIFE TIME 

Assuming Miner's rule and the basic fatigue curve is 
NAg™ = K, the fatigue damage becomes : 

D = nAa /K (11) 

in which n is the total number of cycles 
A<?°is the mean value of A cf° 

5.1. Gaussian process 


X(t) = ]T V 2G((0i)Aa)iCos (m + 0 j) ©m = £ Act* 

i=l i=i 

0 < ax < com (10) 

where ^ is a random phase angle, uniformly distributed in 
[0, 2tt] 

. 2 cycle counting method. 


For a narrow band process, fatigue cycles are easily 
identified and analytical solutions are available. The 
damage is given by : 

EU = N(2V2 s)T(my2+l)/K (12) 


where T is the Gamma function 




106 



For wide band process, we can define an equivalent number 

of cycles Neq and an equivalent stress which produce the 
same damage as the actual process : 

D = NeqoSJ/K ( 13 ) 


A cycle is defined as the range between two peaks in the 
actual process and knowning the average frequency of peaks 
v m , the equivalent number of cycles for a duration t is given 
by : 

Neq s v m t (14) 


Using the stress range density function an equivalent stress 
range is given by : 


o^Eto-iN 


J o™ f(o) da 


(15) 


In general case numerical integration is need to estimate the 
equivalent stress range. 

Some authors have proposed, in this case, approximate 
solutions to take into account the bandwidth of the process 
(refs 6 - 7). 


The mean stress effect can be taken into account using 
Goodman model. If we wish to take into account a threshold 
effect as endurance limit we generalize (15) by : 

< = E[s“] = 

In the case of a narrow band process and for a Woehler curve 
as described in fig (3) the damage is given by : 

EU = N (2 V2 s Y r(l+m/2, ao 2 /2 s 2 ) / K ( 17 ) 


cF f(o) da 




(16) 


where T(x,y) is the incomplete gamma function. 
In the other case, numerical integration is need. 



Log N 


Fig. 3 : Woelher's curve with endurance limit 


5.2. Block loadi ng approach 

For a particular stress time history, this approach consists 
in grouping all the stress cycles of different stress range 
magnitudes into a discrete number of blocks. The stress 
cycles in each block are all assumed to be of constant 
amplitude. Thus the actual variable amplitude loading is 
reduced to an equivalent block loading. Let be L blocks each 

of width ds and constant amplitude stress range cl, 
o2,...cL. 

In the case of Gaussian process, using the probability 
density function of stress range, the probability pi of a 

stress cycle of range al and the number of stress cycles nl in 


the 1 th block out of a total of N(t) cycles in the duration t 
can be obtained as : 


pi — f (ol)da 
nl = pi N(t) 

Then the expected cumulative loading 
obtained as : 


N(i) 

I Oi 1 


m 


Li=l 


L 


= X P 1 VmtOP 
1=1 


due to all blocks is 


In the other case we can compute the number of cycles at 
failure using equation (7). 

The incorporation of threshold effects into the equivalent 
block loading approach is straight forward. Since each 
block of loading have stress cycles of constant amplitude, a 
block 1 cause a fatigue damage if the stress range is greater 
than the threshold value. 

5.3. Non linear cumulative law 

If we wish to use a nonlinear cumulative law and take into 
account sequence effect, we must simulate, by drawing lots, 
several samples of the process (Monte Carlo Simulation). 
Knowing the probability density function of peak stress, 
we generate a sample of the process by a random variable so 
as to define a sequence order of peaks. On each sample we 
use equation(2) with the appropriate behavior law to 
estimate damage of this sample. We repeat, for several 
samples, the same procedure, and provide an estimated 
value of the damage. 



6. CONCLUSIONS 

We have described available methods for hight cycle fatigue 
life estimation with its assumptions and validity domains. 
All these methods can be formulated using continuous 
damage formalism. A tentative classification can be 
obtained in respect to : 

- available input data of the process 

- probabilistic assumptions of the process 

- fatigue behavior law taken into account. 

We have summarized the main results below : 
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INPUT DATA 

POWER SPECTRAL DENSITY 

PROBABILITY DENSITY 
FUNCTION OF PEAKS 

Probabilistic 

Assumptions 

Gaussian Process 

Other 

Gaussian Other 

Computation 

Bandwidth 

Simulation of 
x(t) 

+ Rainflow 

Simulation of one Sample 

Fatigue law 

Linear cumulative law + 
Wohler's curve + endurance 
limit 

Narrow Band 

Wide Band 

Block loading approach 
(one sample of the process 

Analytical 

Equivalent Stress 
range approach 

semi-analytical 
formulation or 
numerical 
integration 

Non linear cumulative law 
Sequence effect 

Coupling with other 
mechanical phenomena 


. Monte Carlo simulation of samples 

+ 

Block loading approach for each samples 

+ 

Expected value of damage 

Results 
(mean values) 

Time life duration 

Number of cycles at 
failure 

Time life Number of 

duration cycle at failure 
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ABSTRACT 

The design evolution of Space Shuttle payloads to be launched 
requires structural analyses and testing, based on Shuttle load 
environments, to ensure flight safety and mission success. The 
adequacy of predicted load environments is continually assessed 
against flight- and ground-measured data. The Space Shuttle 
Program has utilized extensive flight measurements to assess 
payload-bay environments. As part of the Orbital Flight Test 
Program on STS-1 through STS-5, the orbiter Columbia was 
equipped with a broad range of instrumentation, including ac¬ 
celerometers and microphones in the payload bay. The orbiter 
Challenger was equipped with payload-bay measurement systems 
on six of its flights, and the orbiter Discovery has been similarly 
instrumented beginning with STS-26. The payload-bay data, 
along with other measurements recorded on these flights, are 
compared to design load requirements for payloads, and updates 
are made as necessary. 


1. THE SPACE TRANSPORTATION SYSTEM 

The U. S. Space Transportation System (STS) is currently 
composed of the Space Shuttle, the European-developed Spacelab 
experiment and research laboratory, and upper stages. The Space 
Shuttle vehicle is capable of delivering payloads to low Earth 
orbit. Upper stages are designed to deliver spacecraft from low 
Earth orbit to geosynchronous orbit or to planetary flight. Space 
Shuttle facilities located at the NASA John F. Kennedy Space 
Center in Florida include orbiter and payload processing facili¬ 
ties, the vehicle assembly building, and two launch pads. 

The Space Shuttle launch vehicle is composed of four principal 
structural elements (Fig. 1): two solid rocket boosters (SRB), the 
orbiter, and an external tank (ET) that provides liquid hydrogen 
and oxygen to the Space Shuttle main engines (S SME). The solid 
rocket boosters and the orbiter are reusable. The primary loading 
events in the Shuttle mission are lift-off, maximum dynamic 
pressure (high-q) boost, solid rocket booster staging at ap¬ 
proximately 120 seconds into the mission, maximum accelera¬ 
tion, SSME end-bum and external-tank staging, orbit operations, 
entry, and landing. 

The orbiter fleet consists of three orbiter vehicles (OV’s), Co¬ 
lumbia (OV-102), Discovery (O V-103), and Atlantis (OV-104), 
withEndeavor (OV-105) planned to be operational in 1992. The 
orbiter payload bay offers a 4.6- by 18.3-m cylindrical envelope 
to accommodate payloads. 


2. PAYLOAD LOADS 

For payload structural design, the Space Shuttle loading is 
characterized by dynamic and quasi-static load conditions. Lift¬ 
off and landing, which produce significant dynamic response of 


payloads, require dynamic analysis to accurately define payload 
loads. Other mission events such as maximum acceleration (g), 
high-q, staging, gust loads, and pitch and yaw maneuvers result 
in small dynamic responses that are analyzed statically. Pay- 
loads that are deployed or otherwise change configuration in 
orbit may also be sensitive to dynamic excitations, including 
control systems, crew motion, and equipment operation. The 
effects of orbiter distortion caused by aerodynamic and thermal 
loads are also analyzed statically. 

The Space Shuttle payload loads and analyses responsibilities 
are documented in the Payload Integration Plan (PIP). A Shuttle/ 
payload-unique interface control document (ICD) documents 
and controls individual payload mechanical and environmental 
interfaces with the Shuttle. These unique Shuttle/payload ICDs 
generally refer to NSTS 07700, Volume XIV, Attachment 1, 
Shuttle Orbiter/Cargo Standard Interfaces, often referred to as 
the core ICD and to NSTS-21000-IDD-SML, Small Payload 
Accommodations. These document the payload dynamic rave- 
lope, attachment locations, preliminary design load factors, and 
interface allowable loads. Prior to flight, NASA provides a final 
Shuttle/payload dynamic and quasi-static verification loads 
analysis using test-verified payload dynamic math models. 

The dynamic loads analyses approach used to determine Shuttle 
payload lift-off and landing loads can be accomplished in two 
phases: math model development and response analysis. The 
math model development consists of generating a Shuttle model 
with the required payload attachment locations, combining the 



Figure 1: The Space Shuttle vehicle. 


Proc. Internal. Ccnf.: ‘Spacecraft Structures and Mechanical Testing Noordwijk, The Netherlands, 
24-26 April 1991 (ESA SP-321 , October 1991) 
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payload and Shuttle math models using component mode synthe¬ 
sis, and then converting the system model to amodal format. The 
Shuttle math models are generally developed in terms of free- 
free modes with residual flexibility for the payload interface or 
in terms of Craig-Bampton modes. The payload models are 
generally in the form of Craig-Bampton modes. In the response 
analysis, the Shuttle forcing functions are applied to the coupled 
model, and the responses of the coupled system are computed. 
The cargo element responses and loads are recovered from the 
coupled system responses. 

3. DYNAMIC MATH MODELS 

The orbiter dynamic math model is a condensed version of a large 
finite element model used to determine orbiter internal loads, 
deflections, and stresses. The model was reduced from over 
30,000 degrees-of-fireedom (DOF) to about 950 DOF, depending 
on payload manifest. The dynamic model of the ET has 159 DOF 
which are a mixture of physical and modal DOF. The liquid- 
oxygen tank of the ET, which represents most of the ET weight, 
is described with modal DOF. Each SRB dynamic model, which 
includes a representation of the SRB shell, is comprised of 141 
DOF that are a mixture of modal and physical coordinates. 

Extensive testing has been performed on the individual Shuttle 
elements and on the mated configuration. A modal test was 
conducted on the full-scale orbiter and on the full-scale, mated 
vehicle. Static test programs were conducted on the orbiter, ET, 
and SRB. In addition, a one-quarter scale model of die orbiter, 
ET, and SRB was used for modal tests of the individual elements 
and of the integrated vehicle. The integrated vehicle tests 
included various payload configurations. On the basis of the 
correlation of test data to math model data, the Shutde element 
models and the mated model are considered to be test-verified. 

Requirements for test verification of the payload models are 
contained inNSTS 14046B, Payload Verification Requirements. 
The payload developer is responsible for producing dynamic 
math models that adequately characterize the cargo element. 


4. LIFT-OFF ANALYSIS 

The Space Shuttle lift-off event commonly refers to the time 
period from SSME ignition through SRB ignition and several 
seconds beyond pad release. The lift-off is a highly transient load 
event that causes significant system dynamic responses. 
Therefore, payloadresponses and Shuttle/payload interface forces 
must be determined by coupled transient response analyses. The 
approach for the lift-off analysis includes two phases. In the first 
phase, the Shuttle vehicle model is attached to the mobile launch 
platform (MLP) model at the SRB holddown support posts. 
Cantilevered vehicle modes are used to calculate the restraining 
interface forces between the MLP and the SRB s up to the time of 
post release. These base interface forces and the applied loads, 
such as SRB and SSME thrust, overpressure, etc., constitute the 
lift-off forcing functions for payload specific lift-off analyses. In 
the second phase, these lift-off forcing functions are applied to 
the free-free, coupled Shuttle/payload model for calculation of 
payload responses. The standard payload lift-off analysis uses 
system modes that include frequencies up to 35 Hz. Payload 
analysis for frequencies above 35 Hz is generally performed 
using the Shuttle random vibration and acoustic environments. 
Additional information on Shuttle vehicle lift-off loads is pro¬ 
vided in references 1 through 3. 

4.1 Lift-off Forcing Functions . 

The lift-off forcing functions for Shuttle payloads consist of the 
applied loads due to winds and gusts, SSME thrust, SRB thrust, 
SRB internal pressure buildup, vehicle control system responses, 


SRB ignition overpressure, and the MLP reactions at the base of 
the SRBs. The parameters significant in developing the Shuttle 
lift-off forcing functions, in order of importance to payload 
loading, are SRB thrust buildup and thrust mismatch, SRB 
ignition overpressure, SSME thrust buildup, event timing, thrust 
misalignments, and ground winds. 

The SRB and SSME thrust buildup values are the worst two- 
sigma ignition transients. Multiple combinations of SRB thrust 
buildup are used for payload analysis. The SRB thrust differentials 
are added to obtain the unsymmetrical thrust. An SSME thrust 
buildup representing a two-sigma probability of occurrence, 
two-sigma variance from the mean timing levels is used for 
payload lift-off conditions. The lift-off conditions include the 
vehicle control system responses that affect the SSME and SRB 
gimbal angles. 

The SRB ignition overpressure forces are applied to DOFs 
representing external surface locations on the Shuttle. The SRB 
overpressure phenomenon occurs because the SRB exhaust 
interacts with the ambient air and exhaust ducts during the SRB 
ignition process. This results in an aerodynamic overpressure 
pulse that travels up the vehicle. The SRB ignition overpressure 
forces currently used for payload analysis is derived from flight 
data. 

From STS-6 through STS-51L, the same set of analytical lift-off 
load cases was used for preflight payload loads analyses. These 
environments were designated the L0933 series and consisted of 
10 cases which tended to maximize payload bay responses. 
These cases were a subset of more than200 cases used for Shuttle 
design loads analyses and were selected to reduce the compu¬ 
tational requirements for NASA, Rockwell, and payload devel¬ 
opers. These forcing functions are discussed in reference 4. 

In the post-STS-51L time period, a delta Design Certification 
Review (DCR) on the Shuttle system was conducted. This DCR 
activity involved reassessment and recertification of lift-off 
forcing functions and lift-off loads analyses. The Shuttle system 
was reverified to a revised set of 300 forcing functions. As in 
previous cycles, a subset of cases was selected for payload loads 
analyses. The revised set of 11 payload lift-off forcing function 
cases is referred to as the LR2000 series (Ref. 5). Two of the 
cases, 2165 and 2223, include supplemental forces which were 
added to encompass flight data at frequencies where 
undeipredictions existed. These supplemental forces are applied 
to the orbiter and represent corrections for forcing function and 
modeling deficiencies. 


5. FLIGHT DATA ASSESSMENT 

The Shuttle Program has utilized extensive instrumentation on 
multiple vehicles to measure environments for the purpose of 
evaluating the adequacy of STS models and forcing functions 
used in loads analyses. The data assessment consists of the 
comparison of peak responses and shock spectra from flight to 
flight and between flight and analytical design case predictions. 
Appropriate analytical updates are made to the models and 
forcing functions as required. Significant instrumentation was 
used on the early Columbia flights, subsequently on the Chal¬ 
lenger, and currently on the Discovery. 

5.1 Columbia Pavload-Bav Instrumentation . 

The primary data used to assess low-frequency accelerations in 
the orbiter Columbia payload bay during the Orbital Flight Tests 
(OFT) Program (STS-1 through -5) were nine low-frequency 
accelerometers (table 1). These accelerometers had a frequency 
response from 0 to 14 Hz which was flat within ± 2 percent of full- 
scale output, 3 dB down at 20 Hz, and rolling off at 18 dB/octave 
above 20 Hz. Two accelerometers were located in the crew 
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Table 1: OV-102 low frequency accelerometers locations. 


Description 

DOF 

X 

Location 

Y 

Z 

Crew Cabin 

Y 

513 

-3 

422 

Crew Cabin 

Z 

513 

-3 

422 

LHS Longeron 

Z 

823 

-100 

407 

RHS Longeron 

Z 

973 

100 

407 

LHS Longeron 

Z 

973 

-100 

407 

near Keel Longeron 

Y 

979 

+0 

305 

Aft Bulkhead 

X 

1294 

+3 

296 

Aft Bulkhead 

Y 

1294 

+3 

300 

Aft Bulkhead 

Z 

1294 

+3 

290 


cabin, two on the left longeron, one on the right longeron, and one 
in the keel area. The aft three were located near the 1307 
bulkhead below the payload-bay envelope. The output of these 
accelerometers was recorded at 100 samples per second. 

The OFT environments were also measured with the Dynamic, 
Acoustic, and Thermal Environments (DATE) payload bay 
instrumentation package. This package included low-frequency 
accelerometers on both the orbiter longerons and keel area as 
well as on the development flight instrumentation (DPI) pallet 
and mission-unique payload structures. The DATE data are 
presented in more detail in publications from the NASA Goddard 
Space Flight Center. 

5.2 OFT Lift-off Data Assessment . 

The maximum lift-off responses of the nine low-frequency 
accelerometers for the first five Shuttle flights are given in table 
2. The amplitudes for flights 2 through 5 were similar and well 
below the STS-1 levels because of the reduced overpressure. On 
STS-1, higher than expected orbiter responses occurred due to 
SRB ignition overpressure. The payload bay responses were 
high, as noted in table 2. To reduce this undesirable environment, 
launch pad modifications were made. A significantmodification 
was the addition of fabric troughs filled with water that covered 
the open area around the SRB base and thus blocked the SRB- 
ignition shock wave. Also, the water purge flow rate into the 
SRB exhaust duct was increased. These modifications were very 
effective in attenuating the overpressure effect as seen by the 
reduced responses of subsequent flights. The maximum re¬ 
sponse levels computed for the pre-STS-5 verification loads 
analyses using the L0933 forcing functions are also shown and 
are higher than flight levels. This difference between analyses 
and flight is due primarily to the nominal nature of flights 2 
through 5 as opposed to the design-type environments used in 
analyses to predict maximum expected loads. 

To illustrate flight-to-flight variability, shock spectra of the left 
longeronZflightresponses at station973 for flights 1 through 5 are 

Table 2: OV-102 Maximum accelerations for lift-off. 


•B 

o 

.§ 

Q 

Xo 

Station 

STS-1 

Oft Flight Data, G’s 
STS-2 STS-3 STS4 

STS-5 

STS-5 

Design 

Cases 

X 

1294 

2.10 

1.79 

1.91 

1.82 

1.87 

2.37 

Y 

513 

0.20 

0.27 

0.11 

0.19 

0.15 

0.83 

O 

979 

0.40 

0.16 

0.16 

0.14 

0.15 

0.30 

Y 

1294 

0.25 

0.13 

0.19 

0.08 

0.13 

0.33 

Z 

513 

3.5 

0.82 

0.91 

0.90 

0.90 

2.36 

Z 

823 

2.8 

0.74 

0.72 

0.84 

0.77 

1.37 

z 

973 

2.9 

0.60 

0.66 

0.70 

0.66 

1.72 

z 

973 

2.9 

0.52 

0.58 

0.72 

0.66 

1.84 

z 

1294 

1.25 

0.25 

0.25 

0.35 

0.32 

1.06 


compared in figure 2. Flight derived shock spectra were compared 
to analytical designcases for each flight. TheSTS-5 Z acceleration 
spectra at station 973 is shown in figure 3 and the Z acceleration 
spectra from the DATE package at station 1022 in figure 4. The 



Figure 2: Lift-off shock spectra for Z acceleration at X = 973 

for STS-1 through STS-5. 



Figure 3: STS-5 lift-off shock spectra of right longeron Z 
acceleration at X = 973 for L0933 cases and flight. 



Figure 4: STS-5 lift-off shock spectra of Z acceleration at 
X = 1022 for L0933 cases and flight. 
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analytical shock spectra encompass the flight data at all frequen¬ 
cies except in the 3-Hz range. The 3-Hz responses are caused by 
low-amplitude oscillations, which begin about 1 second after 
SRB ignition. These oscillations do not significantly affect 
maximum longeron accelerations but can be a contributor to 
payload loading for payloads with frequencies in this range. The 
limitation of accelerometer frequency response did not adequately 
measure responses from 15 to 35 Hz. The DATE measurement 
shows more flight response above 20 Hz due to its higher 
frequency sensing capability. A more complete discussion of the 
Columbia data is presented in references 5 through 7 and for 
DATE data in references 8 and 9. 

5.3 Challenger Pavload-Bav Instrumentation . 

The orbiter Challenger was instrumented with accelerometers 
and microphones to measure the payload-bay dynamic environ¬ 
ment. The 10 low-frequency accelerometers had a frequency 
response that was flat from 0 to 35 Hz and 3 dB down at 50 Hz. 
These response characteristics represented a significant im¬ 
provement in usefulness over the Columbia measurements for 
assessing payload bay load environments which axe analytically 
predicted from zero to 35 Hz. As shown in table 3, the accel¬ 
erometers were distributed along the payload bay with two left 
longeron X measurements, five left longeron Z, one mid-bay 
right longeron Z, one left longeron Y, and a keel Y. The output 
of these accelerometers was digitized at 500 samples per second. 
This Challenger instrumentation package flew on STS-41C, 
-41G, -5 IB, -51F, -61 A, and -51L. As in the case of Columbia, 
the measured data from each flight were compared to the analyti¬ 
cal design cases used in the payload verification loads cycles. 

5.4 Challenger Data Assessment . 

Maximum lift-off accelerations at each measurement location 
for each flight and shock spectra were used to assess the flight 
data. Results from the L0933 cases were used for design case 
comparison. To illustrate flight-to -flight repeatability, longeron 
X and Z acceleration shock spectra were derived from measured 
acceleration on each flight as shown in figures 5 and 6. Flight- 
to-analysis shock spectra of longeron accelerations comparisons 
generally demonstrated the adequate conservatism of L0933 
lift-off forcing functions at frequencies from 0 to 35 Hz (Ref. 10). 
However, on STS-51B and again on STS-51L, the mid-bay 
responses exceeded the L0933 design cases in the 15- to 27-Hz 
ranges. These exceedances implied that the design load cases 
used for payload design and for flight readiness verification were 
deficient in this frequency range and could possibly underpredict 
payload flight loads. To correct this deficiency, a revised set of 
lift-off forcing functions was developed, as previously discussed. 
The maximum lift-off accelerations from flight and from the 
LR2000 design analyses are shown in table 4. Generally, the Z 
axis g-levels are about twice the flight data. The analytical 
responses shock spectra of STS-5 IB and-51L for theL0933 and 
LR2000 forcing functions are shown in figures 7 and 8. The 
revised forcing functions encompassed the flight data. 


Table 3: OV-099 Low frequency accelerometer locations. 


Description DOF 


Location 

Y 


LHS, Longeron 

X 

878. 

-102.5 

407. 

LHS, Longeron 

Z 

878. 

-102.5 

407. 

LHS, Longeron 

z 

976. 

-102.5 

407. 

LHS, Longeron 

z 

1057. 

-97.5 

407. 

RHS, Longeron 

z 

878. 

102.5 

407. 

LHS, Longeron 

z 

1200. 

-97.5 

407. 

Keel 

Y 

880. 

0.0 

300. 

LHS Longeron 

X 

698. 

-102.5 

407. 

LHS Longeron 

Y 

698. 

-102.5 

407. 

LHS Longeron 

Z 

698. 

-102.5 

407. 


-STS-41C 

-STS-51B 

-STS-51F 

- SJS-SM 

-STS-61A 
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Figure 5: Lift-off shock spectra for X acceleration at 878 

for 099 flights. 
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Figure 6: Lift-off shock spectra for Z acceleration at 976 

for 099 flights. 


Table 4: OV-099 Maximum accelerations for lift-off, flight and design analyses (G’s). 


Direction 

X 

X 

Y 

Z 

Z 

Z-R 

Z 

Z 

Z 


Xo Station 

41C 

Fit Anal 

41G 

Fit Anal 

5 IB 

Fit Anal 

51F 

Fit Anal 

61A 

Fit Anal 

51L 

Fit Anal 

698 

1.90 

2.54 

2.00 

2.85 

2.03 

2.61 

1.96 

2.55 

2.01 

2.65 

1.96 

2.59 

878 

1.89 

2.53 


2.59 

2.02 

2.53 

1.99 

2.54 

2.12 

2.59 

1.91 

2.60 

698 

3.26 

2.46 

1.30 

3.86 

2.12 

2.86 

2.68 

3.63 

2.35 

3.42 

i 3.16 

3.36 

698 

0.82 

1.54 

0.84 

2.09 

0.89 

2.17 

0.96 

1.79 

0.87 

2.07 

0.92 

2.46 

878 

1.15 

2.07 

—.— 

2.07 

1.37 

2.94 

1.02 

2.65 

1.03 

2.97 

1.76 

2.50 

878 

1.15 

2.09 

— 

2.15 

1.37 

2.41 

1.38 

2.55 

1.02 

2.32 

1.71 

2.59 

976 

1.09 

2.27 

— 

2.20 

1.11 

2.53 

0.98 

3.02 

0.93 

2.66 

1.46 

2.98 

1057 

1.01 

2.05 

—— 

2.09 

1.23 

2.01 

1.43 

2.50 

0.83 

1.98 

1.10 

2.84 

1200 

.61 

1.84 

— 

1.65 

1.07 

1.81 

1.27 

2.28 

0.91 

1.73 

0.77 

2.48 










Shock Spectrum Acceleration, G’s ^ Shock Spectrum Acceleration, G’s 


115 



gure 7: STS 5 IB lift-off shock spectra of Z acceleration at 
X = 976 for L0933 and LR2000 cases and flight. 



Figure 8: STS 51-L lift-off shock spectra of Z acceleration at 
X = 976 for L0933 and LR2000 cases and flight. 


5.5 Discovery Pavload-Bav Instrumentation . 

Beginning with STS-26, the orbiter Discovery was instrumented 
with accelerometers and microphones to measure the payload- 
bay dynamic environment. The 13 low-frequency accelerom¬ 
eters have a frequency response which is flat to 35 Hz and 3 dB 
down at 50 Hz, similar in characteristics to those that were 
installed on Challenger. The location of the Discovery acceler¬ 
ometers is shown in table 5. Seven of the accelerometers are at 
similar locations to the Challenger measurements. 

5.6 Discovery Data Assessment . 

As in the case of previous flights, the measured data are com¬ 
pared to the analytical design cases used for verification loads 
cycles. Maximum accelerations from each flight are shown in 
table 6. The flight-to-flight variability of the Discovery data is 
illustrated by the shock spectra of Z responses at station 976 are 
shown in figure 9. Comparisons of the analytical response shock 
spectra and the LR2000 forcing functions have generally shown 
adequate, and at some frequencies, significant conservatism over 
flight data. The longeron shock spectra for Z axes accelerations 
at 976 on STS-41 show similar frequency domain trends in both 
flight data and analytical shock spectra (Fig. 10). On STS-31, 
there was a slight exceedance of analytical shock spectra by 
flight data at station 1029 (Fig. 11) in the 13-14 Hz frequency 
range. The Y and Z responses in the forward-bay area are quite 
conservative at most frequencies but are about equal to flight data 
at some frequencies, such as 15 Hz on some gages. The aft-bay 
responses are generally quite conservative, withstanding the 
responses in the 9-Hz range at some locations. 


Table 5: OV-103 Low frequency accelerometer locations. 


Description 

DOF 

X 

Location 

Y 

Z 

LHS, Longeron 

Z 

878. 

-102.5 

407. 

LHS, Longeron 

X 

1029. 

-102.5 

407. 

LHS, Longeron 

z 

1029. 

-102.5 

407. 

LHS, Longeron 

z 

1207. 

-97.5 

407. 

RHS, Longeron 

X 

878. 

102.5 

407. 

RHS, Longeron 

z 

878. 

102.5 

407. 

LHS, Longeron 

z 

976. 

-102.5 

407. 

Keel 

X 

919. 

0 . 

305. 

RHS, Longeron 

X 

1029. 

102.5 

407, 

LHS Longeron 

X 

878. 

-102.5 

407. 

LHS Longeron 

Y 

701. 

-102.5 

407. 

LHS Longeron 

Z 

701. 

-102.5 

407. 

RHS, Longeron 

z 

1029. 

97.5 

407. 


Table 6: 0V-103 Maximum accelerations for lift-off, flight and design analyses (G’s). 


Direction 

X 0 Station 

STS-26 

Flight Analysis 

STS-29 

Flight Analysis 

STS-33 

Flight Analysis 

STS-31 

Flight Analysis 

STS41 

Flight Analysis 

Y 

701 

3.10 

4.65 

3.78 

4.50 

3.89 

4.52 

3.03 

2.79 

3.35 

7.06 

Z 

701 

1.22 

2.98 

0.95 

2.73 

1.04 

2.63 

1.08 

2.63 

1.14 

2.80 

X 

878 

1.99 

2.89 

2.16 

2.78 

1.97 

2.61 

1.94 

2.70 

1.97 

3.30 

X (Rhs) 

878 

1.98 

— 

— 

— 

1.91 

2.73 

1.98 

2.79 

1.92 

3.31 

Z 

878 

1.50 

3.90 

1.32 

3.62 

1.22 

2.91 

1.52 

2.79 

1.36 

3.52 

Z (Rhs) 

878 

1.26 

3.92 

1.16 

3.56 

—— 

2.97 

— 

2.72 


3.31 

X (Keel) 

919 

5.16 

8.10 

4.92 

7.73 
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Figure 9: Lift-off shock spectra for Z acceleration at 976 for 

OV-103 flight. 



Figure 10: STS-41 lift-off shock spectra of Z acceleration at 
X = 976 for and LR2000 cases and flight. 



Figure 11: STS-31 lift-off shock spectra of Z acceleration at 
X = 1029 for LR2000 cases and flight. 


Results have generally shown conservatism in the design cases 
compared to the nominal flights. On a few flights, flight-derived 
shock spectra exceeds design case by a small amount at certain 
locations and certain frequencies, but design load predictions for 
payloads are considered conservative. Flight-to-analysis shock 
spectra generally show significant margins between predictions 
and experience. 

Additional effort to further assess math model effects on load 
predictions is in work. Testing of the one-quarter scale model of 
the Shuttle is being conducted at the Johnson Space Center 
Vibration and Acoustics Test Facility. The results will be used 
to assess potential model updates. 

Additional instrumentation is being added to OV-102, which, 
coupled with OV-103, will provide data for continued dynamic 
environment evaluation. 
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SUMMARY 

Flight data have been utilized since the first Shuttle launch to 
continually evaluate the adequacy of design load environments 
and to make revisions as required. Data from numerous flights 
of orbiter vehicles Columbia, Challenger, and Discovery have 
been assessed. Payload bay accelerations have been measured 
on these flights and compared to analytical design case predic¬ 
tions in both the time domain and the frequency domain. 
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ARIANE 5 will be able to launch payloads weighting up to 20 
tonns. The environmental requirements for these various 
payloads must be given early in the launcher’s development’s 
program. 

Nowadays, all the first launcher’s instrumented tests have not 
yet begun, for this reason some load cases still remain 
unknown (e.g. engines thrust decay). To find those load cases, 
assumptions must be done using the experience of previous 
programs. If this experience doesn’t exist and if the expected 
load cases are supposed to be critical, particular studies have 
to be carried out (e.g.blast wave). 

The low frequency load cases considered on ARIANE 5 to 
establish the environmental requirements depend on the flight 
phases : 

. Lift ofi*: 

blast wave 

symmetrical and unsymmctrical ignition 
Aerodynamical flight (transonic or max dynamic pressure) 

• gust 

End of stage’s thrust: 
strap on boosters 


The aim of this paper is to decribe the low frequency dynamic 
environment (below 100 Hz) induced on the ARIANE 5 
payload. After, a brief description of each dynamic load case, 
the ARIANE 5 model developed by the CNES (launcher 
directorate) will be presented. Afterwards, some satellite 
dynamic responses will be shown. 

2. DESCRIPTION OF THE LOAD CASES 
2.1. Lift-off: blast wave 

This phenomenon is due to the pressure builtup inside the 
booster's casing. The configuration of the launch pad has a 
high influence on the wave generation : we considere two 
waves (sec fig. 1): 

a) the overpressure coming from the entrance of the duct 
(Ignition Over Pressure). 

b) The overpressure coming from the exhaust side of the 
duct (Duct Over Pressure). 


- VULCAIN 
upper stage 

Severn! cases will be presented and analysed. Applications 
with ASTRAL will be shown considering the dynamical 
coupling between ARIANE 5 and standard payloads. 

I. INTRODUCTION 

ARIANE 5. futur curopcan launcher always in development is 
made of two solid rocket Boosters (230 T of Solid propellant) 
strapped on a main cryogenic stage (155 T of liquid propellant) 
above of which there is either the automatic upper part using a 
little stage and carrying l to 3 payloads or the HERMES 
Spaccplanc. 

The programm of this heavy launcher obviously targets to ofTer 
5,9 T in gcostationnary transfer orbit (GTO) or 18 T in low 
earth orbit (LEO), but also to reach high level of rcability and 
safety. Consequently, it was needed to know and to control, 
the earliest in the development, the dynamic environment 
which is one of the most important factors governing the 
launcher’s design. Thus, dynamic models have been 
elaborated and dynamic studies have been carried out since the 
beginning of ARIANE 5’s development. This process have also 
been motivated to give early the design datas to the satellite 
owing to night on ARIANE 5 and to check these conditions 
remain sullicicntly smooth. 



Figure 1 : global view of the launch pad with the ducts 

configuration 


As regard with the other ARIANE launcher, ARIANE 5 leads 
to cope with new dynamic case particularly at the lifi-olT when 
the strap on boosters’ pressure is builting up or the blast waves 
urc exciting the launcher. Even, for the classical cases of stage 
burn-out, the dynamic excitations arc totally diiTcrcnts of those 
oecuring on ARIANE 4, due to the new propulsion system 
used. 


Studies has been performed by the Industrial Architect to 
idealize the phenomenon. The actual approach is based on a 
methodology developed by IKAWA and LASPESA for the 
Space Shuttle Solid Rocket Ignition [1]. 
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This method needs to get precise informations such as the law 
of pressure evolution inside the chamber, the thermodynamic 
characteristics of the exhaust gas... It also needs test results 
informations to determine an empirical coefficient 
co responding to the efTet of the geometric configuration of the 
duct on the outside speed of the gas. Reduced scaled tests 
(l/20 e ) at FAUGA validated this approach. 

The result is briefly given in fig. 2 for the duct over pressure 


Figure 3 shows the launcher’s configuration on the launch pad 
and typical evolution of the chambers pressure inside a 


booster. 


wave. 
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Figure 2 : evolution of the DUCT over pressure 

The Ignition over pressure have mainly an influence on the 
dirnensionning of the lower parts of the launcher. However, 
this wave doesn’t excitate the launcher because it is a 
longitudinal one having a spectrum content very below the 
frequency of the first longitudinal cigcnmodc. 

The Duct over pressure must be considered as an excitation of 
the lateral modes of the launcher with an efTet on the payloads 
or on HERMES vehicle. 

For the dynamic studies of this second wave, a delay between 
the two duct,exhausting waves must be taken into account. 
Due to the high wavclcnght, the resultant force on the launcher 
is weak. The acceleration at the spacecraft base is also weak. 
The full scale test will complctly validate the compulation 
method and confirm the fact that it’s not a dirnensionning 
case. 

2.2. Lift-off: Ignition 

Before lift-oil' the launcher stands on the launch pad simply 
supported by the aft shirts of the strap-on-boosters. The 
central body is then hung on afr the forward links. The 
chronological sequence implies the control of the VULCAIN 
good working order before the ignition of the solid rocket 
boosters. 

The ignition of the VULCAIN engine as a ncgligtablc dynamic 
cficct on the launcher. 

At the ignition of the strap-on boosters, the dynamic levels arc 
generated by un abrupt elongation of them, due to the pressure 
build-up, and the lift-ofT which occurs as soon as the launch 
vehicle weight is balanced by the total thrust (static loud factor 
1.5 g) 
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Figure 3 : launcher’s configuration before lift-ofT. 

A symmetrical ignition without delay between the two strap-on 
boosters induce longitudinal loads. A delay or an 
unsymmctrical ignition can excitate the lateral modes of the 
launcher. A complete dynamic approach needs to considerc 
the change in boundary conditions occuring during the lift-ofT. 
A coupled load analysis made by CNES tend to show that the 
Iift-ofT is one of the most important dirnensionning load case 
on AR1ANE 5. 

2.3. Aerodynamic gust and wind 

During the booster’s flight, the launcher is submitted to loads 
coming from winds, lateral gusts and thrust orientation. The 
lateral gust is rcsponsablc of the high level of dynamic 
acceleration that can occur cither at maximal dynamic 
pressure (qmax - 40000 Pa) or at the transonic event when the 
aerodynamic factors arc the most important. Figure 4 shows 
the lateral gust considered as a flight limit load. 
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3o 
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Figure 4 : lateral gust 
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This gust profile has been used on the last launchers. A 
characterisation of the optimum gust lenght (H) must be done 
for each dynamic analysis. The wind loads doesn’t induce 
dynamic levels. The first computation showed that the 
maximum load factors were obtained for a lateral gust 
occurring at maximum dynamic pressure. 

2.4. End of the booster’s flight 

The following figure shows the evolution of the booster’s thrust 
during the flight. The thrust decay is so slow that this event is 
considered as minor for a symmetrical orunsymmetrical end of 
flight. 

Therfore, this load case can be treated as a static case. 
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Figure S : EAP thrust evolution 

2.5. Cryogenic Stage (EPC) end of flight 

This event corresponding to the cut-olT of the feeding valves, 
generate thrust fluctuations. This force fluctuation applied at 
the gimbal of the VULCAIN engine may excitate the 
longitudinal natural modes of the launcher during this phase. 

Till now, the dynamic studies on ARIANE 5 were based on the 
use of the ARIANE 4 third stage end of flight exploitations : 
the HM7 was considered as a reference to establish the 
chugging of the VULCAIN. 

Recent functionnal tests were conducted by SEP on the 
VULCAIN engine and permitted to give two characteristic 
frequencies of the pressure fluctuation : 17 Hz and 55 Hz. The 
complete signal shows a maximum peak to peak fluctuation 
corresponding to 5 % of the nominal thrust. Tlicsc results arc 
actually being analysed. The sequence of valves cut-ofT may 
have a great influence on the frequencies and levels. 

Any way, lor dynamic coupled analysis, one can considcrc this 
information as the most realistic load case for the moment. 


2.6. Second Stage (EPS) end flight 

For the EPS end of flight, there is no information at this day. 
This load case surely induce very weak vibrations considering 
the low thrust of that stage (27 kN). 

3. CNES COUPLED LOAD ANALYSIS TOOLS 

ASTRAL is an in-house software developed to analyse 
axisymmetrical structures filled with liquids. 

The domain of use can be summarized as follow: 

Linear elasticity (small motions) 

Axisymmetric systems 

Fluid/structure interaction (MORAND/OHAYON) [2] 

Fluids are assumed perfect, uncompressible and irrotational. 
ASTRAL deals with hydroelasticity problem in flexible tank 
and sloshing problem in rigid tank. 

The structure is made of thin conical shells with 4 degrees of 
freedom by node. The method is based on a finite elements 
approach. Uncompressible elements have also been developed 
to model the solid propellants. All these elements have been 
made by ONERA. 

The evolution of ARIANE needed a new software*ASTRAL 3D 
was built on the base of ASTRAL 2D. 

The constitution of the 3D-modcl is based upon the dynamic 
sub-structuring method as proposed by CRAIG and 
BAMPTON with the following way 

(fig. 6). 

The procedure [3] can be detailed in the following steps : 

Every body composing the launcher (central body, strap- 
on-booster) is idealized in axisymmetric, 

Wc define on every one rigid sections called "interface". 

Every axisymmetric model is condensed on the cigcnmodcs 
with clamped interfaces and on the static modes 
corresponding to unitary motions of the interfaces, 

- In order to constitute the 3D model or a axisymmetric 
body, the condensed longitudinal, lateral and torsionnal 
models arc simply merged. The degrees of freedom are 
then the physical motions of interfaces (6 by interface) and 
the generalized coordinates of the ’clamped" modes. 

The 3D model of launcher is got by merging of the 3D. 
model of each body. The linking between each body is 
carried out by using stiffness matrices acting on the 
interfaces d.o.f. which simulate the link structures. 

The size of o compict 3D model of ARIANE 5 is reduced to 
less then 300 dof. Figure 7 presentes modal shapes of ARIANE 
5 with HERMES and with the triple launch configuration at 
lilVofi. 
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In paralellc, ASTRAL 3D include the possibility to use the 
concept of equivalent forces [3J in the transient response 
computation. 

4. ARIANE 5 DYNAMIC RESPONSES 
A) Lift-off 



This load case can be studied with an axisymmetrical model. 
The transfer function between the gimbal joint and the 
payload interface (dual launch configuration) is shown in 
figure 9. 

The natural mode at 67 Hz has a high excitability. The results 
for a simplified chugging at 55 Hz are also represented. 


Figure 8 shows the impact of the lifi-ofT case on the launcher 
and at the base of spacecraft (triple launch configuration). The 
change in boundary conditions (launcher simply standing on 
the table and launcher free) is modeled by introduction of non 
linear elements representing unilateral contact between 
launcher and launch table. 

The given example corresponds to a symmetrical ignition. 

The stretching of the strap-on boosters induce also at the 
beginning a momentary collapse of the tabic under the 
booster. 

The load transmitted at the central body through the forward 
attachment oscillates at the suspension frequency of this body. 
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Figure 8 : transient responses results 


INTERFACES RESPONSES 



Furthermore, during a symmetrical ignition, the excitations 
transmitted to the satellites arc rather longitudinal but for an 
unsymrnctrical one. the satellites could be submitted to 
significant dynamic accelerations both in longitudinal and in 
lateral, but of course not at the same frequency. 
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5. CONCLUDING REMARKS 

ARIANE 5 is characterized by a low frequency dynamic 
behaviour quite different of the ARIANE 4 one, due to the new 
configuration of this launcher using new propulsion systems as 
the VULCAIN cryogenic engine on the central stage and the 
powerfull strap-on boosters. 

Consequently, the satellites specifications have been fitted. 
Thus, the dynamic loads appearing in the ARIANE 5 user’s 
manual are the results of a first dynamic studies process which 
have used elaborated three dimensionnal model permitting to 
accurately calculate the Dynamic behaviour anywhere in the 
launcher. This model is used for the ARIANE 5 coupled load 
analysis. It can cope with any satellite configuration. As a 
matter of fact, the satellite model doesn’t need to be simplified 
in a longitudinal or lateral effective masses system, it can be 
very general provided that it has a rigid interface to allow the 
connection with the launcher model. 

Obviously, during the ARIANE 5 development, it is foreseen 
to consolidate these specifications by studies and tests which, 
at the end. will allow also to settle reliable flight predictions. 
Thus, stage firing tests will have a dedicated instrumentation to 
accurately determine the forcing functions. Furthermore, the 
dynamic mode! of the launcher will be validated by modal 
survery tests carried out on full scale models of the central 
cryogenic stage, the strap-on booster and finally the upper 
pari of the automatic version. The foreseen lest configuration 
will allow to check the dynamic characteristic and to determine 
the modal damping for all the flight events. 
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Figure 6 : Model generation 






































Figure 7 : Example of modal shaps 
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MULTI PARAMETER OPTIMIZATION ON ARIAN E 5 
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AEROSPATIALE 

Division des Systemes Strategiques et Spatiaux 
Direction Technique 
Centre Technique des Mureaux 
Secteur Etudes Mecaniques et de Synthese 


1. RESUME 

Dans le cadre d'une campagne de reduction des 
masses sur I'Etage Principal Cryotechnique du 
lanceur europeen ARIANE 5, AEROSPATIALE etagiste 
a effectue une etude d'optimisation de la Jupe 
Avant. 

Pour ce faire, nous avons utilise le module OFTI 
du logiciel SAMCEF, qui permet 1'optimisation 
automatique d'une structure soumise a des 
specifications multiples. 

Les resultats obtenus ont permis pour un cout 
limite de recouper le dimensionnement effectue 
par le sous-contractant responsable de la 
structure MAN (Allemagne), puis d'evaluer 
1'influence de certaine specifications sur le 
bilan masse du sous - ensemble, de maniere a 
proposer a l'architecte du lanceur des 
modifications de celle-ci. 


2. La Jupe Avant : 

Cette structure est con<;ue, fabriquee et testee 

par MAN (figure n° 1). 

Au sommet de I'Etage Principal Cryotechnique, 

elle a deux fonctions mecaniques principales : 

- transmettre la poussee des deux Etages 
d'Acceleration au corps du lanceur : Composite 
Superieur et Etage Principal Cryotechnique. 

- Transmettre la poussee de I'Etage Principal 
Cryotechnique au composite superieur, apres 
separation des boosters. 

Ces fonctions sont assurees par trois sous- 

structures (figure n° 1) : 

- Une structure de reprise de la poussee des 
boosters, comprenant la ferrure introduisant 
la poussee et les voiles usinees inclinees en 
assurant la diffusion dans la structure. 

- Une structure de reprise de 1'effort radial 
constitute par les cadres prinicpaux, la peau 
interne en composite CFRP (Carbon Fiber 
Reinforced Plastic) et les voiles legers, cet 


ensemble formant un caisson dont la rigidite 
repond aux specifications de raideurs radiale 
et de diffusion des efforts. 



- Une structure de reprise de 1'effort axial, 
constitute de la peau externe a raidissage 
inttgrt et des cadres legers. 


A 1'exception de la peau interne, 1'ensemble de 
la Jupe Avant est realist en alliage leger 7075. 

La structure doit rtpondre aux sptcifications 
mecaniques suivantes : 

1° Tenue aux efforts gtneraux et aux gradients 
thermiques. 

2° Diffusion des surflux engendrts par la 

pousste des boosters. Les surflux aux 
interfaces sont tvalues en disposant deux 
structures adjacentes de part et d'autre de 
la Jupe Avant et definis par : 

t 

Flux maxi 


Flux moyen 

pour chaque interface (figure n° 2). 
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Interface Superieure 
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Interface inferieure 
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Figure n° 2 

Calculs des Coefficients du surflux 


Rigidites locales (efforts appliques sur les 
ferrures d'accrochage des boosters) et 
globales (torseur d'effort applique aux 
interfaces). 


3. LE MODULE OPTI DU LOGICIEL SAMCEF 


Le module d'optimisation est un post-processeur 
des modules d'analyse lineaire de SAMCEF. II 
offre a son utilisateur une aide au 
dimensionneraent sous la forme de sensibilites de 
la reponse structurale ou d'algorithmes 
d'optimisation automatique. 

Ainsi, 1'utilisateur definit la fonction 
objectif (en 1'occurence la masse) et les 
variables de dimensionnement (epaisseurs des 
coques), et le logiciel modifie ces derniere de 
maniere a atteindre un extremum de la premiere. 

Les criteres de defaillance et les contraintes 
technologiques de restrictions a la conception 
(contraintes maximales, epaisseurs minimales, 

» * • ) • 

Le logiciel conduit par iterations successives a 
un extremum. Faisant alors varier les 
specifications, l'ingenieur obtient une analyse 
precise de la sensibilite de la fonction 
objectif a ces specifications (figure n° 3). 



4. LE MODELE AUX ELEMENTS FINIS 

Compte-tenu des conditions de symetrie, un quart 
de structure a ete modelise (figure n° 4), 
principalement en elements de coque. 

Compte-tenu des differentes conditions aux 
limites, neuf modeles (ayant chacun 7000 degres 
de liberte) sont necessaires pour calculer les 
differentes specifications (figure n° 5). 

Les epaisseurs de groupe d'elements definissent 
les variables de conception.. 

La definition de celles-ci conditionnant 
fortement les resultats obtenus, un soin 
particulier y a ete apporte. Certaines d'entre 
elles ont ainsi du etre modifiees au cours de 
1'etude pour ne pas contraindre artificiellement 
le processus. 

5. CRITERES DE DEFAILLANCE 
Tenue aux efforts gen6raux 

Les criteres de rupture de la structure sont 
pris en compte par 1'introduction d'une valeur 
maximale de la contriante de Von Mises. 

Par contre, les criteres de flambage local des 
mailles (peau externe raidie integralement) ne 
peuvent etre introduits directement dans le 
logiciel. En consequence, les raidisseurs et la 
peau externe ont ete modelises par des coques 
d'epaisseur equivalente et un dimensionnement en 
flambage local effectue manuellement entre 
chaque iteration du calcul. Cette methode ne 
permet pas d'atteindre une optimisation complete 
du revetement (flambage local et diffusion des 
surflux) qui necessiterait une optimisation 
separee des raidisseurs et de la peau dans les 
zones travaillant en compression. 

La stabilite generale de la structure, non 
critique, n'a pas ete etudiee. 














Models 

lymstrique/symetnque 


Models 

symetriqoa/antisym. 


Models 

■ntisymetnque/symeelque 


Rigidite 


Les restrictions a la conception pour les 
specifications de rigidite sont formulees en 
termes de deplacement maximal. Afin de tenir 
compte des souplesses apportees par les liaisons 
dans la structure reelle, une marge forfaitaire 
de 10 % est prise en compte. 

Surflux 

Les coefficients de surflux sont evalues 
conformement aux specifications (figure n° 2) 
sur les deux interfaces. 


OPTIMISATION 

La figure 6 presente 1'organisation des calculs 
effectues. Apres 1'optimisation du modele pour 
les specifications nominales, nous avons pu 
determiner les valeurs dimensionnantes et 
proposer deux types de modifications de 
celles-ci. 





aerospatiale 

Specifications de souplesse locale 





modele 

symetriqoe/symetriquo 


modele 

syroetrique/antisym. 
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RESULTATS 


Le gain de masse envisageable a ete evalue en 
introduisant ces deux variantes dans le 
processus d'optimisation. 


La figure 7 compare la masse du modele initial 
et celle des modeles optimises pour les trois 
types de specifications. 

Notons que la conception initiale ne permettait 
pas d'assurer toutes les specifications 
assignees a cette structure. 


L'optimisation, definissant une nouvelle 
repartition des epaisseurs dans la peau externe 
et les cadres principaux permet, a masse 
equivalente, de tenir les specifications. 
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3 loops to 
converge 


Figure n° 6 


Une optimisation conduite en parallele par MAN a 
permis d'arriver a des conclusions proches, 
compte tenue des ecarts de modelisation. 


Par ailleurs, les modifications des 
specifications proposees permettent d'envisager 
des gains de masse de 20 a 50 kgs sur la 
structure. Ces calculs ont ainsi permis de 
confirmer les resultats de MAN et de proposer 
des modifications de specifications. La premiere 
a ete-acceptee et a ainsi permis d'ameliorer les 
performances du lanceur ARIANE 5. 


8. COUTS 


Cette etude a ete conduite sur le CRAY XMP 116 
d'AEROSPATIALE sur le site des Mureaux. 

L'analyse et 1'optimisation de chacun des 
neuf modeles (7000 degres de liberte chacun) 
necessite en moyenne 250 seecondes CPU, ceci a 
chaque iteration. 

Le cout informatique total de 1'etude s'evalue 
autour de 3 heures sur ce type de machine. 

9. LIMITATIONS 

Actuellement, la limitation majeure des 
logiciels d'optimisation automatique des 
structures tient a la representation par 
elements finis de la structure. Ce type d'outil 
optimise le modele et non la structure reelle. 
II se pose done le probleme difficile du retour 
a la conception. 

Les limitations technologiques et les criteres 
de defaillance de la structure posent un delicat 
probleme de formulation mathematique. 

Dans 1'etude presentee ici, le dimensionnement 
au flambage local n'a pu etre pris en compte 
directement par le logiciel. Une analyse de 
stabilite aurait necessite des modeles 
specifiques tres fins. Nous avons done procede 
manuellement en calculant a la main les criteres 
classiques de flambage local et en les 
introduisant dans les modeles sous forme 
d'epaisseurs minimales. 

Tout au long du processus, le concepteur et le 
calculateur doivent done travailler en etroite 
collaboration afin de s'assurer entre chaque 
iteration de la coherence de la solution 
proposee par le logiciel. 

Dans le cas d'une structure soumise 
simultanement a des specifications de 
comportement statique et dynamique, il s'avere 
indispensable de pouvoir optimiser en parallele 
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NOT A - 

(1) Ces elements diaensionnes par des criteres non pris en compte ici, n'ont pas ete optimises dans cette etude. 

(2) La peau interne et Jes elements non modelises ne sont pas pris en compte ici. 


ANALYSE DES MASSES DES MODELES 
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des modeles fort differents repondant aux 
besoins de ces deux types de d'analyse. On devra 
dans ce cas pouvoir definir des variables de 
dimensionnement communes aux deux modeles. 

L'ensemble de ces considerations nous conduit a 
penser que la route est encore tres longue avant 
le jour ou 1'on pourra optimiser les structures 
au cours d'un processus entierement automatise. 

En l'etat actuel, ce type de logiciel doit 
offrir a 1'utilisateur toute latitude pour 
definir ses variables physiques de 
dimensionnement par rapport aux parametres de 
modelisation, ses criteres de defaillance par 
rapport aux resultats des calculs ainsi que ses 
limitations technologiques. 

Dans le cas contraire, 1'utilisateur sera oblige 
de simplifier, voire "d'oublier", certains de 
ces criteres, ce qui, compte tenu de la finesse 
des resultats recherches, mettra en cause la 
pertinence de 1'etude. 
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AN ADVANCED SYSTEM FOR ENVIRONMENTAL SINE TESTING - 
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ABSTRACT 

The testing of ever more complex mechanical systems for more 
stringent environmental conditions has put increased 
requirements to the systems that are used for closed loop vibration 
control and data reduction from laboratory or fielded systems. For 
testing based on sine excitation, this implies increased capability 
for speed (sweep rates), while maintaining measurement accuracy 
and resolution even for structures that exhibit resonances with 
high Q factors, and from noisy data! The paper describes an 
implementation of a sine data reduction system using 
state-of-the-art hardware (computer workstation, modular 
multichannel front-end) and based on accepted principles for sine 
data processing. 


L INTRODUCTION 

The testing of structures for the mechanical (vibration) 
environment is commonly done with shaker testing procedures 
using closed loop vibration control. During the shaker test, 
response data (acceleration, stress) are measured and recorded at 
many response locations. This enables a more detailed analysis 
of the structures dynamics, specifically important when during 
the test a problem or failure occurs. Therefore this response data 
is measured and preferably recorded as well as analyzed online, 
which creates the possibility of extended online protection of the 
device under test based on limit control of the response data. For 
tests based on swept sine excitation, this procedure is called sine 
data reduction. 

Sine data reduction in principal aims at the characterization of 
swept sine response data. There are two components to this task: 
the determination of the instantaneous sine frequency, and the 
calculation of si gnal values of the data. With closed loop vibration 
control tests using sine excitation, the frequency extraction can 
proceed using the COLA (Constant Output Level Adaptor) signal, 
a clean, constant amplitude equivalent of the excitation signal that 
is used to drive the shaker. The signal values to be calculated are 
the fundamental component, harmonics, and subharmonics, either 
phase related to the COLA signal, to any other response signal, 
or eventually processed in transfer functions. Further important 
are the RMS and signal peak value. 

The paper describes the implementation of a sine data reduction 
system on an engineering computer workstation and using a 
modular multichannel frontend. The algorithms developed for 
sine data processing are based on well established principles: data 
dependent identification of pulsation frequency based on AR 

(autoregressive) modelling, and the Least Squares identification 
of sine amplitude and phase of fundamental and related harmonics. 
The implemented technology enables to take full advantage of 
state-of-the-art data acquisition and digital signal processing 
systems, realizing exceptional performance in terms of speed and 
accuracy. 


2. PRINCIPLES OF SINE DATA REDUCTION 

A more traditional approach for processing sine data consists of 
sampling the data synchronous with a multiple of the fundamental 
frequency. This sampling frequency can be obtained from the 
COLA signal with analog circuitry (essentially a phase locked 
loop). A Fourier transform on the sampled data gives amplitude 
and phase information for the fundamental, the harmonics and 
subharmonics. The number of harmonics and subhaimonics 
available is determined by the number of samples per fundamental 
period, and the number of periods in the time window over which 
the Fourier transform is applied. Clearly, to avoid aliasing, the 
data needs to be filtered as a function of the instantaneous sampling 
frequency, which implies the use of tracking filters. The success 
of this approach depends very much on the quality of the analog 
circuitry that is used to extract the fundamental frequency and on 
the quality of the tracking filters, making it less suitable for tests 
over broad frequency ranges, e.g. .5 Hz - 3000 Hz, at high sweep 
rates, e.g. 4 octaves/minute. 

This paper looks into an approach for sine data reduction based 
on asynchronous sampling. This approach can be used with 
multichannel frontends such as the Hewlett Packard HP3565S, 
where every channel is sampled at a fixed high sample rate, and 
digitally filtered for a limited set of possible frequency spans. All 
expressions in the proceeding assume therefore a fixed sample 
rate. 

The extraction of the fundamental frequency is based on the fact 
that a sampled sine wave, y Q , satisfies a second order recursion 
formula, 

(1) >. + «i> , -,-i+a2J’.-2 = 0 
This follows directly from, 

( 2 ) y n = _ e -i^), 2 j 

The coefficients aj and a 2 can be estimated from the samples using 
least squares linear regression, 


-1 

J'f 

c J 



. k. 


« 



~ r 2l r XL 


kl 

v 02 


With the covariance coefficient r^ defined by, 

(4) 

n 

The minimum number of required samples for a solution of 
equation (3) is 3. The frequency and damping of the sine wave 
follow then from. 
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( 6 ) 
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When the sine wave is not damped, the above equations can further 
be simplified to [1], 

(7) y n -2cos(coAr) y n . x + ;y*- 2 = 0 


Which follows directly from, 

(8) y n = ( e jm * 


Equation (7) has just one unknown. The resulting frequency 
estimate was however found to be less accurate when distortions 
are present on the data samples. 

The calculation of amplitude and phase of the fundamental 
component, possible harmonics and subharmonics can proceed 
from solving following expression in a least squares sense. 


(9) 
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Remark that in this expression N components are implied, 
including the fundamental. 

3. IMPLEMENTATION 

The above approach for processing sine data is implemented as 
an option of the LMS CADA-X system [2], using the Hewlett 
Packard HP3565S. The principal characteristics of this modular 
multichannel data acquisition system are as follows, 

- There is a fixed anti-alias filter per data acquisition 
channel: 12.8 kHz (HP35655A) 

- The data is sampled at a constant sample rate for every 
channel: 32 kHz (HP35655A). 

- Using digital filters, the data is decimated to a set of frequency 

spans (in octaves): 12.8 kHz, 6.4 kHz, 3.2 kHz, 1.6 kHz. 

- With every frequency span there is a corresponding sample rate 
that is 2.56 times higher. 

- The blocksize is fixed between 8 and 8192 (powers of 2). The 
user can however define an absolute lower minimum value. 

Consider the fundamental frequency to be f. The current frequency 
span should at least include the maximum specified harmonic, 
maxharm. Considering that the frequency span can be reset to the 
next or previous span once the maximum harmonic exceeds the 
maximum frequency of the current frequency span or becomes 
smaller than half of this frequency, then the required number of 
samples or blocksize, blksz, follows from, 

(10) blksz = 2 . C,. maxharm ■ P 

Where P is the specified number of periods and C, is the 
oversamplingsfactor, for HP3565S equal to 2.56. 

The setting of the asynchronous acquisition parameters as a 
function of the fundamental frequency, for specified maximum 
harmonic, minimum blocksize and required minimum number of 
periods, can be followed in Figure 1. Two examples are illustrated, 

- Example 1 (solid line). Sweep range between 10 Hz and 1 kHz, 
maximum harmonic 4, minimum 2 periods. The required 

blocksize is 64. 

- Example 2 (dashed line). Sweep range between 10 Hz and 1 
kHz, maximum harmonic 1. Minimum 1 period between 10 Hz 
and 100 Hz, minimum 2 periods between 100 Hz and 1 kHz. 
The required blocksize is 16, but reset to a user defined 
minimum of 32. 



The setting of the acquisition parameters can further be optimized 
for maximum number of data points. Indeed, the acquisition time 
is determined by the sampling frequency; at lower frequency one 
has therefore interest in having the sampling frequency as high as 
possible, so as to synchronize with the data processing time. Once 
the data processing time exceeds the data acquisition time, it is 
advantageous to limit the number of frequency span switches. 
Considering this optimization for the number of data points for 
Example 2 in Figure 1 gives the switching strategy as illustrated 

in Figure 2. 
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Figure 2 Setting of Asynchronous Sampling Frequency. | 
Optimization f or the Number of Data Points ___] 

To realise maximum precision, an autoranging procedure is 
implemented, enabling to reset the gain as a function of signal 
level during the sweep. The implementation should also be robust, 
for example to handle the case of a shutdown during the shaker 
test This situation is handled by monitoring the amplitude the 
COLA signal. The acquisition only starts or proceeds when the 
amplitude of the COLA signal is within user specified margins of 
a target value, and further when the frequency is between specified 
margins of the start frequency or the frequency where the 
amplitude of the COLA signal was last within margins. 

Following functions can be calculated online : the fundamental, 
harmonics, subharmonics, either phase related to the COLA signal 
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or to any other response signal. Also calculated are the RMS and 
signal peak value. Transfer functions can be computed with these 
spectra. The frequency resolution for these functions can be 
specified as linear, in octaves, in decades, or by a user defined 
frequency resolution table. 

As multiple sweeps can occur in one test, an averaging parameter 
(over sweeps) is further defined : stable, exponential, maximum, 
last or first occuiTence. The values that are calculated online can 
be used for protection control on each of the measured response 
channels, possibly causing a shutdown of the shaker test In 
parallel all sampled time data, or a subset, can be stored to 
disc ; this data can be retrieved by time [range], sweep [range] or 
acquisition number [range], and postprocessed to any function 
that can be calculated online. 

4. ILLUSTRATIONS 

Illustrations 

The measurement control display of the sine data reduction system 
is illustrated in Figure 3. 

Remark that the operator can organise the display to show multiple 
data windows. Several status parameters are readily available, 
such as instantaneous frequency, amplitude of COLA signal, and 
current sweep direction. The actual measurement control is 
through softkeys, and/or through a dedicated multi function button 
box. 


Figure 4 illustrates typical performance, based on an HP9000/375, 
an HP6000/335H hard disc and the HP3565S with HP35651B 
signal processor. The number of multiplexed acquisition/second 
including throughput of time data to disc, is plotted as a function 
of the number of simultaneous channels of data acquisition. 

Finally, Figure 5 illustrates a typical measurement over a range 
from 100 Hz to 10 kHz, with a sweeprate of 4 octaves/minute. 
The measured fundamental on one channel is compared to the 
RMS and peak estimator. 
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Figure 3 Measurement Control Display 
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ABSTRACT 

Non-contacting methods of measurement have 1 intrinsic 
advantages in many engineering applications. A new non¬ 
contacting laser Doppler sensor has been developed which 
enables conventional vibration measurements to be obtained at 
up to 200 m range with a 1 mW laser beam. The sensor is 
able to accommodate the examination of complex shapes 
without refocus by virtue of an exceptional working depth of 
Held of several metres. Near real time mapping of full field 
vibration patterns has been achieved by combining the new 
sensor with special purpose electronic hardware controlled 
through an industry standard PC. The principle of operation 
of this new system is described and its broad capabilities in 
non-destructive testing and vibrational mode shape visualis¬ 
ation illustrated by application examples. 

Keywords: Vibration, velocity, laser Doppler, non-contacting, 
full field. 

INTRODUCTION 

A laser Doppler vibration sensor can be used to measure the 
instantaneous velocity at a point on a vibrating structure 
without surface contact. Aiming a single laser beam onto the 
desired point of measurement results in direct instrumental 
output of test surface velocity as a calibrated analogue 
voltage. Provided that a line of sight can be established 
between the sensor head and the test surface, such a sensor 
can be employed as a movable, non-contacting velocity 
transducer, providing an analogue output directly comparable 
with that obtained from a conventional accelerometer/charge- 
amplifier combination. Full field vibration patterns can be 
measured by combining a laser Doppler vibration sensor and 
suitable beam scanning mechanisms together with signal 
processing and display systems all under central computer 
control. 

VPI Sensor [Refs. 1, 2 and 3] is an industrially engineered 
laser Doppler interferometer with built in beam scanning 
capability optimised for maximum sensitivity and ease of use 
in mechanical vibration measurement. The advanced design 
concepts incorporated in the instrument result in a rugged unit 
of extremely high sensitivity, capable of measurement on 
natural surfaces over 20 m distant from the sensor head using 
a measuring beam power below 1 mW (Class II). This paper 
reports the introduction of a new generation of full field 
vibration mapping instrumentation in which the high 
performance capabilities of VPI Sensor are combined with the 
extreme speed of custom data processing hardware and the 
convenience of easy-to-use software running on an industry 
standard PC. The new system is capable of acquiring and 
displaying a full field vibration pattern in less than four 
seconds, setting new standards of performance and 
convenience for non-destructive testing and general vibration 
mode shape sensing. 


BASIC PRINCIPLE OF 
LASER DOPPLER VIBRATION SENSING 


In the same way that sound waves reflected from, or emitted 
by a moving object are subjected to a frequency change (the 
well-known Doppler effect heard on ambulance sirens etc.) a 
beam of light reflected from a moving surface is also changed 
in frequency. Although the fractional change in frequency of 
the light wave is very small (typically 1 part in 10 8 or less) it 
can be measured very accurately using optical interferometry 
in conjunction with electronic frequency measurement. The 
most practical optical configuration for vibration measure¬ 
ments on solid surfaces is the single beam backscatter 
arrangement in which the beam from a laser source is divided 
into an internal reference beam and an external measuring 
beam, the latter being directed onto the moving test surface. 
Light reflected back from the test surface is shifted in 
frequency by an amount 2v/ \ f where v is the velocity of the 
test surface and A is the wavelength of the laser radiation. 
For a Helium-Neon laser at 633 nm, the frequency shift is 
3.16 MHz per ms' 1 velocity of the test surface. 

Direct measurement of small shifts in frequency of an optical 
beam at 5 x 10 Hz is impractical. However, by arranging 
for the frequency-shifted backscattered light to interfere with 
the internal reference beam, intensity modulation of the 
combined beams at the Doppler shift frequency may be sensed 
using an appropriate photodetector. An analogue voltage 
representing test surface velocity may then be derived from 
the detected modulation frequency using established 
frequency-to-voltage conversion techniques. 

The great advantages of this approach to vibration measure¬ 
ment are: 

1. The technique is non-contacting; there are no added 
mass effects associated with velocity measurements and 
data can be obtained from hot surfaces or in electrically 
noisy environments where the use of conventional 
contacting accelerometers would be extremely difficult. 

2. The laser beam can be focused to a small spot, 
providing high spatial resolution even at long working 
distances. 

3. Test surface velocity is related to the measured optical 
frequency shift by a fundamental physical constant. 

The main technical challenge is the achievement of a robust 
system design capable of high optical sensitivity and long 
working depth of field for maximum ease of use over a wide 
range of vibration measurement tasks. 
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DESIGN CRITERIA FOR AN INDUSTRIAL SENSOR 

In order to ensure successful application over a wide 

application base, an industrial laser Doppler vibration sensor 

should meet the following performance criteria: 

1. Measuring beam power less than 1 mW (Class II laser 
product) for ease of use in an industrial laboratory with 
minimal safety precautions. 

2. High optical detection sensitivity to permit measure¬ 
ments at long working distances or on surfaces of low 
reflectance (e.g. black rubber) without special surface 
preparation. 

3. Simple “point and shoot" operation with no complicated 
procedures. 

4. Maximum tolerance of the FM detection system to high 
levels of signal amplitude modulation caused by laser 
speckle effects. 

5. Typical working depth of field of at least 1 m for ease 
of application to large, non-flat surfaces. 

6. Built-in beam scanning facilities for ease of application 
to full field vibration pattern measurement. 

7. Vibration frequency range at least 10 Hz - 10 kHz and 
velocity range at least 10 ms' - 1 ms* . 

VPI Sensor (figure 1) meets or exceeds all these criteria in a 

rugged, industrially designed package. 




VIBRATING 

test surface 


Figure 2 VPI Sensor system schematic 

The high detection sensitivity of the optical system permits 
measurements on natural surfaces at working distances in 
excess of 20 m (200 m using retroreflective coatings) and 
provides a sufficient signal-to-noise ratio surplus under typical 
operating conditions to ensure minimal disruption of 
measurement performance by laser speckle effects. The 
combination of high detection sensitivity with a coaxial optical 
system, in which the outgoing and returning measuring beams 
follow a common path, results in a typical working depth of 
field of 3 m. Vibration frequencies from DC to 100 kHz can 
be accommodated, together with velocities from a few /ims* 
to 1 ms’ 1 . 



Figure 1 Scanning laser Doppler vibration sensor 

The optical system (figure 2) is based on a Michelson 
interferometer with dual detection channels configured to 
provide a pair of analogue signals modulated at the same 
Doppler shift frequency but with a 90° mutual phase shift. 
The two Doppler signals are used in conjunction with 
electronic mixing techniques to derive a single, frequency- 
shifted Doppler signal from which an analogue voltage 
representing the instantaneous velocity of the test surface is 
derived using a frequency-to-voltage converter. 


Figure 3 Comparative velocity measurements on a running 
engine 

As a practical example of non-contacting vibration 
measurement under difficult operating conditions, figure 3 
shows comparative velocity measurements made on the side of 
a running engine using both VPI Sensor and a contacting 
accelerometer. The accelerometer results are subject to 
severe drift as the engine block heats up under steady 
operating conditions; the VPI Sensor results remain steady. 


































RAPID FULL FIELD SCANNING USING A 
LASER DOPPLER VIBRATION SENSOR 

Full field vibration pattern measurement using a scanning 
laser Doppler sensor is gaining popularity in vibration 
laboratories because of its versatility and the directly 
interpretable nature of the results obtained. To date, known 
full field systems have made measurements sequentially over a 
grid of discrete points accessed by computer-controlled beam 
positioning mirrors. Allowing sufficient time at each point for 
settlement of the deflection system and subsequent 
measurement of the desired velocity characteristic (e.g. RMS 
or phased amplitude) typically limits the measurement speed 
to approximately 50 points per second, corresponding with 
acquisition of a 64 x 64 point vibration pattern in 82 seconds, 
or a 256 x 256 pattern in 22 minutes. Although many orders 
of magnitude faster than the acquisition of equivalent data 
using discrete contacting accelerometers requiring individual 
bonding and calibration (an expensive and daunting task for 
64 x 64 points, let alone 256 x 256) these scan times remain 
slow when compared with the primary data acquisition rate 
associated with the latest generation of holographic and 
electronic speckle pattern instrumentation. 

VPI Rapidscan is a new implementation of full field laser 
Doppler vibration sensing in which the enhanced capability of 
VPI Sensor to realise velocity measurements of good quality 
under non-ideal conditions has been exploited to achieve 
drastic cuts in previously achieved data acquisition times. By 
adopting a continuous scanning configuration and using novel 
analogue signal processing methods to extract either a 
modulus or phased amplitude characteristic from the time 
varying velocity signal, acquisition times for 64 x 64 and 
256 x 256 patterns have been reduced to 3.8 and 15 seconds 
respectively. The measuring beam scans a square raster over 
the test piece and the measured vibration pattern is built up 
line-by-line in real time as a colour coded image on a display 
monitor. Since the system measures and displays velocity 
directly, no further digital analysis is required to interpret the 
pictorial display which can also be printed out as an annotated 
colour report sheet. The system is controlled through easy to 
use Windows software running on an industry standard PC 
(figure 4). 


Non-destructive testing of specimens or structures is most 
conveniently performed using broad band vibrational 
excitation of the test piece and recording an RMS or modulus 
average velocity pattern. Localised weaknesses or defects in 
the structure resulting in localised abnormal vibrational 
motion may be identified clearly on the display images. 
Figure 5 shows bonding defects detected in the honeycomb 
composite surface of an aerial dish using VPI RapidScan in 
modulus average mode. 



Figure 5 Visualisation of aerial dish bonding defects 

The dominant modes of vibration of a structure are of 
relevance in engineering applications ranging from noise/ 
vibration control in motor vehicles or domestic appliances to 
design optimisation of aerospace components. VPI RapidScan 
is ideally suited to modeshape visualisation at specific 
frequencies of interest. The sensor may be used initially as a 
non-contacting velocity transducer at one or more points to 
define key resonances of the test piece under broad band 
excitation in conjunction with an external signal analyser. 
The vibration pattern associated with each of the key 
resonances may then be measured under single frequency 
excitation. Figures 6, 7 and 8 show typical results obtained in 
this way. All measurements were made from a working 
distance of 2.5 m with no special preparation of the test 
surface, in this case the side panel of a domestic washing 
machine. 
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Figure 4 Operator interface for full field rapid scanning 
system 




Figure 6 Side panel mode at 27.6 Hz 
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FJgures 6; V and 8 show respectively the vibration mode 
shapes'of the side parrel at 27:6 Hz, 74.0 Hz and 364 Hz. 
The entire set of data was acquired in a few minutes using the 
phased amplitude mode in which the relative direction of 
motion in different regions of the vibration pattern is clearly 
depicted. 



Figure 7 Side panel mode at 74.0 Hz 




Figure 8 Side panel mode at 364 Hz 
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SYSTEM FOR SPACECRAFT STRUCTURES 


A.V. Patki and R. Samuel 


Mechanical Systems Group, ISRO Satellite Centre, Bangalore, INDIA 560 017 
ABSTRACT 


The quasi-static loads on large 
spacecraft structures experienced during 
launch are generally simulated by static 
loading. With optimized structure and the 
structural model being used as flight 
model spares, it is necessary that the 
static load tests are conducted in such a 
manner that overloading or catastrophic 
failure do not occur during such tests. 
With this objective an Automated Static 
Test System (ASTS) has been successfully 
developed, evaluated and used on a large 
communication satellite to demonstrate 
its utility in smooth conduct of the 
qualification tests. 

Keywords: Automated test system, Static 
Load Tests, Spacecraft Structural 
Qualification. 


1. INTRODUCTION 

The static tests, specially on a large 
spacecraft structure, form an important 
part of the development and qualification 
of the optimized structures. The whiffle 
tree arrangement is generally used for 
simulating the structural loading 
encountered during the different phases 
of operation. Number of loading points 
needed on structure increase enormously 
if one has to restrict the percentage 
errors in simulation. The size and 
complexity of the structure make it 
obligatory to make use of multiple 
hydraulic actuators, specially to 
simulate biaxial loading. In the 
conventional set-up the actuators are not 
controlled together and the loading is 
manual. It is essential that these 
actuators operate gradually and 
simultaneously, in order to avoid 
unexpected overloads on structures during 
the tests. The phase difference in 
loading of two axial load simulating 
actuators can lead to large amount of 
torsional loads. Finally there is a need 
to release the loads immediately and 
simultaneously in case of a failure of a 
component of structure. Especially so, 


since the failure causes loads to re¬ 
distribute and can do further unintended 
damage to the hardware. The specimen 
being tested here, namely the spacecraft 
structure, is a very expensive item and 
needs significant time for repair before 
retests. Hence, aborting the loading 
quickly in case of a failure is 
essential to stop further perpetuation of 
the damage. These requirements lead to 
the development of Automated Static Test 
System [ASTS] (Ref.l) at Structures 
Division, ISRO Satellite Centre, 
Bangalore. A six channel automated 
loading system was conceived, designed 
and realised with these requirements in 
mind. It also has many other features 
incorporated. Data acquisition and 
reduction is essential for taking 
abortive action. Modularity has been kept 
in mind during the development. The 
development was then followed by the test 
and evaluation cycle. Finally the system 
was used successfully for conducting the 
tests on Structural Model of INSAT-2 
spacecraft, being built indigenously at 
ISRO. This paper gives the salient 
details of the development of system. The 
additional features of the system 
includes automatic data reduction, some 
of which are to be used to generate 
internal abort based on preset limits. 
Different loading patterns can be 
achieved very easily giving different 
loading rates and dwell time. The system 
modularity is achieved using commercially 
available standard hardware. The efforts 
were focussed on developing necessary 
interface hardware and the control 
software. The basic requirements 
generated based on earlier experience and 
classical methods are given in the first 
part of the paper. The final system 
configuration that evolved is then given 
in the next part. It is followed by the 
performance details as per the evaluation 
exercise. In the end, the details of the 
actual application on the STM of the 
current satellite programes are given. 

2. SYSTEM REQUIREMENT 

The static load tests are conducted on 
spacecraft structures using a whiffle 
tree system of loading (Ref.2) in which 
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in which many locations on the structure 
are combined, two loading point at a 
time, and a tree is constructed with the 
resultants till it is brought out to a 
single loading point and the loads are 
applied using linear hydraulic actuators. 
Six of such actuators were proposed for 
in-house qualification tests on INSAT-2 
structural model. The loads have to be 
applied gradually, uniformly, 
simulataneously and with continuous 
monitoring of the response of the 
structure in terms of allowable 
displacements. 

The system requirements can be 
summarised briefly as given below. 

* Generation of different pattern of 
loading specifications. 

* Static loading by 6 actuators with 
high degree of expandability 

* Continuous monitoring of 30 channels of 
loading system health parameters, 
displacement and strain data of structure 

* Smooth abort if the specified limits 
exceed or likely to exceed a specified 
value of a particular parameter. 

* Additional safety abort (hardware) on 
channels if the loading or response 
values exceed the presejt values 

* External manual abort 

* 200 channel strain and displacement 
data acquisition and analysis (Real time 
analysis and display of 10 channels) 

* Report quality test results 

3.SYSTEM CONFIGURATION 

All the above requirements were taken 
into account in the configuration 
development and design stage. In addition 
importance was also given to modular 
concept and the need for versatality of 
the system to do multiple tasks such as 
dynamic and fatigue testing. 

The ASTS system consists of two 
distinct subsystems (Figure.1). The first 
one relates to the automated loading 
system and the second to the data 
acquisition and analysis system. The 
former forms the heart of the ASTS. Among 
the feasible options this subsystem 
configuration was chosen for the 
following reasons viz., 

* On the loading side the Servo Hydraulic 
Control System is accurate, flexible 
and can be used for future dynamic 
applications. 

* On the electronics side GP-IB Interface 
bus was used so that the computer 
accessories and many instruments can be 
interconnected by the users with a 
great degree of flexibility. 

3.1 Automated Loading System 

The system consists of HP 3497A data 
acquisition and Control system, HP 9836 
computer with peripherals like plotter, 
printer and winchester disk drive, six 
channel load cell, signal conditioners, 
six channel servo controller,hydraulic 
powerpack, Servo actuators. Servo valves 
and Safety and abort Unit. 

The HP 3 4 9 7 A acquisition and Control 


system has four plug-in modules namely 

1. Dual channel Digital to Analog 
Converter. 

2. Two Multiplexer Assembly for 40 
channels of voltage measurement. 

3. Relay Actuator Assembly 

4. Two Strain gage card assembly with 
input from strain gages and 
displacement transducers for 10 channels. 

Block diagram of Automated Hydraulic 
Servo control system is given in Fig.2. 
This data acquisition system HP 3497A can 
be programmed by HP 9836 Computer to load 
the structure in a desired fashion 
(Fig.3). 

The flow chart of the control 
software is given in Fig.4. The Control 
software running on HP 9836 sets the 
control System into action as follows. 
The dual voltage DAC module generates 
loading ramp voltage which is fed to 
Control potentiometer to be divided into 
six variable slave voltages which serve 
as the command for six control loops. The 
command reaches the servo valves through 
the servo controller and load is applied 
to the structure. This load is measured 
by the load cells, conditoned and then 
fed to the servo controller for closed 
loop operation. The command and load cell 
feedback voltage of all the six loops are 
fed to the 3497A Control system and to 
the analog hardware safety and abort 
system. A comparison of command and 
feedback is made at both the systems and 
if the deviation exceeds preset limit, 
abort action is initiated by either 
software or hardware and hydraulic pump 
is tripped through the relay actuator 
assembly. In addition to this comparison, 
the critical response ( maximum of 30 
channels ) data from the structure is 
monitored by the software and abort 
action is initiated if the conditions are 
abnormal. 

3.2 Data Acquisition and Analysis 
System (DAAS) 

The block diagram of DAAS (Fig.l) 
consists of a controller (HP1000E), Data 
Acquisition System (HP3497A) with 
extender, strain gauge plugin cards and 
high resolution voltmeter. The flow chart 
of Data Acquisition and analysis Software 
is given in Figure.5. 

4. PERFORMANCE EVALUATION OF THE SYSTEM 

This new facility was released for 
test purposes after a set of safety 
requirements as established by a team of 
experts was met. The evaluation included 
ascertaining the satisfactory performance 
of the system to meet the requirements 
already listed, stability of the control 
system, protection against overload of 
space hardware and safety of test 
personnel. All probable error conditions 
obtainable during the test were 
simulated and response of the system 
obtained. Some of the error conditions 
simulated were loss of load cell 
feedback, malfunctioning of feedback path 
signal conditioner, large flexibility of 
specimen as might be obtained during 
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yielding/failure of loading link etc., 
The reliability of the software was 
assured through the evaluation plan which 
was executed on a software -hardware 
integrated environment. 

5. USE OF FACILITY FOR INSAT-2 SM STATIC 
LOAD TEST. 

The inaugural use of the facility was for 
qualifying the structural model of INSAT- 
2 class of satellites. The qualification 
testing spanned 8 weeks of 10 hrs per day 
shifts. The test plan {Ref.3) included 
many low level load tests facilitating 
checking of linearity of structural 
response. In all about 18 test runs were 
planned to qualify the structure for 
longitudinal and lateral loads. 150 
locations were selected for strain 
monitoring and 50 locations for 
displacement measurements (Ref.4). Safe 
release of loads was recorded on many 
occasions,the most common being the 
breakage of a link in the whiffle tree 
and the incorrect instrument settings. 
The improvements in terms of reduced 
testing time, reduced human attention, 
increased safety to the specimen against 
overload, elegant operational procedures 
were the high-lights of Automated loading 
system in comparison to the conventional 
system, 

6. AUTOMATED LOADING SYSTEM SPECIFICATIONS 
(REF.5) 

1 Number of ChannelsrSix (Expandable) 

2 Max. load : 50 KN 

3 Resolution : 0.1% full scale 

4 Linearity : 0.5% full scale 

5 Tolerance on Abort 1% F.S.(Nominal) 

7. CONCLUSION 

The experience gained during static 
tests of different spacecraft has helped 


us in generating such requirements and 
develop a facility to conduct static load 
tests. The qualification tests conducted 
on INSAT-2 proved that with this improved 
technique, the testing becomes more 
systematic and accurate.The structure can 
be protected without much unexpected over 
loading. It is expected that this 
development will form very useful 
excerise for the fellow workers and also 
serve the authors as an important feed 
back. 
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NONLINEAR FINITE ELEMENT ANALYSIS OF SANDWICH SHELLS 

O. Amlid and P. G. Bergan 

Veritas Research A.S., H0vik, Norway 


ABSTRACT 


Analysis of sandwich plates and shells poses a series of theo¬ 
retical and practical problems to the design engineer. Local 
and global deformation modes and phenomena which are 
negligible when analyzing homogeneous members can turn 
out to be of significance when the member is layered and 
of sandwich type. In addition to this, a sandwich panel can 
exhibit failure modes which are unknown to homogeneous 
panels. Highly comprehensive, nonlinear finite element 
analysis capabilities are required to solve such problems ac¬ 
curately. This paper describes a new nonlinear sandwich 
element based on the free formulation theory. It has been 
implemented in a general purpose finite element program 
with capabilities for solving nonlinear static and dynamic 
problems (FENRIS). 

Keywords: Sandwich structure, finite element method, free 
formulation theory, wrinkling. 


1. THE FREE FORMULATION THEORY 


The free formulation finite element theory, Refs.[l],[2] and 
[3] allows for use of nonconforming displacement functions 
at the same time as the method ensures that the patch test 
is implicitly satisfied. A displacement field u within an ele¬ 
ment is expressed by a complete set of rigid body and con¬ 
stant straining fields (rc - modes) and a set of higher order 
fields (h - modes): 

u = N^q^ + N^q/,. [1] 

The generalized displacement functions N^ must consist of 
a complete polynomial to the degree which corresponds to 
the number of rc - modes of the given type of problem, 
while q rc are the associated coefficients. N^ expresses a set 
of h - modes with q^ as their associated coefficients. Total 
number of modes equals the number of degrees of free¬ 
doms of the element. 

The kinematic relationship between the generalized modes 
and the nodal displacement vector is established by insert¬ 
ing the appropriate nodal coordinates into the displacement 
field defined by Eq.[l]: 

v = G^q^ + [2] 

It is necessary that all nodal values of the generalized pat¬ 


terns are linearly independent such that Eq.[2] may be in¬ 
verted: 



A choice of functions that leads to linear dependency in G 
does not necessarily imply that the ’problem’ function has 
to be discarded. Such a case may be handled by augmenting 
the problem function with an additional function that re¬ 
stores the regularity of G. 

In order to satisfy the patch test, a special form of the 
strain-displacement matrix is applied, Ref.[3]: 

e = pL r v + AN^q* = (-pL r + B qh )v = B u v, [4) 

where L represents a weighting function which is calculated 
by evaluating the surface integral Ref.[3]: 



A 


N u interpolates the nodal displacements on the boundary 
and the n matrix is constructed from the components of the 
outward unit surface normal, however the specific form of 
this matrix depends on the type of problem in question. By 
this procedure, the strain fields are separated such that the 
constant strain fields and thus the associated stresses are 
derived from continuous displacement fields, while the 
higher order strains and stresses are derived from the more 
versatile generalized displacement fields. This procedure al¬ 
lows for a great freedom in choosing displacement func¬ 
tions. 

To ensure that the patch test is fulfilled, the higher order 
displacement functions contained in N^ should be modified 
such that they do not contribute to the mean level of the 
strain fields, i.e.: 

J AN qh dV = f B qh dV = 0. [6] 

V V 

If the requirement of Eq.[6] is fulfilled, the h - modes are 
said to be energy orthogonal to the rc - modes, Refs.[l] and 
[3]. It should be noted that this requirements does not put 
any restrictions on the choice of displacement modes. 
Nygard, Ref.[3], has proposed a scheme for how to modify 
an arbitrary displacement function such that this energy ort¬ 
hogonality requirement is satisfied. 
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Letting the constitutive matrix be denoted C, the stiffness 
matrix is easily established by use of the standard displace¬ 
ment formulation: 


k = 


f BlCBJV 

V 


= -pLCl/ + Hi l Bj,CB qh dVR h . [7] 

After solving the assembled system of equations with re¬ 
spect to the unknown nodal displacements, the stresses are 
retrieved by multiplying the strains of Eq.[4] by C. This for¬ 
mulation has been extended to apply to both material and 
geometric nonlinearities. Refs.[3] and [4]. However, it is 
considered outside the scope of this paper to discuss these 
parts of the theory. 


2. TWENTY NODED SANDWICH ELEMENT 



Figure 1. Sandwich element. 

A uniform displacement formulation in the three directions 
requires a 20-term polynomial expansion. As for isopara¬ 
metric elements the following set of functions may be used: 

1, x, y, z, x 2 , xy , y 2 , yz, z 2 , zx , xy 2 , ^z, yz 2 , A, zx 2 , xyz, 

x 2 yz,xy 2 z,xyz 2 . [8] 

The four first terms represent N qrc , while the rest of the 
polynomial terms make up N^ 

As opposed to traditional shell theories and most thin and 
’thick’ shell elements, this solid formulation represents a 
higher order description of thickness effects, among which 
non-zero transverse stress and non-uniform shear are the 
most significant. Another aspect by these terms is that the 
same interpolation is used for the in-plane directions x and 
y as for the thickness direction z. The main consideration 
for the in-plane direction is that that the expansion should 
provide a good description of membrane and bending be¬ 
havior while shear deformation is most important for the 
thickness direction. 

For the speed of convergence, it would obviously be benefi¬ 
cial for a 20 noded solid element to include the modes x 3 , 
y 3 and z 3 , and thus describe a complete polynomial of third 
order. Unfortunately, this set of functions produces a singu¬ 
lar G matrix and they can, for this reason, not be used di¬ 
rectly. Having this in mind, an alternative expansion may 
be used, replacing the three last functions in Eq.[8] with the 
augmented polynomial terms 

e?yz + (1 - c)* 3 , ec^z + (1 - ^y 3 , ecyz 2 + (1 - e)z* [9] 


where the weighing parameter € is small compared to uni¬ 
ty. Tests show that the formulation is insensitive to the 
choice of e ; the value 0.01 has been used in the present 
study. The idea behind this modification of the displace¬ 
ment modes is that, for a small value of e , the functions 
x 3 , y 3 and z 3 will dominate the solution while the small con¬ 
tributions from the fourth order terms will restore the regu¬ 
larity of the G matrix. The coordinates are made nondimen- 
tional such that the formulation retains objectivity. It is also 
important to note that the above terms allow for a near ex¬ 
act modeling of linearly varying bending moments. 

Note that the outer nodes of the 20 node sandwich element 
shown in Figure 1 are located at the intersection between 
the core and the surface skins. This is done because of the 
convenience of having the nodes at this critical location 
when studying shearing forces and delamination. Full com¬ 
patibility between surface skins of adjacent elements is still 
maintained. Note also that the volumes of the skins are 
parts of the total sandwich volume, and the numerical inte¬ 
gration extends into the skins. 

The total bending stiffness of one skin layer is the sum of 
the stiffness associated with bending about the neutral axis 
of the total sandwich and the stiffness associated with bend¬ 
ing about the skins own neutral axis. For a skin section of 
unit width the total bending stiffness is given by: 

D = Eftd\ + [10] 

where £/is Young’s modulus of the skin material, t is the 
thickness of the skin layer and d\ is the distance between 
the mid-plane of the skin layer and that of the total sand¬ 
wich shell. Normally the first term in Eq.[10] will dominate, 
but the second term is not always negligible. Only one- 
point integration is used in the thickness direction of the 
skins, and a correct moment contribution from the skins is 
ensured by using an appropriate off-set from the skins mid¬ 
planes for the integration points. This off-set can be de¬ 
scribed by the parameter a which is given by the following 
relation: 

E/iadtft = E/td] + [11] 


Solving for a gives: 


- 1+ 



Normally three integration points are used through the core 
thickness and three by three integration points are used in 
the shell plane. 

The present sandwich element has several advantages 

• The midside nodes allows for modeling curved 
geometries and, hence, a wide range of shapes 
found in practical structural members, from sim¬ 
ple flat plates with cut-outs to more complex 
cross-sections like air foils. 

• The element is developed by separate consider¬ 
ation of each of the three layers, allowing for any 
arbitrary anisotropic, linear or nonlinear mate¬ 
rial property of each layer. 

• Due to the three nodes through the thickness, 
the two skin layers are not required to undergo 
the same out-of-plane displacement and the 
element allows for warping of the shell cross- 
section. 

• The high order displacement functions make this 
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sandwich element well suited for analysis of 
damaged parts and for representing special edge 
effects. 

The initial stiffness matrices for each layer are calculated 
individually by way of Eq.[7]. The contributions from the 
two skins and the core are subsequently assembled to estab¬ 
lish the total stiffness matrix for the sandwich element. The 
surface layers are normally much thinner than the core lay¬ 
er, and it is primarily the three in-plane stress components 
that contribute to the strain energy of these skins. These 
three strain components are extracted from the full six com¬ 
ponent strain tensor by applying the appropriate transfor¬ 
mation matrix to the B„ - matrix. In the core layer, all six 
strain components are included in the expression for the 
strain energy. 

In order to solve nonlinear problems, the linearized incre¬ 
mental form of the equilibrium equations and the nonlinear 
force balance equation are established. The tangential stif¬ 
fness matrix is then established by using the nonlinear ex¬ 
pressions for the Green strain tensor and their energy con¬ 
jugate stresses represented by the second Piola-Kirchhoff 
stress tensor. The reader is referred to Ref. [4] for the deri¬ 
vation of the nonlinear tangential stiffness matrix and a de¬ 
tailed discussion of different aspects of applying the free 
formulation theory to nonlinear problems. 

For calculation of the element mass matrix, a lumping tech¬ 
nique proposed by Zienkiewicz, Ref.[8], is adopted: The di¬ 
agonal terms of the consistent mass matrix are calculated 
and subsequently scaled by a factor which ensures that the 
sum of the diagonal terms equals the total mass of the ele¬ 
ment. 


3. NUMERICAL EXAMPLES 


3.1 Shear loaded cantilever beam 

The simple case of a shear loaded cantilever beam is chosen 
to illustrate the sandwich element’s ability to represent the 
basic modes of deflection and shear deformation of a beam 
or plate. This example is also used to clarify the effects of 
the augmented higher order displacement modes and the 
offset of integration points of the skin layers. The beam is 
modeled by a single element as shown in Figure 2. 



Figure 2. One element model of cantilevered 
sandwich beam 


The beam has a fixed total height h , while the thickness 
t of the two surface skins vary from 0.1 to 45 per cent of 
the total height. This variation of skin thickness represents 
cases from extremely thin to unrealistically thick skins. The 
beam has a length to height ratio of 5, and a ratio of elastic 
modulus for skin and core materials equal to 100 . The Pois¬ 
son’s ratio for both materials is taken equal to zero. 


The finite element results are scaled by an analytical solu¬ 
tion given in Ref.[5]: 


Wtip = 


PL 3 , PL 

--__ 

3 D S 



The bending stiffness D and the shear stiffness S of the 
sandwich beam are: 


id 

7 2 7 6 12 



S = GM 1 + — + (-) 2 ) [15] 

c c 

E c and G c are Young’s modulus and shear modulus of the 
core material, respectively, b is the width of the beam while 
d is the distance between the mid-planes of the two skins 
and c is the thickness of the core material. 
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Figure 3. Tip deflection, cantilevered sandwich beam. 


The results of the numerical study are given in Figure 3. The 
problem is designed to assess the performance of the ele¬ 
ment when subjected to deformation modes ranging from 
dominantly bending behavior on the left hand side of dia¬ 
gram where the bending contribution is about 97 percent 
to dominantly shearing deformation behavior on the right 
hand side of diagram where the bending contribution is at 
its lowest approximately 40 percent. 

The so-called ’unmodified element’ plotted in Figure 3 is 
based on the twenty polynomial terms of Eq.[8], while the 
’modified element’ uses the higher order functions of 
Eq.[9]. The plots of Figure 3 show that the unmodified ele¬ 
ment does not reproduce the deformation modes very well 
for thin skin cases, while the modified element gives excel¬ 
lent accuracy for the whole range of sandwich configura¬ 
tions. The improved performance is due to the inclusion of 
the corrective terms of Eq.[9] which enables the element 
to model a nearly exact linear variation of moment. 

The diamond markers show the finite element solution 
when the integration points are situated in the mid-plane 
of the skins, while the dotted line represents the corre¬ 
sponding analytical solution, i.e. the second term in the ex¬ 
pression for the beam’s bending stiffness, Eq.[14], is 
omitted. It is clearly seen that the off-set of these integra¬ 
tion points is indeed an appropriate remedy to this problem. 

The axial and shear stress distributions over the height and 
along the beam axis are plotted in Figure 4 for the case of 
tfh = 0.1. The solid lines represent the analytical solution 
while the markers show the element stresses at the integra¬ 
tion points. It is seen that one element is sufficient to repro¬ 
duce to a high accuracy the stress distribution both over the 
cross section and along the length of the beam. 
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Figure 4. Scaled stress distribution, cantilever beam. 

It should be noted that Allen, Ref.[5], has presented a more 
elaborate solution to this problem. A second order differen¬ 
tial equation in terms of the shear force carried by the core 
is established and solved. For this solution one can specify 
as a boundary condition that the skin layers shall not rotate 
at the fixed end. As a consequence of this, the skins will 
sustain concentrated curvatures close to the fixed end, but 
the tip deflection will according to this theory differ signifi¬ 
cantly from the solution presented above only for very thick 
faces. 



buckling. 

Figure 5. Buckling 



Shear crimpling. Wrinkling. 


modes for a sandwich column. 


Williams, Legget and Hopkins, Ref.[6], have presented an 
elaborate theory for wrinkling analysis which includes over¬ 
all Euler-type instability and shear buckling as special 
cases. Both the outline of the theory and the resulting for¬ 
mula for the critical load is too lengthy to present here. 


An axially compressed sandwich column is modeled by four 
elements in the axial direction and one element through the 
thickness as shown in Figure 6. The ratio between the skin 
thickness and the total height of the beam is 0.01, while the 
Young’s modulus of the material used in the skins are 1000 
times that of the core material. The column’s critical load 
is computed via a linearized buckling algorithm which is im¬ 
plemented in the FENRIS program, Ref.[7]. 


4 

4 

4 

4 

4 

/ 

4 

4 






P/2 
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Figure 6. Column model, four elements. 


3.2 Instability of a sandwich column 

The next example considers the problem of instability of 
sandwich beams. An axially loaded elastic column will 
buckle at a load level referred to as the Euler load if only 
overall bending deformation is included in the analysis. This 
Euler-type buckling mode is illustrated at the left hand side 
of Figure 5. In the case of a sandwich column, the core will 
allow for significant shear deformations. Such deformations 
reduce the overall stiffness and the critical load correspond¬ 
ingly becomes less than the Euler load. This reduction effect 
increases as the buckling wave length decreases, and an 
extremely short sandwich column will buckle in the mode 
shown in the middle of Figure 5 and sometimes denoted 
shear crimpling. Note that shear deformations are not asso¬ 
ciated with transverse shear, but rather the core materials 
adoption to that the skins buckle as ’separate’ columns. The 
skin layers buckle at a load level given by the sum of their 
individual Euler load, and shear deformations are dominant 
in the core layer. In addition to these failure modes, the 
compressed skins of a sandwich member may be subjected 
to a particular kind of instability. This type of skin buckling 
is usually described as wrinkling. The wavelength of the 
buckles is of the same order as the overall thickness of the 
beam, see right hand side of Figure 5. It should be noted 
that, according to the theoretical solution, the mid-plane 
of the core in this case remain flat. It is evident from this 
illustration that the out-of-plane stresses in the core layer 
are both significant and highly nonlinear when the panel un¬ 
dergoes such deformations. 


Figure 7 shows the bucking load versus column length for 
the three types of buckling in a double logarithmic scale. 
The straight line to the right represents critical axial stress 
in the faces assuming that the member buckles in accor¬ 
dance with the Euler-type mode. The straight line to the 
left corresponds to pure shear buckling. The curved graph 
is obtained by evaluating the formula given in Ref.[6]. 
When the column is very long, overall bending deforma¬ 
tions dominate. This is illustrated by the convergence of the 
curve representing the Euler load and the solution given in 
Ref.[6], Shear deformations dominate when the column is 
very short. This is shown by the convergence between the 
curve according to the shear crimpling mode and the solu¬ 
tion which includes the wrinkling mode. If the column 
length is such that it falls within the wrinkling zone indicated 
in the figure, the column will, according to the theory, 
wrinkle at a lower load and in a shorter wave length, both 
given by the minimum point of the curve. The formula given 
by Williams, Legget and Hopkins therefore describes the 
complete buckling behavior of a sandwich column, includ¬ 
ing the case of wrinkling. 

The computed critical stress versus the computed critical 
length is illustrated in Figure 7 by the markers. For long 
columns which will buckle according to Euler’s theory, the 
results show good agreement with the analytical solution. 
Also the three models which are such that they fall within 
the wrinkling zone shows good agreement between critical 
stress and critical wave length. However two of these mod¬ 
els are too coarse to correctly represent the short wrinkles 
predicted by the theory. In the case where the model is ad¬ 
justed to cover two whole buckled wave lengths by four ele- 
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merits, the finite element solution is calculated to be within 
five percent of the analytical solution. 



Figure 7. Critical stress versus wrinkling length for 
a sandwich column. 

A lesson from this study is that there should be a sufficient 
number of elements to be able to represent a wrinkling 
mode and the corresponding wrinkling load. On the other 
hand, even a very coarse model is capable to predict the 
pure Euler load. In the case of wrinkling, it should be noted 
that the critical stress is not very sensitive to the assumed 
buckled wave length. This means that even if the finite ele¬ 
ment model is too coarse to correctly describe correctly the 
wrinkled waves, the computed critical stress itself will come 
out within a reasonable range of the analytically computed 
wrinkling stress. Typically for the sandwich configuration in¬ 
vestigated in this example, the critical stress will increase by 
approximately ten percent if the assumed buckled wave 
length is twice the correct one. 

Figure 8 shows the wrinkling mode for the finite element 
model in the case L cr /h — 0.2, where the short waves are 
easily recognized. It is also seen that the mid-plane only 
sustains small deflections, which is in accordance with the 
wrinkling theory. The theoretical buckling half wave length 
is indicated in the figure and it is seen that the buckling 
mode of the finite element model corresponds well with 
this. 


Lcr = LI 2 
I-1 



Figure 8. Computed wrinkling mode. 


in its mid-plane; that is in the soft core material. To avoid 
unwanted local distortion effects at these locations, vertical 
end stiffeners has been added to the model. As these do not 
affect the overall behavior of the beam they are not shown 
in the figure. 


t _v_3!_1!_3' v_3!_3!_3' 

_3!_3' 

_3!_1_S’ " 




Figure 9. Pinned beam subjected to uniformely 
distribured load. 

Timoshenko, Ref.[9], has presented an analytical solution 
to this problem. This solution has been evaluated at the mid 
point of the beam and compared to the numerical results 
plotted in Figure 10. 



Figure 10. Mid-point deflection of sandwich beam. 

At the maximum load level the mid-point deflection of the 
beam amounts to 131 per cent of the beam’s height, and 
it is seen that the tangential stiffness has increased signifi¬ 
cantly compared to the initial stiffness. The model using two 
elements along the beam axis deviates from the analytical 
solution. However, by adding one more element to the 
model, the results are seen to be very good. At the first load 
increment the computed deflection of the three element 
model is 81.2 per cent of the analytical solution, while as 
for the last increment the deflection calculated with this 
model equals the analytical solution to the third significant 
digit. The initial stiffness for the four element model is 96.4 
per cent of the analytical solution and the computed deflec¬ 
tion for this model has after six load increments converged 
to the analytical solution within three significant digits. 

3.4 Dynamic analysis 

The dynamic behavior of the element is studied by calculat¬ 
ing the three first eigenfrequencies for the simply supported 
beam of the previous example. Assuming that the n ’th ei¬ 
genmode is described by n half sine-waves, the correspond¬ 
ing eigenfrequencies are given by: 


3.3 Nonlinear response 

The nonlinear response of the element is investigated by 
studying the large displacement behavior of a long and slen¬ 
der sandwich beam which is pinned at both ends. The length 
to beam thickness ratio is 100 , while the height of the beam 
is 100 times the thickness of each of the skins and the ratio 
between Young’s modulus for the two materials is 50. The 
nonlinearity origins from overall axial tension due to the 
fact that both ends are restricted from moving horizontally. 

As it is seen from Figure 9 the ends of the beam are pinned 


2 ,nn 4 D 

m = (-p) ~ 
/ m 



where m is the beam’s mass per unit length. The eigenfre¬ 
quencies are calculated both by using the unmodified dis¬ 
placement functions of Eq.[8], € = 1.0, and by the use of 
augmented functions, Eq.[9], e = 0.01. Figure 11 shows 
graphically the convergence of the three first eigenfrequen¬ 
cies of this model. It is seen that the results are improved 
radically when the modified displacement modes are used. 

C-3 
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These results also imply that the present free formulation 
element is substantially more accurate than the traditional 
20 node isoparametric element. 



° “ Modified element 


Figure 11. Eigenfrequencies of pinned sandwich beam. 


Another important aspect with this and the previous exam¬ 
ples is that they show that the chosen element formulation 
is not sensitive to high side aspect ratios. 


4. CONCLUSION 


It may be concluded from the present and supplementary 
test examples that the proposed sandwich element gives ex¬ 
cellent results for displacements as well as stresses. In par¬ 
ticular the use of the modified, nonconforming higher order 
modes improves the behavior significantly. In this context 
it is of decisive importance that the element is formulated 
in the context of the free formulation theory which ensures 
convergence even when nonconforming displacement func¬ 
tions are employed. It is also verified that the local bending 
stiffness of the skin layers can be included by an appropriate 
off-set of the integration points in these layers. The element 
seems also capable of representing very well, the localized 
wrinkling mode and the corresponding critical load. The 
large displacement behavior and dynamic behavior have 
been confirmed to be very good. 
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ABSTRACT 

The purpose of this study is the analysis of the influence of 
the composite materials substrate on the stresses distribution 
in the solar array components: solar cell, adhesive, substrate 
and interconnector. At last a fatigue study for the life pre¬ 
diction of the interconnector, in low and geostationary or¬ 
bits, and a further study on the substrate composite materials 
strength have been performed. 


1. INTRODUCTION 

The analysis has been conducted on the basis of theoretical 
mathematical models only. 

Stress distribution in the components of the solar array arises 
mainly from their different thermoelastic properties in ther¬ 
mal variations environment during orbital missions. 

A previous study (Ref. 1) of the substrate sandwich structure 
behaviour with the skins in Aluminium material has been al¬ 
ready performed, while the same behaviour has been here 
analyzed in the case of ortotropic constituting material of the 
skins. The composite lamina of the skin is formed by carbon- 
fibres reinforced plastic (CFRP) and by a core in Aluminium 
honeycomb alloy. 

A mathematical model concerning the substrate behaviour 
has been here introduced, taking into account the ortotropic 
feature of the composite constituting material; in this case it 
has been necessary to build and develop a bidimensional 
stress and strain numerical model. The interconnector consti- 
tuting equations are reported in Ref. 1, with some variations 
which allow more accurate computations. 

The other utilized materials are Molybdenum for the inter¬ 
connector and Gallium Arsenide for the solar cells (Ref. 2-3-4). 


2. THE CELL-SUBSTRATE CONSTITUTING EQUATIONS 

The cell-substrate complex is reported in Fig. 1 with the main 
components: 



Figure 1. The main components of the cell-substrate whole 
structure. 

By the composite laminates theory (Ref. 6) a study of the 
mechanical properties of the substrate has been performed. 
The laminate structure is such that its main mechanical 
properties are nearly similar to both simmetric and antisym¬ 
metric laminates, that is there is uncoupling between in¬ 
plane and out-of-plane behaviour and nearly ortotrophy in the 
main axes plane. 

The equilibrium equations for both the cell and the substra¬ 
te along the x,y directions are respectively: 


t , do lx 
*•-£" +T “ = 0> 

dOl y 

tl — +v = o. 

dO Or 

t,r, "dT " t ” = 0. 


do 


t2r2 ~df - T - = 0 > 



where r 2 = zjz. Considering a AT temperature variation it is 
possible to write the thermoelasticity relations: 
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dv lx 

Olx 

dx 

E, 

dv ly 

°ly 

dy 

“ T 

dv 2x 


dx 

E 2x 

dv 2y 

°2y 


Jj] 

<Lx Arp 

‘ Vj — + a, AT, 

- v 2yx + a 2x AT, 

-*- J 2y 

-v 2x „ ^ + a 2v AT, 



where E 2x , are the Young’s moduli average values of the 
substrate; and v 2yx are the mixed Poisson’s moduli average 
values and a^, the average values of the thermal expansion 
coefficients. The adhesive equations are: 


= — (v 2 «- v lx ) 

t3 


T yz = J- (v 2y -V ly ) 

VA 


By introducing the parameters: 

A -JLfJ-k-i -) A -JL(?L + ^ k ) 

* t,t 3 ( E 2x E/ *’ t.ta'-E, E 2y > 

A,= T^(^-k-i-) B, = -£-(«„-a,) AT 

M 1-3 n« 2 y JAii L 3 

B y = -^-(a 2y -a 1 )AT 

ti t 3 

and taking into account the system (1) it is possible to obtain: 


j2 

d a l3 


j 2 

d a l3 


+ A x a lx + A xy a ly + B x - 0, 


+ A y c ly + A xy a lx + B y = 0. 


Figure 2. Contact elements between cell and interconnector. 

From Fig. 2 it is possible to point out that the distance 
variation between the interconnector and cells welded contact 
points is equal to: 

(Av lx ) T = (V] x ) x «l c /2+] + x ir " ( v ix )*-! c /2-x u (8) 


3. INFLUENCE OF THE INTERCONNECTOR ON 
THE CELLS DISPLACEMENT 

The variation of the inter-cells gap depends also on the 
reaction of the interconnector at the welded contact points 
with the cells surface. 

It means that there is another contribute to the distance 
between adjacent cells, which has to be calculated. 



The general solution can be searched in the form (Ref. 5): 

r o lx = 1^ [1-cos h(ax)cos h(py)] + S x , 
a ly = Ry [1 - cos h(ax)cos h(py)] + S y . 

The boundary conditions, taking into account the average 
value of the normal stress a lx , and o ly , are: 

(s lx ) x . V2 — 0 

( 6 ) 

( S ly)y-] c /2 ~ ” 

From the first of (2) integrated we obtain: 

1 t t 1 

( v ix )i c / 2 -* Il = ■ ct 2x AT — “ otj ATx n ~ R x ctC y sinh(a— ) + 

-^i [ R r + S t -v l (R y+ S y )] + ^- R »'^ lR> • 

■ [sin h (a-^-)-sin h (a^-- ax,,)] (7) 

z z 

where: 

V 2 

If i 2 


C x = —| cosh(ax)dx, 
L -1/2 


Figure 3. The contact zone between cells and interconnector. 

The elasticity constitutive equations can be written in the 
form: 


E, dv„ 

^ 1 x 2 j 

1-v, dx 


I’ V 2 xy V 2yx 


dv 2x 

dx 


T XI = 7- (V 2x -V lx ) 

V t 3 

because the temperature variation effects have been already 
considered in the previous model, and furthermore the cross 
strain along the y axis can be neglected because of the 
narrowness of the welded contact zone, as in Fig. 3. 

The equilibrium equations along the x axis can be then 
written: 


+T xz + T F S n r i r 2 = 0 
dx 

da2 ‘ n 

t 9 r, —:-= 0 


( 10 ) 


C y = i-J cos h(py)dy. 


L « -L/2 


where: 
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Zj Z 2 

r s = — r 2 = — 
z z 


and S n is a function which vanishes in every point but the 
interval Xj < x < x 2 where its value is unitary. 

The boundary conditions are: 


Oi x (0)= 0 

o 2 jo)= 2j±Ii 


(ID 


where F = i^z. is the resulting applied force at the contact 
zone between cell and interconnector. 

In the interval 0 < x < x^ the expression of the a^x) stress can 
be found: 

_ 171^2 . , /r>n\ TplpUr i /An \ i 


o 1 (x) = F~-- S inh(2(3x)-- [cosh(2px)-l] (12) 

k > t 2 (l + ^£) 

r 2 7 

where: 


m — tj/t 2 n - E!/E 2 p — (1 - v 2xy v 2yx )/(l - v x ) 


4|? = 


G 1 - Vi / mnp \ 

ti t 3 Ej r 2 


k x = tan h(2px,) + tan h (2pl F ) 

v ^ 1 + tan h(2pXj)tan h(2pl F ) 
k 2 — n + 

z 2 t 2 (i + ^£) 

r 2 

tanh(2pl F ) 

2(3t t zl p (l + .5L££) CO s h(2px,) 
r 2 

From the first of (9) we obtain: 

V Jx (X I )= ICgF 
where: 


(13) 


(l-v 2xy v 2yx )l 2pt, t 3 k 2 x k 2 [cos h(2px 1 )-l] 

i\-> = -+ - ■ + (1 - V, ) —- + 

2t 2 z 2 E 2 Gk, u ,J 2pE,k, 

(l-v,)sm h(2Px,) (l-v“)x, 

2pt 2 E 2 z 2 (l+^£) t 2 E 2 z 2 (l+^£) 

r 2 r 2 

There is a corresponding displacement of the right cell so that 
the distance variation between welded contact points of adja¬ 
cent cells, due to the applied force F, is equal to 


(Av 1x ) f = (K 31 + K 3r )F 


(14) 


because both contributes of the cells, on the left and on the 
right (corresponding to K’ 31 and K' 3r ), have to be taken into 
account and their effects must be added. 

The displacement due to the temperature variation has been 
yet found as in (8), so that the total distance variation between 
welded points is equal to: 


Av lx = (Av lx ) T -(K 3] + K 3r )F 


4. DETERMINATION OF THE STRESS DISTRIBUTION 
IN THE INTERCONNECTOR 

In Fig. 4 the out-of-plane relief loop of the interconnector is 
shown: 
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Figure 4. The out-of-plane interconnector relief loop. 
The interconnector elasticity constitutive equations are: 
( Ft 1= :M D -M s 



d 2 w 


- F[h(x) + w(x)] -(- M D = El 


with the boundary conditions: 


M D = [ EI ~T’]x-0 

dx 

dx 


(16) 


M£)J 


2 3/2 


(17) 


The w(x) bending displacement can be expressed in the series 
expansion: 


, ^ V nxx\ . xx . 2xx 

w(x)= a n 11 - cos —-— ) + a K sm — sin — 

n 1 11 


(18) 


It is possible to obtain the distance variation between the two 
ends of the interconnector, which is equal to: 


Av lx = -X a nUn-a F U F + K 3 "F + ciiATli 


(19) 


where a and 1. are the thermal expansion coefficient of the 
interconnector material and the distance between the welded 
contact points of adjacent cells respectively. The coefficients 
Kg and U n , U F expressions are: 

t 

K 3 " = -^T- J-—T—T dx 

EA / cos a(x) 


i 

it nic f ... no , 
U n = —— J tan a(x)sin —-— d: 
1 « 1 


( 20 ) 


(15) 


TT f, ... xx . 2xx . 

U F = tan a(x)sm — sm —-— dx 

o 11 

By (15) and (19) it is possible to obtain: 

(21) 

where: 

K a = K 3 + K 3 T n = -( Av, x ) t + a s ATlj T N =T N a n U n -a F U F 
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Such expression of the interconnector stretching force F can 
be substituted into the II nd equation of (4), then the Galerkin 
method can be utilized to obtain: 

£a„[U„Si + EIP„„] + ^ia n + 

+ a F [ ^ U F - F, m + EIP. n ] = T„ 

i \ 3 Jtv 3 rv 3 

Ia n [U„5l + EI(P n0 .l)-^l] + (22) 

n i \ 3 IV 3 

+ a F [ U F -^F. 0 + EKP.o - D] = T „ J- 

Xa„U n a F [U F -2El(^) 2 ] = T N 

n 1 


o T = £ cos<x(x)+(25) 
A I 

where M f is the bending moment, I is the flexural inertia 
moment and y is the distance from the neutral axis. 

5. STUDY OF THE FATIGUE LIFE OF THE 
INTERCONNECTOR MATERIAL 

For a study of the interconnector material life in the space 
environment of low and geostationary orbits, the Manson 
curve and the consequent constituting relations (Ref. 1-7) 
have been utilized. In the same papers a prospect of the ana¬ 
lytical operations utilized procedure is shown, which has been 
here utilized. 



where the first reported equation corresponds to m/2 equa¬ 
tions with m = 2, 4, 6..., the second corresponds to the (m/2 + 
1 ) th equation with m = 0, the third to the (m/2 + 2) th equation 
obtianed by the imposed boundary conditions (17). The sys¬ 
tem (22) is nonlinear and it can be solved by an iterations 
method. 

The report coefficients are: 


6. APPLICATIONS 

For a study of the ortotropic material influence on the inter¬ 
connector stresses, three different composite laminates, an 
U.D. (0°), an angle-ply (±45°) g and a cross-ply (0790°) g respec¬ 
tively, have been supposed, whose thermomechanical proper- 
ties are reported in Tab. I. 



Table I: Mechanical Properties of the Substrate Material. 



K 

(GPa) 

(GPa) 

«2x 

UCD-IO 6 

% 

CC’XLO 6 

V 2xy 

(Gpa) 

U.D. 

8.77 

0.57 

-0.30 

28.10 

0.30 

0.27 

±45//s 

0.97 

0.97 

1.88 

1.88 

0.80 

2.26 

90/0//S 

4.69 

4.69 

1.88 

1.88 

0.04 

0.27 


The mechanical properties of the materials utilized for the cell 
and interconnector are given in Tab. II. 


mcx mTtx 
1 cos —;— cos —-— 
f 1 1 


P -<T>I- 4 rr- 

' [!♦(£)] 


2 3/2 


The same equations system can be written in matricial form: 


[K] [X] == [Z] 


(23) 


Table II: Mechanical Properties of Cells and Interconnector 
Materials. 


E(GPa) aCC^lO 6 

Ga As 85.3 6.86 

Mo 320.0 5.80 



where: 



and [K] is the equations coefficients matrix and [Z] is the 
external stress column vector. 

It is then possible to calculate the displacements and the 
bending moments in the interconnector and consequently the 
stress distribution. It must be observed that the total acting 
stress in each point of the interconnector is equal to the sum 
of normal and bending contribute: 


The adhesive material shear strain rigidity modulus versus 
the temperature is shown in Tab. III. 

Table III: Shear Strain Rigidity Modulus of the Adhesive. 


G(GPa) 

T(°C) 

0.34 

+100 

0.35 

-60 

3.7 

-140 

340 

-180 


In all the considered cases the temperature range -180 °C +• 
+100 °C was supposed. 

7. RESULTS ANALYSIS 

In Fig. 5 and Fig. 6 the behaviours of the stress inside the solar 
ceil and the adhesive versus the distance from the cell center 
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for the three considered composite laminate cases (T = -180 
°C) are reported. 

In Fig. 7 the interconnector bending displacement versus the 
distance from a cell edge is shown for the angle-ply (±45°) # 
case, for both T = +100 °C and T = -180 °C; in this figure the 
geometry of the interconnector versus the distance from a cell 
edge is also given. In Fig. 8 a comparison of the obtained ben¬ 
ding displacements in all the three considered composite 
laminate cases at both foreseen temperatures is shown. 

In Fig. 9 the stress behaviour inside the interconnector 
versus the distance from a cell edge is presented for the 
angle-ply (±45°) s laminate case, and at the two temperatures 
T = +100 °C and T = -180 °C, together with the interconnector 
geometry. In Fig. 10 a comparison of the obtained stress be¬ 
haviour in all the three composite laminate cases at T = +100 
°C is presented and in Fig. 11 at T = -180 °C. 

In Fig. 12 the maximum stress behaviour inside the intercon¬ 
nector versus the curvature radius r 2 (see Fig. 4) and for three 
different values of the radius r t is given for T = +100 °C, while 
in Fig. 13 the same stress behaviour when T = -180 °C is 
reported. 

In Fig. 14 the stress behaviour versus the distance from 
a cell edge is shown in the case of interconnector in Silver for 
the angle-ply (±45°), laminate case at T = +100 °C and T = -180 

°C. 

Now the interconnector material life has to be considered 
together with the obtained results by Manson method (Ref. 7). 
Let's look at Tab. IV: 


Table IV: Fatigue Life of Interconnector Material. 



(±45°), 

(0790°), 

U.D. (0°) 

(±45°).(Ag) 


ct =210 

A 

ct a = 266 

i-H 

00 

il 

\D K 

> q 

ii 

<o 

© 


(ct m = 2.5) 

(ct m = 3.2) 

J? 

II 

Oi 

<1 

(ct m = 1.1) 

N=50000 

a[MPa] 

o =523 

max 

ct =520 

max 

ct =512 

max 

ct =120 

max 


(N=4.310 6 ) 

(N=10 6 ) 

(N=70100) 

(N=250000) 


ct = 223 

A 

ct a = 308 

ct a = 599 

o A = 110 


(a M = 2.6) 

(ct m = 3.6) 

(ct m = 7.1) 

(ct m = 1.3) 

N=3650 

cr[MPa] 

ct =865 

max 

ct =861 

max 

CT =852 

max 

ct =500 

max 


(N=39900) 

(N=13500) 

(N=3700) 

(N=96000) 


The first two rows refer to low orbits while the last two refer 
to geostationary orbits (N = 50000 is the number of cycles in 
10 years for low orbits, while the corresponding number for 
geostationary orbits is N = 3650). In the first and the third 
rows the cyclic stress amplitude ct a and the average stress 
value ct m are reported for the different composite laminate 
cases (the last column refers to the interconnector in Silver, 
while the others refer to the interconnector in Molybdenum). 
In the second and fourth rows the maximum allowable cyclic 
stress amplitude for a 10 years life is reported in the various 
composite laminate cases. It can be emphasized that the effec¬ 


tive stress amplitude is always smaller than the correspond¬ 
ing maximum allowable amplitude for such a life period. In 
the same rows also the life maximum cycles number corre¬ 
sponding to the effective cyclic stress amplitude is reported. It 
means, considering the cycles number corresponding to low or 
geostationary orbit in 10 years, that the effective life could be 
much bigger than the requested one. For example, consider¬ 
ing the interconnector in Silver in the angle-plied laminate 
case, the effective life in low orbit is 5 times the requested one, 
that is 50 years. 

A further study of the substrate strength utilizing both the 
"Maximum Strain Criterion" (M.S.C.) and the "Quadratic 
Failure Criterion" (Q.F.C.) has been performed (Ref. 6). Such 
a study refers both to the laminate on the whole and to the 
single lamina. The ratio between the maximum allowed stress 
and the effective stress in the whole laminate and the single 
lamina are reported in Tab. V and Tab. VI respectively. 


Table V: Obtained Results for the Single Lamina. 



(±45° ) s 

(0790°), 

U.D. (0°) 


M.S.C. Q.F.C. 

M.S.C. Q.F.C. 

M.S.C. Q.F.C. 

T=+100°C 

1790 

2200 

1790 

2200 

3260 

4000 

T=-l 80°C 

109 

71.7 

104 

68.1 

221 

145 


Table VI: Obtained Results for the Whole Laminate. 



(±45°), 

(0790°), 

U.D. 

(0°) 


M.S.C. 

Q.F.C. 

M.S.C. 

Q.F.C. 

M.S.C. 

Q.F.C. 

T=+100°C 

3110 

3360 

3110 

3360 

5650 

6120 

T=-180°C 

56.5 

52 

53.7 

49.4 

114 

105 
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8. CONCLUSIONS 

From the obtained results the importance of the choice of the 
composite material constituting the substrate can be em¬ 
phasized. The better substrate configuration is the angle-ply 
(±45°) t laminate, because it allows to reduce the stress value 
inside the solar cell, the adhesive and the interconnector of 
about 6%, 29%, 26% respectively in the cross-laminate case 
(0°/90°) i , and of about 23%, 33%, 63% respectively in the U.D. 
(0°) laminate case. 

Also the out-of-plane interconnector geometry becomes very 
important in the stress behaviour, and the best radii of 
curvature its loop configuration must be found for the inter- 
connector project. 

Thermal stresses, on the contrary, are not important for the 
substrate structure stability. 

From the interconnector fatigue life obtained results it can be 
pointed out that the considered materials are very good for 
space missions in low and geostationary orbits. 


Fig. 11 
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ABSTRACT 

An analytical solution was developed for the buck¬ 
ling of laminated cylindrical plateB under biaxial 
compression and shear loads. Linear equations for 
laminated cylindrical shells, Donnell-type equa¬ 
tions, was used in conjunction with Galerkin’s 
method to determine critical buckling loads. Several 
composite panels were tested under uniaxial com¬ 
pression or inplane shear load in order to verify 
the correlation between the above analysis and ex¬ 
perimental results. Panels had several types of la¬ 
y-up, balanced and symmetric as well as unbalanced 
and unsymmetric, and different boundary conditions. 
A good correlation between theoretical analysis and 
experimental results was obtained. A new test fa¬ 
cility was built in order to apply contemporarily 
both biaxial compression and shear load. 

Keywords: Composite, buckling, test facility. 


1. INTRODUCTION 

Analytical and experimental results on the struc¬ 
tural efficiency of aerospace structures under com¬ 
pression and shear loads have demonstrated the mass 
saving potential of advanced composite panels to 
meet buckling requirements. Several experimental and 
analytical works are available in literature on 
buckling of composite panels under combined loads; 
in the most of the cases, the experimental results 
reported are relative to uniaxial compression or 
shear load only; herein too, as well as in Ref. 1-3, 
some results are reported on the buckling behaviour 
of advanced composite panels under uniaxial com¬ 
pression or shear load; in very few reports results 
are reported in which a combination of the two loads 
was applied. In the real condition, however, biaxial 
compression and shear load can be applied contempo¬ 
rarily on panel; theoretical analysis can predict 
the buckling load when combined loads are applied 
and several results are available in the literature 
or can be obtained by our computer program ALPATAR; 
experimental results, indeed, were not found. 
Starting from these considerations a new test fa¬ 
cility was built at Turin University of Technology 
in order to apply contemporarily both biaxial com¬ 
pression and shear load. 


2. BUCKLING ANALYSIS OF ANISOTROPIC PLATES 

An analytical solution was developed for the buck¬ 
ling of anisotropic cylindrical plates under biaxial 
compression and shear loads. Linear equations for 
laminated cylindrical shells, Donnell-type equa¬ 
tions, are used in conjunction with Galerkin's 
method to determine critical buckling loads. For 
many engineering applications of curved plates, the 
ratios of radius of curvature to plate thickness are 
often greater than 500; hence, Donnell's theory 
should provide sufficient accuracy. Furthermore, the 
ratio of inplane dimensions to thickness will be 
greater than 40; in such cases shear deformation 
will not be significant for practical laminate; 
thus, in a first stage, the shear deformation is not 
included in the buckling analysis . The plate 
thickness is denoted by h, the radius of curvature 
by R and the in plane dimensions by a and b; the 
plate is composed of an arbitrary number of layers 
with arbitrary fibre orientation in each layer. 
Based on the Classical Lamination Theory, the fol¬ 
lowing plate equations of equilibrium, in non- 
dimensional form, have been used: 

l 11 u+l 12 v+l 13 w=0 ? Li2U+L22V+L23W=0 ; (1) 

L 13 U+L 23 V+L 3 3 W=N c W, cc + 2 A N cr| W, . 

where the linear operators L^j are function of the 
extensional, coupling and bending stiffnesses of the 
laminate as well as of the geometric dimensions of 
the curved panels (Ref. 4-5); U, V and W are the 
displacements of the middle surface in the e, n and 
z directions; N ^ , N ^ and N ^ denote the pre 
buckled average axial, transverse and shear loads 
per unit width. Both the simply supported (BC-1) and 
fully clamped (BC-3) boundary conditions are taken 
into consideration; the following conditions are to 
be satisfied: 


BC-1 


at ^ =0,1 : N = M = v = W = 0; 
at u =0,1 : N^= M^= U = W = 0 


BC-3: 


at ^ =0,1 : U 
at r) =0,1 : U 


V 

V 


W =W,.= 0; 
w =w, n = 0 


( 2 ) 


A solution of the problem was assumed to be in the 
well known form: 


U = 2 E A mn $mn( 71 ) t v - ^ ^ B mn Xmnl^ 71 ) ? 

m n m n 

W = E E C mn ip mn (£ • r l) • (3) 

m n 
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The following functions were used for the two sets: 
BC-1) <J> mn - cosmiTCsinnTrn; X mn = sinimrScosmrn; 

^ mn = sinmirCsinnirn; ( 4 ) 

BC-3) <fs ran * X mn “ sinmTrCsinmrn? t mn = 5C m (C)Y n (n) 
where: X m ( C) =coshY m ^ -cosy m c “^(sinhYmC -sinY m C) 

Y n { n)=coshY n ^ -cosY n n -a n ( sinhYn 1 '! -sinY n n) 

are the beam characteristic shape corresponding to a 
beam clamped on each end. As derivation of the two 
sets BC-1 and BC-3, other two boundary conditions 

were obtained considering opposite ends clamped and 
sides simply supported (BC-2) and viceversa (BC-4). 
The plate equations of equilibrium, with the asso¬ 
ciated boundary conditions, were solved out by the 
Galerkin method. The computer program ALPATAR has 
been developed for working out the set of linear 
algebric equations in the form of an eigenvalue 
problem: 

[Mij] - X[K^j] { A mn ,B mn ,Cjnn } T = [0] (5) 

Theoretical analysis and computer program have been 
developed for any unsymmetric and unbalanced lami¬ 
nate. Analytical results on the buckling of flat and 
cylindrical panels under inplane loads, obtained by 
the computer program ALPATAR, show the importance of 
anisotropic stiffnesses on the correct prediction of 
the critical loads. That means that is not possible, 
in the most of the case, to extend to a generic 
laminate the theoretical analysis of specially ort¬ 
hotropic plates for determining the buckling loads; 
significant non conservative errors (up to 50%) can 
occur in comparison with the anisotropic solution. 
In particular, the buckling load of panels under 
inplane shear is very much affected by the positive 
or negative direction of load application. Results 
obtained using this program showed (Ref. 5) how 
boundary conditions, aspect ratio, fiber orienta¬ 
tion, stacking sequence, and curvature affect the 
buckling loads. 

Furthermore, significant nonconservative errors can 
occurs for the buckling prediction of thick plates 
(i.e. the ratio of inplane dimension to thickness 
less than 35) when the transverse shear deformation 
is not taken into account. A higher order shear de¬ 
formation theory was performed on flat and cylin¬ 
drical panels by assuming a parabolic distribution 
of transverse shear strain through the plate thick¬ 
ness (Ref. 5,6). By applying the principle of vir¬ 
tual work has been possible to obtain exact solu¬ 
tions of the governing equation of motion for a 
simple sopported cross ply and antisymmetric angle 
ply. The first results obtained show as the shear 
effects on the buckling load are more pronounced as 

the ratio of the the principal moduli and the num¬ 
bers of layers increase. For an angle ply laminate 
(- 45 / 45)3 with a length to thickness ratio of 10 and 
an E 1 /E 2 ratio of 40 a buckling load reduction of 
50% will occur in comparison with the CLT. 


3. EXPERIMENTAL RESULTS FOR PANELS UNDER 
INPLANE SHEAR OR COMPRESSION LOAD 

Several experimental tests were carried out on 
flat panels to verify the correlation between the 
preceding theoretical analysis and experimental re¬ 
sults. Panels were manufactured by using graphite 
bismaleimide T800/5245C BASF (panels n.3, 8 and 9) 
or graphite epoxy material T300/5208 BASF (panels 
n.10, 11 and 12); all panels were vacuum bagged and 
autoclave cured. Panels n. 3 and 9 to 12 are uns¬ 
tiffened; panel n.8 has 3 blade stiffeners spaced 
81mm and height of 20mm; lay-up and -thicknesses are 


reported in table 1: 


Table 1: Lay-up and thickness of specimens. 


Panel 

Lay-up 

Thickness (mm) 

3 

[45 2 /-45 2 /02/902]s 

2.08 

9 

[45 2 /- 4 52/02/90 2 )2s 

4.25 

10 

[04/303/-303 ]g 

2.59 

11 

[ O 4 / 453/-453 J g 

2.55 

12 

[°1 0 /45io]t 

2.51 

8 

skin:[45/-45/0/90] s 

0.94 


stiff:[45/-45/0 2 ] 8 

0.87 


Panels n.3 and 8 were tested under shear load, both 
positive and negative; the overall dimensions re¬ 
sulted of 37 by 23.5 cm; the picture-frame test 
fixture used for shear tests is composed (Fig. 1) of 
two steel rails bolted to the edges of each speci¬ 
men; the rails are connected with pins which do not 
extend through the test panels; a tension load, ap¬ 
plied along one diagonal, was used to test the 
specimens; panels were assumed to be simply sup¬ 
ported along all edges. 

Panels n.9 to 12 were tested under compression load; 
the test fixture used for compression tests provided 
both clamped and simply supported boundary condition 

on loaded ends and unloaded sides of the panels 
(Fig. 3). The overall dimensions resulted of 42.2 by 
25.3 cm for panel n.9 and of 41.8 by 28 cm (25.7cm 

when sides are clamped) for panels n.10 to 12. Panel 
n.10 and 11 were tested with two different boundary 
conditions. 

Material properties used in the analysis were ex¬ 
perimentally determined to be: 

T800/5245C: Ei=142GPa;E 2 =5.46GPa;Gi2~2.86GPa;V 12 =.3 
T300/5208: E 1 =147GPa;E 2 =9.65GPa;G 12 =4.93GPa;V 12 =.3 

Several strain gages, either linear or rosette, were 
back to back bonded to panels to measure in plane 
strains. Out-of-plane displacements were monitored 
by the shadow moire method, and fringe patterns were 
recorded by a camera. The critical load at which a 
panel displayed buckling was defined by load-strain 
curves as the value at which strain reversal occur, 
together with moire fringe patterns when clearly 
developed. 

A summary of the results is reported in Table 2. 


Table 2:Experimental results for panels under shear 
and compression load. 


N. 

Test 

Load 

Boundary 

Condit 

Theoret. 

Load 

Buckling 

(kN) 

Experim. 

Buckling 

[kN] 

ALPATAR * 

ESA-CDH 

3 

Shear + 

BC-1 

30.59(*) 

26.50 

30 

3 

Shear - 

BC-1 

19.91(*) 

26.50 

20 

8 

Shear.- 

BC-1 

12.13(*) 

18.60 

11.5 

8 

Shear + 

BC-1 

18.69(*) 

18.60 

19.5 

9 

Compres 

BC-2 

75 

none 

75 

10 

Compres 

BC-1 

8.39 

7.22 

7.85 

10 

Compres 

BC-2 

17.32 

none 

16.68 

11 

Compres 

BC-1 

7.46 

8.26 

8.1, 

11 

Compres 

BC-3 

23.81 

none 

19.62 

11 

Compres 

BC-2 

15.93 

none 


12 

Compres 

BC-2 

9.0 

none 

8.0 


(*) p buck= N xy*b/ cos(57.58 ) 


Theoretical analysis reported in paragraph 2 was 
used to determine the buckling load. The smeared 





extensional and bending stiffnesses were considered 
in the case of stiffened panels. When possible the¬ 
oretical results obtained by ESA - Composite Design 
Handbook (ESA-CDH) are reported. 

Experimental results obtained for panels under shear 
tests are reported in Fig. 1 and 2. The applied load 
along the diagonal is reported as function of dif¬ 
ferent back to back strain gages; strains obtained 
by rosettes were worked out to obtain principal 
strains; however, strains measured by the 45 degree 
gages, quasi perpendicular to applied load, are 

reported in the pictures, since them display the 
buckling load too. Results for panel 3 are reported 
in Fig.la and lb; a positive shear was first applied 

up to 32.5 kN; than,after removing the load, a neg¬ 
ative shear was applied up to the failure load; it 
is very clear, from the pictures, the great differ¬ 
ence in buckling loads, as it was analytically pre¬ 
dicted by ALPATAR computer program. Panel 3 carried 


an high load in the postbuckling range and failure 
occurred at 77 kN by an explosive delamination hav¬ 
ing reached the maximum fibre compression strain. 
Results for panel 8 are reported in Fig.2a and 2b; a 
positive shear was first applied up to 22.5 kN; 
than, after removing the load, a negative shear was 
applied up to 30 kN; it is very clear, from the 
pictures, the great difference in buckling loads; as 
it was analytically predicted by ALPATAR computer 
program, buckling had to happen locally in the skin 
between stiffeners; overall buckling should had 
happen at an higher load. 

These same panels, and others seven, were also im¬ 
pacted at different energy levels by the dropped 
mass test method; low velocity impact caused local 
delamination and intraply cracking of the laminate; 
with respect to the unimpacted panels, buckling 
loads reduction up to 30% was obtained for panels 
impacted up to 41 Joule (Ref. 7). 
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Experimental results obtained for panels under 
uniaxial compression are reported in Fig. 3 to 6. 
The applied load is reported as function of differ¬ 
ent back to back strain gages disposed at half 
length. Fig. 3 represents the behaviour of panel 
n.9; strain results obtained by gages disposed at a 
quarter length are also reported; buckling occurred 
by two half-waves at a load of 75 kN corresponding 
exactly to the theoretical value obtained by ALPATAR 
computer program. Fig. 4a and 4b represent the be¬ 
haviour of panel n.10 having boundary condition BC-1 
and BC-2, respectively; average strains recorded at 
half length are reported; it is very clear, from the 
pictures, the great difference in buckling loads as 


effect of the boundary conditions, as it was ana¬ 
lytically predicted by ALPATAR computer program. 

Fig. 5a and 5b represent the behaviour of panel n.ll 
having boundary condition BC-1 and BC-3, respec¬ 
tively; average strains recorded at half length are 
reported; it is very clear, from the pictures, the 
great difference in buckling loads as effect of the 
boundary conditions; in this case, however, the ex¬ 
perimental buckling load is 17% lower that one ana¬ 
lytically predicted by ALPATAR computer program for 
BC-3 and 23% higher that one predicted for BC-2. In 
our opinion, the discrepancy is only due to the 
great difficulty in realising a really full clamp 
condition. 






Figure 3. Experimental results for panel n.9 under uniaxial compression. 

Load 




a) Panel 10 BC-1 b) Panel 10 BC-2 


Figure 4. Experimental results for panel n.10 under uniaxial compression. 
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Strain 

a) Panel 11 RC-1 



b) Panel 11 BO 3 



Figure 5. Experimental result for panel n.11 
under uniaxial compression. 
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Fig. 6 represent the behaviour of the unbalanced and 
unsymetric panel n.12 having boundary condition 
BC-2; due to its lay-up, panel was obtained, by the 

autoclave cycle, distorted and then forced to became 
"flat 1 ' into the compression fixture; indeed, some 
imperfections were noted before testing. In these 
case too, analytical prediction was in a good 
agreement with that one experimentally detected. 


Load 



Figure 6. Experimental results for panel n.12 
under uniaxial compression. 


4. TESTING MACHINE FOR COMBINED BIAXIAL COMPRESSION 

AND SHEAR LOADS 

In the real condition aerospace panels are mostly 
subjected to biaxial compression and shear load; 
theoretical analysis can predict the buckling load 
when combined loads are applied and several results 
are available in the literature or can be obtained 
by computer program ALPATAR; experimental results, 
indeed, were not found. Starting from these consid¬ 
erations a new testing machine was built in order to 
apply contemporarily both biaxial compression and 
shear load (Fig. 7). Actually, a maximum longitudi¬ 
nal compression load of 500 kN, a transverse com¬ 
pression or tension load of 200 kN and a positive or 
negative shear load of 200kN can be applied on pan¬ 
els having dimension lower than 1000 by 700 mm. The 
facility was predisposed to apply, in the future, 
tension load also in the longitudinal direction as 
well as fatigue load (in this case at half values of 
the above loads). 

The load and supporting frames were manufactured by 
stell alloy and 2024 aluminium alloy. Longitudinal 
load is applied by two servo-actuators controlled 
separately to mantain the panel ends perfectly par¬ 
allel one to each other; the angular rotation is 
controlled to zero within 0.001 degree. Transverse 
load is applied by two servo-actuators controlled 
separately to mantain the panel sides perfectly 
parallel one to each other; the system of transverse 
load application is floating in order to not inter¬ 
fere with the longitudinal and shear loads. Shear 
load is applied by one servo-actuator to the bottom 
end of the panel. The test rig is completely closed 
loop controlled via electronics moduls by 9 trans¬ 
ducers. The test rig can apply other different load 
configurations than those above reported since the 
actuators can apply both tension and compression 
loads independently one to each other. 
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The facility has been already manufactured by 
italian company AIP Studio; preliminary tests are 
being carried out on a thick aluminium panel to 
verify, by back to back linear and rosette strain 
gauges, the uniformity of the applied load in all 
the panel. First results obtained show a good cont- 
roll of the applied load, remaining perfectly steady 
as different loads are overimposed one to each oth¬ 
er. Work is in progress and very soon should be 
possible to test advanced composite stiffened and 
unstiffened panels under combined loads. 



5. CONCLUSION 

Test results for composite panels under shear or 

uniaxial compression load correlate well with theo¬ 
retical results when anisotropic stiffnesses are 
adequately considered. In particular, shear buckling 
load is greatly affected by the load direction and 
uncorservative errors can be obtained when the spe¬ 
cially orthotropic solution is applied to anisotro¬ 
pic panels. By the new testing machine manufactured 
for applying contemporarely combined loads should be 
possible to verify in the next future the correla¬ 
tion with the theoretical analysis here in reported. 
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Figure 7. Testing machine for combined biaxial 
compression and shear load. 
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ABSTRACT 

A method for the analytical description of damping for 
unidirectional fibre reinforced composites is shown. 
Generally the parameter damping can be described 
through the simple theory of a damped system with 
one degree of freedom or by the definition of complex 
modulus of elasticity. 

To describe damping behaviour of composite mate¬ 
rials, the complex modulus of elasticity is substituted 
into the orthotropic stress-strain relationship of unidi¬ 
rectional fibre reinforced laminates. With this modulus 
damping and stiffness can be described as a function 
of direction of fibre reinforcement. The analytical solu¬ 
tion will be compared with experimental data. As an in¬ 
vestigation method the thermal resonance vibration 
bending test is used. 

At the end of this paper an optimization of dynamic be¬ 
haviour of a simple structure, a single cantilever beam, 
will be carried out through variation of angle of fibre di¬ 
rection. 

Keywords: Composites, Complex Modulus, Damping, 
Investigation Method. 


1. INTRODUCTION 

If static loaded spacecraft structures are to be desi¬ 
gned, essentialy by saving of weight, the advantage of 
using carbon fibre reinforced polymers is apparent 
when the fibres are put into direction of main stresses. 
Such fibre designed construction depicts excellent 
strength and stiffness behaviour at concurrently lower 
masses. 

In most ranges of spacecraft applications stresses are 
of dynamical characteristic. Then, besides the stiffness 
and the mass of the structure the material damping has 
a significant influence on the vibrational behaviour of 
the structures. Where as the structure made of conven¬ 
tional materials like Aluminium can be damped by addi¬ 
tional damping layers. The anisotropic fibre reinforced 
composites allow the variation of damping by changing 
the kind of fibre and matrix and orientation of the se¬ 
lected fibre in the laminate and by its volume, in a wide 
range. Thus by selecting appropriate parameters of a 
laminate, additional damping layers are dispensable. 


^ Dedicated to Professor Dr.-lng. H.W. Bergmann for his 


Due to the viscoelastic behaviour of a polymeric matrix 
system and elastic behaviour of the reinforcement, the 
damping value increases with the increase in influence 
of the matrix, however with a reduction in stiffness and 
strenght. For problem tailored laminates an opti¬ 
mization between the contrary parameters like stiffness 
and damping, seems to be necessary. 

In this paper, a contribution should be rendered to the 
damping behaviour of unidirectional fibre reinforced 
composites. In the first part, damping and its mathema¬ 
tical description are discussed. For velocity depending 
damping, the model of a damped system with one de¬ 
gree of freedom consisting of a spring, a viscous dash- 
pot and a mass is used. If damping is independent of 
velocity, the use of hysteresis damping described 
through the complex modulus is advantageous. Fibre 
reinforced polymers show in a special frequency range 
a damping behaviour which is nearly independent of 
frequency. Because of that it will be shown, that the 
anisotropic law of elasticity of the unidirectional reinfor¬ 
ced layer can be written in complex form to get trans¬ 
formation equations for damping. In the second part of 
this paper experimental investigative methods for the 
characterization of damping behaviour of composites 
are discussed and furthermore the analytical solution 
will be compared with experimental data. At the end of 
the paper an optimization of dynamic behaviour of a 
simple structure, a single cantilever beam, will be car¬ 
ried out with variation of the angle of fibre direction. 


2. DESCRIPTION OF DAMPING BEHAVIOUR 

Damping (Ref. 1) describes the change from mechani¬ 
cal energy in lower energy modes like thermal energy. 
That is an irreversible process related to an increase in 
entropy. 

Kinds of damping can be loss of energy, which are de¬ 
pending on 

- surrounding medium (e.g. air damping), 

- effects of friction in joints and bearings, 

- mechanical loss in materials (material damping). 

Air damping can be represented through liquid ele¬ 
ments with velocity depending damping, friction effects 
can be represented through path depending Coulomb 


65th birthday. 
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friction force. Material damping can be explained physi¬ 
cally through the motion of molecules. By that, me¬ 
chanism of damping of polymers are different from that 
of metals. Therefore it is difficult to find models in order 
to describe material damping. 



In order to describe the phenomenon of damping of an 
arbitrary structural element, it should be substituted by 
a single cantilever beam. This beam can be approxi¬ 
mated by a system consisting of a spring, a dashpot 
and a mass. If stiffness, damping and resonance fre¬ 
quency of the beam are known, the simplification can 
be realized through a massless spring pole with a con¬ 
centrated mass at the end as shown in figure 1. 



Figure 1: equivalent modelsystem 

The equation of motion of this system is given in expli¬ 
cit form by 

x + 2Dx+to^x = 0) 

with D : damping factor and co Q : resonance frequency. 

In order to comprehend the measuring technique, the 
differential equation (D.E.) must be solved by conside¬ 
ring the corresponding boundary conditions and dam¬ 
ping must be derived from the solution. 

The Lehr damping coefficient can be written as 


v to 

o 

Then from the D.E. through the initial conditions of free 
vibration test for damping factor follows 





The decay process of oscilation of a single cantilever 
damped beam is shown in figure 2. 



Figure 2: decay process 


For free vibrations the effect of damping is shown by 
decreasing amplitude. 


If the beam is excited with a signal which posseses all 
frequencies like a swept sinusoidal signal, the frequen¬ 
cy spectrum will be like that as in figure 3. 



ooq frequency 

Figure 3: resonance behaviour 

Damping can be derived by resonance curve through 
the method of half width to 


co - co 



o 


The effect of damping in the case of resonance vibra¬ 
tions is a limitation of resonance amplitude. 


For forced harmonic vibrations within sidebands of re¬ 
sonance frequency of the beam, the result of damping 
is a phase shift between the acting force and the resul¬ 
tant strain like that shown in figure 4. 



Figure 4: forced harmonic vibration 


Through the mode! of a damped system with one de¬ 
gree of freedom the Lehr damping coefficient becomes 


to 




2co Cl 


tan 5 



The magnitude of phase shift is a measure to damping 


of material. 



Until now it was considered, that damping force was 
proportional to the velocity. But polymers (epoxy), 
especially at the interesting frequency range between 0 
and 150 Hz show an independent damping behaviour 
(figure 5). _ 

sE. 0,6 

C ' 

q. 0,4- 



frequency [Hz] 

Figure 5: frequency dependence of damping 
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Therefore it is better to substitute velocity depending 
damping through hysteresis damping, which is depen¬ 
ding on vibration amplitude (path depending). 

At harmonic deformation of an arbitrary element of a 
volume (figure 6) 



Figure 6: dynamic loaded element of a volume 


Each of the 9 stress components secures 9 strain com¬ 
ponents and with proportionallity between stress and 
strain, the relationship becomes to 

a jj * ^ jjki e ki » (•» ji K I = 1» 2, 3), (9) 

where the stiffness C is a material tensor consisting of 
81 coefficients. 


In the classical theory of continum mechanic it is consi¬ 
dered, that stress and strain tensor are symmetrical. 
Then the reduced stress tensor can be written by 




of the beam there is a phase shift between stress and 
strain with the phase angle 5 (figure 7). 



Figure 7: harmonic stress and strain (complex) 

The stress-strain relationship is given by Hooke's law 
to 

c*-EV . (6) 

Because of the phase shift, that means because of the 
different angularity of the complex numbers e*(t) and 
<j*(t) in the complex domain, the modulus of elasticity 
E* is a complex number too and can be written as 

E’=E'+iE" . (7) 

The real part E’ means the storage modulus, the imagi¬ 
nary part E" the loss modulus. The ratio of these num¬ 
bers is defined as the loss factor d 

d - |r - tan 5 . (8) 

The loss factor characterises the material damping. 

3. DETERMINATION OF ANISOTROPIC DAMPING 

For the determination of fibre direction depending dam¬ 
ping behaviour of an unidirectional reinforced laminate 
the knownledge of stress-strain relationship of an 
orthotropic material (Ref. 2) is necessary. 

The general description of an element of a volume of 
an arbitrary material is shown in figure 8. 



Figure 8: stresses at an element of a volume 


and the strain tensor accordingly. 

By that, the number of coefficients are reduced from 81 
to 36. The generalized law of elasticity follows as 

a r C ik £ k ’ (i, k = 1,2.6). (11) 

By the presence of an elastic potential ^, that means a 
reversible isotherm or adiabatic process during the de¬ 
flection, we can use the law of Maxwell-Betti 

c ik- c ki. ( i - k = 1 - 2 . 6 >- < 12 > 

Due to the symmetry to the main diagonal of material 
tensor the number of coefficients are reduced from 36 
to 21 components, which are independent of each 
other and not equal to zero. 

Mostly, technical laminates have three mutually per¬ 
pendicular planes of elasticity. The number of indepen¬ 
dent elastic stiffness coefficients can be reduced then 
from 21 to 9. 


Unidirectional fibre reinforced laminates are relative to 
one axis transversal isotropic. Then the number of ela¬ 
stic stiffness coefficients can be reduced from 9 to 5 
components. 


The Hooke's law for this case can be written as 



and S j is the compliance. 


(13) 


2) The specific deformation energy of volume can be 
written as 


dW - <t de. * C.. e.de. . 

it ik k i 

The derivation to £j and ^ take 

a 2 w 

06. Oz. ik ‘ 

i k 

The sequence of derivation can be changed to a 
potential function: 


dt de ~ de 
i k k i 
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These compliances can be expressed in terms of engi¬ 
neering constants, which are in direct relation to speci¬ 
al load and deflection cases and can be measured 
through simple investigation methods. 

In practical engineering problems one is often intere¬ 
sted in a state of plane stress. For plane stress with re¬ 
spect to the x1-x2 plane, relationship (13) in terms of 
engineering constants becomes 



However, the principal directions of orthotropy often do 
not coincide with coordinate directions. A relationship 
is needed between stresses and strains in the principal 
material direction and those in the object coordinates 
(figure 9) 



Figure 9: coordinate systems 
With the transformation matrix 

cos 2 (e) sin^e) 2 sln( 6 )cos( 0 ) 

t T J ~ sln^ 6 ) cos 2 (6) - 2 sin( 0 )cos( 0 ) 05) 

~sin( 0 )cos( 0 ) sln( 0 )cos( 0 ) cos^O) - sin^ 0 )_ 

the stresses and strains in object coordinates becomes 



and the stress-strain relationship in object coordinates 
can be written as 



The rotated compliance in x-direction can be calculated 
in terms of the orginal engineering constants by using 
the following transformation equation: 

— = —cos 4 ( 0 ) + -7 -sin^ 0 )cos 2 ( 0 ) + -^-sin 4 ( 0 ). 

E x E H i # I! J 1 (18) 

To describe damping behaviour of a unidirectional fibre 
reinforced laminate, one has to remember the complex 
modulus. Through the corresponding principle the 
complex stiffness can be used analytically, like the ab¬ 
solute stiffness (Ref. 3). By that, the law of elasticity 
can be expressed in complex form and through the 
complex numbers 


€ -E' + IE" n+id ) 
xx x xv x/, 


E - F + IE" =E' O + ld ^ 

11 11 11 IIV 11/ > 


G* - G' + iG* (1 + id ^ 

# # # #/ » 


(19) 


V * V 
ILL IL • 


the transformated complex modulus of elasticity in x-di¬ 
rection can be written as 


*A**y*jL 


( 2i> > 

■J -c os^fe) + -r ' ""1" ■ ~ ' 1 I L sirf(e)cos^O) 

1+k, „) K(’* id .) 


5in^0) 


E i 1 + id i) * (20) 

By separation of real and imaginary part follows an 
equation for the orientation depending storage modu¬ 
lus 


_I—-c 0S 4 ( 0) + —-I— '' IJ? - ■ ■ ]strF( 0)cos 2 (e) 

e (v’) K(v’j e 'K^)j 


and loss factor 


sin 4 (0) 


( 21 ) 


E' (d 2 + l) 
- IIV II / 


;os 4 (0) 




_l_cos 4 ( 0) + f—~—r 

sfv 1 ) 1 g 'K^) 


( 22 ) 


2d u V d 

•+ - 1* m sirft Oteos 2 *©)-r-sinlo) 

E’fd +l1 E'fd +l) 

nv n J) _ -iv 1 J _ 

' ‘ 1 2 

2v } , 

—sirf(0)cos 2 (0) + —--sin^0) 

e 'K + i )J E 'Ki +1 ) J 

The loss factor, which describes damping of material, 
can be expressed by 

eT (23) 


d-A 

* E 

X 


d ( d 

II _4/ # 


d x-- 


" , cos 4 (9)- -- 

i G 




jr*y" ■ . cos (6) ‘ - 

e ,(V') KtV 1 ) 

2d v \ d 

♦ — sin ^ 8)cos 2 <e)- j -£—r 

2v V 

111 Lr_ 2 .~. __ . 1 


(24) 


sin 4 f0) 


—sin 2 (0) co^( 0) -7-“-r 

* ’)/ 


sin 4 (0) 


The last equation represented the transformation equa¬ 
tion of damping for the unidirectional fibre reinforced la¬ 
minate. 

For experimental investigation this means, that for a 
complete characterization of damping behaviour of a 
unidirectional layer, measurements at three different 
orientated laminates must be carried out: 

- UD 0° for E'||, d|| and V|j x , 

-UD 90° for E' x and d ±l ’ 

- UD 45° for E' 45 and d 45 . 




The shear components can be solved through the re¬ 
sults of the tests of UD 45° laminates to 


E' 

II 1 45 


# e (4£ - E' Ue'^ (Zv -n • 

IK ± 45/ 1 45V la / 

d = f/e' .E' ,G' ,v ,d ; d ,d ) . 

# V ii i n in if ± 45/ * 


(25) 


(26) 


4. METHOD OF TESTING 

For the investigation of damping of unidirectional fibre 
reinforced laminates, two different kinds of testing 
equipments are used, 

- the thermal resonance vibration bending test 
(DIN 53 440), 

- the Dynamic-Mechanic-Thermal-Analyzer (DMTA). 

In this paper only the first method should be presented. 

For the thermal resonance vibration bending test, a 
long thin specimen (250 x 16 x 2 mm) is clamped at 
one end, the other end is free (figure 10). 


FFT- Analysator 


Plotter 


temperature 


5. CONFIRMITY BETWEEN THEORY AND EXPERIMENT 

To compare the analytical results of the damping re¬ 
lation (24) with experimental data, specimens with fibre 
directions UD 0°, 5°, 15°, 30°, 45°, 60°, 75° and 90° 
were made from a large unidirectional reinforced plate. 
The specimens were tested using the thermal reso¬ 
nance vibration bending test at room temperature for 
their dynamic stiffness and their damping behaviour. 
For constant measurement frequency (30 Hz) the spe¬ 
cimens were clamped at different free lengths. The ex¬ 
perimental results are shown in table 1. 



6 

[degree] 

_0 

_5 

_15 

_30_ 

_45. 

_60_ 

_75_ 

90 


ibW 


’fir 0 


106,5 

95.6 

53.3 

23.3 

13.7 

10,1 

SS _ 

8,2 


0,1726 

0.2954 

0,5469 

0,7783 

0,7647 

0,7219 

0,6731 

0,7158 


able 1: experimental data from bending test 

The dependence of storage modulus and 
damping on the fibre angle can be shown 
most clearly be means of a polar diagram 
(figure 11). 





• 0,6 


30 


Figure 10: thermal resonance vibration bending test 

At the free end an electromagnetic oscillator is 
attached, which recieves a noise signal from an in¬ 
ternal FFT-noise-generator. Near the clamp a pie¬ 
zoelectric accelerator is fixed, which measures the real 
vibration of the beam. Both signals, the vibration ex- 
cietation and the vibration answer are received from 
FFT-Analysator, which transforms the signal from time 
into frequency domain and builds the transfer function. 
The whole equipment is arranged in an oven, the tem¬ 
perature is measured through a therm olement. As de¬ 
monstrated before, the dynamic stiffness and damping 
can be calculated from transfer function. This method 
works very precisely, because the influence of dam¬ 
ping to vibration behaviour is at resonance extreme. 


damping [%] Youngs's-Modul [GPa] 

Figure 11: polar diagram of stiffness and damping 

It can be seen, that the damping is particulary low 
where the storage modulus is a maximum, which 
occurs at an angle of 0° to the fibre direction. However, 
the maximum damping was found to occur not at 90° 
but at 30° to the fibre direction. Between 30° and 90° to 
the fibre direction damping decreases to a triffle while 
stiffness decreases extremely. The polar diagram 
shows, that for high vibration absorption and high stiff¬ 
ness, a fibre direction of 10° can be used. 

The comparision of the experimental data with analyti- 
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cal results of the clamping relation (24) solved with the 
technical constants of UD-layer 

E ',1 = 106,5 GPa dii = 0,1726 [%] 

E'j_= 8,2 GPa dj_ = 1 0,7158 [%] 

G '#= 6,027 GPa d# = 0,8176 [%] 

v ||l= 0,216 


is presented in table 2. 


0 

d-exoeriment f%l 

d-calculation f%l 

0 

0,1726 

0,173 

5 

0,2954 

0,223 

15 

0,5469 

0,467 

30 

0.7783 

0.698 

45 

0,7647 

0,755 

60 

0,7219 

0,747 

75 

0.6731 

0.726 

90 

0,7158 

0,716 


Table 2: theoretical and experimental damping data 


The conformity between the analytical 
result and experimental data is 
distinguished, like that shown in polar dia¬ 
gram (figure 12). 





experiment 


damping [%] 

► 


Figure 12: polar diagram of theoretical and experimen¬ 
tal damping data 


The maximum difference between theory and experi¬ 
ment is lower, than the limit of accuracy of the experi¬ 
mental method. 


6. OPTIMIZATION OF DAMPING IN A STRUCTURE 

Damping and stiffness of unidirectional fibre reinforced 
laminates are opposite parameters, so for a dynamic 
loaded structure the optimization between these para¬ 
meters seems to be necessary. In substitution for an 
arbitrary structure this optimization should be shown 
with the help of a single cantilever beam (figure 4). 
Highest stiffness occurs at a fibre direction of 0°, but 
such a design shows lowest damping behaviour. A bi¬ 


directional fibre reinforced laminate would have more 
damping and less flexural stiffness. For constant flexu¬ 
ral stiffness the thickness of the laminate must be in¬ 
creased. The optimization results are shown in table 3. 


laminate 

orientation 

h 

[mm] 

B n 

[Nmm] 

damping 

i%] 

UD 0 ° 

1,000 

8910 

0,173 

BD[±10]° 

1,017 

8913 

0,300 

BD [±20] ° 

1,073 

8913 

0,420 


Table 3: results of optimization 


The optimization of the cantilever beam show, that by a 
suitable Off-Axis laminate construction, damping can 
be increased by multiple amount maintaining the stiff¬ 
ness value constant. 


7. CONCLUSIONS 

Damping shows determinatic influence to the dynamic 
behaviour of structure. The employment of fibre rein¬ 
forced polymers permits the variation of the parameter 
damping in a structure due to its anisotropic material 
behaviour. To use this effect, the analytical description 
of damping behaviour is necessary. A proposal to this 
problem was forewarded in this paper. 

Viscoelastic material behaviour, that means damping, 
can be described with the introduction of complex 
modulus, which consists of an elastic storage compo¬ 
nent and a viscous loss component. With the cor¬ 
responding principle in the law of elasticity, the com¬ 
plex stiffness can be used like an absolute stiffness, 
which means, that all known transformation equations 
for anisotropic materials can be used in complex form. 
Then it is easy to derive relationship for the transfor¬ 
med storage modulus and loss modulus. From this ra¬ 
tio a relationship for the transformed damping can be 
derived. The comparision of results of this analytical 
description with the thermal resonance vibration ben¬ 
ding test experimental measured data, shows a distin¬ 
guished conformity. 

For design of dynamic loaded structures an optimiza¬ 
tion between the opposite parameters stiffness and 
damping is absolutely necessary. The shown polar dia¬ 
grams are for this work an ingenious base. It is pos¬ 
sible, to achieve threefold damping in a structure 
without a loss in stiffness with an appropriate selection 
of fibre direction and laminate thickness. 
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COMPUTER SIMULATION OF MOISTURE PENETRATION IN STRUCTURES 
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ABSTRACT 

A method for computer simulation of transient 
flow of moisture, heat and pressure in compo¬ 
site materials is described. The theoretical 
formulation is the LUIKOV coupled partial 
differential equations having the 3 mentioned 
potentials as variables. The solution is ac¬ 
complished by finite elements in space and 
finite differences in time. Material property 
values are allowed to vary with the prevail¬ 
ing conditions at each step in time. Time de¬ 
pendant values of moisture, temperature and 
pressure may be applied to the boundaries of 
the computational model. At each step in time 
the distribution, content and flow of mois¬ 
ture in and through the structure are compu¬ 
ted. The program has been applied to simul¬ 
ation of moisture distribution in polymers 
and air cavities.Some examples are presented. 

Keywords: moisture penetration, computer 
simulation, environmental effects, finite 
element program. 


1. INTRODUCTION 

Moisture sorption in products containing 
porous materials occur during manufacturing, 
testing, transportation, storage and opera¬ 
tional conditions. In polymers and sandwich- 
or fiber reinforced structures, moisture 
variations cause swelling and structural 
deformations, structural strength decrease, 
weight variations and variations in dielectr¬ 
ical properties. Such effects are of impor¬ 
tance in spacecraft reflectors. Other aspects 
are corrosion and short circuits in encapsu¬ 
lated electronic components causing malfunct¬ 
ioning. Experimental verification of product 
environmental ruggedness may be carried out 
in climatic test chambers. Such testing is 
timeconsuming and expensive and often has to 
be compressed in time and limited to assumed 
"worst case" conditions. 

The use of computer simulation of climatic 
effects opens new possibilities for product 
development and optimization before manufac¬ 
ture. The method may also be applied as an 
alternative or complement to final test 
verifications. 


Moisture sorption in porous materials is a 
complicated and in most cases highly non¬ 
linear procedure. In order to obtain a mean¬ 
ingful solution to transient climatic varia¬ 
tions the coupled influence of moisture and 
heat, and in some applications even pressure, 
must be considered. Transfer of inert gases, 
vapours and liquids may take place by dif¬ 
ferent methods, by molecular means in the 
form of diffusion and capillary actions and 
by molar means by filtration motion due to 
overall pressure differences. 

The equations formulated by A.V.Luikov 
(ref 1) show the interdependance of heat, 
moisture and pressure effects. For most 
materials moisture related material values 
are significantly non-linear. 


Simulation of moisture flow and distribution 
under such conditions requires a step by step 
solution in time with an update of material 
parameters at each timestep. 

By transforming the equations to a Finite 
Element (FEM) formulation a further advantage 
is obtained, in that the geometry of the 
component subject to the moisture may be 
accurately described and transformed to a 
computer model. The size and shape of the 
boundary surfaces subject to climatic changes 
may be accurately described. 


2. THEORY 

2.1 The LUIKOV equations 

The Luikov (1) equations for moisture flow 
in porous materials due to the simultaneous 
combined influence of gradients of moisture, 
temperature and pressure are: 


C,,— = An + A'n V 2 m +/v 13 


= A'n V 2 T + K 22 V J m + K 73 V\P 
at 

t 

ft P 

C°4- = A' 3 iV 2 T + A' 32 V 2 m + A%3V 2 P 


.. 1 ) 


Here the transfer of vapour or liquid can 
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take place by molecular means in the form of 
diffusion as well as by molar means as fil¬ 
tration motion due to pressure differences. 
Chemical reactions and the influence of 
material dimensional changes due to swelling 
are assumed to be small and negligible 
in this formulation. 

If the influence of external pressure varia¬ 
tions may be neglected, as is most often the 
case, the equations reduce to 

C q ^=V-[K q VT + K.VU] 

at 


C m — — V-[K t VT+K m VU] 

at 

for heat and mass flow respectively. 

The coefficients above contain the following 
moisture related material properties: 


K, 

k q +e\pa m 8 

K m 


K t 

cA pa m 

c m 

1 . . 3) 

Ks 

8a m 

c. 

pc. 


T -* temperature, P - pressure, U " moisture potential 

p ■ density of dry body, A m latent heat of water 

k_ - thermal conductivity, k„, - moisture conductivity 

cZ « specific heat capacity, c m - specific moisture capacity 

$^ ~ thermogradient coefficient, m moisture diffusivity 
* m ratio vapour diffusion/total diffusion 


2.2 Finite Element formulation 

The basic principle of the Finite Element 
method is that the behaviour of a continuous 
body can be represented by a finite number of 
subregions, known as elements. Approximating 
functions are used to define the response of 
individual elements to applied loads, and 
adjoining elements are interconnected through 
a finite number of nodal points describing 
the geometry. It is the behaviour of a vari¬ 
able, such as temperature, moisture etc. at 
these nodal points that is the basic unknown 
of the problem. 

By replacing the Luikov equations by the 
discretized form of finite elements as in a 
structural mechanics problem a computer model 
for moisture and heat flow is obtained. 

The variation of temperature and moisture 
potential throughout the material is approxi¬ 
mated in terms of the nodal values Ts and Us 

rss2>.(*,jr)r,(o ,u~J2N,( x , y )U,(t) _ 4) 

Using the well known Galerkin and Greens 
methods for operations on finite element 
equations, the result is summarized below 
as a single equation 

KW<t> + C(<|>)^+J(0) = O .5) 

at 

The vector 9 is the wanted unknown variables 
of temperature and moisture potential at each 
nodal point in the mesh and J is the boun¬ 
dary flow of heat or moisture. 


2.3 Solution in time 

For moisture flow problems the effect of the 
time variable is of importance. The time 
variation may be obtained by a finite dif¬ 
ference recurrence formulation to be solved 
at each timestep. Here the numerical solution 
is achieved by using Lee's three level time 
stepping scheme: 


[" K" 

c rt y 

1 \ K" 

" + J 

L 3 

l _.... 

2 A/. 

L 3 ’ 

3 2 Ar 


The superscript n refers to the time level 
and At refers to the timestep. Here the 
solution for time level n+1 is achieved by 
evaluating the coefficient matrices at time 
level n. 

In order to obtain a mathematically stable 
solution in time there are limits on the size 
of the timestep as the solution marches on. 

The full set of simultaneous equations have 
to be solved at each step. This requires 
decomposition of the "stiffness" matrix and 
back substitution of the variables at each 
step. 

The Luikov equations produce a nonsymmetric 
stiffness matrix. A symmetric formulation may 
be obtained by assuming that certain material 
properties do not vary significantly for the 
conditions simulated. This partly linear 
formulation requires less computer time and 
disc storage space. 



A computer program MOISTCOMP for analysis 
of transient moisture flow through multi¬ 
material bodies according to LUIKOV's theory 
is described below. 


2.4.1 Preprocessor capability: 

- Interactive input of all data for problem 
description 

- Moisture related material properties may 
vary with temperature and moisture content 

- Easy change of parameters for time-stepping 
and restarts 

- Plotting of nodes and elements in computer 
model 

- Moisture related material values available 
from data base 

- Special modelling feature for thin moisture 
barrier films 

- Database for moisture related material 
properties 

2.4.2 Main Program capability: 

- 300 nodes, 100 elements, 5 materials 

- Constant or time varying boundary 
conditions 

- Assembly and solution of system equations 

- Automatic timestepping scheme 

- Computes moisture potential, temperature 
(and pressure) at nodal points at each 
timestep in two-dimensional or 
rotationally symmetric models 

- Computed values written to port hole disc 
file for postprocessing or restart purposes 
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2.4.3 Postprocessor capability: 

- Computes and presents colour diagrams of 
distributions of moisture potential, con 
tent or flow through the model. 

The MOISTCOMP program is written in FORTRAN 
and may be run on a workstation or mainframe 
computer. 

2.5 Modelling of barrier films: 

Moisture barrier films are often only parts 
of a mm thick. For numerical reasons such 
small elements are not easily introduced and 
solved in the FEM model. Films may therefore 
be modelled as a local moisture resistance 
between coincident nodes, thus avoiding 
numerical difficulties in the solution. 


3.. EXAMPLES 

2 examples will demonstrate the use of the 
program. The first problem studied is mois¬ 
ture flow and distribution in a plate of 
polymer material with a nitril rubber seal. 
The second problem demonstrates moisture 
variations in the airfilled interior space 
of a cylindrical component. In these examples 
variations in ambient pressure are assumed 
small and the pressure term is therefore 
neglected. 

Case l. Moisture flow and distribution in 

polymer plate with rubber seal. 

The geometry is shown in (fig l) and the 
computational model in (fig 2). This is a 
constant temperature problem with one side 
of the plate being exposed to 100% humid air, 
the air on the other side being kept at 50% 
humidity. Initial conditions ar 20C and 50% 
humidity. The moisture flow through the plate 
is shown in (fig 3). After 20 hours the 
moisture front has progressed to the inside 
and throughflow begins. The flow increases 
rapidly until there is a steady state dis¬ 
tribution across the plate. Thereafter there 
is a steady flow through the plate. The 
simulation is run up to and past the time of 
steady flow. This is 8.5x10-9 kg/h after 48 
days (fig 3) . The steady state moisture 
distribution through the plate is shown in 
(fig 4) . 
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Case 2. Humidity variation in air inside 
container. 

The example studied is a cylindrical shell of 
100 mm height and 100 mm inside radius with 
a nitril rubber seal of rectangular cross- 
section between lid and cylinder (fig 5). 
The seal and contained air are initially at 
30C and 85% relative humidity. The walls of 
the structure are assumed thermally insu¬ 
lated. 



Fig 5 

Finite Element model 


Cyclic ambient conditions of temperature and 
humidity are applied at the seal surface as 
shown in (fig 6). This 24 hour test cycle is 
specified in MILSTD-810D for aggravated 
climatic conditions. 


MOISTCOMP 

CyMnoer with ai r- ,30C .93". eyo l tean'O >ent SCC. 33* 

nuiiau* f 3 


Temperature variation in contained air 




Time Hrs 

Fig 7 


MOISTCOMP 

Cyl Ind.i* .Itri a) r . 3DC ,33X. cyo I lowCl.nt EOC.99X 

Ned nuMKMf 3 



MOISTCOMP 

Cyl Indttr ultn a t r. 3BC . 93X, oyo 1 to «ur*> 1 «nt GOC.93X 

MM ri«>— 

Temperature and humidity variation at boundary 



Fig 6 


The ambient temperature variations penetrate 
rapidly into the cylinder (fig 7), and will 
cause condensation and water drops on the 
walls (fig 8) during the first cycle(s). 

In the computations for the cases above the 
key moisture related material values used 
were: 

Polymer pla te: density: 1170 kg/m3, moisture 
capacity 0.4%, diffusivity 6.4x10-8 m2/hours 
(at 20 C) 

Rubber seals : density: 1290 kg/m3, thermal 
conductivity 570 J/m h K, moisture sorption 
and diffusivity are allowed to vary with 
temperature and moisture content up to maxi¬ 
mum values of 1.6% and 1.7x10-7 m2/hour (at 
71 C) 

Air : input material values vary with tempera¬ 
ture as taken from a Mollier diagram at 1000 
mBar atmospheric pressure. 


The moisture and heat flow through the seal 
into the enclosed air is computed. The com¬ 
puter simulation indicate that the ambient 
humidity variations are not sufficient to 
cause moisture ingress through the seal, the 
net moisture content in the contained air- 
filled space remains unchanged. 
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4. CONCLUSIONS 

The application of the finite element method 
to analysis of moisture flow and distribution 
has been demonstrated. The MOISTCOMP computer 
program described has been developed as a 
practical engineering tool for analysis of 
climatic effects in moisture sensitive pro¬ 
ducts. The combined effects of time varying 
gradients of moisture, temperature and pres¬ 
sure may be included in the analysis. 

Using this method complex multimaterial 
designs may be subjected to climatic varia¬ 
tions in the way they would occur in real 
engineering problems, and the moisture in¬ 
gress analyzed. 

The computed results are reasonable, it is 
therefore concluded that the method may be 
used for parametric studies and comparisons 
of moisture penetration and distribution for 
different alternative designs. In order to 
fully utilize the capabilities of the program 
more detailed knowledge of moisture related 
material properties at different tempera¬ 
tures, to be used as input data, is required. 
The design and execution of such tests is a 
matter to be looked into. 


A further development of the method would be 
implementation of linear or nonlinear elas¬ 
ticity theory, and subsequent computation of 
moisture related stresses and deformations. 
The present use of the finite element method 
for the moisture flow part of the solution 
facilitates such a development. 

This development work has been subsidized by 
the Swedish Defence Material Administration. 
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ABSTRACT 

A new test facility is described; it has been designed in order 
to carefully measure CME in specimens made of advanced 
composite materials. 

The facility is composed essentially by a thermostat contained 
in a vacuum chamber (10" 3 Pa), in which five CFRP’s samples 
with the displacement transducers are enclosed, and they can 
be contemporaiy measured and compared in the same envi¬ 
ronmental conditions between them and with a invar refernce 
specimen. With a long therm stability in the temperature of 
± 0.1 K and a careful choice of displacement sensors (lxlO’ 7 
m is the typical accuracy) a maximum error of + 5x10'^ (m/m 
per AM/M %) in the CME has been confirmed. 

A coefficient of moisture expansion of 3.85xl0“ 5 and 
3.098x10 was obtained along the fibre direction and normal 
to fibre direction, respectively. 

Keywords: Composite, CME, Test facility. 


1. INTRODUCTION 

Structures with a high degree of dimensional stability are often 
required of many spacecraft components making especially 
attractive the use of advanced composite materials; since they 
are available with a wide range of mechanical and physical 
properties it is possible to tailor a structural component with 
a near zero coefficient of thermal expansion (CTE) by 
choosing the appropriate material and stacking sequence. 
However, the dimensional stability of composites is highly 
affected by exposure to humidity environments causing 
swelling and plasticization of the resin system (Refs. 1,2). 

In the space environment, the composite structure will have a 
moisture desorption and shrinkage modifying, for example, 
the initial calibration of optical instruments and in most cases 
it is necessary to evaluate accurately this dimensional vari¬ 
ation, possibly in the quasi-real working condition. 

Based on the Classical Lamination Theory (CLT), strains and 
curvatures of a laminate subjected to moisture load are 
evaluated by the coefficient of moisture expansion (CME) or 
swelling coefficient; the CME, or ft is defined by the ratio of 
length variation of specimen to the mass variation (%) due to 
moisture absorption or desorption: 


P = (AIVL)/(AM/M)% 


Expected values of (3, and (3 2 for typical CFRP materials are 
0.00002 and 0.005 for percent mass variation, respectively. 
The swelling coefficient in the fibre direction is usually 
neglected in many handbooks, included the ESA Composite 
Design Handbook; however, since a length variations of few 
microns has to be evaluated, the measurements of the CME 
along the fibre direction ([3]) requires a very accurate test 
equipment. None standard procedure it was possible to find 
in the literature. 

The several methods used for determining f3 are based on the 
measurement of dimensional variations of samples subjected 
to moisture absorption between a dry state and a stable 
saturated one; tests are made at atmospheric pressure at 293 

K and 50% RH requiring, often, about one month for each 
specimen. 

In Ref. 3 a dilatometer was used which incorporates a silica 
sample holder and a linear displacement sensor subjected, 
within a controlled enclosure, to 343 K and 95% RH; the 
dimensional variations were continuously measured while 
weight variations were discontinuously measured on similar 
sample suspended near the first; about five days are required 
for each specimen. 

In the new test facility developed in our laboratory the 
measurement are made, indeed, in an opposite manner; 
specimens are first subjected in a climatic chamber to an 
accelerated absorption cycle at 348 K and 95% RH; after on, 
specimen are placed into a vacuum chamber, heated at a 
temperature of 333 K and exposed to a vacuum environment 
of about 10' 3 Pa. Six specimens can be tested contemporary 
in four-seven days, reducing drastically time necessary to the 
characterisation of materials. 


2. THE FACILITY 

2.1_General Requisites 

In this paper a new facility is described, now operating at 
Politecnico of Turin, that has been designed for making the 
test in the same experimental conditions on a representative 
number of the samples (5 +6) cut from a single unidirectional 
or quasi-isotropic CFRP panel. 

These simultaneous tests can give a very representative mean 
value of the measured quantity, since: 

a. The errors due to a non correct experimental set-up are 
minimized with respect to the "one at a time" proceeding. 
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b. The errors due to the uncontrolled changes in the 
environmental conditions can be recorded if one of the 
specimens is made of invar or zerodur whose physi¬ 
cal-chemical parameters are known. 

2.2 Description of the Apparatus 

The facility is composed of two main parts, namely: 

a. One thermostat enclosed in a vacuum chamber, in which 
are located the samples and the measuring systems. 

b. A temperature regulating system, realized with a circu¬ 
lating fluid network. 

2.2.1 The Fluid-Network (Fig .ll The fluid pipes feed the 
thermostat, item T, by a constant head supply, item A. 

The liquid temperature is kept constant within ± 0.01 K by 
means of a heat rate controller, item B, connected with the 
superior tank, or by a chiller, item C, plugged in the inferior 
tank, item D. 

The operating range of the fluid network is limited to -30-^70 
°C for the tests described in this paper. 

The fluid enters inside the vacuum chamber and feeds the 
thermostat with a constant flow rate, in order to improve the 
stability of the temperature in the apparatus. 


A 



Figure 1. Fluid network 

2.2.2 The Thermostat fFig,21 . The thermostat has been 
designed in order to test simultaneously six specimens with a 
maximum size of 200 x 25 x 4 mm. The displacement sensors 
and the samples are supported and kept within six frames made 
of invar and mechanically disjointed from the inner and outer 
parts of the thermostat. 

The heating of the CFRP specimens is effected by radiation. 
In order to improve the heat exchange the frames and the 
sensors are completely surrounded by isothermal surfaces that 
are coated with a black paint with a high radiation emissivity 
and a low outgassing. 

The frames that inclose the samples are made of invar in order 
to have a minimal error in the moisture swelling coefficient 
measurements; namely a variation of 0.1 K produces a change 
in the frame length of 2.10'^ m, since the typical invar CTE is 
of the order of magnitude of 10“^ K"*. 


The thermostat is made in aluminium to insure a good thermal 
conduction and temperature uniformity. It is composed of 
three main parts: a inner cylinder (item A) and two hemicy- 
lindrical hollow shells (items B i and B 2 ). 

Great care has been taken in the design of the inner cylinder 
in order to avoid the temperature gradient in the specimens 
under test and in order to keep in an isothermal environment 
the displacement transducers, with their signal plugs and 
cables, and the electrical wires of the Pt 100 sensors connected 
with the invar frames. 

Two pairs of shafts (items C\, C 2 and Dj, D 2 ), allow to open 
the isothermal cavities in order to install the invar frames when 
they are ready for the measurement run. 

With this device the three parts of the thermostat can be 
brought exactly in contact without mismatching the six invar 
frames yet inside. 

The vacuum chamber, in which the thermostat is enclosed, is 
cylindrical with horizontal axis 2.5 m long and 1.5 m in 
diameter. 

The final vacuum (about 10'^ Pa) is obtained with two rotative 
and one turbo-molecular pumps in cascade. 

2.2.3 Displacement Transducers . A long set of preliminary 
tests has been made on the displacement sensors, in order to 
chose the transducers appropriate for this task and to match 
the suitable working conditions. 

With the invar-frames described above, the spring loaded 
LVDT (Linear Variable Differential Transformers) have 
shown the best performance, namely: 

a. The output voltage is not affected by pressure change; 

b. with proper line-voltage stabilization the driving and 
measuring electronics shows an equivalent RMS noise 
bounded within ±10“^ m; 

c. with the supporting structures properly sound-insulated, 
the transducers are not affected by a normal level of 
environmental noise; 

d. the surroundings of the LVDTs must be accurately 
isothermal since they show a variation in the output, due 
to a change only in temperature, that is equivalent to 
some tents of micrometer per degree; 

f. the operating range of the transducers can be chosen in 
the order of magnitude of 10"^ m since the total swelling 
deformation of composite samples is lO"^ m about. In 
the useful range the output ratio: voltage /displacement 
is found to be highly linear. 

2.2.4 Experimental Procedure . The starting operations consist 
of: assembling each specimen in his frame, adjusting mech¬ 
anically the transducer for a near zero output, putting the invar 
frames in their seats in the inner thermostat. 

These preliminary procedures can be performed in very short 
time in a temperature not far from the operating one (60 °C 
typically), in the atmosphere. 

The data acquisition starts as soon as the temperature of the 
monitored frames, and therefore the specimens, has reached 
the imposed one. 

A first thermocouple probe is used to monitor the filling 
pressure up to 5 Pa and then a ionization-gauge can measure 
the operative pressure. 

The temperatures of the fluid entering and leaving the ther¬ 
mostat and that of the invar frames are monitored with Pt 100 
sensors, individually calibrated, while the external fluid circuit 
is controlled by means of T-type thermocouple. 
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Figure 2. Viw of the thermostat including invar frames supporting CFRP samples 


3. EXPERIMENTAL RESULTS 

Several tests are in progress on CFRP materials, made from 
M40/914 prepreg, having different lay-up and thickness. 
Samples type A have 8 unidirectional layers and are 1 mm 
thick; type C have the lay-up (0 + 60°) s and they are 0.76 mm 
thick. All samples were tested both in fibres direction (0) as 
in normal direction (90). Specimens were 140 + 0.3 mm long. 
Specimens were for first subjected to the accelerated 
absorption cycle; the absorption kinetic curves for A-0, A-90 
and C-0 samples are reported in Fig. 3; the abrupt loss in mass, 
measured after five days, is only due to an electrical black-out 
during Sunday. Samples A have an uniform absorption 
behaviour in the first part of the cycle; after on diverge one to 
each other of about 10% with respect to the average value. 
Samples C have a more uniform behaviour. 

Each set of five specimens (four for samples A-90) was then 
placed into the vacuum chamber, heated at a temperature of 
about 333 K and exposed at a vacuum environment 10'^ Pa. 
As consequence of the moisture desorption, the specimens 
had a shrinkage; for each set, the length variation detected by 
LVDTs, as function of the time are reported in Figs. 4 ^6; the 
overall look of curves seems to be good. 

In each picture 6 curves are depicted; one is related to the invar 
sample, while the others to the CFRP ones; the desorption 
kinetic curves, as result from the length variation, seem to be 
almost similar to those one’s of absorption. 


Fig. 4 refers to samples type A-0; test was carried out at 337.4 
K; specimens n.l and 2 have recorded an higher length 
variation, as consequence of an higher desored moisture too. 
The length variation recorded for invar specimen (maximum 
value after 95 hours is 0.0001 mm) gives the error of the 
measurements; with respect to the average value recorded for 
5 specimens (0.00414 mm) it represents the 2.4% only. The 
most important results obtained at the end of the test are 
reported in Table 1. A mean value of f3, = 3.851xl0" 5 was. 
obtained with a standard deviation of 5x10"^ 

Fig. 5 and Table 1 refer to samples type A-90; because of higher 
length variation expected, test was carried out at 320.5 K and 
limited to 77 hours; as effect of the temperature, a lower mass 
desorption was recorded in comparison with samples A-0; a 
mean value of f3 2 = 3.098x10'^ was obtained with a standard 
deviation of 5x10'^. 

Fig. 6 and Table 2 refer to samples type C-0; test was carried 
out at 322.5 K and extended up to 136 hours; as effect of the 
temperature, about the same mass desorption, in higher time, 
was recorded in comparison to samples A-0. A mean value of 
f3 x = 13.476x10"^ was obtained with a standard deviation of 
6xl0“ 6 . A maximum length variation of 0.0002 mm was 
recorded for invar specimen; with respect to the mean value 
recorded for 5 specimens (0.01486 mm) it represents the 1.4% 
only. 
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Figure 3. Moisture absorpition Kinetics of CFRP M40/914 
samples (A-0; A-90; C-0) 


Figure 4. Desorption length variation of sample A along fibres 
direction 
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Figure 5. Desorption length variation of sample A normal 
fibres direction 
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Figure 6. Desorption length variation for quasi-isotropic 
sample 
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Table 1: CME of graphite/epoxy (M40/914) material along fibre direction (A-0), normal to fibre 
(A-90) 


N 

AL [mm] 

AM/M 

(%) 

|3,xl0 + 5 

AL [mm] 

AM/M 

(%) 

P 2 xl0+ 3 

1 

-0.0046 

-0.809 

4.14 

-0.2378 

-0.554 

3.06 

2 

-0.0051 

-0.789 

4.60 

-0.2321 

-0.525 

3.15 

3 

-0.0038 

-0.755 

3.56 

-0.2412 

-0.568 

3.03 

4 

-0.0034 

-0.769 

3.14 

-0.2509 

-0.567 

3.15 

5 

-0.0038 

-0.705 

3.82 

* 

* 

* 


Table 2: CME of graphite/epoxy (M40/914) material for 
quasi-isotropic [0/ + 60°] s (C-0) 


N 

AL 

[mm] 

AM/M 

(%) 

P,xl0 +5 

1 

-0.0141 

-0.788 

12.79 

2 

-0.0145 

-0.766 

13.53 | 

3 

-0.0157 

-0.797 

14.08 

4 

-0.0139 

-0.776 

12.81 

5 

-0.0161 

. 

-0.812 

14.17 


For specimen C-0, the [3 * analytical value predicted by CLT 
(Ref. 1) is 14xlO“5.During tests, not all the moisture absorbed 
was fully desorbed. 

In our opinion, the length variation recorded by invar sample 
is due to a thermal drift vs. the time of the measuring electronic 
instruments. An improvement is planned to eliminate this 
drift. 


4. CONCLUSION 

The experimental results show the facility to be adapt to 
perform measurements of swelling coefficient with veiy high 
accuracy. It is able simultaneously to measure the elongations 
of 6 specimens minimizing the experimental error due to 
different mechanical and thermal set-ups; at the same time it 
is possible to compare the measurements with a stable zero 
reference. 

The same apparatus may be used for CTE measurements after 
CME ones without some change of the set-up. 

With a reasonable approximation in the moisture absorption 
process the CFRP seems to follow a fickian diffusion (linear 
dependence AA4//x); instead the desorption process shows 
a deviation from the above model that according to Springer 
(Ref.4) occurs at elevated tmperatures. 

Some improvements are planned to measure continuously the 
mass change of the specimens for studying the relation of 
AL/L and AM/M, considered linear normally, to study accu¬ 
rately the temperature influence on desorption, and to elim¬ 
inate the thermal electronic drift. 
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ARIANE 5 STRUCTURAL DEFINITION OF THE UPPER COMPOSITE 

A.L. GONZALEZ 


EUROPEAN SPACE AGENCY 


ABSTRACT/RESUME 

This paper deals with the definition of the upper 
structural assembly of the Ariane 5 launcher. The 
philosophy of multiple payload launching is 
analysed and the different upper configurations 
presented. The general dimensioning requirements 
are then reviewed: payload factors and flight 
environment, particular requirements coming from 
the kinematics and dynamics of the payloads, and 
general launcher architecture. Special attention 
Is given to the non-uniform load flow transmission 
and the pyrotechnic shocks Induced in structure 
separation. The main structural tests of the upper 
structures are then outlined. 

Ariane 5 launcher, structural dimensioning, flight 
environment, structural tests. 


1. INTRODUCTION 

The Ariane 5 launcher is designed to launch 
automatic payloads as well as the Hermes 
spacecraft. In both cases, the lower composite 
Includes two solid boosters and a cryogenic stage. 
For launching satellites, the upper part comprises 
a propulsive stage, the launcher electronics, and 
the different support and protective satellite 
structures. The main characteristics of the 
launcher are given in Figure 1. 

This paper deals with the upper structures 
definition. First, multiple launch philosophy is 
analysed and the structural configurations 
Introduced. Next, the dimensioning requirements 
are reviewed. And in the last section, the 
structural tests foreseen are addressed. 


2. UPPER COMPOSITE CONFIGURATIONS 

2.1 Multiple Launch Philosophy 

The philosophy of multiple launch was established 
In former Ariane vehicles. Ariane 1 was developed 
to launch a satellite of 1.7 tons in GTO 
(Geostationary Transfer Orbit). In Figure 2, 
flight L8 we see how a satellite fills up the 
fairing volume while achieving a maximum launch 
capacity of 1833 kg, in excess to that of the 
design performance. Having such capabilities in 
terms of mass and volume, to launch smaller 
satellites required to establish a multiple launch 
strategy. Initially the configuratlons were built 
as In ^ flight L3 (Figure 2), however the 
constraints of the lower payloads are numerous, 
hence the flexibility of launcher accommodation 
low. Therefore, an internal structure, SYLDA 3900, 
was developed to perform double launch. In this 
manner, we can see the accommodation of two 
payloads in flight L6, one of approximately 1 ton 
on top of SYLDA and a small one of 130 kg inside 
the structure. The SYLDA 3900 mass was 
approximately 180 kg. 

Ariane 2 and 3 were updated versions of the 
initial launcher, with performances of 2.1 tons 
and 2.6 tons (GTO) respectively. Both versions 
having the same new biconic fairing, Ariane 2 was 
used most often for single launch as in flight V20 
(Figure 3), and Ariane 3 for double launch as in 

V21 (Figure 3) - both using SYLDA 4400 (updated 

version of SYLDA with a mass of approximately 190 

kg). 

Ariane 4 was conceived with the aim of achieving a 
more powerful version with a high degree of 

versatility. From the propulsion point of view, 
the addition of solid and liquid boosters allows 
the launcher to go from 2 tons (GTO) of 

performance in basic configuration (no boosters) 
to up to 4.2 tons with four liquid boosters. In 
the upper part structures, two fairing lengths 
were qualified as well as an external structure: 
SPELDA. The compatibility of SYLDA was maintained 
and in this way it was possible to obtain a 
smaller volume with low mass Impact (190 kg). The 
use of SPELDA provides higher payload volume at a 
higher mass penalty (approximately 400 kg). The 
use of the different structures is Illustrated in 
Figure 4. 
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2.2 Ariane 5 Configuration 

A market survey on satellite trends showed an 
increase in mass and volume. Based on this 
tendency, Ariane 5 was conceived as a launcher to 
place two 3-ton satellites of the same volume 
(diameter 4.57m x 4.5m) in GTO. These initial 
requirements implied an external structure 
(SPELTRA) like the Ariane 4 SPELDA. In addition to 
this basic mission, Ariane 5 was to be capable of 
single launch with a high mass payload, or of 
triple launch to accommodate smaller satellites. 
For high mass payloads, a long fairing is 
foreseen. In the case of triple launch, two cases 
were considered: a) 1 long SPELTRA with a short 
SPELTRA, b) 1 long SPELTRA and a internal 
structure (SPILMA) on the SPELTRA and inside the 
fairing. 

Option a) was initially retained because the 
frequency of triple launch foreseen was low, and 
the development cost also low. But after detailed 
analysis, it was discovered that this triple 
launch configuration was the dimensioning case for 
the aerodynamic loads and the large increase in 
payload volume was parallel with a large decrease 
in payload mass available. Therefore, SPILMA 
seemed to be a more suitable solution as the first 
problem disappeared, and with respect to payloads, 
performance mass decreases less with a decrease in 
volume offered. This is still sufficient for 
smaller payloads. 

Ariane 5 upper part configurations are shown in 
Figure 5. 

3. DIMENSIONING FACTORS 
3.1 Payload Requirements 

Ariane 5 performance for satellite launch is the 
following: 

Payload mass of up to 6800 kg in GTO 
including multi-satellite launch structures. 
This represents 5900 kg net of payload in 
double launch 

Payload mass of 18000 kg in LEO (Low Earth 
Orbit: 550 km x 28.5°) and 10000 kg in 
sunsynchronous orbit (800 km x 98.6°) 

The volumes of the different configurations are 
shown in Figure 5. 

The physical interface payload/support structure 
is of cylindrical flange type. The basic 

diameters have been established in accordance with 
the Ariane 4 launcher. Diameters 1920 and 2624 
are common and dimensioned to carry up to 4500 kg, 
and a new diameter of 3936 is foreseen for the 
heaviest payloads. A diameter of 2624 is provided 
on top of L7 and SPELTRA frustra. A standard 
adaptor will be developed to pass from 2624 to 
1920. Diameter 3936 is located at the VEB/L7 
interface flange. 

On the ground, access to the inside of the 
structures must be possible. Doors of 600 mm 
diameter are provided in different locations. 

Payload ventilation during launch, preparation 
implies the inlet duct mechanical interface and 
the exhaust holes, .also used in flight for 
equalisation of the internal and external static 
pressure. 


3.2 Induced Environment 

The induced environment seen by the upper part 
comes mainly from the propulsion and aerodynamics. 
The most important events coming from these 
sources are outlined in the following sections. 

3.2.1 Booster Propulsion 

The boosters are a major source of mechanical 
loads: transient ignition loads, combustion 
oscillation, quasi-static acceleration, asymmetric 
thrust burn-out. 

The curves in Figure 6 show the thrust build-up 
and the general profile. The thrust build-up is 
performed in a few tenths of a second. This will 
Induce dynamic longitudinal loads In case of 
symmetric booster ignition, combined with lateral 
acceleration in case of asymmetric build-up. The 
global profile can be divided Into three phases. 
In a first step of about 20 seconds, a high thrust 
is delivered by the boosters. The second phase 
starts with a lower thrust level, Increasing 
steadily up to approximately 100 seconds, where 
the maximum longitudinal acceleration of about 4 g 
Is reached. From that point until the end of 
booster flight, thrust decays slowly to avoid 
control problems in case of booster asymmetries. 

Thrust oscillation can occur associated with the 
longitudinal acoustic resonances of the motor and 
the axial modes of the structure. 

Finally, we will mention the ignition and duct 
overpressure coming from the gas ejected when 
going in and out of the ground exhaust ducts. 

This overpressurisation creates shock waves which 
can excite the launcher laterally. 

3.2.2 Cryogenic Stage Propulsion 

The HM60 engine propels the cryogenic stage. It 
is ignited on the launch pad before the boosters 
to verify proper functioning. The ignition time 
Is longer than that of the boosters, the level of 
thrust much lower, and the dynamic loads induced 
by the HM60 are not as important as that of the 
boosters. Maximum acceleration at the end of 
stage flight is near that obtained during the 
booster phase. 

A dynamic case to be considered corresponds to 
engine shutdown. Vibrations are induced that, in 
the case of Ariane 4, produce high acceleration at 
satellite levels (Figure 7). 

During stage propulsion, POGO (structure 
propulsion coupling) appears. A damping device is 
foreseen in the oxygen line, but the low 
longitudinal frequence excitation must be taken 
into account. 

3.2.3 Aerodynamic and Thermal Environment 

During the atmospheric part of flight, 
aerodynamics play a major role in load generation. 
After take-off, the launcher trajectory is 
vertical for 5 seconds, a>id afterwards the vehicle 
engages a pitching manoeuvre with non-zqro 
incidence. This becomes zero, and a zero 
incidence gravity turn is developed up until the 
end of booster flight. After booster separation, 
optimisation of the trajectory is performed, once 
again resulting in launcher incidence. 
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This quick overview of main trajectory events 
shows that nominal incidence is zero during the 
phase when maximum dynamic pressure appears. 
Nevertheless, launcher incidence exists due to 
lateral winds producing quasi-static loads. 
Lateral dynamics are also induced by wind gusts, 
which, for dimensioning purposes, are assumed to 
occur at the highest dynamic pressures. 

Aerodynamic drag produces longitudinal 
quasi-static loads. The upper part specially 
concerned with this load is the fairing nose, 
supporting an important part of pressure drag. 

The upper composite thermal environment during the 
atmospheric phase is created mainly by aerothermal 
flux. Again, the fairing forebody is deeply 
affected, and protection, as in the previous 
Arlane, is foreseen. This aerodynamic flux also 
dictates^the instant for fairing jettison (flux < 
1135 W/nr). 

3.2.4 Summary of Quasi-Static Loads 

The summary of the steady and low frequency 
dynamic loads as seen by the payloads is shown in 
Figure 8. 

3.2.5 Acoustics 

Three main periods usually considered are: 
take-off, transonic and maximum dynamic pressure. 
During take-off, acoustic loads are generated by 
the propulsion system. Blast waves already 
mentioned are of acoustic origin. While leaving 
the launch pad, acoustic waves reach the upper 
part directly, and, reflected by the pad and the 
mast, reinforce themselves to attain the highest 
level of sound pressure. 

The source of the transonic and maximum dynamic 
pressure acoustics is aerodynamics. In the 
transonic case, shock buffeting generates the 
noise. In the latter case, the acoustic noise 
comes from the turbulent boundary-layer. 

3.3 Other Launcher Requirements 

3.3.1 Launcher Performance 

The forebody shape of the fairing has great impact 
on launcher drag. This has been the reason for 
changing from the initial cyl indric-conical 
fairing to the present ll ogival ,, solution 
(Figure 9). 

The masses of the upper part structures have a 
large impact on performance. Minimum mass is 
specified to gain more payload mass. 

3.3.2 Launcher Dynamic s 

The upper structures in direct contact with 
satellites are the transmitting path for dynamic 
loads coming from the propulsive stages. 
Therefore stiffness requirements are imposed on 
the structures to avoid any dynamic coupling or 
amplification. 

3.3.3 Separation Shocks 

Wide-band frequency shocks originate during the 
various body separationing. In order of 
occurrence we have: 

Booster separation from the central body 
Fairing jettison 

Upper composite separation (VEB level) 
Satellite + SPELTRA separation 


3.3.4 Architecture 

The architecture is based on two boosters 
transmitting thrust to the central body at two 
different points. High concentrated loads appear 
in the cryogenic stage upper skirt which cannot be 
transferred to the VEB with circumferential 
uniformity. There, the upper structures need to 
be optimised while considering non-uniform 
circumferential loads. 

4. UPPER PART STRUCTURES 

4.1 Structural Design 

The upper part structures can be divided into 
external and internal parts. The external 
structures are of cylindrical shape with the 
fairing forebody of "ogival" form to reduce 
launcher aerodynamic drag. The diameter of 5405 mm 
provides a common neutral line to the different 
structures. The main internal structures are 
conical in shape to support the payloads. The L7 
stage also contains a spherical shell to 
accommodate the tanks, engine and other equipment. 
And the VEB has two platforms to support the 
launcher electronic boxes. 

The design is based on shells made of CFRP 
sandwiched with an aluminium core, except for the 
external cylinder of the VEB, made in reinforced 
aluminium, and the electronic box platform and L7 
spherical shell sandwiched with aluminium skins. 
Frames are used in the interface planes between 
structures where the separation system is located. 
The table in Figure 10 shows the mass allocation 
to the panels, frames, and other structural 
elements. We can see that in the fairings and the 
SPELTRA the panels are the major contributors of 
total mass, while in the VEB and L7 stages the 
frames play a more important role. 

4.2 Non-uniform load flow 

This question arises from the launcher 
architecture and the structural design selected. 
As explained in para. 3.3.4, the boosters transmit 
the thrust at two points of the central body. The 
external upper part structures are cylindrical 
shells, therefore the problem of introduction of 
high concentrated loads in shells appears. Figure 
11 shows two cases of axial load flow at the upper 
skirt/VEB interface and it can be the spikes in 
the boosters plane. 

Another factor resulting in non-uniform load flow 
comes from the non-uniformity of the structures 
themselves: access doors, vertical separation 
system of the fairing. This last system includes 
two longitudinal stiff elements which were the 
subject of a detailed design to minimise the load 
concentration path. 
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4.3 Shock transmissio n 

Shock loads present another problem for the upper 
part and specifically for the VEB. The VEB 
structure incorporates the system to separate the 
upper composite (without the fairing whose 
jettison is made before) from the cryogenic stage. 
This separation system consists of a pyrotechnic 
chord line cutting circumferentially the external 
VEB cylinder. As the electronic boxes are 
supported on the internal VEB cone, the 
transmission path between the source of the 
pyrotechnic shock and the boxes is very short. 
Special development work is being performed to 
properly define the damping materials to be 
included in the different joints encountered in 
the transmission path. 

The other separation shocks will also be evaluated 
in the development and qualification programmes. 


5. STRUCTURAL TESTS 


The verification tests of the upper composite are 
divided into system tests and individual 
configuration assembly tests. The first ones 
affect more than one structural assembly while the 
latter ones regard the development and 
qualification process of each structure. 

• 

System tests deal mainly with the following: 

dynamic characterisation 

acoustics 

separation shock 


For the dynamic characterisation of the launcher, 
three main tests are considered. The launcher can 
be considered built up of three bodies: the 
booster (two nearly identical units), the 
cryogenic stage and the upper composite. A test 
is foreseen to characterise each body. 

The objectives of the acoustic tests are the 
verification of structural strength and validation 
of the vibro-acoustic models. A test is foreseen 
with the short fairing and another with an 
assembly Including the cryogenic stage upper 
skirt, VEB, L7 stage, and SPELTRA. 

Separation shock testing is a functional test 
programme aimed at the characterisation of the 
generated shock level, the transmission path, and 
the attenuation means. A test is planned with the 
structural assembly just described. This system 
test is coupled with the development and 
qualification shock programme of the VEB, due 
specifically to the problems explained in section 

4.3. 

The qualification programmes of each structure use 
static and sinusoidal tests on the one hand, and 
separation tests on the other. We specifically 
mention separation tests of the fairing which must 
be carried out under vacuum conditions. 

6. CONCLUSIONS 

The definition of the upper part configurations 
has been reviewed. Satellite requirements are the 
beginning constraints. The environment 
encountered and the launcher concept provide for 
other dimensioning factors. Objectives for the 
structural tests are mentioned. 

The preliminary stages of the development 
programme are covered. Detailed definition and 
qualification tests are becoming more precise. 
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ADVANCED NUMERICAL ANALYSIS FOR THE OPTIMISATION OF THE STRUCTURAL. 
BEHAVIOUR OF THE INTERSEGMENT CONNECTION FOR THE AR1ANE 5 BOOSTER CASE 


P. Agatonovic and D. Sygulla 


MAN Technologie AG, Munich, Germany 


ABSTRACT 

Presented is a short synthesis of the results of the structural 
analysis of the clevis-tang connection for the ARIANE 5 
booster case carried out to establish a connection design 
which is optimally adopted to the general requirements of 
weight and cost saving, structural integrity and functional 
performance. The results of this synthesis have been used to 
develop the baseline solution for the connection geometry 
and to improve the necessary technological basis of the engi¬ 
neering approach in this area. By comparison of the results 
with experimental measurements, full verification of the ba¬ 
sic procedure and the analysis model has been achieved. 


Keywords: Clevis-tang connection, solid rocket booster 
ARIANE 5, structure analysis, connection rotation, gap 
analysis, optimisation. 


1. INTRODUCTION 

The booster rocket case for Ariane 5 consists of series of cy¬ 
lindrical segments which are assembled together using cle¬ 
vis-tang type joints. This kind of connection allows for com¬ 
pletely weld-free case assembly. Each clevis-tang joint 
incorporates one or more O-ring seals to prevent leakage of 
the propellant during the firing of the booster at lift off. Fail¬ 
ure of such a joint on the original Space Shuttle booster de¬ 
sign was responsible for the accident which destroyed Chal¬ 
lenger. It is clear that the design of the Ariane 5 clevis-tang 
connection must be made safe by optimising the design pa¬ 
rameters of such a concept to exclude the possibility of any 
kind of failure. 

This paper includes a short synthesis of the results of the work 
carried out on the structural analysis and development of the 
clevis-tang intersegment connection for Ariane 5 Booster 
case. The general strategy was based on the systematic con¬ 
sideration of different effects by numerical simulation of the 
connection behaviour for different boundary conditions gen¬ 
erated by the design. The major effort centered on the opti¬ 
misation of a conceptual design so as to minimize the danger 
of improper seal function or loss of structural integrity. For 
this purpose significant effects such as critical joint gap com¬ 
binations, the kinematic mechanism of connection rotation 
which affects the gap change under operational conditions, 
the capture feature function, sensitivity analysis for pin load 


etc. have been investigated and evaluated. In addition to the 
structural analysis work, to reduce the uncertainties asso¬ 
ciated with the different assumptions used in the analysis, 
data from appropriate experiments are necessary to verity 
the applied model and to support further analysis. Conse¬ 
quently to obtain relevant data about the component's op¬ 
erational behaviour, tests have been carefully planned to 
consider all the important features of the connection beha¬ 
viour. The results of the tests carried out up to now have dem¬ 
onstrated the feasibility of the selected connection configu¬ 
ration and have provided proof that the analysis produced 
accurate results. 

The requirements defining this work are based on the techni¬ 
cal specifications prepared together with SEP as a main con¬ 
tractor and CNES. MAN Technologie AG is the subcontrac¬ 
tor responsible for the conceptual design and the 
development of the booster case for the Ariane 5 Launcher. 

We believe the results of this investigation have demon¬ 
strated the feasibility of the development of an improved cle¬ 
vis-tang connection, which attempts to eliminate all of the 
known problems present in some current designs of these 
connections. 

2. REQUIREMENTS AND PRELIMINARY DESIGN 
OF THE CONNECTION 

The investigation of different previous designs at the begin- 
ing of the Ariane 5 development identified a couple of the 
weaknesses which could be relatively easily eliminated, for 
example by: 

- control of the gaps between the components to limit rota¬ 
tion in the connection 

- the use of some kind of the capture device to prevent unsta¬ 
ble conditions and excessive rotation, and 

- positioning other attachments on the case away from the 
joint not too close to prevent possible interaction of the ef¬ 
fects. 

Furthermore, different possibilities to improve the connec¬ 
tion, which were considered in our design were established 
(see Fig. 1): 

- Reducing the difference in thickness between the connec¬ 
tion and cylinder wall will also reduce the difference in ra¬ 
dial elongation and corresponding joint rotation. This re¬ 
sults in higher bearing loads for pin connection and should 
be compensated by a larger pin diameter or an increased 
number of pins. 
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- If the transition in thickness is moved far away from the 
connection (through prolonged cones on both sides) the ef¬ 
fect of wall ballooning, causing rotation and higher loads at 
the capture device, can be controlled. The transition at the 
tang side is more important in this respect. 

- A capture device can control the gap opening. It can pre¬ 
vent any eccentric movement in the connection and helps 
in other less predictable situations as for example in the 
case of thermal and mechanical distortions. 

- Increasing the length and reducing the height of the sealing 
branch causes higher bending effects induced by pressure 
loads, acting in the opposite direction to the joint rotation. 

- TWo sealing -surfaces at the branch side make assembling 
the seal easier and more reliable. If, for example a surface 
scratch produces a seal damage, in the case of only one seal 
surface the possibility of damage to both rings is very high. 

- Equal pin load distribution and reduced pin position eccen¬ 
tricity in the sealing branch will prevent gap opening due to 
the branch bending. 



Fig. 1: Possibilities for improving the functional behaviour of 
the clevis-tang connection (1. Thickness ratio, 2. and 3. 
Transition to clevis and tang, 4. Capture device , 5. Two seal 
surfaces , 6. Length of seal branch , 7. and 8. Pin load 
eccentricity and distribution 

The clevis-tang connection at interface between two cylin¬ 
drical segments has to ensure that under specified loading 
conditions an absolute tightness of the booster case to out¬ 
side, and safe and homogeneous force transmission is 
achieved. The relevant failure modes for the structure, there¬ 
fore, are excessive yielding or rupture in the critical section of 
the structure and leakage. In the case of a pin shear connec¬ 
tion, however, additional specific failure modes determine 
the load carrying capacity of the overall structure: 

- Shear failure of the pin 

- Excessive yielding at the hole due to bearing pressure 

- Shear failure of the plate, and 

- Tensile failure (yielding or fracture) of the tang or clevis 
branch in the critical section between the pin holes. 

The weakest of these will cause the connection to break, and 
is therefore assumed to define the design load capacity and 
the achieved safety margin of the connection itself. Addition¬ 
ally, these basic load capacities are influenced by the interac¬ 
tion with the geometry and by other loading modes. The 
shear properties of the pin, for example, can be lowered due 
to bending of the pin. The bearing capacity of the hole de¬ 
pends on the edge distance. By reducing the edge distance ra¬ 
tio below 1.5 the maximum stresses increase rapidly. Tensile 
failure of the plate, on the other hand, is influenced by the 
stress concentration in the critical section due to the pin hole. 
The maximum stress increases if the number of pins are re¬ 
duced, so that the section cannot be effectively used. As in 
the case of bearing loads, the tensile capacity of the plate can 
be reduced due to an unequal stress distribution in the thick¬ 
ness direction. Due to uncertainties in evaluating all these 
parameters relating to the carrying capacity of the connec¬ 
tion, an additional design safety margin is usually introduced 
in the specification. Consideration is given to safeguards and 
lessen the probability of any hazards due to the uneven load 
distribution between the pins, local stress concentrations in 
the hole area, joint rotation effects, friction etc. 


If one considers all four carrying capacity limits, for some 
geometrical and material parameters a kind of relationship, 
as shown on Fig. 2, can be produced. The shaded area covers 
a possible combination of pin diameter and number. If the 
number of pins, for example have to be minimised for assem¬ 
bling conditions the best solution is at the lower boundary 
which, however, depends as shown on the edge distance. If 
the tang thickness is reduced the upper line moves down, but 
the lower limits then rise up. However it can also be neces¬ 
sary to hold the diameter of the pins constant and go upwards 
leaving the 'optimaC lower line. In this way some compensa¬ 
tion for unconsidered effects of the joint rotation, bending 
and stress distribution can be produced. Generally, this 
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Fig. 2: Solution boundaries for connection parameter 

method of concept screening is too simple and for this type of 
connection not sufficient. For example, the method does not 
consider the effect of joint rotation in any way. Nevertheless, 
a first estimate of pin diameter and number together with the 
plate thickness can be made using this diagram. 

The tightness requirements impose the following specific de¬ 
sign requirements for the components of the joint: 

- Prevent, or reduce to negligible values, the gap opening un¬ 
der all operational conditions. The initial gap values at the 
sealing rings should remain nearly constant throughout the 
operational launching cycle. The maximum possible gap 
values should be in any case under the values required for 
normal functioning of the O-rings used for sealing pur¬ 
poses. Furthermore, the gap change should be insensitive 
to load variations and emergency conditions, such as a loss 
of the 1st ring sealing function, i.e. when sealing redun¬ 
dance should be active. 

- The sealing device should maintain a high standby perform¬ 
ance during storage and after assembly before the start of 
launching to avoid a failure under critical operating condi¬ 
tions. The force transmission function is to provide a safe 
and homogeneous transition for all loads between the seg¬ 
ments in a form which should also facilitate the fulfillment 
of the design requirements of the sealing devices. This re¬ 
quires a reliable joint system which will maintain mechani¬ 
cal integrity under all loads and resists additional in¬ 
fluences during lifetime, as for example corrosion effects, 
transport loads etc.. 

The most severe constraint for the design of the Booster Case 
is the low weight of the overall design. 

3. STRUCTURE ANALYSIS 

For the purposes of detailed analysis and design optimisation 
more sophisticated structure analysis methods have to be 
used. This is especially true if the problem appears to be as 
critical, as is the case for the clevis-tang connection of a large 
booster. After Space Shuttle disaster it was recognised that 
the connections between the booster case segments are the 
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most critical mechanical parts of the booster case structure. 

3.1 Requirements of the Analysis 

The technical approach utilised in the structure analysis 
evolved from a consideration of the following basic require¬ 
ments: 

- Stress distribution on the clevis-tang connection compo¬ 
nents is strongly non-homogeneous, with local stress risers 
far above the material yield strength. Accurate analysis un¬ 
der these conditions can only be carried out using 3-D 
analysis methods. 

- Behaviour of the connection is non-linear not only due to 
plasticity effects in the high stress areas, but also due to the 
non-linear effects at surfaces with different contact con¬ 
ditions and geometrical nonlinearities due to the large dis¬ 
placements and rotations in the structure. These non-li¬ 
nearities produce significant differences in the behaviour 
of the structure compared to linear or simple elastic beha¬ 
viour. Therefore, for the purposes of accurate numerical 
calculations these have to be included in the analysis me¬ 
thod. 

3.2 Selection of the Analysis Method 

The applied method should, therefore, be capable of consid¬ 
ering geometrical non-linearities and rotation, material in¬ 
elastic behaviour, and gap or contact effects. On the other 
hand, for the purposes of the design optimisation and sensi¬ 
tivity analysis, it must be cheap and reliable to economically 
analyse different possible solutions and different combina¬ 
tion of loads. To resolve these opposing requirements the 
analysis has been performed in two steps. The first optimisa¬ 
tion step has largely been based on numerical analysis using 
simplified, but sophisticated finite element methods. Despite 


- comparison of elastic, elasto-plastic and residual stresses 
and deformations. 

The FE calculations were carried out with the non-linear fi¬ 
nite element program MARC. A typical axisymmetric model 
is shown in Fig. 3. The model is based on use of 8-node isopa¬ 
rametric axisymmetric elements. The areas between the 
holes and the pin sections are simulated with plain elements 
without tangential stiffness. In all these simplified computa¬ 
tions geometrical non-linearities and in some special cases 
material non-linearities were considered. The distributed 
pressure loads follows the geometrical contours also as the 
load increases. Unequal load and displacement distributions 
and any non-linearity of the material behaviour in circumfer¬ 
ential direction were not considered, because of the inability 
of the axisymmetric elements to reproduce local inelastic de¬ 
formations in the most critical areas, as for example at the 
pin-hole boundary. Special consideration was devoted to the 
simulation of the gaps. Different gap situations were simu¬ 
lated with open-close non-linear spring connections be¬ 
tween the nodal points of the FE structure, which allowed the 
degrees of contact to be varied. In this way not only gap open¬ 
ing or closing were simulated, but also some non-linear tran¬ 
sient conditions due to the uneven distribution of local con¬ 
tacts caused by the contour deviation due to the machining, 
out of roundness, set displacements, circumferential load 
distributions or similar random effects. To consider all of 
these different special numerical procedures (subroutines) 
were developed. Our non-linear method of structural analy¬ 
sis gives us the possibility of accurately evaluating different 
effects, especially at the interfaces between the parts of the 
connection and in the area of maximum loading. 

The relevant dimensioning loading corresponds to the case 
of the limit value of the internal pressure and maximum axial 
flux due to the structural loads. For the analysis: 
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Fig. 3: A typical axisymmetric model for the analysis of clevis-tang connection 


the uncertainties that sometimes can be produced by these 
methods, the results of the investigation were very useful in 
the development of an improved connection for the baseline 
solution on Ariane 5 design. 

The verification of these initial results and the accurate eval¬ 
uation of the safety margins of the selected basic design re¬ 
quire, however, the use of complex finite element methods, 
which permit a more realistic simulation of the structure be¬ 
haviour. The second step, therefore includes more expensive 
and time-consuming 3-D calculations. For this reason, these 
calculations cannot be used for a large number of different 
cases, as was done in the first step. 

Clearly, in addition to this part of the design work different 
physical experiments will follow to support and verify the re¬ 
sults, to reduce uncertainties associated with the different as¬ 
sumptions in the numerical analysis. 

3.3 Preparation of the Analysis 

The study approach was based on investigation of the design 
with respect to different nominal conditions concerning: 

- load conditions, i.e. limit pressure and axial loads based on 
the dimensioning load conditions, proof test loading con¬ 
ditions, local pin overload and conditions after unloading, 

- sensitivity of the structure to the gaps between the pins and 
holes and corresponding differences in local and overall 
load distribution, 

- behaviour of the structure in case of failure of the first CD- 
ring, 


- the maximum axial flux loading was considered to act even¬ 
ly over the circumference of the cylinder. This assumption 
produces conservative results. As the main portion of the 
axial load is produced by internal pressure, the variation of 
the axial flux around the circumference is in any case very 
low and the differences are negligible. 

- both components of the load are applied proportionally to 
each other. Due to significantly larger complexity of the so¬ 
lution it was necessary to put the main effort of the analysis 
into the preparation and performance of the 3-D analysis. 
Different models using isoparametric full integration solid 
elements were used. In the case of the model based on the 
cyclic symmetry shown in Fig. 4, an angle sector corres- 



Fig. 4: A typical 3-D model for the analysis of clevis-tang 

connection 
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ponding to only one pin was modelled. To include more pins 
in the calculation a further extension of the model is 
achieved by mirroring. The contact conditions for 3-D cal¬ 
culation were simulated using both non-linear springs and 
so-called gap elements. 

3.4 Analysis and Discussion of Result s 

Figure 5 shows a typical displacement plot of the connection 
under load. The penetration of the components into one 
another is artificial and is caused by the displacement scale. 
Nevertheless the typical rotation of the connection under 
load is clearly visible. Displacements in the connection gen¬ 
erate a gap situation under load which is strongly influenced 


agreement. Additional gap changes caused by the displace¬ 
ments of the components in the connection, assigned as the 
deviations to above prediction, are very small. Therefore this 
simple method can be used for the analysis and prediction of 
other possible gap combinations. According to these rela¬ 
tionships the gap at capture feature (S 5 ) should be as small as 
possible. As the gap at S 5 tends to open the seal gap, initial 
values of less than zero are recommended. On the other 
hand, according to the above kinematic relationships posi¬ 
tive values of S 3 give the opposite effect. Against this, large 
values of the seal gap S 3 produce higher bending of the 
branch and can also jeopardise the seal function. Additional¬ 
ly, larger movements up to full gap closing at the centre of 






Fig. 5: The displaced clevis-tang connection under load 

by the initial gap conditions. For this reason different possi¬ 
ble initial gap combinations must be examined to find the 
most critical one. The results of the gap function analysis are 
shown in Table 1. The first block with four different gap com¬ 
bination considers different extreme situations that can ap¬ 
pear based on the combination of the dimensional tolerances 
necessary for the manufacture. The maximum rotation ap¬ 
pears if the gap at the first position is at its maximum. The gap 
at the second position is not important and is always open. At 
the second redundant O-ring gap closing dominates. On the 
other hand, the first O-ring opens if the initial gap at this po¬ 
sition has a minimum value and the gap at capture device is 
positive. The last row in Table 1 shows that for an initial value 
at the first position of over 0.8 mm the gap does not close at 
this place. Therefore if the gap values at position 1 are below 
this figure functional improvements in limiting the amount of 
the tang rotation can be achieved. 



Gap Conditions [ mm ] 

Initial Gap (0 bar) Gap Opening Total Gap ( 65 bar) 
Var. S } S 2 S 3 S 4 $ 5 AS, AS 2 AS 3 AS 4 AS 5 S, S 2 S 3 S 4 S 5 

1 0.7 0.2 0.13 0.13 0.20 -0.66 0.26 0.03 0.17 -0.18 -0 0.46 0.15 0.3 -0 

2 0.7 0.2 0.33 0.33 0.00 -0.68 0.34 -0.19 -0.05 0.03 -0 0.54 0.14 0.28 -0 

3 0.7 0.2 0.26 0.23 0.17 -0.68 0.32 -0.10 0.09 -0.14 -0 0.52 0.16 0.31 -0 

4 0.7 0.2 0.26 0.26 0.30 -0.68 0.32 -0.09 0.16 -0.26 -0 0.52 0.17 0.42 -0 


5 1.2 0.2 0.13 0.13 0.20 -0.80 0.29 0.05 0.21 -0.19 0.4 0.49 0.18 0.33 -0 


In general the main part of the gap change is produced by the 
rotation. According to the displacement results from the FE 
analysis, the centre of rotation for the connection for all gap 
combinations is the touch point behind the second seal. The 
following relationships can be determined from Fig. 6 : 

S 3 = a/c*(S 3o + S 5o ) S 4 = b/c*(S 3o + S 5o ) 

and for gap opening 

dS 5 = a/c*S 5o - (1 - a/c)*S 3o 

dS 4 = b/c*S 5o - (1 - b/c)*S 4o (for S 3 = S 4 ). 

Comparison of the FE results with the gap values predicted 
by above relationships shows (Fig. 7) that these are in good 



Fig. 6: Kinematic analysis of the gap changes 


to 



FEM Results in MM 

Fig. 7: Comparison of the FE results with the predicted gap 

values 

rotation can be prevented by the friction between the pin and 
the bore. In this case the touch point for the above kinematic 
relationship will be not arrived and this relationship will be 
not effective. More can be said later about this problem 
based on the experimental results. 

To determine the stress distribution the results of the axisym- 
metric calculation are insufficient. The axisymmetric models 
do not consider local pin loads and the stress concentration 
or uneven stress distribution in the circumferential direction. 
Because of this, only the results of the 3-D analysis can be 
used for these purposes. On the other hand, to validate the 
2-D method and its results which were used for the investiga¬ 
tion of the gap behaviour, comparison of the displacement 
results is necessary. These show (Fig. 8 ) very good agreement 
between the 2-D and 3-D elastic calculations. 

A typical stress distribution based on the 3-D elastic calcula¬ 
tion is presented in Fig. 9. The maximum von Mises equiva¬ 
lent stress, which is presumably based on the pin contact 
pressure effect, appears at the hole boundary of the tang, as 
presented in Fig. 9 in which the components are shown apart 
to make interesting details visible. The results also show that 
in the outer clevis arm the stresses are about 30 % lower. 
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Fig. 8: Comparison of the FE displacement results of 2-D 

and 3-D analysis 
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Fig. 9: A typical stress distribution for the pinned connection 



Fig. 10: The axial tensile stress distribution 


More significant is the axial tensile stress distribution shown 
in Fig. 10. It produces the critical stress situation in the sec¬ 
tion between the holes (Fig. 11) responsible for the lowest 
calculated stress margin of the design. The peak elastic stress 
at the hole boundary caused by the stress concentration is far 
above the material yield strength. The corresponding yield¬ 
ing areas which are determined by the elasto-plastic calcula¬ 
tion (Fig. 12) are, however limited to small local volumes 
near to the hole boundary. After yielding the maximum stress 
reduces below the material ultimate strength. The results 
show, based on the reduction of the bending portion of the 
stress, that the main part of the bending load in this section is 
displacement controlled. In spite of the high stress conditions 
the safety margin in the section is positive. 


The stress state in the areas near to the hole is, however 
strongly influenced by the load transfer conditions between 
the pin and the hole. As Fig. 9 shows the load distribution at 
the hole boundary is very uneven. Based on the integration of 
the forces at the corresponding interfaces the global asym¬ 
metry of the load distribution between the clevis branches for 
ideal load conditions (without gaps between the pins and the 
holes) can be evaluated (Fig. 13). The figure shows that the 


Fig. 11: The critical stress situation in the section between the 

pin holes 



Fig. 12: Yielding areas determined by the elasto-plastic 

calculation 


main influence in this respect is due to rotation or bending of 
the connection. 

An additional calculation with different initial pin gap values 
(Fig. 14) shows that the effect of varying these is very small. 
The contact angle between the pin and the hole is reduced 
with the gap increase, but due to the reduced stiffness of the 
hole (plasticity) the variation of the stress in the critical sec¬ 
tion is negligible. 

4. COMPARISON WITH THE DEVELOPMENT 

TEST RESULTS 

A series of different experimental tests has been prepared to 
verify the design and calculation methods and the assump¬ 
tions made during the numerical investigation. 

For the initial validation of the FE analysis and eventually for 
further design improvements and selection of optimal con¬ 
figuration, flat plate clevis-tang tests are used. To simulate 
the rotation of the connection under the uniaxial loading 
conditions used for this test, lateral loading, calibrated on the 
calculation and the comparison of the test specimen with the 
real structure, are also introduced in addition to the axial 
loading. 10 different combinations of test specimens are 
planned selected to produce all relevant information for the 
optimal selection and design of clevis-tang connection. 



Fig. 13: Load distribution in the pinned connection 
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Fig. 14: Initial pin gap effect, continous^0.242 mm, 
dotted = 0.121 mm, dashed = 0.0 mm 

The results of the first flat plate test, which was performed on 
the nominal connection, are shown in Fig. 15. Of chief inter¬ 
est for the validation of the analytical prediction was the gap 
behaviour and load transfer in the connection. Comparison 
with the FE prediction shows very good agreement. This con¬ 
firms that all mechanisms of load transfer and general func¬ 
tional behaviour of the joint are accurately predicted by the 
models used in the calculation. 

Figure 16 shows the results of a full scale test with a short cyl¬ 
inder segment and the so-called factory joint. This kind of 



Fig. 15: Comparison of the flat plate test results with the 

calculated values 

joint has only one O-ring. Again the comparison between 
the measurements and the FE calculation results shows very 
good agreement. 

Further measurements which includes more than 500 dis¬ 
placement, strain and other gages performed during re¬ 
peated loading cycles were also in full agreement with the 
predictions of the numerical analysis. The repeatability of all 
measurements was in all these cases excellent. All these re¬ 
sults, however cannot be presented here. 



Fig. 16: Comparison of the factory joint test results with the 

calculated values 


The final test which was performed on the full scale contour 
of the Field joint with the two O-rings shows similar agree¬ 
ment between the measured and predicted values. Although 
the test parts were manufactured with some geometrical dif¬ 
ferences compared to the calculated structure, the character 
of the all measurements agree with the expectations based on 
the FE calculation. 

The results in Fig. 17 also show that the gap closing at the 
position of first touching and the corresponding pin move¬ 
ment in the hole are finished already during the first part (ca 
20%) of loading. Therefore the effect of pin friction, al¬ 
though significantly reduced due to vibration under opera¬ 
tional conditions, should not be very significant for the beha¬ 
viour of the joint. Nevertheless good lubrication of the pins 
will ensure that the predicted behaviour can be achieved. 
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Fig. 17: The gap closing at the position of touching 
5. CONCLUSIONS 

The conclusions and the technical findings of this investiga¬ 
tion can be summarised as follows: 

1. The proposed design was selected based on numerical in¬ 
vestigations which include, in addition to trade-off studies 
and stress and deformation behaviour analysis, systematic 
examination of the seal gap behaviour and comparison of 
different possible solutions. The results of the analysis and 
the models used were verified based on the test results. 

2. Based on the evidence obtained the selected design of the 
clevis-tang joint provides the following advantages: 

- Nearly constant gap values at the seal rings throughout the 
operating cycle and their insensitivity to change of the op¬ 
erational loads. 

- Less tight fitting tolerances at the capture device, which 
makes the design less sensitive to malfunctions during as¬ 
sembly. 

- A simple design with only two seal rings and fully separate 
sealing and capture surfaces preventing any undesirable in¬ 
teraction. 

- Limited connection rotation, which produces a more equal 
load distribution between the pins and the holes and re¬ 
duces stress concentrations in this area. 

3. The gap effect can be used to improve the connection be¬ 
haviour under operational conditions. For this purpose, 
the gap at the inside position between the clevis branch and 
the tang should be limited. Under this condition additional 
connection rotation and capture latch overloading can be 
prevented. 

4. The investigation results confirm that for optimal seal 
functioning, the introduction of a capture device is neces¬ 
sary. For the effective prevention or reduction of the gap 
opening at the seals, the initial gap at the capture device 
must be significantly smaller than all other gaps, or even 
negative. 
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ABSTRACT 

The EPS-Structure is a part of the Upper Stage of 
the ARIANE 5 launcher. The analysis of the functions 
and constraints requested to the structure led to 
its present design. The functions and a summary of 
the constraints will be presented, as well as a 
summary of the mechanical requirements. A brief 
description of the structure and several comments 
regarding the selection of the configuration of the 
different parts of the structure will be given. 

The different analyses, performed during the 
development phase, have brought up interesting 
conclusions. Some of them will be presented. 

Finally, some words regarding the present status of 
the structure will be included. 


Keywords : ARIANE 5, Design, Analysis 


ABBREVIATIONS 

EAP : Etage Acceleration a Poudre 

EPC : Etage Principal Cryotechnique 

EPS : Etage a Propelgols Stockables 

GTO : Geosynchroneous Transfer Orbit 

LEO : Low Earth Orbit 

MMH : Monomethyl Hydrazine 

NTO : Dinitrogen Tetroxide (N 2 0 4 ) 

P/L : Payload 

SSO : Sunsynchroneous Orbit 
VEB : Vehicle Equipment Bay 


1. INTRODUCTION 

The development of the EPS-Structure started in 
January 1989 (under CASA responsibility, being 
MBB/ERNO in charge of the development of the stage). 
Since then, different studies were performed in 
order to obtain a concept of the structure 
presenting a good compromise between the different 
areas (design, manufacturing, cost, ...) 

The retrospective analysis of these studies can help 
in getting a better understanding of the design, the 
reasons why the design looks the way it does, and 
the advantages of the selected design over other 
alternatives. This knowledge can be helpful in the 
future if a modification has to be implemented into 
the design, and can help to make design decisions 


when similar needs are presented in other 
structures. In parallel with the development, the 
requirements have been evolving due to a better 
comprehension of the environment in which the 
structure has to perform its 'task'. For this 
reason, some of the information that is presented in 
this paper does not correspond to the present design 
but permits to draw some interesting conclusions. 

The title of the paper might infer that all the 
aspects of the development of the EPS-Structure are 
going to be covered. Nevertheless, only the most 
relevant considerations about design and analysis 
are presented due to the impossibility of fully 
covering the development as a whole with the desired 
detail. 



Figure 1. ARIANE 5 Launcher 


Proc. Intemat. Conf: ‘Spacecraft Structures and Mechanical Testing’, Noordwijk, The Netherlands, 
24-26 April 1991 (ESA SP-321, October 1991) 
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2. STAGE DESCRIPTION 

The EPS is located in the upper composite of -the 
ARIANE 5 launcher; figure 2 shows a sketch to 
help visualize its location. It lies on the upper 
interface of the VEB inner cone and interfaces with 
the adapter for the lover payload in double launch 
configuration on its upper interface (configuration 
shown in figure 2) or with the Columbus adapter in 
single launch configuration on its lover interface. 
It supports the propellant tanks (containing up to 
9.7 tons of propellant) and the engine of the upper 
stage. 

The basic functions of the Upper Stage / EPS can be 
summarized as follows, 

- Generation of Av for payload insertion into GTO - 


LEO - 
GTO 

SSO 

300/36000 

Km 

5. - 12.° 

6,000. Kg 

LEO 

550/550 

Km 

28.5° 

18,000. Kg 

SSO 

800/800 

Km 

98.6° 

12,000. Kg 


- Trajectory Control 

- Force Transmission 

- Passivation/Deorbitation 


The stage is composed of propellant tanks, engine, 
helium bottles, diverse equipment and structure. 
Figure 3 shows the different elements that compose 
the stage. The figure corresponds to an old concept 
of the EPS (containing 7.2 tons of propellant). The 
location and system to attach the Helium tanks to 
the structure (by means of a bipod and a tripod in 
the figure) is being reconsidered due to the 
propellant weight increase which reduces the 
available volume. 

The engine can give a thrust of 27.5 KN and is fed 
by a NTO/MMH propellant system contained in the 
tanks. The engine is attached to the supporting 
structure via a gimbal that permits its pivoting in 
two perpendicular planes, in order to allow the 
thrust orientation. The orientation control is 
performed by two actuators. Four tanks are disposed, 
two for each one of the propellants. The two sets of 
tanks are different in shape due to the different 
volume they have to contain (the NTO tanks are 
bigger than the MMH ones); they are composed of a 
cylindrical portion closed by two spherical domes. 
The height of the cylindrical portion makes the 
difference between the tanks. 

The structure provides the support for the other 
elements and gives continuity to the launcher 



Figure 2. ARIANE 5 Upper Composite 

& Solid Boosters Attachment 



Figure 3. EPS Stage Elements 


between two different interface planes. It is the 
'skeleton' of the stage. 

3. STRUCTURE REQUIREMENTS 

The selection of the adequate design is performed 
bearing in mind the functions that must be satisfied 
by the structure and the constraints (requirements) 
under the ones these functions are to be fulfilled. 

In the case of the EPS-Structure, the following 
functions and constraints are requested (the 
functions are described as stated in the Functional 
Specification of the structure), 

- EPC and EAP loads transmission to the lowest 
payload 

- EPS load transmission to the upper composite 

- Support the four propellant tanks and the engine 

- Support the rest of the stage elements 

- Provide attachment for actuators for the EPS 
thrust orientation 

- Provide proper attachment from EPS to the lowest 
payload 

- Provide proper attachment from EPS to the VEB 

A summarized compilation of the different 
constraints is presented next. 

Several constraints are specified for the different 
interfaces (P/L adapter, VEB, propellant tanks, 
engine, ...) covering aspects as number of bolts 
required, flange thicknesses, and allocated volume. 
The inclined position of the tanks is included into 
this group of constraints. 

In order to guarantee an adequate dynamic behavior 
of the engine/actuators when attached to the 
structure, the requirements regarding local 
stiffness (at the attachment of the actuators and at 
the engine support) are given. 

A global frequency requirement is imposed at the 
stage level; this constraint is to be transformed 
into a stiffness requirement to allow for the 
structure qualification. 

The above mentioned functions are to be achieved by 
keeping the mass of the structure to a minimum. 
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3.1 Summary of Requirements 

m < 235. Kg 
15. Hz < f < 20. Hz 

u ft 

K > 3.5*10 +7 N/m 
K > 3.5*10 +7 N/m 

X < 1.3 
X < 1.7 

MS > 0. 


- Internal Loads : Tanks internal pressure 

Engine Thrust 

Figure 5 shows the line load at the lower interface 
for the load case corresponding to the non-symmetric 
extinction of the solid boosters (EAP). The graph 
represents the line load in N/mm versus the angle 
along the interface circumference. The full line 
gives the 'real' load distribution at the interface 
and the dashed line, the theoretical distribution 
based on the load resultant (axial and ■ bending 
moment). The two peaks (0.° and 180.°) are due to 
the EAP load reacted at the upper attachment whose 
location can be seen in figure 2. 


- Mass 

- First Axial Frequency 

- Local Stiffness: 
Engine Support 
Actuator Attachment 

- Interfaces 'Overflux' 
P/L & VEB 
Propellant Tanks 

- Strength/Stability 


The frequency requirement is to be fulfilled with 
the structure fully equipped, supporting the 
whole propellant mass and carrying a 4,500. Kg 
payload on its upper interface. 

The interfaces 'overflux' requirement refers to the 
allowed alteration of the load distribution at the 
interfaces due to the presence of the structure. The 
non-axisymmetry of the structure produces this 
alteration, and is defined as the ratio between the 
'real' line load (load per unit length) at the 
interface and the theoretical one. In the case of an 
uniform compressive load, the ratio between the 
maximum value and the mean value. Figure 4 shows, as 
an example to illustrate this point, the load 
distribution at the interface with the VEB structure 
inner cone when an uniform compressive load is 
applied at the upper interface. The graph represents 
the 'overflux' ratio versus the angle along the 
interface circumference (only one fourth is 
presented due to the existence of two planes of 
symmetry in the structure). 
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Figure 5. Interface Loading 
4. STRUCTURE CONFIGURATION SELECTION 



Figure 4. Interface 'Overflux' 


3.2 Mechanical Environment 

The strength/stability integrity of the structure 
has to be guaranteed for the structure subjected to 
the loads that can act on it during its mission 
multiplied by the appropriate factors of safety 
(1.1, yield factor; 1.25, ultimate factor). 

Different ARIANE 5 program documents give the loads 
to be taken into account in the analysis. These 
loads fall into the following groups (only the ones 
influencing the global dimensioning), 

- General Loads (Interface load and inertia 

acceleration) 


In the previous paragraph, a quick glance was given 
to the functions to be accomplished by the structure 
and the constraints that put limits in how this 
accomplishment is to be made. 

When selecting the present configuration of the 
structure, different ways of performing the 
different functions were analyzed and, finally, the 
one with the best behavior accounting for all the 
constraints was retained. 

4.1 External Structure 

The need for connecting two interface planes of the 
launcher located 780. mm apart and with two 
different diameters (3936. mm and 2624. mm), by 
means of an airtight structure led to the selection 
of a truncated cone (see figure 5). In order to 
guarantee a good stability behavior, a sandwich 
shell construction was selected with the facings 
made out of CFRP in order to save mass. 



- Dynamic Loads (acceleration on main masses) 

~ Differential Pressure (between compartments) 


Figure 6. EPS-Structure Geometry 







206 


4.2 Support Platform 

The selection of the structure to provide the 
support of the propellant tanks and the engine was 
not so simple. Three different geometries were 
studied: conical, pyramidal and spherical. In all 
the cases this supporting platform was considered to 
be lying on the 3936. mm diameter interface. The 
criterion leading to the selection of the spherical 
platform was its flat and circular interface with 
the truncated cone and the propellant tanks (due to 
their inclined position). The conical one had a 
circular and flat interface with the truncated cone, 
but the interface with the propellant tanks was not 
flat. The pyramidal one allowed a flat interface 
with the propellant tanks (pyramid faces normal to 
the tanks revolution axis), but not for the 
interface with the truncated cone. A sandwich 
construction was selected in order to provide some 
stiffness to the supporting function, selecting 
Aluminum Alloy facings because of cost reasons 
(manufacturing, material scraps, ...). 

4.3 Reinforcing Structure 

In order to attain the required stiffness, the 
addition of an internal reinforcing structure was 
found to be necessary. The high mass of the 
propellant (9.685 tons in its last version) caused a 
first axial frequency less than the one specified. 
To increase this frequency, several options were 
studied. The use of struts going from the midpoint 
between two tanks c.g. to the upper interface or 
panels forming a cross were the most promising. This 
last option was finally retained because it provided 
a best compromise with the other requirements to be 
fulfilled (local stiffness at engine attachment, 
...). A sandwich construction was selected to 
improve its behavior towards buckling, with CFRP 
facings because of the mass saving involved. The 
panel was tailored (cut-outs, facings thickness, 
...) in order to optimize from a mass point of view. 
Three zones were defined in the panel, and their 
thicknesses were used as design variables. The 
analysis showed that the thickness of the upper 
horizontal beam and slanted zone had to be 
reinforced (similar to the use of struts as 
reinforcing structure). 

4.4 Interface Rings 

The interfacing with the adjacent structures 
(propellant tanks, engine, VEB, payload adapter) is 
performed by means of metallic rings. The lower ring 


is also used to connect the support platform to the 
cone. The shape and dimensions of the different 
rings respond to the different interface 
requirements, on the one hand, and to the 
guaranteeing of the structural integrity (load 
transmission, ...), on the other. 

4.5 Connections between parts 

The attachment of the internal panels between them 
and to the support platform and truncated cone is 
performed by means of special fittings. The 
selection of the present design was based on test 
results. The different candidates were subjected to 
tests in order to evaluate its capability to take 
ultimate flight loads. The test items were subjected 
to load combinations simulating the loads that would 
appear during the launch (obtained from a finite 
element analysis). 


5. STRUCTURE DESCRIPTION 

Figure 7 shows a blown-up sketch of the structure, 
allowing to identify the main parts of the 
structure. A brief description of these components 
will be given in this paragraph. 

5.1 Conical Sandwich 

The truncated cone is manufactured in four 90-degree 
sectors. The cocuring technique is used to 
manufacture each sector. Each curved panel is 
composed of an Aluminum Alloy honeycomb core and 
CFRP facings; the edges are reinforced by modifying 
the core and the facings thickness (adding plies). 
To connect the sectors, internal and external 
splices are used. These splices are bonded and 
riveted to the sectors, guaranteeing the structural 
continuity. The selected material for the facings is 
Vicotex 914/G829 for the basic plies and Vicotex 
914/G803 for the reinforcing plies and splices. The 
material and the manufacturing process have been 
successfully used in previous ARIANE programs. 

5.2 Spherical Sandwich (Support Platform) 

The support platform, similarly to the truncated 
cone, is manufactured in four 90-degree sectors. The 
curvature is given to the panels by means of the 
stretching technique (the selected material, 
Aluminum Alloy 6061-T6 sheet, allows for it). A 30. 
mm thick Aluminum Alloy honeycomb is used as core of 
the sandwich; 1.6 mm thick facings provide the 
required in-plane and bending stiffness. The 
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Figure 7. EPS-Structure Exploded View 
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connection between sectors is performed by means of 
internal and external splices to guarantee the 
structural integrity. 

5.3 Reinforcing Panels 

Three panels (one complete and two halves) are used 
to form the cross. The cocuring technique is used to 
manufacture the sandwich panels. In order to 
optimize the panel mass, three different zones are 
defined. Each one of these zones has a different 
thickness. To simplify the panel definition and 
manufacturing, a common base (lay-up) was defined 
for the complete panel and additional plies were 
added to each zone according to the required 
thickness ('playing' with three orientations, 0.°, 
+60.°, and -60.°). The same material system that is 
used for the cone, Vicotex 914/G829, was selected 
for the panels facings. 


6. STRUCTURE ANALYSIS 

After having performed a brief description of the 
EPS-Structure, we will focused in this paragraph on 
several aspects related to the analysis of the 
structure. Trying to summarize the different 
analyses performed since the beginning of the 
development program in a few paragraphs is almost 
impossible. The most relevant aspects will be 
presented. 

6.1 Analysis Synthesis 

Emphasis was given to the correct modeling of the 
different elements of the structure (§6.2.1). Figure 
8 shows a view of the finite element model of the 
structure, split into its main components (truncated 
cone, support platform, reinforcing panels). This 
model was used to perform all the analyses: 
strength, stability, normal modes and local 
stiffness. 

When selecting the dimensioning load cases to 
perform the strength/stability analyses, the 
'classic' approach consists in a reduction of the 
number of load cases to study relying on 
'engineering judgment' and applying conservative 
assumptions to combine the different loads. The 
special characteristics of the structure, the 
complex nature of the mechanical environment (§3.2), 
and the search for the 'optimum' structure made us 
follow a different approach. Several unit load cases 
were defined (their combination would allow to study 


any load case), and analyzed (finite element 
method). The output from these analyses was 
processed accounting for the different loads in a 
time consistent basis and the critical load 
combination for every part of the structure was 
identified. 

Since the beginning, the most important problems 
came from obtaining the required axial frequency. 
The propellant tanks dominated this frequency due to 
their large mass. The different mass of the tanks 
created additional problems. A considerable amount 
of work was invested in this topic. The selection of 
the panels (§4.3) was the result of a 'trade-off' 
study. An interesting conclusion from that study was 
the dependence on the requirement of the selection 
of the internal reinforcing structure configuration 
(struts or panels). An influence analysis was 
performed. The focus was centered on the first axial 
frequency, the other requirements were disregarded. 
Higher frequency values were obtained by reinforcing 
the internal structure (struts or panels), with the 
associated mass increase. If the design selection 
criterion is the mass, there is a frequency value 
that separates the ranges for which one alternative 
is 'better' than the other. 

6.2 Analysis Particularities 

During the analysis of the structure, several 
interesting points have appeared; some of them will 
be presented next. Most of the information will be 
related to the dynamic analysis since it was the 
driver during the first steps of the dimensioning of 
the structure. 

6.2.1 Rings Modeling 

A large impact of the way on which the interface 
rings are modeled was observed, specially the ring 
connecting the propellant tanks to the supporting 
platform. In a first approach the ring was modeled 
by means of BAR elements with the cross section 
properties and the plates modeling the support 
platform were assumed to continue up to the BAR 
centroid. A second approach was to model the ring by 
means of plate elements representing the 
flexibilities of the flanges. The properties of 
these plates were obtained by matching the behavior 
of a detailed model of the ring. This new way of 
modeling brought to light an excessive flexibility 
that obliged us to modify its design. Because of 
this result, the latter modeling approach was 
followed to model all the interface rings. 



Figure 8. EPS-Structure Finite Element Model 





6.2.2 Struts End-Fittings 

When a set of struts was being used as internal 
reinforcing structure, the stiffness that was 
required was provided by the axial rigidity of the 
struts; being the first axial frequency very 
sensitive to this. For this reason, the drop in 
stiffness due to the end-fittings had to be 
carefully studied. For instance, an analysis of the 
end-fitting design that was foreseen in a first shot 
(turn-buckle system) showed an important reduction 
of the strut stiffness, so the struts ends had to be 
redesigned in order to get rid of this local 
flexibility. 

6.2.3 Interface modeling impact in dynamic behavior 

Normally, a stiffness is defined by the limits of 
the frequency that must be obtained when the 
structure supported in a given way has to carry 
different masses. 

The way these masses are attached to the structure 
can have a considerable impact in the frequency 
value. The EPS-Structure has to carry the payload on 
top and the four propellant tanks; the frequency 
analysis was performed with the masses connected by 
means of rigid elements or by using adjacent 
structures. 

Three different adjacent structures were taken into 
account, 

- Propellant Tanks; according to the tanks 
definition drawings, 

- P/L Adapter; according to the geometry of the 
1920 Payload Adapter, 

- VEB-Structure; a 200. mm high portion of the 
inner cone. 

The lower interface of the model was clamped (VEB 
portion lower end or EPS lower end). When the 

propellant tanks were included in the model, the 
mass' of tanks and propellant was lumped at its c.g. 
and connected to the interface by means of RBE3 
MSC/NASTRAN elements; when the tanks were not 

included, rigid interface was assumed. The P/L mass 
was rigidly attached to the upper interface (payload 
adapter upper end or EPS upper end). Table 1 

summarizes the value of the first axial frequency 
that was obtained (the symbol 'X' means that the 
adjacent structure was present in the analysis). 


ADJACENT STRUCTURE 


VEB 

TANKS 

ADAPTER 

FREQUENCY (HZ) 

- 

- 

- 

41.7 

X 

- 


31.2 

X 

X 


20.3 

X 

X 

X 

_ 

18.8 


Table 1 - Adjacent structures impact on 
axial frequency 

The last value in Table 1 (18.8 Hz) corresponds to 

the boundary conditions specified for the analysis. 


6.3 Present Status 

The EPS-Structure is going through a redimensioning 
phase due to two important facts; on the one hand, 
the increment of the amount of propellant to be 
carried (s 35.% increase; from 7.2 to 9.7 tons) and, 
on the other hand, to the recent definition of the 
interface loading taking into account the influence 
of the ARIANE 5 solid boosters (§4.2). 

The main impact of these points is the change in the 
dimensioning philosophy; the axial frequency 
requirement was the driver in the past and the 
strength is turning to be the driver now. 


7. CONCLUSIONS 

The development of the EPS-Structure is still in 
progress; in fact a redimensioning is taking place. 
Nevertheless, the work performed in the past has 
revealed to be very useful in helping to perform the 
redimensioning and will be in the future for other 
programs. 

Close attention should be paid to the way different 
local details of the structure are modeled, because, 
in spite of their small size, they could have a 
serious impact (ring flanges, fittings, ...). The 
way the boundary conditions are implemented 
(adjacent structures, clamped interfaces, ...) 
should be carefully studied. 
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ARIANE 4 INTERNAL ACOUSTIC ENVIRONMENT : 

INTERPRETATION OF FLIGHT DATA WITH A VIBROACOUSTIC 
MODEL OF THE UPPER PART OF THE LAUNCHER. 




B. RITCHIE 

CNES - Direction des Lanceurs 
Rond point de l’Espace 
91023 EVRY cedex 

Abstract/Resume 

We present the theoretical and experimental approach used 
for the study of the vibroacoustic environment of ARIANE 4 
payloads at lift-off. 

We mainly deal with a comparison between predicted, by 
means of RAYON software -performed by STRACO - and 
measured flight acoustic levels under the fairing in the 
payload area, at low and medium frequencies. 

The good agreement between the predicted and measured 
levels allows to use the model as a reliable interpretative 
tool of the flight data. 

Keywords : ARIANE, ACOUSTIC, LAUNCHER, SPACECRAFT, 
ENVIRONMENT, NUMERICAL METHODS, VIBRATION, FLIGHT 
DATA. 


INTRODUCTION 


During the flight phase through the atmosphere a spacecraft 
launch vehicle is subjected to an intense aeroacoustic-based 
vibrational environment which may disrupt working 
equipments and damage the payloads 11,21. 

During the take-off phase, the noise mainly comes from the 
gases ejected at high speed (> Mach 3) mixing with ambient 
air. The acoustic power produced is of the order of 0,1% of 
the mechanical power of the rocket engines, i.e. 
approximately 20 MW, that is to say 183 dB for Ariane 5. 
This noise is at its maximum in the region of the engine bay. 
It is reinforced, in the take-off phase, by the deflection of 
the jets by the deflectors which make the acoustic sources 
"visible" from the upper part, while during cruising flight 
they are "masked" as it were by the launch vehicle. This 
explains the high acoustic levels measured during the first 
20 seconds of flight (which can exceed 145 dB on the 
external wall of the Ariane 4 fairing). 

At transonic speeds the excitation of the launch vehicle 
structures is caused by the complex non-steady aerodynamic 
phenomena which accompany the appearance of shock 
waves (shock wave and boundary layer interaction, 
separation). 

Finally, it is the boundary layer turbulence which explains 
the increase in vibration levels encountered when maximum 
dynamic pressure is reached. 


M.BELDI 

STRACO 
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These problems tend to be more acute for future launch 
vehicles for the following reasons: 

- the increase in engine thrust and thus the global 
acoustic power produced 

- the more and more frequent use of light carbon fiber- 
based composite materials which tends to make the 
structures more acoustically transparent 

- the maintaining of launch vehicle competitivity in the 
face of competitors for who control of the payload vibro¬ 
acoustic environment is a commercial challenge. 

OBJECTIVES OF VIBROACOUSTIC STUDIES 

In the 20-2000 Hz band it is a question of determining the 
vibration levels produced in the launch vehicle structures at 
the base of the equipment, as well as the acoustic levels in 
the different compartments, particularly the payloads ones. 
This data forms the basis for designing qualification test 
specifications for launch vehicle passengers (random 
vibration tests and reverberation chamber acoustic tests). 
Where the planned predicted vibration levels are judged to 
be excessive, corrective measures must be taken, for example 
to reduce the intensity of the noise sources (water iryection, 
covering flame deflectors, jet deflectors), or to reduce the 
effects of these (acoustic protection designed to increase the 
noise reduction factor of the fairing, anti-vibration mounts 
for sensitive equipment). 

The effect in terms of cost and time of such measures clearly 
illustrates the importance of having reliable vibroacoustic 
environment prediction. 

The prediction amounts to solving by numerical means the 
stationary, three dimensional problems containing the 
following: 

- for each altitude, an external acoustic sources model 
allowing the incident acoustic field to be reproduced 
satisfactorily - particularly at the level of the upper part 
of the launch vehicle. 

- a vibration model of the elastic structures concerned 

- an acoustic model of the cavities 


Proc. Internal\ Conf.: ‘Spacecraft Structures and Mechanical Testing Noordwijk, The Netherlands , 
24 - 26 April 1991 (ESA SP-321 , October 1991) 
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Figure 1: Noise under fairing: take-off and transonic 

The numerical simulation then consists of solving the linear 
problem of external acoustic propagation - taking into 
account the presence of rigid obstacles such as the umbilical 
mast coupled with the internal vibroacoustic problem - 
taking into account the elastic structures, the acoustic 
cavities, and if necessary the payload vibroacoustic models- . 
In practice such numerical simulations cannot be carried out 
for the whole launch vehicle. For example, the predictions 
relative to the upper part of the launch vehicle use a 
structural model limited to the upper part which assure the 
validity of the conditions at the chosen limits. 

APPLICATION TO ARIANE 4 PAYLOADS 

The objective of the model presented hereafter is to provide 
the elements for interpreting flight measurements done 
inside the payload compartments i.e. the fairing and the 
SPELDA. The problem dealt with is, in this case, a complete 
vibroacoustic problem s«nce it presents an infinite exterior 
environment coupled by an elastic structure to a resonant 
interior environment. 

We are more specifically interested in the problem of low 
and medium frequencies. The limit is arbitrarily fixed at the 
top of the octave centered on 250 Hz. 

At these frequencies the systems studied show low modal 
densities and a marked resonant characteristics. These two 
points have guided us in the choice of calculation methods. 

The action taken consists of two steps: 

- predict the acoustic levels opposite the flight 
microphones. The comparison with the measurements 
must validate the model. 

- estimate the spatial averages in the acoustic cavities and 
thus define the corrections (field factors) to be applied 
to the local measurements. 

This vibroacoustic analysis of the upper part of Ariane 4 was 
carried out by the STRACO company, using RAYON software. 
This activity is one application of recent developments on 
low frequency numerical methods applicable to launch 
vehicles, developments carried out, in particular, in the 
framework of R&T in vibroacoustics with the Universite de 
Technologie de Compiegne [3,4,5], 


In-flight measurements 

Data on the acoustic environment during ARIANE 4 launches 
are gathered by means of measurements taken both on the 
launch pad and in the payload cavities. These measurements 
were taken during 8 of first 10 ARIANE 4 launches 

External environment during the take-off phase 

The external acoustic environment is determined during 
each launch by means of the microphones located close to 
the launch vehicle on the umbilical mast (figure 2). 

We are more specifically interested here in the microphones 
located at fairing height during take-off. 

The objective of these external measurements is not to 
physically describe the noise generated during take-off but 
rather to systematically provide data on each launch. They 
allow the different versions of the launch vehicle to be 
compared, the reproducibility of noise from one flight to 
another to be verified and the reduced scale tests carried 
out during the development phase to be validated and 
updated. 

The curves of figure 3 show the external measurements 
obtained during 7 of the first 10 ARIANE 4 flights on the 
ELA2 launch pad. 

After a stationary phase lasting a few seconds the measured 
level rises suddenly. This corresponds to the engine jets 
passing in front of the mikes . 

A slight discrepancy can be seen from one flight to another, 
both at the global level and by frequency content per octave 
band or by 1/3 octave band (figure 4). The discrepancy for 
the OASPL remains less than 3 dB whatever the version of 
the ARIANE 4 vehicle used. It must also be noted that the 
frequency analysis is characteristic of broadband noise. 



Figure 2: External microphones location 
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Figure 3: Global external acoustic level as a function of time 
(flight V29 to V38) 



Figure 4: External acoustic levels by octave band (flights V29 
to V38) 


Internal acoustic environment 

The objective of the internal flight measurements is first of 
all to prove the launch vehicle qualification, then, in the 
production phase to verify its normal behavior. We must 
particularly verify that the internal levels do not exceed the 
levels specified at the payloads for their qualification to the 
acoustic environment. 

The Figure 5 gives an example of an internal measurement 
plan. It consists of 3 microphones under the fairing and 2 
microphones under the Spelda. This corresponds to launch 
V33 (Ariane version 44LP with passengers TVSAT2 under the 
fairing and HIPPARCOS under the SPELDA). All the 
measurements are broadband ones (20-2000 Hz) and are 
processed on the ground in deferred mode. 

The internal measurement plan is a compromise between the 
demonstration and verification requirements and the on¬ 
board processing capability. The limited number of 
microphones is due to the severe on-board weight 
restrictions. 

Data may only be transmitted by radio. With this aim in 
mind an on-board control unit is used for acquisition, 
multiplexing of the different channels and signal 
transmission. This method, FM telemetry, has a weight limit 
and limits the number of measurement passband channels. 



Figure 5: Microphone positions under the fairing and the 
Spelda (Flight V33) 



Figure 6: 1/3 octave comparison of the noise under fairing 
measured at the lower part of the fairing (flights V33 to 
V38) 



Figure 7: 1/3 octave comparison of the noise under the 
SPELDA( flights V33 to V38). 


The measurements made during flights 405, 409, 410 and 411 
under the Spelda and during flights 405, 409 and 410 under 
the fairing (2 symmetrical measurement points) show 
differences which rarely exceed 4 dB per 1/3 octave (figures 
6 and 7). 

We can conclude that there is a good spectral and level 
reproducibility of the local measurement^. The spread is due 
in part to the uncertainties linked with each measurement. 

At low frequency the narrow band analysis shows a 
spectrum characteristic of a modal response (figure 8). 
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Figure 8: narrow band analysis of the noise at lift-otr 


The possibilities for interpreting these measurements remain 
limited: 

- the number of measurement points is small given the size 
of the cavities. A correct spatial average cannot be 
deduced from them. 

- their positions only give a partial indication of the 
average acoustic load on the satellite 

- at low frequency there may be spatial level variations 
between the different measurement points. Thus, 
differences of more than 8 dB in 1/3 octave band have 
been noted from place to place during ground tests with 
fairing empty. 

In conclusion, the measurement plans used do not allow a 
precise knowledge of the internal acoustic field. 


Vibroacoustic model of the upper part of the launch vehicle 

Calculation method and hypothesis 

The theoretical bases of the RAYON software are given in 
references [3] [4] [5J. The model is based on the use of 
boundary finite elements for the internal and external fluid, 
coupled with the structure which is itself modelled using 
"classic" finite elements. 

The response of systems coupled to the external acoustic 
pressure field is determined in the frequency domain, the 
broadband nature of the excitation imposes the requirement 
for a frequency sweep over the whole of the domain 
concerned. 

The calculation hypotheses are the following: 

the model is axisymmetrical, the vibration and acoustic 
fields are represented by their Fourier components. The 
internal cavities are delimited by the fairing or Spelda wall 
and by the external envelopes of the satellites. These are 
considered as being rigid axisymmetrical bodies 
representative in weight and in inertia. 

The model is sufficiently accurate to cover response 
calculations up to 350 Herz. 


Acoustic source model 

At take-off, the noise sources are in the flame deflector and 
on the launch pad. American studies [6] and acoustic 
sources models built within the framework of CNES R&T 
programs with the CSTB [7] show that a reasonable 
description of the noise at take-off consists of a set of plane 
waves coming from the 2 flame deflectors and whose 
incidence varies from 5 to 45 degrees with regard to the 
launcher longitudinal axis (figure 9). Moreover, to simplify 
the calculation, the hypothesis that these plane waves are 
uncorrelated is made. 

The definition of the acoustic power associated to each of 
the plane waves is deduced from the external flight 
measurements taken on the umbilical mast. 

Figure 10 shows the geometrical configuration of the 
problem. The positions of the captors on the tower show 
that the measurements are certainly sensitive to the effects 
of diffraction of the assembly (launch vehicle + umbilical 
tower). For this reason a 2D diffraction model representative 
of this geometry is applied to the plane waves from the jets 
exhaust ducts. From this, we determine the correction to be 
applied to the tower measurements to define the free field 
level of the external sources. 

Structural and acoustic model 

The fairing and the Spelda are modelled by thin 
axisymmetrical shell elements with 4 degrees of freedom per 
node. Boundary Conditions are of the clamped or simply 
supported type for the satellite and supporting structure 
attachment points 

The structural models have been validated by comparing the 
first vibration modes calculated with the results obtained 
during dynamic model system tests on the fairing and 
Spelda and with other models (CNES ASTRAL software) 




Figure 10: Launch vehicle/umbilical tower geometrical 
configuration 
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The acoustic grid pattern is defined on the wetted surfaces 
of the structure - elastic and rigid - by acoustic boundary 
finite elements with one DOF per node. Coupling is 
determined for all the nodes of the wet elastic structure. 

In total, the vibroacoustic model is made of 168 nodes, 146 
two-node elements and 428 degrees of freedom, i.e. a small 
model thanks to the use of boundary elements and of the 
axisymmetry of the problem (figure 11). 

Modelling progress and results 

The calculations are carried out from 20 to 350 Hertz with a 
frequency step of the order of 2 Hertz. The fine band results 
are then integrated on the 1/3 and full octave bands for 
comparison with the flights measurements. 

The calculation is carried out in two steps: 

- A basic response calculation is carried out for each 
plane wave and each Fourier index. The calculated 
pressure on the fluid domain boundaries are used to 
restore the pressure at a chosen number of calculation 
points inside each cavity. At this stage the calculation is 
purely axisymmetrical (figure 12). 

- Using the external field definition the 3D pressure 
calculations are made by superimposing the responses on 
the different plane waves from the 2 flame deflectors, 
taking into account their respective angular positions 
(figure 10). These results are finally summed on the 
Fourier indices to get the physical solution. 

It must be noted that this approach allows the resulting 
pressure calculations to be repeated at reduced cost in the 
case of a new external field definition. 

We basically wish to determine three types of results: 

The "local" pressure at the calculation points 
corresponding to the locations of the in-flight 
measurements. Figure 13 gives an example of the fine 
band response obtained for microphone MA011 located 
at the lower part of the fairing. 

- The average pressures in the two payload compartments 
as well as in different sub-regions of the cavities (around 
the antennas, in the annular volume, in the nose of the 
fairing...) (figure 14). 

- The "field factors" which define the passage from local 
measurement to average pressure. We give, as an 
example, the average predicted pressure in the whole 
fairing cavity in the 1/3 octave band compared with a 
local pressure (figure 14). The result is directly the 
difference between the two curves shown in figure 14. 

Comparison with flight data 

We compare the 1/3 octave band results predicted with the 
model and the averages of the measurements obtained 
during flights at the same measuring positions. 

We compare in particular (figure 15) the predicted level at 
the lower part of the fairing (MAO 11 and MAO 12, on average 
because of their symmetrical position with respect to the 2 
flame deflectors) and the average of the measurements at 
the same points over three flights. 



Figure 11: Structural and acoustic grid pattern 



Figure 12: Internal pressure calculation points 



Figure 13: Predicted pressure opposite microphone MaOll 
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Figure 14: Average fairing pressure compared with MaOll 
pressure in 1/3 octave band 


We also compare the measurements and the predictions in 
the middle of the fairing (MK001, figure 16) and at the lower 
part of the SPELDA (MC004, figure 17). 

We can conclude that there is a good agreement between the 
predicted values and the flight values except for the very 
low frequencies where quite large differences can be seen. 
The differences in levels in 1/3 octave band are almost 
always less than 3dB. 

There are some elements which partly allow us to explain 
the differences noted at very low frequency: 

- The signal processing conditions result in a poor 
frequency resolution (8 Hz) which give imprecise levels 
at the lowest frequencies (31.5 Hz octave band ). 

- Some recent investigations have shown that a systematic 
error has been committed at low frequencies on the 
external measurements during the flights, an error which 
results in an underestimation of the input levels used for 
our model. 

- The SPELDA is the cavity the most sensitive to the 
boundary conditions used for modelling the structure. 

All these points are still under investigations. 

CONCLUSION 

Concerning the results obtained with the model, one can see 
their very good agreement with the flights data. Therefore it 
seems possible to use the model as a reliable interpretative 
tool of the flight measurements. This leads to a better 
knowledge of the acoustic environment of ARIANE payloads. 

Still, we are studying, at the present time, the main physical 
parameters at the origin of the uncertainties and the 
variations from the predictions : 

- the sensitivity on the incidence, the position and the 
type of external acoustic sources 

- the influence of the size and geometry of the payload. 

- the influence of the hypothesis used to describe the 
payload: acoustic absorption, elasticity. 

Finally, in order to improve our model and experimentally 
characterize the predicted spatial variations, some launch 
vehicles with an increased acoustic measurement plan for 
the upper part will be used in a next future. 



Figure 15: Flight and Model comparison, 

Average (MaOll, Ma012), lower part of the fairing. 



Figure 16: Flight and model comparison, MkOOl, middle of 
the fairing 



Figure 17: Flight and model comparison, MC004 Spelda 


On a more general point of view, we wish to underline the 
research effort undertaken by the space community in the 
acoustic field. 

# 

The importance of the definition of the external acoustic 
environment has led ONES to start a research action plan 
coordinated by ONERA in this domain. It is mainly a 
question of understanding and modelling the jet interaction 
noise generation mechanisms. These studies must Finally 
allow sources models to be defined which are adapted to 
vibroacoustic studies. 











































Also, the field of vibroacoustic studies must be extended to 
evaluating the influence of elastic three dimensional 
payloads on their surrounding acoustic field. This theme of 
study is taken into account by the European Space Research 
and Technology Center (ESTEC), in cooperation with CNES. 

Finally, One must recognize that the methods currently used 
at low and medium frequencies are costly and difficult to 
implement. Consequently, these methods should be 
improved. As an illustration, the use of a modal 
representation of structures and acoustic cavities is an 
approach being implemented today whitin The CNES 
software ASTRAL [8]. Other approaches, based on a 
reduction of the initial modal model are currently under 
investigation. 

These last objectives are taken into account in the vibro¬ 
acoustic pole set up jointly by Aerospatiale and CNES. 
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During launching, satellites are submitted to a high level acoustic 
field. This field can generate high mechanical stresses on large light 
frames such as antenna reflectors or solar panels. Acoustic tests 
are performed on these structures, with specified acoustic incident 
field, in reverberant room. In order to simplify the tests, and 
because of the large size of the satellite body, the test structures 
are considered apart from satellite body in experimental 
configuration. Consequently, the geometrical environment is quite 
different in "Test configuration" compared to "Launch 
configuration". But these differences generate local over- or 
under-pressures on the specimen. In order to improve the test 
representativity, ALCATEL ESPACE and METRAVIB R.D.S. have 
developed a specific numerical method for comparison between 
‘Test configuration" and "Launch configuration". The acoustic 
computations are performed with ASTRYD which is a general 
software for solving scattering and radiation problems. ASTRYD is 
based on space time scheme discretization ; at first, acoustic 
pressures are obtained in time domain, and then, they are obtained 
in frequency domain by classical EFT algorithms. The satellite 
structure, considered in this study, is TC2 satellite ; computations 
are performed on one antenna reflector in free space -Test 
configuration- or mounted on the satellite -Launch configuration-. 

For both configurations, main results are the acoustic field by 
octave and the acoustic pressure differential at the reflector's 
surface. Several over- or under-pressures are highlighted by 
computations specifically in the low frequency octave. 
Computations enable to screen the total frequency spectrum in 
which acoustic pressures are sensitive to the geometrical 
environment (frequency spectrum lies from O to 2000 Hz for a 2 m 
size specimen). Consequently, ASTRYD appears to be a powerful 
tool for the acoustic and structural engineer to predict acoustic 
loads on sensitive structures. 


Jean-No§l GIRAUDBIT 
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In order to obtain the differences between both configurations, 
computations are taken on the "Test configuration" and on the 
"Launch configuration". For the first one, the reflector is alone, 
with no structure around it. For the second one, the satellite body 
is also represented. We have to evaluate differences between the 
configurations ; we do not need to compute stresses (in the 
reflector) with a high accuracy ; consequently, the fluid structure 
coupling can be considered as negligeable and the structures are 
considered as rigid bodies. Acoustic hypotheses are classical 
hypotheses of linear acoustics.The frequency band of computation 
lies from 0 to 2800 Hz (octaves 63 Hz to 2000 Hz are 
considered).When the upper frequency limit is reached (2800 Hz), 
the acoustic field becomes uniform and the configurations 
differential becomes very small. The incident acoustic field is 
simulated by a decorrelated plane waves serial. A computation is 
taken for each plane wave incidence. Then, a quadratic average of 
acoustic pressures at the structures surfaces is made. Scattering 
computations are performed by ASTRYD software (ref [1]). 
Pressures integration on the reflector ’surface allows to obtain a 
"strength resulting" which is a global criterion for the comparison 
of the different configurations. 




During launching, satellites are submitted to high level acoustic 
fields. The increased power of the launchers necessitates the 
knowledge of acoustic sollicitations under the fairing, particularly 
on large light frames such as antenna reflectors. 

These ones are improved in reverberant room, with a specified 
acoustic level ; they have to pass the tests without any damage. 
In order to simplify the tests, and because of the large size of the 
satellite body, the test structures are considered apart from the 
satellite body. During the tests, the incident acoustic field is 
considered as diffuse. During launching, even if the acoustic field 
under the fairing is globaly diffuse, there are some local under or 
over pressures, especially on the antenna reflector made by 
acoustic reverberations on the geometrical environment. These 
pressure gradients are more important if acoustic wave lengths 
are similar to distances between the reflector and its 
environment, the more often in medium and low frequencies 
ranges.Thus, the aim of this work is to evaluate the 
reflectors’environment effects on the acoustic pressure fields and 
to give a new point of view about the tests. In order to perform 
this objective, the main too! used is ASTRYD which is a software 
developed by METRAVIB R.D.S.ASTRYD is a general software for 
solving three dimensional acoustic problems. Some other specific 
numerical tools are also used for solving the problem and 
obtaining the results. Some applications samples show the 
software capabilities to highlight the partial containment 
phenomenous which generate local pressure gradients and acoustic 
pressure differences between both configurations. The tested 
structure is the k.u antenna reflector mounted on the TELECOM 2 
satellite. 


ASTRYD is a software program for solving scattering and 
radiation problems. It is based on space time discretization of the 
retarded potentials equation -or Kirchhoff’s formulae- (ref [1], 
[2]). in the case of spherical wave scattering by a rigid body, the 
Kirchhoff's formulae can be written such as : 

(4n-A).P(Mo,to)=[P(M,to-d/c).grad(1/d) + 1/ c .d P(M,to-d/c) 
grad(d)]nM do + 4n.S(to - r/c)/r (1) 


Where : 


P(Mo,to) is the acoustic pressure 
level at point Mo, at time to 
^(Mo.to) is the derivation of 
P(Mo,to) in the time domain 
d is the distance from Mo to M 
om is the normal outside vector to 
the surface Z at the point M 
Z is the surface which is bounding 
the structures, 
r is the distance from Mo to 
monopoles 

S is a characterized monopole by its 
time evolution 

if M e Z then A = 2 n else A = 6 
c is the sound's celerity in the fluid. 
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By using a noise source, with a large spectra, the results can be 
obtained for a broad band frequencies by a Fourier Transform of 
the time results. The bodies surface space discretization uses 
plane triangular meshes. The acoustic pressure is constant on 
each mesh and computed at its gravity center. 

Thus, the first equation (1) becomes : 


A quadratic average is taken ; thus, each incidence is 
decorrelated for each other and the incident acoustic field is 
considered as diffuse. The incidences choice is assited by some 
radiation computations in regard to the reciprocity principle. At 
that time, an octave average is taken and the resultant transfer 

function, for the fo octave and the element, can be defined as 
follows : 


(4 n-A)Pj(to)=^TAjj.Pj(to-djj/c)+ Bjj.Pj{to-djj/c)] 

j = 1 

+ 4n .S{to-r/c)/r (2) 

Where : Ajj and By are space integration 

terms on the element, 
computed for a semi-analytical 
method. 

ne is the elements number outcome 

from space discretization 

Pj{t) is the acoustic pressure level, 

on the i th element, at time t. 

Pj(to) is the acoustic pressure level 

on the i^ element or at the 
ijh point in the fluid. 

Pj(t) = dPj(t)/dt 

The time discretization is based on a finite semi-implicite 
differences method, with a constant time 'step 6t. Consequently, 
the surface acoustic pressure can be written as follows : 


[A] {P} k + [B] {P} 


k-n * 


{Pe} 1 


where : 


{P} k is the acoustic pressures vector 
at the k th time 'step 
{Pe} k is the right term, calculated 
explicitely as indicated by the 
equation (2) 

n is a stability parameter of the 
numerical scheme. 


ASTRYD was used for many different problems and the results 
were compared to either analytical results or acoustic 
measurements. Figure 2 shows a pulsating sphere directivity in a 
half-space media. The ASTRYD result is compared to the 
analytical result and to another numerical model result (ref [3]). 
The "schock wave on buildings" problem is illustrated in figures 3 
and 4. The buildings meshing is shown in figure 3 and the acoustic 
pressure time evolution between both buildings is shown in figure 
4. In both cases, a good comparison between ASTRYD results and 
the others is highlighted. 


where : 


where 


I C. ^ 

T j(fo) = V 1/f2-f1) j X w i- T ij Z < , >l« { 

11 j=1 

Tjj (f) is the transfer function from 
i to j, at the frequency f 
Wj is the weight of incidence j 
fl and f2 are respectively under 
limit and upper limit of octave 

fo (fl = fo/V2 ; f2 = VT fo) 


ii aiauauvfli ipamuny_UU_mo aiimiuin ip 

F(fo) * S(fo) |T(fo).nM do- 
I 
ne 

S(fo). £Ti(fo).sj.nj (5) 

i=1 

S(fo) is the incident pressure field 
level (in P a unit) 
ne is the reflector's elements 
number 

sj is the ith element's surface 


This vector allows the comparison of both configurations and to 
check the computations coherence. 

RESULTS - 

The computations were realized for two antenna’s reflector of the 
TELECOM 2 satellite. The following results concern the k.u 
antenna. One meshing is used in the "Test configuration", for the 
whole frequencies band (45-2800 Hz) ; it is shown in figure 5. 

In "Launch configuration", the problem is more complex. At low 
frequencies, we have to take into account a large part of the 
satellite (earth plane in its whole, walls, sonar panels, lateral 
reflectors...etc..). At high frequencies, we must have a mesh size 
smaller than a sixtieth wavelength. Consequently, if we use the 
same meshing from 0 to 2800 Hz, we will have a great number of 
meshes and the computations will be too expensive. 

Thus, we use three different meshings : 

- one for the 2000 Hz octave, 

- one for the 1000 Hz octave, 

- one from the 63 Hz octave to the 500 Hz octave. 


MOSAIC software (made by FRAMASOFT + CSI) was used for the 
meshing and the results presentation of results. We also used a 
specific numerical tool for automatic meshing of the reflector ; 
the inputs of this software are the parametric definition of the 
reflector and the characteristic size of a mesh (given by the 
user). The meshing must have six elements by wavelength at the 
higher octave medium frequency, for good computations accuracy. 
Some meshes, used for both configurations, are presented in 
figures 5 and 6. 

Monopoles, which are far from the satellite (100 m), generate 
incident plane waves ; the frequency band broadwith of its 
spectrum is sufficient to cover entirely the concerned frequencies 
band. The practical results are transfer functions which consist of 
ratio between computed pressure spectrum and the equivalent 
pressure spectrum under free field conditions (with the same 
monopole, at the same computation point). 


The scattering computations are taken for ns plane waves 
incidences and give ns transfer functions for each mesh element. 


Note : 

The majority of local reverberation problems are noticed in 

the low frequencies (less than 700 Hz) ; this means that the 

"Launch configuration" could be studied with one meshing. 
The third mentionned meshing is shown in figure 6. 

The computation 's results, obtained for the 250 Hz octave, are 
presented in figures 7 and 9. They concern the transfer function 
quadratic average computed with 24 plane waves incidences. The 
acoustic level is shown in relative decibel to the incident acoustic 
level. 

The "Launch configuration" results can be seen in figure 7. The 
over-pressures are highlighted in' the corner, but the reflector 
convexity also generates some over-pressures. The "Test 
configuration" results, shown in figure 8, confirm this phenomena 
; the relative acoustic pressure lies from 0 dB, on the reflector 
edge, to 5 dB, at the reflector upper face ’center. Both 
configurations differentials are presented in figure 9. On this one, 
its average value is negative on the reflector upper face ; this 
means that the acoustic level is higher with "Test configuration". 
This result can be applied to the other octaves as shown on the 
table A. These results mean that the acoustic level is higher in 
"Test configuration". However, the differences are very small 
and both configurations can be considered the same. 
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Octave 

(confiquraij 

Average 

value 

Minimal 

value 

Maximal 

value 

58 IF 1131 MSB 8 

63 (A/D) 

- 0.12 

- 4.19 

2.9 

(1 ] Dimensional acoustics of rigid or moving 

surfaces : integral formulation, explicit 

125 

(A/D) 

- 2.58 

- 7. 

1.5 

time scheme and subsequent frequency 
analysis. 

250 

(A/D) 

- 2.46 

- 8.1 

.77 

J.M.PAROT, D.VAUCHER DELACROIX 
S.GRIOTIER-P.VERPEAUXTC.E.A.-DEMT) 

500 

(A/D) 

- 0.77 

- 4.03 

1.86 

UNIVERSITY COLLEGE OF SWANSEA 
NUMETA-87- - Proceedings of the 

1000 

(B/D) 

- 2.09 

- 4.92 

- 0.03 

international Conference on : "Numerical 
methods in engineering : theory and 

2000 

(C/D) ... 

- 3.3 

- 8.3 

- 0.67 

applications" - SWANSEA (U.K.) 

6-10 Juillet 1987 


Indicated values : 


Pressure differences on the reflector between Launch 
configuration" and "Test configuration". A positive value means 
that the pressure is higher in "Launch configuration". The average 
difference (in dB) is shown in the first column, the smallest 
difference in the second and, the largest difference in the third. 
Table A : Co mparison between "Test 
configuration" and "Launch configuration". 


(2] Farfield and radiation calculations by 
means of a time domain integral equation 
formulation.- 

D.VAUCHER de la CROIX, J.M. PAROT- 
INTER-NOISE 88 - AVIGNON 
30AoCit-1 Sept.88- 

[3] Radiation and scattering of acoustic 
waves from bodies of arbitrary shape in 
three-dimensional half space 

A.F. SEYBERT - B.SOENARKO 
Transact 0 of ASME-Voll 10-Janvier1988 


CONCLUSION - 

The ASTRYD application to the prediction of the acoustic loading 
on satellite reflectors is very interesting. It gives a new point of 
view on the tests analysis and allows to check that the "Test 
configuration" was good. The software originality, which is the 
time domain computation, allows to compute on a large 
frequencies band, with a high upper limit, with a small frequency 
step and with a small computation cost. In the satellite 
applications, computations are taken from 0 to 2800 Hz, for a 2 
meters long structure. Specific numerical tools give results easy 
to analyze such as differential pressures map. The objective was 
the comparison of acoustic response between two configurations ; 
therefore the fluid structure coupling effects were negligeable. 

But, if we should obtain some exact numerical values, such as 
stresses in the reflector, we ought to take into account the air's 
interaction with the mechanical behaviour of the structure. For 
doing this, we shall need to use the ASTRYD-coupling software. 
"ASTRYD-coupling" is also based on the same time domain 
computations method which refers to the Kirchhoffs formulae and 
the structure 'behaviour is taken into account by its modal 
characteristics in vacuo. 

"ASTRYD-coupling" has already been used for spatial applications. 
The results, which have been compared with experimental 
results, proved the software capabilities. 
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1 : TELE COM2 Satellite and k.u antenna 



Figure 2 : 


Pulsating sphere directivity in half¬ 
space medium 







gure 3 : 


Schock wave : Buildings meshing 
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Figure 4 : Schock wave : Acoustic pressure 

between both buildings 



Figure 5 : k.u reflector meshing 




Figure 7 : Acoustic pressure field on 

TELECOM2 ; octave 250 Hz 
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Fi gure 8 : Acoustic pressure field on k.u 

reflector ; octave 250 Hz 
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Figure 9 : Acoustic pressure differential on 

k.u reflector ; octave 250Hz. 


Figure & ■ 


Meshing of TELECOM2 upper part 
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ACOUSTIC CAVITY AND FLUID/STRUCTURE INTERACTION MODELS 
A METHODOLOGICAL DETERMINISTIC APPROACH AND PROBLEMS ENCOUNTERED. 


Pietro Carlo MAR UCCHI-CHIERRO 




Alenia Spazio S.p.A. (*) 



ABSTRACT 

The aim of this paper is to demonstrate the feasibility 
and reliability of the mathematical model based on 
the acoustic-structural analogy and its numerical 
simulation, only in the presence of low modal density, 
using F.E.M. technique. 

To develop the methodology, the study was carried 
out on simple cases where it is also possible to 
control the numerical results by analytical approach. 
In this manner, it has been possible to highlight 
numerical imprecisions when we study 2D and 3D 
acoustic cavities. 

Moroever, a method is shown that is able to transmit 
both the complex mode shapes and the complex 
modal model of the coupled fluid/structure system to 
the SDRC/SUPERTAB and SDRC/SYSTAN 
postprocessors. 

Keywords: Acoustic Cavity. Fluid/Structure Interaction. 
Audible Noise. 


1. INTRODUCTION 

The audible noise levels in a manned space project 
depend on the structural and acoustic transmission 
paths between disturbance sources (structural, 
acoustic and fluidodynamic ones) and receivers 
(inside the acoustic cavity) and from the 
fluid/structure interaction between the acoustic cavity 
and its structural boundaries. 

For this aspect, the designers must ensure an 
acceptable (vs. requirements) environment up to high 
frequency (16 KHz). 

The aim of this paper is to demonstrate the feasibility 
and reliability of the mathematical model based on 
the acoustic structural analogy and its numerical 
simulation, only in the presence of low modal density, 
using F.E.M. technique. 

To develop the methodology, the study was carried 
out on simple cases where it is also possible to 
control, by analytical approach, the numerical results. 


In this manner, it was possible to highlight numerical 
problems where we study 2D and 3D acoustic 
cavities or 2D structural box with geometrical 
symmetries (i.e. 2D acoustic square area, 2D 
structural cubic box, 3D acoustic cubic cavity...). 

In these cases the eigensolution presents single and 
multiply roots. 

The presence of multiply roots causes serious 
imprecisions for the F.E.M. algorithm not only for 
the mode shapes computation but also for the 
computation of the frequency responses (see transfer 
function or forced frequency function). 

To highlight this problem and improve the numerical 
solution, two acoustic models of a cubic cavity were 
studied, one with wrong numerical modal coefficients 
resulting from a standard acoustic F.E.M. model 
(Ref. 1) of the cubic cavity and the other with 
improved numerical modal coefficients resulting from 
a corrected acoustic F.E.M. model of the same 
cavity. 

Before computing and comparing frequency 
responses, the modal acoustic viscous damping ratio 
(C/Ccr = 0.0005) were added for each considered real 
eigenvectors of both modal models. 

Moroever, in order to avoid the modal approach, 
frequency responses related to the two above 
mentioned acoustic F.E.M. models were computed 
using direct approach of MSC/NASTRAN code. 

The comparison of the frequency responses show 
that it is possible to have slight, significant and 
unacceptable differences between the two acoustic 
models of the cavity. 

So, by means of this study it was demonstrated that 
this numerical imprecision present at multiple roots 
may be a serious problem for a structure or acoustic 
cavity with geometrical symmetries. 


(*) Alenia Spazio SpA is a Company of ALENIA SpA, the new Company belonging lo the IRI-FINMECCANICA Group, resulting 
from the merger of Aeritalia and Selenia, taking over full responsibility for their functions, responsibilities and activities. 
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Lastly, a method is described to transmit complex 
mode shapes and complex modal models of the 
coupled fluid/structure system to the postprocessor 
SDRC/SUPERTAB in order to study coupled mode 
shapes, and to the postprocessor and solver 
SDRC/SYSTAN in order to study complex systems 
of acoustic cavities. 

2. DEFINITION OF ANALYTICAL APPROACH 
FOR THE FLUID/STRUCTURE INTERACTION 

In this approach, we use the acoustic-structural 
analogy (Refs. 2, 3) for the fluid/structure interaction 
where the structural equations become waves 
equations. So, we assume that: 

* we consider only one physical d.oJ. (r for example) 

volume forces (pc —0) 

These two conditions represent the characteristics of 
the acoustic field. 

While the acoustic/structural analogy imposes the 
following conditions: 


0+ 2\x 


= 1 


Where: 

tin normal acceleration on the walls of 
the cavity 

A area of the cavity's walls 

and imposing the acoustic/structural analogy, we obtain: 
for the structural effect on the fluid 
F = - GA pA Wn 

for the fluid effect on the structure 
F = PA 

Moroever, the formulation for the coupled system 
fluid/structure is done considering: 

* the structural dynamic described by: 

* the fluid dynamic described by: 

[M a ){p) + lK a ]{p} = {F a y 


where: 


/*, © LAME constants 
p s structural density 

c sound speed 

u displacement 

p pressure of the fluid 

So, with the above hypothesis we obtain: 

0 + 2\i b ? a 6 2 a b 2 u f 9 + M- V 
\i b*x* by 2 + 6z 2 A H A&x6; 


bw 


6 x 6 y 6 x 6 z 


1 , , . 

+ u (/w) ‘M( 2 


(NAVIER equation = = = > structural field) 

6 2 p | 6 2 p | 6 2 p 1 6 2 p 
bx 2+ by 2 + bz 2 c 2 bt 2 

(Acoustic field) 

This wave equation must be solved with F.E.M. 
technique for computing the acoustic field enclosed 
into a cavity with rigid walls. 

When we consider a cavity with flexible walls, we 
must simulate these two boundary conditions: 


6 p 
bri 


= -P u n 


F = PA 


structural effect on the fluid 


fluid effect on the structure 


* the boundary conditions: 

F = GAp a «n (structural effect) 


F = -PA 


(fluid effect) 


Finally, the coupled system (fluid/structure) is 
described by: 

M s O "1 [K s K SA 1 

* u <y> + n K <y>={ F > 

M AS M A \ _ O K A _ 


Where: 


Mas is the structural effect 
Ksa is the fluid effect 

M = {u ; P} 


displacement 


fluid pressure 


{F} = {Fs;F a } 


structural force 


noise source 


We have chosen two different formulations for Mas 
and Ksa for our applications: 

* The non-symmetric formulation (P = x) 


M s O 


. m *[ 


K s K SA 

O k a 


{y}={F} 


* The symmetric formulation (p = ^>) (Ref. 4) 


\VJ, Ol(X\\ O A 1/^1 < 

O M A _ \ l+lA T O _ \ $ I L O K 


K v O (X 
O K A \$ 
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3. TRANSLATION OF THESE TWO 
FORMULATIONS FOR THE COUPLED SYSTEM 
TO MSC/NASTRAN F.E.M. TECHNIQUE 

The translation of the two mentioned analytical 
formulations into a numerical method using the 
MSC/NASTRAN F.E.M. technique is done by means 
of the following methodology: 

* both for the non-symmetric and symmetric 
formulations, we choose the modal analysis 
approach so we can study the coupled 
mode-shapes of the coupled system 
(fluid/structure) 

* the effect of fluid on the wall of the cavity is 
computed, for both formulations, using sol 24, 
with which we compute the matrix [A] 

* the matrix of the fluid/structure interaction is 
built by means of a dedicated software 
(MATINTER) written by Alenia Spazio 

this matrix contains the contributions of the 
interaction associated at each fluid/structure 
coincident nodes 

* the symmetric formulation does not need 
ALTER to compute the fluid/structure 
interaction represented by the following matrix: 

" O A 
_ A 7 0 

* while the non-symmetric formulation needs a 
specific ALTER to compute the matrix: 



* the coupled modal analysis is done by 
performing SOL 29 with a specific alter (written 
by Alenia Spazio) to generate the output (.out2) 
readable by the postprocessor 
SDRC/SUPERTAB 

* for a modal frequency and random response, 
we can perform: 

° SOL 30 without a specific ALTER to 
compute the responses. 

° SOL 29 with a specific ALTER (written by 
Alenia Spazio) to generate the outputs 
(.UT1;.UT2) readable by the dynamic 
postprocessor SDRC/SYSTAN. 

The advantages of this method are: 

0 we can study, with only one NASTRAN run, 
the coupled mode-shapes and the forced 
responses. 


0 SYSTAN permits: 

to excite the analytical coupled modal model 
by means of analytical and/or experimental 
inputs (forces,...) 

to study the dynamic behaviour of the 
acoustic and mechanical systems under 
specific constraints, in order to assemble 
other systems treated as subsystems and 
evaluate the dynamics of the resultant system. 

Note: 

It is not suitable to use the direct frequency and 
random response approach, rather than the modal 
one, for the higher C.P.U. time consumption. 
Example: to compute a forced response (acoustic 
pressure) due a single local source inside a cubic box 
with flexible walls, we need the C.P.U. time: 

6.34 hours for SOL 30 (Modal Approach) 

72.23 hours for SOL 26 (Direct Approach) 

4. CHECKING AND RELIABILITY OF 
APPROACHES STUDYING TYPICAL TEST 
CASES FOR ACOUSTIC CAVITY F.EM. MODEL 

4.1 F.E.M. approach using MSC/NASTRAN. 

To check this approach, we have studied simple 
dedicated 2D and 3D acoustic models. The results of 
all these numerical models were compared with the 
analytical ones (Refs. 5, 6). 

The 2D acoustic models studied are: 

* square enclosure (1000mm x 1000mm) 

* circular enclosure (R = 914.4 mm) 

The problems encountered in this application on 
VAX computer (32 bits) are: 

numerical instability at multiply roots (see Table 1 for 
the comparison between the theoretical and 
numerical mode shapes, while Fig. 1 (*) shows the 
comparison between theoretical mode shapes (1,2); 
(2,1) and numerical ones for a square section) 

2D ACOUSTIC CAVITY 

(square section : 1 m * 1 m) 


v Type of mods;: 

- #')• 

Frequency^ 

■M 

^Theoretical # 


(0.0) 

0.0 

0.0 

/ 

(1.0) 

170.1 

■ 168.9 

0.7 

(0.1) 

170.1 

168.9 

0.7 

IL1) 

240.6 

235.0 

2.3 

(0.2) 

340.2 _ 

331.3 i 

2.6 

(2.0) 

340.2 

331.3 

2.6 

(2.1) 

380.4 

362.4 

4.7 

( 1 . 2 \ 

380.4 

362.4 

4.7 

-LLuJJ_ 

481.1 

439.0 . 1 

8.7 


Legend : [ • ] mode (j,k) 

j m number of nodol lines oiong X—axis 
k = number of nodal lines along Y—axis 

f *■ ] referred to theoretical frequency 

Table 1 - Comparison between theoretical and 
numerical mode shapes 


(*) see Figures at the end of the paper 
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2D ACOUSTIC CAVITY 

(square section * 1 m * 1 m) 



mzmutm *-mod al*cobfticientS’£*;H4* 

% dif f 0 


s •*'*-»■* if* j $ 

» Voc k 



^Stafidard£EMj ; f 

>aeou»t»7ivooel * 

tStMfib'rd FEM; 


(0.0) 

4 1.0 

4 1.0 

4 1.0 

/ 

/ ! 

(1.0) 

- 1.0 

- 0.729 

- 1.0 

27.1 

/ 

(0.1) 

- 1.0 

- 1.0 

- 1.0 

/ 

L _ 

(1.1) 

4 1.0 

4 1.0 

4 1.0 

/ 

/ 

(0.2) 

4 1.0 

- 0.559 

- 1.0 

44.1 

/ 

(2.0) 

4 1.0 

4 1.0 

4 1.0 

/ 

/ 

(2.1) 

- 1.0 

- 1.0 

- 1.0 

/ 

/ 

. ......I. t i . ... 

(1.2) 

- 1.0 

4 0.563 

- 1.0 

43.7 

/ 

_ 13.?)- 

* 1-0_ 

♦ 10__ 

♦ _- 

* 

C _ — 


legend ; [ * ] calculated on grid point *29 ( + 1.0, 4 1.0, 4 1.0 ) 

[ “• ] mod* (L*c) 

j m number of nodot line* etong X-oki* 
k • numbor of nodal fine* along Y**a«» 

[ ] referred to theoretical value 

Table 2 - Comparison between theoretical and numerical modal coefficients 


To correct these numerical imprecisions, the values 
E, G and v have been tuned inside MAT1 card. 
These values are computer dependent (*). 

Now for VAX computer (32 bits), this numerical 
instability is completely controlled (see Table 2 for 
the comparison between imprecise modal coefficients 
and right ones, and Fig. 1 for the comparison 
between the wrong and right mode shapes for a 
quadratic section). 

This method is also reliable for any section (see 
Table 3 for the comparison between theoretical and 
numerical mode shapes and Fig. 2 for the 
comparison between theoretical and numerical mode 
shapes [2,0] for a circular section). 

(*) For example, the 2D acoustic models were also 
studied on I.B.M. 3090 (32 bits) and CDC/CYBER 
180/930 (64 bits) computers. Only CDC/CYBER 
computer does not have the numerical instability for 
this application. 

2D ACOUSTIC CAVITY 

(circular section * R - 0,9144m) 


i Typa of mod*- 



■ »> ■ -r.-r.v v * r .4 y W.■ J> w/v.■ 

gayfflMEi® 

; Numeftcal: : l!*5 

UBill 



0.0 

/ _ 

—mw 

109.0 

109.0 

/ 


180.7 

179.9 

0.4 

(0.1) 

226.7 

225.7 

0.4 

(3.0) 

248.6 

245.5 

1.2 

(4,0) 

314.7 

307.5 

2.3 

LLuOJ_ 

315-^_ 

312.6- 

0-9_ 


Legend : [ • ] mode Q.k) 

j m number of nodal diameters 
k » number of nodal circles 

[ •• ] referred to theoretical frequency 

Table 3 - Comparison between theoretical and 
numerical mode shapes 


The 3D acoustic models studied are: 

* cubic cavity (1000mm x 1000mm x 1000mm) 

* cylindrical cavity (R = 2108mm ; L = 5600mm) 

The problems encountered in this application on 
VAX computer (32 bits) are: 

* numerical instability at multiple roots (see Table 
4) for the comparison between theoretical and 
numerical mode shapes and Figure 3 for the 
comparison between theoretical and numerical 
mode shapes [1,2,0];[1,0,2] for a cubic cavity 

For this test case also, the E,G and v values were 
tuned inside MAT1 NASTRAN card in order to 
correct the numerical imprecisions. 

These values are machine dependent also for the 3D 
acoustic cavity model. 

3D ACOUSTIC CAVITY 

(cubic volume * I m * 1 m * 1 m) 


v|Tyip*: 

of 

mode? 



$8% diffdftBftcOiw] 


'* 


■m J 


■OH 

f o . 

0 

. o ) 

/ 

/ 

/ 

( 0 . 

0 

. l ) 

170.0 

169.0 

Q.6_ 

( 0 . 

1 

. 0 ) 

170.0 

169.0 

0.6 

f 1 . 

0 

. 0 ) 

170.0 

169.0 

0.6 

ns 

1 

. 1 ) 

240.4 

236.0 

1.8 

ii. 

i i . 

0 

. 1 ) 

240.4 

2360_ 

1.8_ 

( t . 

1 

mm 

240.4 

236.0 

1.8 

( i . 

1 

. 11 

294.4 

285.3 

. 3.1 

f 2 . 

0 

. 0 ) 
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Table 4 - Comparison between theoretical and 
numerical mode shapes 
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legend ; ( * ] cotculolsd on grid point 729 { + 1.0, 4 1.0, + 1.0 ) 

[ •• ] mode (i,j>) 

i - number o i nodal Snei along X-axil 
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Table 5 - Comparison between theoretical and numerical modal coefficients 


In fact, the 3D acoustic cavity models were studied 
on CDC/CYBER 180/930 computer (64 bits) and 
also on this machine we impact with the numerical 
instability. 

Now for VAX computer (32bits), this numerical 
instability is quite completely controlled (see Table 5 
for the comparison between imprecise modal 
coefficients and "quite controlled ones", and Fig. 3 
for the comparison between the wrong and "quite" 
right mode shapes for a cubic cavity) 

This method is quite reliable for any cavity (see 
Table 6 for the comparison between theoretical and 
numerical mode shapes, and Fig. 4 for the 
comparison between theoretical and numerical mode 
shapes [0,2,0] for cylindrical cavity. The near future 
investigations are oriented to study the complete 
control of the numerical instability present at the 3D 
symmetric acoustic cavity models. 
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legend ; [ * ] mode (i.j.k) 

i number of nodal line olong cylindrical oxis 
j *» number of nodol diameters 
k ■ number of nodal circles 

f ] referred to theoretical frequency 

Table 6 - Comparison between theoretical and 
numerical mode shapes 


5. EFFECTS OF THIS NUMERICAL INSTABILITY 
ON THE 2D AND 3D ACOUSTIC CAVITY 
MODELS 

5.1 Case of the acoustic model of a cubic cavity 

The numerical instability present for both 2D and 3D 
acoustic cavity models, with multiple roots, causes 
serious imprecisions not only for the mode-shapes 
computation (as we have seen in the previous 
Chapter) but also when we compute the frequency 
responses (see transfer function or forced frequency 
function). 

To highlight this problem, a numerical instable model 
and a "quite stable" model have been studied for 2D 
and 3D acoustic models. For both test cases, these 
assumptions were chosen: 

* rigid walls for the structure 

* acoustic viscous damping ratio c/ccrit. = .0005. 

The approaches used for this study are the modal 
and the direct ones. 

The following analyses were performed for the modal 
approach: 

* normal mode analysis for the 2D and 3D F.E.M. 
acoustic cavity models (NASTRAN SOL 3) and 
successive computation of the frequency response 
functions from the F.E.A. modal models using the 
sw SDRC/SYSTAN (see Figures 5-6 for a cubic 
cavity) 

* or directly by performing SOL 30 of the F.E.M. 
acoustic cavity models (see Fig. 7) 

From the comparison of these results, we see that it 
is possible to have slight, significant and not 
acceptable differences between the unstable and 
stable acoustic models as shown respectively in 
Figures 5-7 using the modal approach. 
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While for the direct approach, the following analysis 
was performed: 

* direct frequency and random response 
(NASTRAN SOL 26) of the F.E.M. acoustic 
cavity models without acoustic modal damping 
(see Figure 8). 

The comparison of these results shows that the 
numerical imprecisions are not dependent on the 
modal approach; on the other hand, these 
imprecisions are not dependent on the computation 
of the modal coefficient both for single and multiple 
roots. But this numerical instability depends only on 
the numerical conditioning derived by the values E,G 
and v for acoustic cavity F.E.M. models using 
structural algorithms and imposing on it the 
acoustic-structural analogy. 

6. CHECKING AND RELIABILITY OF 
APPROACHES STUDYING A TEST CASE FOR 
FLUID/STRUCTURE INTERACTION F.E.M. 
MODELS 

It was checked: 

the effect of fluid on the walls of the cavity 

This effect was studied on: 

* square enclosure (2D) (1000mm x 1000mm) 

* cubic box (3D) (1000mm x 1000mm x 1000mm) 

No problems were encountered for this application 
on VAX computer (32bits). The theoretical results 
are the same as the numerical ones (see Table 7 for a 
cubic box). To simulate this effect, a constant 
pressure (10-3N/mm2) was applied on the normal 
direction of each wall of the cubic box (see Figure 9). 

2D STRUCTURAL BOX 
(cubic box s 1m*1m*1m) 
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Legend : [ • ] effect of the fluid: Pel*(Ael/4) 

where: Pel ** pressure on the element 
Ael “ orea of element 

[ •« ] referred to theoretkol value 

* 

Table 7 - Comparison between theoretical and 
numerical values of the effect of the fluid on 

the structure 


In this manner, all the matrix elements aij of the 
matrix [ A ], which represents the area matrix, are 
constructed. 

numerical simulation of the 
fluid/structure interaction 

This fluid/structure interaction was studied on: 

* square enclosure (ID structural model) containing 
a thin layer of air (2D acoustic model, see Fig. 10) 

* cubic box (2D structural model) containing a 
volume of air (3D acoustic model, see Fig. 11). 

To perform this fluid/structure interaction, the 
non-symmetric formulation using the dedicated 
NASTRAN alter/2/ was used in order to perform the 
computation of the matrix - pA T . Both approaches 
(modal and direct) was tested for the fluid/structure 
interaction of a cubic box containing lm3 of air. The 
comparison (see Figure 12) of the results coming 
from NASTRAN SOL 30 (modal approach) and 
from NASTRAN SOL 26 (direct approach) shows 
that the methodology is reliable. 

7. POST-PROCESSING OF THE DATA OF THE 
COUPLED SYSTEM FLUID/STRUCTURE 

In order to study the coupled fluid/structure mode 
shapes, and consequently to improve both the 
dynamic behaviour of the structural system and 
optimize the distribution of the acoustic pressure 
inside the cavities, two routes to post-process the 
data coming from MSC/NASTRAN were chosen: 

1 visualization and study of the coupled 
mode-shapes. This goal is pursued by means of 
the SDRC/SUPERTAB tool. 

2 dynamic analysis and acoustic optimization of 
the coupled system (fluid/structure) by means of 
the SDRC/SYSTAN tool. 

Now the methodology of the transmission for the 
complex coupled mode-shapes from NASTRAN 
SOL29 on VAX mainframe to the 
SDRC/SUPERTAB on HP workstations is reliable. 

Figure 13 shows the flowchart for the transmission of 
the complex modal data and complex modal models. 
But to permit the transmission between NASTRAN 
and SUPERTAB, it was written: 

* a dedicated alter for SOL 29 to extract and store 
in a binary file the informations coming from a 
standard modal complex eigenvalue analysis. r 

* a dedicated sw (TRASFORM) that allows: 

1 - the transformation from the binary format to 
an ASCII readable by SDRC sw (Ref. 7). 

2 - to perform a real mode approximation on the 
complex mode-shape (Ref. 8). 
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The real mode approximation is determined by 
taking the amplitude of the complex mode-shape 
coefficient. 

The sign of that amplitude value is determined by the 
sign of the imaginary part of the original complex 
value for displacement data (= acoustic pressure 
when we use the non-symmetric formulation), or by 
the sign of the real part of the original complex value 
for velocity data ( = acoustic pressure when we use 
the symmetric formulation). 

Figure 14 shows some coupled mode-shapes of the 
fluid/structure interaction model, read by 
SUPERTAB sw. 

8. CONCLUSIONS AND FUTURE DEVELOPMENTS 

The numerical simulation of the fluid/structure 
interaction considering the acoustic-structural 
analogy seems to be reliable, even if the numerical 
instability for the 3D acoustic cavity models with 
geometrical symmetries remains. Investigations for 
the near future are mainly oriented to testing and 
tuning the symmetric formulation using NASTRAN 
SOL29 for modal complex eigenvalue analysis and 
NASTRAN SOL30 for modal frequency and random 
response. Moroever, specific ALTERS are under 
study to permit the transmission of the complex 
modal model of the coupled fluid/structure system. 
Lastly, passive and active noise control model will 
also be studied. For the passive intervention (i.e. 
soundproofing materials,...), two different analytical 
formulations will be considered: 

* the field formulation 

* the boundary condition 

while the active intervention could be done by means 
of two principal methods: 

* loudspeakers and microphones system 

* active control of vibrational behaviour of the 
structure via piezo-electric materials. 

For the particular characteristics of this kind of 
active control, studies are oriented to improving the 
analytical and numerical models of the piezo-electric 
material. Finally, other types of algorithm using 
F.E.M. acoustic element or B.E.M. method will be 
studied and checked in order to improve the acoustic 
cavity model and the fluid/structure interaction 
model. 
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Fig. 8 - Comparison of the fluid pressure spectra between 
an instable and stable acoustic cavity 3D F.E.M. model 
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Fig. 11 - Fluid / Structure interaction F.E.M. model (3D/2D) 
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Fig. 13 - Flow-chart for the transmission of the complex 
modal informations and complex modal model 
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Abstract: 

The non-linear dynamic analysis of large structures is always 
very time, effort and CPU consuming. Whenever possible the 
reduction of the size of the mathematical model involved is of 
main importance to speed up the computational procedures. 
Such reduction can be performed for the part of the structure 
which perform linearly. Most of the time, the classical Guyan 
reduction process is used. For non-linear dynamic process 
where the non-linearity is present at interfaces between 
different structures, Craig-Bampton models can provide a 
very rich information, and allow easy selection of the relevant 
modes with respect to the phenomenon driving the 
non-linearity. 

The paper presents the employment of Craig-Bampton 
models combined with Newmark direct integration for solving 
non-linear friction problems appearing at the interface 
between the Hubble Space Telescope and its Solar Arrays 
during in-orbit manoeuvres. Theory, implementation in the 
FEM code ASKA and practical results are shown. 

1. Craig-Bampton models background 

I he general equation of motion of a structure can be written 
as 


Mq+Cq+Kq= F(t) ( 1 ) 

Considering the interface of the structure with othei 
structures, we can split the dofs in internal dof's i ant 
interface dof's j and write : 


M/ My 

Mji My 



Kii K 


u 


K> j 




( 2 ) 


where without loss of generality we have assumed that only 
interface loads are applied and neglected the damping matrix. 
The Craig-Bampton approach consists of developing the 
displacements q on the basis of the static interface modes <x>, 
and the elastic modes <p r of the structure clamped at the 
interface j : 

q = <Pj qj + <p p q f) = V X (3) 

where 


^ = K <Pp) and A' = ( q ' 

r fP 


(4) 



where 


K O y = 





where (K n - w 2 Mu) <p ip - 0 



As a consequence of such transformation, the initial equations 
of motion get transformed to 


Mr, M; 


jj trt jp 

pi "• pp 

where : 


Mni m, 





Kji 0 


0 k 


PP 



(7) 


is the stiffness matrix statically reduced to the j interface, 
Mjj is the mass matrix reduced at the interface according to 
the Guyan reduction concept, 

kpp and m pp the generalized stiffness and mass matrices, 
M jp = *fj Mn <Pip + Mji cp ip is the modal participation 
factor matrix. 


It must be noticed that both the physical and CB 
representation of the structure are mathematically equivalent, 
and both sets of matrices represent the free-free structure. 

Modal selection can be performed based on the well known 
"Effective Modal Mass" concept with respect to the j 
interface. However, modes with low interface force 
contribution but describing internal spacecraft dynamics 
which is of interest have to be kept in addition to the modes 
dominating the interface response. This selection reduces 
significantly the size of the CB models, which is one of their 
advantages. 

Furthermore, CB models avoid the usual stiffness and low 
frequency mass truncation problems, since the interface 
stiff ness is included in the Kjj matrix and the total mass in the 
M^ matrix. 

In the same way FEM models are assembled, Craig-Bampton 
models can also be assembled, the connection always taking 
place using the physical dofs. The reduced size of all individual 
CB models reduces the size of the system CB model to a 
minimum set of modes which produces the most efficient 
representation of the spacecraft. Currently 3000 to 10000 dof 
FEM models can be efficiently reduced to 30 to 1000 
Craig-Bampton freedoms. 

The final assembled system model can if necessary be 
analyzed in free-free conditions. In this case, to ensure 
simplest correct recovery of interface forces and of stresses, 
most of the spacecraft free-free modes have to be used. Using 
Craig-Bampton models reduces this set to the most significant 
modes for the problem. 
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Another advantage of those models is their relationship with 
the clamped modes identified during testing, which provides 
a good engineering approach. 

2. Handling non-linearities 


Craig-Bampton models intrinsically address linear 
phenomenon, since constant material properties and usual 
FEM small deformation and displacement theory is used. 
However, there is room for non-linearity at the interface 
freedoms. This can occur as variable stiffness, 
connected/disconnected status of some freedoms and variable 
loads function of some interface freedom responses. 

These limited cases are, however, representative of many 
practical interface effects, like gapping, non-linear 
tension-compression contact, torque limiter effects, etc.. 

These processes introduce time dependent perturbations in 
the equations of motion, limited to the interface freedoms for 
the CB mass and stiffness matrices, which shall be accounted 
for in the time integration process. They lead to a modification 
of the clamped condition of the interface freedoms as 
considered in the clamped modes. However, there is no 
contradiction in releasing CB interface dot's since we have 
seen that the CB model actually represents the complete 
free-free structure. 

Since non-linearities are present in the behaviour of the final 
assembled system, standard time integrations methods as 
modal superposition cannot be applied anymore. A direct 
integration scheme has to be selected. This can be performed 
without problems since the CB model is just another 
representation of the physical FEM model. Integrating 
equations in a modal space by direct integration, although 
being unusual, is not contradictory. It must be noticed that the 
reduction of number of equations to integrate, usually 
resulting from the modal superposition approach, has actually 
now been performed at the Craig-Bampton model level. Thus 
this approach is not penalizing in terms of size reduction. 


One of the most problematic aspects of usual direct 
integration approach (i.e. with physical dof matrices) is the 
damping aspect. Indeed, although modal damping values can 
be infered from engineering experience or derived from 
testing, the implemenation of these (in form of Raleigh series 
matrices) is quite cumbersome and seldom performed. Using 
the CB approach on the other hand, these values appear 
naturally in the equations of motion. 


Indeed, the physical damping matrix C transforms into the 
CB space as ... 


ip 7 c V = 


<PpC4>j <PpC(p p 



In case of static determinate interface. O, are the rigid body 
modes which are assumed not damped, hence Ob; = 0 and 


bolts down to 


ip 7 c = 


0 o 

0 [2/h£iu] 

_ 



where [2 m£w\ is a diagonal matrix and the f are the 

percentages of critical viscous damping ratios of the clamped 
interface modes. Correctness of this assumption can easily be 
verified by considering the global CB system equations and 
clamping the system at the interfaces. The modal response 
equations as derived directly from the physical matrices are 
identical to those derived from the CB model equations. 


In case of non static-determinate interfaces, the 3 other terms 
of the damping matrix can be either ignored, or handled in the 
usual way, i.e. using proportional damping 

C = a K + p M , Raleigh series or discrete dampers. The 

direct integration algorithm will have no problem handling 
damping-coupled equations. 

3. Implementation in ASKA 

The methodology described has been implemented in the 
general purpose FEM package ASKA distributed by IKOSS. 
Considering the application planned (torque limitation and 
slippage induced by a friction brake on a shaft) only static 
determinate interface was implemented in a first step. 

The standard Newmark integration scheme has been used, 
together with matrix manipulation and partition/merge tools 
to handle the interface condition charges. 

The freedoms for which non-linarities will occur are attached 
to 2 nodes. These freedoms are either disjoint but subject to 
self equilibrating loads simulating friction, or connected. In 
this last case, the combined equation of motion are merged 
into one unique dof and constrain relations are applied to the 
other dof, thus maintaining constant the dof pattern of the 
dynamic system. 

Equilibrium iterations are performed at each time step, and 
variable time step is used (bisection method) to ensure a 
proper convergence to the change of state of the non-linear 
freedoms (i.e. slippage/no-slippage). This change of state is 
defined considering the system state vector using user-written 
Fortran routines which can be naturally interfaced with 
ASKA. The considered change conditions are : 

No slippage until maximal torque is reached in shaft; 

Once slippage occured : 

- constant maximal balanced torque applied to both 
disconnected parts of the shaft; 

- slippage until relative velocity of 2 shaft parts comes 
back to zero. 

4. Application to HST 

The procedure including all features described above has 
been applied in the frame of the Hubble Space Telescope 
project, where the European Space Agency (ESA) is 
responsible for the Faint Object Camera and the Solar 
Arrays. Whatever sky region the HST is looking at, the SA is 
designed to be oriented toward the sun to get the maximal 
power. When the optimal position is obtained, a brake is 
released to prevent any modification of the SA position. 

The deployment of the SA in orbit occurs when the HST is 
held on the Space Shuttle remote manipulator system (RMS). 
After deployment of the SA, the HST is still on the remote 
manipulator system for a few hours before release. During 
that period the Shuttle performs manoeuvres to hold attitude, 
firing thrusters. This induces loads on the SA. Since the 
HST-SA interface is basically a 6 dof's joint, the interaction 
can be described by the interface accelerations. A CB model 
of the SA has been developed by ESA to assess the in orbit 
load level when subject to such manoeuvres 

Figure 1 shows the complete 3000 dofs FEM model and some 
of the clamped interface modes. The location of the brake 
between HST and SA is sketch-wise explained in Figure la. 
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The main modes of the SA in clamped interface conditions are 
identified in Table 1 in terms of modal masses (percentage of 
rigid body mass corresponding terms); those 21 modes were 
used to build the SA CB model. Figure 2 shows free-free 
modes computed with this model. Notice that although 
blanket aspects are completely accounted for, only boom 
motions are visualised since those are used later on to 
compute boom bending moments. These booms are indeed 
the most delicate mechanical parts of the deployed SA. 

The brake slippage procedure as been tested using the angular 
acceleration around the SA Y axis shown in Figure 3 applied 
at the HST / SA interface. The torque actually seen by the SA 
on the other side of the brake is shown in Figure 4, and the 
related SA angular acceleration is in Figure 5. The inspection 
of the response of the system shows that the change of 
configuration/loading procedure is working fine. The 
interactive torque never exceeds 0.5 Nm which is the specified 
maximum brake torque in this test. The change of 
configuration/loading is smooth, however it is interesting to 
note that a shock is induced in the system (see Figure 5) when 
the brake starts slipping. The SA oscillates about its axis at a 
frequency close to 1 Hz. The mode which is excited is 
equivalent to the free-free mode 13 of the SA model 
presented in Figure 6. It shows a large rotation of the drum 
while the boom tip hardly moves. 

Regarding in-orbit actual manoeuvres, classical rigidly 
connected linear CB analysis using modal superposition 
method applied to the free-free modes has shown that for 
some types of manoeuvres the interface torque overshoot 
largely the torque the brake could withstand without slippage. 
In addition loads in the SA booms were exceeding boom 
bending moment allowables. Thus the analysis had to be 
refined. In order to account for this effect, transient analyses 
have been performed using the procedure described above. 
This allowed changes of the brake connection from rigid state 
to slippage state and vice-versa as many times as requested 
during each computer simulation. A more realistic behaviour 
could be simulated, slippage of the SA evaluated and 
subsequent reduction of loads in the booms demonstrated. 

Figure 6 shows results related to in-orbit event P04 for the 
+ V2 wing. As can be seen, the interface torque does not 


overshoot the maximun brake-through torque (0.87 Nm) and 
slippage occurs after this limit is reached. Table 2 shows a 
summary of 17 worst load cases which were analysed. 
Substantial load reduction occurs for the solar array booms, 
with relative low array rotation which does not affect 
significantly the SA power performances. The computing time 
per run was quite reasonable (20 minutes on VAX 8650 for a 
response of 40 sec) considering the highly non-linear aspects 
of the brake conditions, and allowed a satisfactory 
computation of all cases; it must be kept in mind that these 
results reflect the information related to a 3000 dots model, 
which itself could never be used for such complex analyses. 

5. Conclusions 

Craig-Bampton dynamic models enable a very rich 
information to be condensed in a very compact format. In 
combination with direct integration they are able to handle 
non-linearities related to interface freedoms. Moreover, they 
can use in a straightforward way the usual modal damping. As 
such, they build a very efficient tool to analyse certain class of 
non-linear problem with minimum computer resources. 

The application to the HST deployment manoeuvre scenario 
was very successful; it showed substantial SA boom load 
reduction and allowed to estimate the SA rotation. 

This promising procedure is now in development for 
application to more general cases involving non 
static-determinate interfaces. 
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Figure 1: FEM model and some related main modes. 
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Table 1 : Main modes of the FEM model, in terms of rigid mass percentages. 
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* Maximum angle obtained during simulation period, 60 seconds. 

Table 2: Maximum bending moments in the Solar Array booms. 


Note: An modal critical viscous damping ratio of 0.5%for all modes was user for the HST 
analyses. This value derives from ground test data (ESA-BAe) and agrees with results 
of in-flight experiment of large solar arrays (Nasa SAFE in-orbit experiment). 
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FEASABILITY OF PAYLOAD SENSITIVITY ANALYSES FOR AR4 DYNAMIC EVENTS 


F. Merrier 


C.N.E.S. Toulouse 


ABSTRACT 

The coupled load analysis is a very important stage for the mechanical 
design and testing of spacecrafts. The effects of the spacecraft model 
precision are usually not considered. These effects are now very 
important to study because the spacecrafts need deeper notches for the 
sine tests. 

A method is proposed here to perform these analyses with the data 
coming from a standard coupled load analysis for uniaxial events, 
taking into account the corrections for the truncation effects. 

Examples are presented for different spacecrafts. 

Keywords: Coupled load analysis, Scatter, Sensitivity, Modal 
truncation. Coupling of dynamic systems. 


1. INTRODUCTION 

The coupled load analysis is a very important stage for the mechanical 
design and testing of spacecrafts. This step becomes more and more 
important due to the increasing size of the payloads and due to the 
general work to become a better evaluation of the flight loads. 

But due to the fact that the spacecraft dynamic models do not 
represent accurately the reality, some analyses are needed to increase 
the confidence in the levels. The spacecraft dynamic behaviour may 
also change during its development due to the design evolution. 
Finally, for a given platform family, it may be useful to have coupled 
load analyses for various spacecraft dynamic configurations. 

All these considerations show the need of a fast loop for the coupled 
load analysis. Many formulations are available but usually the given 
data are not well suited to the problem of the spacecraft dynamic 
behaviour sensitivity analysis. 

This paper shows how it is possible to perform these analyses on AR4 
longitudinal events using a minimum set of coupled load analysis 
output data. 

Figure 1.1. shows an example of the dynamic mass of a spacecraft 
model compared with the launch vehicle dynamic mass. 

It is obvious that the spacecraft interface dynamic characteristics are 
of great importance in the upper part of the frequency spectrum. 



Figure 1.1 


Spacecraft and launch vehicle dynamic characteristics 


2. CONTEXT 

Figure 2.1. shows the coupled load analysis process for the 
longitudinal events (Ref. 1): 



* minimum data available 


Figure 2.1 

End of flight event coupled load analysis 


Proc. Internat. Conf: ‘Spacecraft Structures and Mechanical Testing \ Noordwijk, The Netherlands, 
24-26 April 1991 (ESA SP-321 , October 1991) 
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The main output for the spacecraft is the interface acceleration. 
Usually, the spacecraft internal responses are computed using the 
spacecraft clamped model and the interface acceleration. An other 
solution is to make a restitution of the spacecraft internal stresses or 
responses directly on the composite free modes responses using 
correct transformation matrices.The damping laws used for the 
different computations are not the same. Modal damping coefficients 
proportional to the modal frequency are used for the computation of 
the composite responses. These damping coefficients are not changed 
if the damping law of the spacecraft model is changed. 

The output data from a coupled load analysis which are supposed 
available are shown on figure 2.1. 

3. FORMULATION 


3.1 General formulation 

The problem is expressed in terms of transfer functions. The 
"equivalent force" methodology (Ref. 2) will be used for some 
equations. It corresponds to a dynamic substructunng using a Craig- 
Bampton formulation. The different models and transfer functions 
used are shown in figure 3.1. 
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Figure 3.1 

The different functions are defined by the following relations: 
interface acceleration: 


ii ei 
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equivalent force: 

ei 
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G composite dynamic flexibility between external force and 
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interface 
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G composite dynamic flexibility at interface 

1+s 

ei 

T launch vehicle dynamic transmissibility 

1 

M composite dynamic mass at interface M - M + M 


M launch vehicle dynamic mass at interface 
1 

M spacecraft dynamic mass at interface 
s 

The problem of the computation of y is thus to use models which 
reflect a correct computation of these functions. 

At this stage, it shall be outlined that these different functions are 
usually computed using different configurations of finite element 
models (free modes for the flexibilities and clamped modes for the 
masses). Some terms depend only on the spacecraft or on the launch 


vehicle: 


M 

spacecraft 

s 


ei 


T 

, M , F* launch vehicle. 

1 
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3.2 Spacecraft model changes 

The spacecraft model changes will be considered here in terms of 
dynamic mass. The interface acceleration variations are expressed 
using the equations of paragraph 3.2: 


Spacecraft 0: M YO 

s 0 


Spacecraft 1: M Yl 

S 1 


M + M 
1 s 0 

Yl “ YO 

M + M 
1 s ! 


Yl = YO 


__1_ 

ii 

1 + (-0)2g )(M -M ) 
1+sq sj so 


These well known expressions are correct for transfer functions 
computed with coherent models. Some truncation effects (due to the 
fact that only the lower modes of a model are used for some parts of 
the computations) may lead to erroneous results for the ratio Yl / Y0- 


3.3 Evaluation of the transfer functions 

The different functions of paragraph 3.2 may be computed using 
clamped or free modes of the structures. Here, the complete models 
will be supposed of total size N + l.The interface moves only in the 
axial direction: 
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M(co) - M r - £ o _ . * 2 

! -CD 2 + 2 I CDp CD + CDp 2 F 


M r rigid body mass 


fp frequency of a clamped mode CDp = 2 n fp 
4p damping coefficient of the mode 


Mp effective mass of the mode 


and small shifts in frequency will give high errors in the results due to 
the important variations of the levels near the resonances. 

The expressions of paragraph 3.2 will thus be valid for a maximal 
frequency which may be very small with respect to the highest 
computed mode frequency. Strictly speaking they are now exact only 
for co = 0. 


The effects due to the damping will be treated in paragraph 3.6. The 
present approach corresponds to the current procedure where 
conservative models are assembled and solved. After the obtention of 
the eigen modes, the damping law is added. 


G (a>) = r 2 - 2 G Q 

0 -cd 2 + 2 i CDq co + CDq 2 4 


G a = — 
q m. 


Now it is necessary to deal with the data presented in chapter 2: 

Spacecraft : M r , M p , (Dp , complete model used in the CLA analysis 
(no truncation effect for the contribution in the CLA). n s clamped 
modes. 

Composite : Gq , CDq , truncated free model used in the CLA analysis. 
iiq+1 modes with rigid body mode. 


modal deformation at location i 


fq frequency of a free mode C 0 q = 2 k fq 
damping coefficient of the mode 
mq generalized mass of the mode. 

An important property of these two functions is that, for conservative 
models (4p=0, £q=0), M(cOq)=0 and G(cOp)=0. The values of Mp 

(resp. Gq) can also expressed using the derivatives of G(cd) at CDp 
(resp. M(cd) at CDq ). 


From these data, it is obvious that the raw data are not sufficient for a 
computation using directly the formulas of paragraph 3.2. But these 

data are not independant because G U (CDp) = 0. 

So it is possible, with a given form of the correction function g(o>) of 
paragraph 3.4, to identify this function to have a correct representation 
of the spacecraft in the composite interface flexibility. By an adequate 
choice of the form of this function, the resulting transfer function is 
correct for the direct representation (free modes of the composite) and 
also for the inverse representation (clamped modes of the 

composite).The choice of g(co)=a/(b- 0 D 2 ) allows these properties. The 
coefficients a and b are easily determined by a minimisation of 
l/g(C0pH/G(CDp) which is a linear identification problem. A second 


In paragraph 3.3 the expressions are exact because all the modes are 
used. But, if the computations are performed on the models using 
only the n + 1 modes of lowest frequency, the expressions become for 
conservative models: 
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These two expressions correspond exactly to the finite element model 
modal truncation by setting m(co) and g((D) to 0. Thus the use of 
truncated models will not be consistent with the formulas of 

paragraph 3.2. Specially for the obtention of the second expression, it 
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result is that the launch vehicle dynamic mass is also identified by 
eliminating the spacecraft dynamic mass from the inverse of the 
composite identified flexibility (Figure 3.2). 

Then, the expressions of paragraph 3.2 are used for the evaluation of 
Yl using the spacecraft data and the identified launch vehicle dynamic 

mass. The present demonstration doesn’t take into account the 
damping laws and is valid for the conservative models. Due to errors 
resulting from the expansion of the flexibility term, there are still 
discrepancies between the clamped models real characteristics and the 
identified ones. But now they are small enough to be smoothed by die 
damping effects. 

3.6 Moderation of the dissipations 

The next question is: which damping modelisation must be used for 
the application of die correction expressions? 

The use of damping coefficients proportional to frequency at 

composite level is of great interest because the proportionnality 

coefficient is then independant of the configuration of the model. Due 

to the fact that the expressions of paragraph 3.2 deal with the 

behaviour of the composite launch vehicle and spacecraft, the law is 

the composite one. In this case, the exact form of the expressions of 
• ♦ 

M(cd) and G (co) for dissipative models is obtained by using modal 
damping coefficient terms computed in a unique manner 


(Dp (Dp 

and 4q for clamped or free modes with ^ and £q=^o ^ 


4. APPLICATIONS 

The formulation has been applied on different cases. To have a 
complete validation, the first case presented here was performed on a 
problem where the launch vehicle was modelised with an equivalent 
model to see how the model was recovered after a free mode 
resolution with truncation. The second case is an application on an 
AR4 case with results coming directly from a coupled load analysis. 


Figure 4.2 shows the values of ((Dp) (truncated model) and the 
identified function g((D) for (Dp pulsations of the reference spacecraft. 



Figure 4.2 

The characteristics after correction are plotted on figure 4.3. 



Figure 4.3 


4.1 ARIANE 2 pavload (equivalent LV model Ref. 2) 

The whole process correspond to the Figure 3.2.The composite 
truncated free model is obtained using the spacecraft clamped modes 
and the launch vehicle clamped modes at interface.All the free modes 
are computed and the modes after 100 Hz are eliminated. 

Figure 4.1 shows the discrepancies obtained between the clamped 
characteristics of the truncated model and the spacecraft reference. 



Figure 4.4 shows the effect of the correction on the composite 
dynamic mass at the interface. The correction is very efficient (the 
identified dynamic mass is identical to the reference dynamic mass). 
This shows that a correction term is necessary to become a correct 
evaluation of the interface acceleration, and that the methodology is 
very efficient. 
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4.2 ARIANE 4 payload 

The process is applied for an ARIANE 4 payload for the second stage 
end of flight event. The difference with the precedent case is that now, 
the composite free modes coming from the coupled load analysis are 
directly used to identify the clamped characteristics of the composite. 
Figures 4.5 and 4.6 show the clamped characteristics before an after 
correction. The small discrepancies in the identified spacecraft 
characteristics are due to round off errors in the data (only four digits 
for the frequencies). 



Figure 4.5 


Composite clamped at interface (g(co) set to 0) 



Figure 4.6 

Composite clamped at interface (identified g(co)) 

Figure 4.7 shows the different transfer functions obtained. There is an 
important difference between the composite dynamic mass without 
correction and with correction. 

Figure 4.8 shows the effects of variations of the main modes of the 
spacecraft on the interface acceleration ratio Yi(a>)/Yo(©).The 

spacecraft models are presented in Figure 1.1. The formulation using 
the composite flexibility without correction leads to erroneous results 
which will have important effects in the frequency band where die 

levels are high ( around 80 Hz). Figure 4.8 shows also an estimation 
of the performance of the correction term by evaluation of the effects 
of the identified and the reference spacecraft model 

(M]+M s reference/Ml+Ms identified which must «I ual to 1 if flic 
identification process is perfect). 



13 20Mo,() 



Figure 4.8 
acceleration ratios 

Figure 4.9 shows the corresponding interface acceleration shock 
spectra. The differences in the upper part of the ffeqency spectrum are 
important (about 20% variation coming only from these spacecraft 
model variations). The effect of the correction is important and leads 
to more realistic results: an increase of the spacecraft dynamic mass 
induces usually a decrease of the interface acceleration levels. 



Figure 4.9 

t 

interface accelerations shock spectra 











5. CONCLUSION 


6. REFERENCES 


The proposed method allows an estimation of the effects of the 
spacecraft model changes on the interface acceleration levels coming 
from a reference coupled load analysis. It has been applied for 
ARIANE 4 coupled load analysis results for the second stage end of 
flight. The data needed for such an analysis are obtained from the 
coupled load analysis results without any special resolution on the 
launch vehicle model. The use of correct data (specially by 
minimizing the round off errors) will give better results for the 
correction term. 

The sensitivity of the coupled load analysis results with respect to the 
spacecraft data must be performed to have a more reliable philosophy 
of design and tests (ref 3). This may be applied to the preliminary 
design where relatively important changes of the dynamic mass are 
expected due to the spacecraft evolutions. This will be also useful for 
the sine tests previsions to define the notchings taking into account 
the precision of the coupled load analysis spacecraft model. Finally 
the use of direct measurments of the spacecraft dynamic mass (Ref. 2) 
is allowed by this approach. 
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the singularity of dynamic mass or flexibility matrices. 
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THE RESPONSE SURFACE METHOD - 

AN EFFICIENT TOOL TO DETERMINE THE FAILURE PROBABILITY OF LARGE STRUCTURAL SYSTEMS 

G.1. Schueller, C.G. Bucher and H.J. Pradlwarter 

Institute of Engineering Mechanics, University of Innsbruck 

Austria 


ABSTRACT 

An efficient computational procedure for the analysis and 
design of structures under random loading - by considering 
the statistical variations of the structural resistance - is 
introduced. The interrelation between flexible mechanical 
modeling (e.g. Finite Element procedures) and efficient 
stochastic analysis (e.g. by accurate variance reduction 
simulation techniques) allows the treatment of complex 
systems without excessive computational effort. Hence, the 
practising engineer is provided with a tool which enables him 
to design structures according to particular target reliabilities, 
and which, moreover meets the requirements of the state-of- 
the-art for both the structural mechanical and the probabilistic 
procedures respectively. Finally, the procedure is applied to 
sample structures. 

1. INTRODUCTION 

It is a well known fact that by utilizing deterministic 
procedures for analysing and designing structures and 
mechanical components, ‘representative" (mean, maximum, 
minimum, etc.) values are selected to describe the parameters 
involved. By applying stochastic methods, however, the entire 
information, i.e. the whole spectrum of data available on the 
parameters is utilized. Since the degree of sophistication of 
the mechanical modeling has to be maintained when 
compared with deterministic procedures, this type of 
information processing requires the development of efficient 
computational procedures. This increase in computational 
effort results then in a quantification of the safety and 
reliability of structures. It is often overlooked, that 
deterministic procedures do not provide such a valuable 
information. Stochastic procedures allow optimization as well 
as sensitivity analyses with respect to costs, quality control 
requirements, reliability, etc.. Moreover, different types of 
structures may be designed for a particular target reliability 
which implies a more uniform safety level of these structures. 

In the past stochastic procedures did not get the attention by 
the practising engineers as they deserved. This was mainly 
due to two reasons. On one hand traditional education of civile 
mechanical- as well as aeronautical engineers does not 
provide sufficient knowledge on probability and statistics, but 
on the other hand, and this is quite important, probabilistic 
procedures by and large do not yet contain the state-of-the-art 
of mechanical modeling and hence are prone to non 
acceptance by analysts and designers. Although this is 
admittedly an argument, it should not be discussed here 
whether or not this is a good reason for not applying the 
procedures altogether. 

The present paper should be considered as a contribution to 
overcome this shortcoming and show the way how the state- 
of-the-art for both mechanical as well as probabilistic 
procedures may be utilized and hence provide credible 


methods for the quantification for the risk of structural failure. 
In this context reference is made to some earlier work by the 
authors [1-5]. 

Before discussing the theoretical developments and 
computational procedures, a reflection of the respective 
requirements by the engineering practice is in order: 

(1) since in modern structural analysis procedures all 
structural system parameters are discretized, it is quite 
natural that the load parameters should be discretized as 
well. This implies that complex finite element models 
should also be suitable for stochastic structural analysis. 

(2) the design criteria, such as serviceability, collapse, 
fatigue, brittle fracture, etc., as used in deterministic 
analysis and design procedures should also apply when 
using probabilistic methods. 

(3) stochastic procedures have to meet standard requirements 
for practical application with respect to efficiency and 
accuracy . In other words the computational effort must 
not exceed acceptable limits while providing the required 
accuracy. 

2. METHOD OF ANALYSIS 

For cases where only two parameters are involved, e.g. the 
load S and the resistance R of a structure or a structural 
member, its probability of failure may be defined by 

p f =P(R-S<0) (1) 

where P(') is the probability that the resistance R exceeds the 
loading S. For the more general case where R and S consist of 
several variables, X l5 X 2 , ... X n , themselves, in other words 
where the system parameters may be represented by a random 
vector X, the design criterion can be described by a so called 
limit state function g(X) of the randomly distributed, 
parameters: 

g (X, T) > 0 no failure 

g (X, T) < 0 failure (2) 

where T is the time range of observation, e.g. the design life 
of a particular structure. Note that eq(2) allows for taking into 
account the time varying properties of the structural 
resistance, e.g. due to crack propagation, embrittlement, 
corrosion, etc.. 

To determine the effect of the various randomly distributed 
input parameters - e.g. load and systems parameters 
respectively - on the structural response, a sensitivity analysis 
is in order. For this purpose, a so called response surface 
method is most instrumental. In particular the procedure 
which is used here allows the simultaneous determination of 
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the response surface. In other words the limit state function as 
defined by eq(2) will be approximated by interpolation and 
hence by a function g (X). Wien treating practical problems, 
where generally a large number of variables is involved, a 
procedure for reducing the variables to those which 
significantly contribute to the failure probability was 
developed [1]. This was done by comparing the size of so 
called critical values. The effect of the remaining variables on 
the system behavior is investigated by a pairwise 
combination. The response surface may be characterized most 
conveniently by the following expression [1]: 


r r r 

I (X) = a + £ b; x; +X X c ij x i *j (3) 

i=l i=lj=l 

where r is the number of variables involved and a, b, c are 
coefficients to be determined by structural analysis. It is 
important to note that within the further analysis the actual 
limit state function g (X) is represented by the response 
surface f (X). The latter only approximates the region where 
transition from the safe to the unsafe state respectively takes 
place. For a procedure to estimate the error of approximation 
it is referred to [1, 3]. 

Finally, following the discretization of the load and system 
variables respectively (a detailed procedure to discretize die 
load variables is shown in the APPENDIX) for any required 
design criterion the failure probability can be calculated by 


Pf(T) = 


g(X 


|fX( x ) <3* 
,T)<0 



where fxOO represents the joint probability density of the 
randomly distributed parameters X and g(X,T) characterizes 
the time variant failure domain as defined by eq(2). For 
evaluating eq(4) most advantageously both efficient and 
accurate methods, such as advanced simulation procedures 
(see e.g. [6-8]) are utilized. Quite obviously, the replacement 
of the actual limit state surface g(X) by the response surface 
g(X) results in a significant reduction of the required 
computational effort. 


Tab. 1: Statistical Data for Frame Structure 



Mean Value i 

Standard 

Deviation 

Ll 

124.5 

37.4 

L 2 [kN] 

71.2 

19.9 

Li 

93.4 

26.2 

"J 

u 

31.1 

7.8 

Rl 

94.7 

14.2 

R 2 [kNm] 

203.3 

30.7 

Ri 

94.7 

14.2 


121.9 

18.2 

K4 

162.8 

24.5 

R5 





3.05 


3.05 


3.05 


3.05 


Fig. 1: Two-Bay Two-Storey Frame (units in [m]) 


3.3 Plat? Structure 

A plate modelled by Finite Elements is considered, as shown 
in Fig. 2. It consists of 94 triangular TUBA-3 elements and 
has 348 DOF. The plate is subjected to stationary random 
loading caused by turbulence and is defined by the Dryden 
Spectrum [9]. 


3. NUMERICAL EXAMPLES 

3.1 General 


1+3Ao2 
Sfl( “ ) = (l4c2co2)2 



The procedure as outlined above is now applied to two 
examples. In the first case a larger frame structure under static 
loading for the total collapse failure condition is analyzed, 
while in the second example a plate structure under dynamic 
loading is treated. 

3.2 Fram e Sfrwt y re 

A two-bay two-storey frame as shown in Fig. 1, under both 
vertical and horizontal loading is considered. The structure is 
modelled according to perfectly rigid-plastic behavior with 
possible formation of plastic hinges. Seven important failure 
modes are taken into account The loading L* and the plastic 
moment are assumed to be Gaussian distributed with 
statistical properties as listed in Tab. 1. 

The response surface includes all mixed terms which results 
in a highly accurate estimate of the failure probability pf = 

4.3 * 10‘2 as compared to the exact value of pf — 3.9 * 10"^ 
obtained from adaptive sampling using 8000 samples. 


where c represents the ratio U/L in which U denotes the 
forward velocity and L the scale of turbulence. The values 
U=60m/sec and L=l50m are used. The pressure p(y) is 

assumed to be proportional to y^ and fully correlated along 
the y-direction. The spatial correlation along the x-direction is 
modelled by triangular shape functions hj c (x) as indicated in 
Fig. 2. Hence, the loading is represented by 

5 

p(x, y, t) = X hfc(x) p(y) fk(t) (6) 

k=l 

where the correlation between different ffc can be selected 
freely. 

The damping ratio D is considered to be uncertain, i.e. as a 
random variable. Its value is regarded as lognormally 
distributed with a mean and standard deviation of 0.010 and 
0.003 respectively. For the evaluation of the failure 
probabilities, the covariance function of linear stochastic 
response conditioned on three damping ratios Di = 0.005, 
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0.010 and 0.015 are determined in a first step. The detailed 
FE-model is reduced to 34 DOF with full stiffness and mass 
matrices by static condensation. The spectrum of the forcing 

function Sff(co) is realized by utilizing a linear second order 
filter driven by white noise. The stochastic response is 
determinded by applying the state vector approach and 
complex modal decomposition leading to the covariance 
matrix of the state vector. In Fig.3 the autocovariance function 
of the critical bending moment (as indicated in Fig.2) 


is shown for the damping ratio Df = 0.005. 

In the next step the failure probabilities, i.e. exceedance 
probabilities over a certain threshold level £ conditional on 
Dj for the critical bending moment is evaluated by means of 
Monte Carlo Simulation. Finally, the uncertainty of the 
damping ratio is taken into account by applying the response 
surface technique for interpolation. The final failure 
probabilites for different correlation of the loads are shown in 
Fig.4. 



Fig. 2: FE-Model of the Plate and Its Loadings 


x 10* 7 



Fig. 3: Autocovariance Function of the Critical Bending Moments 
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Fig. 4: Failure Probabilities with Uncertain Damping 


4. CONCLUSIONS 

The procedure to determine failure probabilites of structures 
under static as well as dynamic loading - as described in this 
paper - proved to be both efficient and versatile. Its main 
advantage is the fact, that the state-of-the-art with respect to 
structural mechanical and load modeling as well as numerical 
methods can be utilized. In general there are also no 
restrictions with respect to the utilization of material laws, 
structural analysis procedures, types of probability 
distributions of the input parameters, etc.. The approximation 
of the actual limit state surfaces by response surfaces of 
second order polynomial type proved to be applicable. For 
practical use it is of particular advantage that any desired 
design criterion can be included directly in the analysis. This 
allows the design for a particular target reliability and hence a 
probability based optimization of structural systems. The 
procedure along with the available software is designed for a 
direct application by the practising engineer. 

ACKNOWLEDGEMENT 

This research is partially supported by the Austrian Industrial 
Research Promotion Fund (FFF) under contract no. 6/546 
which is gratefully acknowledged by the authors. C.E. 
Brenner's help with numerical computations is acknowledged. 


REFERENCES 

[1] BUCHER, C.G., PRADLWARTER, H.J., 
SCHUELLER, G.I.: "GOSSAN - Ein Beifrag zur Soft- 
ware-Entwicklung fur die Zuverlassigkeitsbewertung 
von Strukturen", VDI-Bericht Nr. 771, 1989, pp.271- 
281 (in German). 

[2] BUCHER, C.G., PRADLWARTER, H.J., 
SCHUELLER, G.I.: "Computational Stochastic 
Structural Analysis (COSSAN) - A Contribution to the 


Software Development for the Reliability Assessment of 
Structures under Dynamic Loading" in: ' Structural 
Dynamics - Recent Advances", G.I. Schueller (Ed.), 
Springer Verlag, Heidelberg, New York, 1991 (Ch. 4.2), 
pp.301-315. 

[3] SCHUELLER, G.I., BUCHER, C.G., 
PRADLWARTER, H.J.: "Computational Methods in 
Stochastic Structural Dynamics", In: "Structural 
Dynamics", Vol.2, W.B. Kratzig et al. (Eds.), A.A. 
Balkema, Rotterdam/Brookfield, 1991, pp.599-606. 

[4] SCHUELLER, G.I., BUCHER C.G.: "Computational 
Stochastic Structural Analysis - A Contribution to the 
Software Development for the Reliability Assessment of 
Structures under Dynamic Loading", J. Probabilistic 
Engineering Mechanics, 1991, to appear 

[5] SCHUELLER, G.I., PRADLWARTER, H.J, BUCHER, 
C.G.: "Efficient Computational Procedures for 
Reliability Estimates of MDOF Systems", /. Nonlinear 
Mechanics , 1991, to appear 

[6] SCHUELLER G.I., STIX, R.: "A Critical Appraisal of 
Methods to Determine Failure Probabilities", Structural 
Safety , Vol. 4, 1987, pp.293-309. 

[7] BUCHER, C.G., NIENSTEDT, J., 
OUYPORNPRASERT, W.: "Adaptive Strategies in 
ISPUD V3.0 - A User s Manual", Report No. 25-89, 
Institute of Engineering Mechanics, University of 
Innsbruck, Innsbruck, 1989. 

[8] BUCHER, C.G.: "Adaptive Sampling - An Iterative 
Fast Monte - Carlo Procedure", Structural Safety , Vol. 
5, No. 2, June 1988, pp.119-126. 

[9] HOWELL, L.J. and LIN, Y.K.: "Response of Flight 
Vehicles to Nonstationary Atmospheric Turbulence", 
AIAA JOURNAL , Vol. 9, No. 11, November 1971, pp. 
2201-2207. 




251 


APPENDIX 
Load Modeling 

Numerical analyses require a discrete representation of the 
load. While this is a priori the case for static loading, the 
loading history has to be discretized for random dynamic 
loading. In other words, a continuous process a(t) is described 
by discrete values a^, k-1 ..., N. 

This corresponds to the generally applied procedure in 
structural dynamics. 

For a given covariance function, 

R a (t,s) = E[a(t)a(s)] (Al) 

(assume zero mean for a(t)) of a continuous process the 
covariance matrix of a discrete process is defined by 


Hence, the loading process is now defined by N correlated 
random variables a^. With respect to simulation it is 
advantageous to diagonalize the matrix C, i.e. 

#C^ = diagX m (A3) 

where O represents the orthogonal transformation matrix 
(eigenvectors). 

By denoting 

a = 3! X (A4) 

the load process a(t) is represented by a linear combination of 
uncorrelated variables y m with a variance of For realistic 

cases the values of Xjh show a strongly decreasing tendency, 
i.e. in general significantly less than N random variables are 
required to describe a(t) sufficiently well. 


Ckm — Ef a k a m] - E[a(tjr)a(t m )] 


(A2) 
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AGING OF POLYMER MATRIX COMPOSITES AT ELEVATED TEMPERATURES 
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ABSTRACT 


Experimental studies were performed to examine the 
influence of thermal aging on strength and 
stiffness of CFRP. Exposure times up to 3300 hours 
were conducted, however, interest was focused on 
elevated temperatures with the consequence of low 
exposure durations. Materials selected for tests 
were four bismaleimide composites (among these 
5250-2/T800) and the polyimide composites PMR- 
15/T300 and LARC 160/T800. Isothermal aging was 
conducted at temperatures in the range of 200 °C to 
340 °C. Comparative studies were performed in 
nitrogen and oxidizing air environment. Results of 
mass loss measurement were compared with mechanical 
properties changes. 


1. INTRODUCTION 


Among orbital and terrestrial effects on polymer 
materials, heat has a dominant role for many 
applications. The behaviour of CFRP when exposed to 
heat is of decisive importance for the availability 
of this material group for space applications and 
future earth-to-orbit transport vehicles. Interest 
is focused on the behaviour of matrix composites 
under long-term conditions (Refs. 1, 2) as well as 
short-time overheating near the glass transition 
temperature and in oxidizing atmosphere (Ref. 3). 
Exposure to continuous temperature can affect the 
matrix which results in reduced mechanical 
properties of the composite (Refs. 4, 5). 

This section reports on a study of temperature 
aging of four graphite/bismaleimide composites and 
two high temperature resistant graphite/polyimide 
composites in a temperature range of 200 °C to 300 
°C and at 340 °c respectively. The maximum exposure 
duration has been up to 3300 hours, however short 
duration exposures at elevated temperatures have 
been emphasized. This is important for two reasons: 
Firstly, material behaviour as consequence of 
overheating is of direct relevance to high 
temperature application. Secondly, temperature 
elevation is a means of accelerated aging for 
prediction of allowable exposure durations at low 
temperatures. 


Mass losses were permanent measured during the 
isothermal aging process as a possibly indicator 
for material degradation. A question was, if the 
degree of mass loss is an appropriate measure for 
the extent of mechanical degradation. However, it 
was observed, that exposure temperature and time 
are furthermore needed as parameters. 

Mechanical tests of virgin and aged laminate 
specimens were conducted under tensile load. The 
environmental effects of air were studied at 
samples aged in an air flow at ambient pressure and 
for comparison at samples from nitrogen atmosphere. 
These tests were performed under tensile and 
compressive loads. 

2. MATERIALS 

For the program six carbon fiber reinforced 
composites were selected, which partly were 
considered as representative materials for Hermes, 
see table 1. 


MATERIAL 

MANUFACTURER, 

CONTRACTOR 

CHEMICAL 

CLASSIFICATION 

TG (°C) 

DRY STATE 

5250-2 / T800 

Narmco, 

BASF 

Bismaleimide 

329 

Vicotex 5564 / T800 
(former SX 5564) 

Brochler, 

Ciba 

Bismaleimide 

312 

Compimide 896 / T800 

Technochemie, 

Shell 

Bismaleimide 

260 

CPI 2278 / T800 

Ferro 

Bismaleimide 

(modif.) 

264 

CPI 2237 / T300 
(PMR 15) 

Ferro 

Polyimide 

398 

CPI 2274 / T800 
(LARC 160) 

Table 1. Material system; 

Ferro 

> with glass transition 

Polyimide 

temperature. 

399 


The reinforcement used were Torayca carbon fibers 
T800 and T300 for the polyimide PMR 15. The 
laminates were fabricated in an autoclave process 
from commercial prepregs with the exception of 
Compimide 896/T800. In this case prepregs were 
prepared in house by conventional solvent 
impregnation of T800 fibers during drum winding. 

The two polyimide matrix resins are similar 
thermosetting polyimides, differing primarily in 
the aromatic diamines used. The maximum autoclave 
temperature were 310 °C for PMR 15/T300 and 300 °C 
for LARC 160/T800. Initially fabrication problems 
with LARC 160/T800 we got over using an autoclave 
cycle recommended by the Sonaca company. However, 
the bismaleide matrix resins were advantageous 
according to laminate fabrication. 
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3. EXPERIMENTAL 


4. RESULTS 


Thermal aging tests were done in three steps: 

—Thermoanalytical tests were conducted to get a 
survey of the appropriate temperature range 
for aging. To this the glass transition 
temperatures of the unaged laminate materials 
were determined by the DMA method. A further 
suitable help is Differential Scanning 
Calorimetry, which indicates temperature 
ranges, where oxidation or decomposition of 
the matrix occurs. 

— Isothermal aging of specimens in an air or 
inert nitrogen environment at different 
temperatures {see below). The aging process 
was observed by mass loss measurement at 
separate specimens (4 for each material), 
which were not mechanically tested. 

— Mechanical tests in tension and compression (5 
specimens for each measuring point) were 
carried out at virgin and aged specimens. Due 
to the fact, that aging is time consuming at 
low temperatures the aging process of these 
specimens was stopped, when 4 % mass loss was 
reached. Specimens were mechanically tested at 
room temperature. 

Mechanical tests were focused on aging behaviour 
due to the following effects: 

1. Environmental effect of air in comparison 
to inert nitrogen. 

2. Effect of temperatures, partly elevated near or 
above the glass transition temperatures. 

3. Effect of material. 

For limiting the experimental effort, appropriate 
materials, aging temperatures and test methods were 
selected according to the order of the above listed 
effects: 


The laminate specimens, which were heated at 
constant temperatures, suffered mass losses during 
the thermal aging process of many hundreds of 
hours. The mass loss of each material was measured 
in a time stepping mode at four separate specimens, 
which were not mechanically tested lateron. These 
specimens were taken from the oven during weighing 
only, so there was nearly no temperature 
disturbance for the other mechanical specimens. 

Figures 1 and 2 display results of mass losses of 
five materials at 260 °C with an air flow 
environment and of the laminate 5250/T800 at 300 C 
respectively. From the plots displayed here it can 
be seen, that to loose equal mass (in percent) 
considerable differences of time are needed for 
aging depending on material. For a mass loss of 10 
% for example the necessary time ranges from 440 to 
1060 hours. Secondly it was observed, that mass 
loss may increase severely after an initial period 
of a slight increase, as the Compimide 896 laminate 
demonstrates at about 225 hours. This might be 
caused by breakage of the chemical structure of the 
resin after exposure to the hot environment for 
many hours. 

Mass loss measurement was done with the aim, to 
compare these results with results of mechanical 
degradation. The question is, if the degree of mass 
loss is an appropriate measure for the extent of 
mechanical degradation. Since thermal aging is a 
time consuming process, mass loss of the specimens 
for mechanical tests was limited to four percent. 
Aging time to reach this mass loss for instance at 
300 °C is shown in table 2. 

The influence of the environment, i.e. oxidizing or 
inert, was measured at laminate 5250/T800, figure 
2. At 300 °C the mass loss in air flow environment 
is nearly twice as high as in nitrogen atmosphere, 
after 200 hours. 


1. Test methods: Tension and compression 

Aging temperatures: 230 °C, 260 °C, 300 °C 
Gas flow: Air, Nitrogen, 6 1/min at 

ambient pressure. 

Materials: Laminates 5250-2/T800, 

Vicotex 5564/T800 

2. Test method: Tension 

Aging temperatures: 200 °C, 230 °C, 260 °C, 

(300 °C) for BMI-Laminates; 
300 ®C, 340 °C for the 
polyimides. 

Materials: Laminates 5250-2/T800, 

Vicotex 5564/T800, 

CPI 2278/T800, and poly¬ 
imides LARC 160/T800, 

PMR 15/T300. 

3. Test method: Tension 

Aging temperature: 260 # C 

Materials: All laminates (s. table 1). 

Expecting that aging of laminates would manifest 
itself in matrix-controlled layups, tensile and 
compressive tests were conducted with +/— 45° 

crossplied specimens. The dimension were: 

Tensile samples: 15 mm x 200 mm x 1 mm 

Compressive samples: 12 mm x 135 mm x 2 mm 



Thermal aging of polymer laminates affects 
mechanical properties dependent on duration of 
exposure. Aging time is therefore an appropriate 
basis parameter for comparative studies. The 
comparison of the material properties is made clear 
by plotting the percent ratios of residual and 
initial properties. All properties were measured at 
room temperature. 



The environmental effect of air at temperatures of 
230, 260 and 300 °C was tested at the laminates 
5250/T800 and Vicotex 5564/T800. For comparison ( the 
tests were carried out in an inert atmosphere of 
nitrogen, figures 3 and 4. Differences of residual 
tensile strengths in air and nitrogen environment 
are small so that they still are within the scatter 
of the results. The difference data are in maximum 
3 % for laminate 5250/T800 and 6 % for Vicotex 
5564/T800. At 230 °C aging temperature tensile 
strength in air environment of laminate 5250/T800 
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is worse than in nitrogen environment. This 
coincides with the trend of higher mass loss in 
air. However, this cannot be observed at 300 °C for 
both the laminates. 

The relative tensile strengths after 100 hours 
aging at 300 ®C are: 

Laminate 5250/T800: 71 % (N 2 ) 

74 % (Air) 

Vicotex 5564/T80Q: 74 % (N 2 ) 

80 % (Air) 


Typical aging effect on stiffness is displayed in 
figures 5 and 6. At constant temperatures stiffness 
increased slight or even remained constant during 
the aging process. Degradation of stiffness was 
observed only for air aging at 260 and 300 °C of 
laminate 5250/T800. There is an obvious effect of 
air aging in comparison to nitrogen. The stiffness 
data were lower when specimens were exposed to air 
flow. 

The relative stiffness properties after 100 hours 
aging at a temperature of 300 °C were: 

Laminate 5250/T800: 99 % (N 2 ) 

92 % (Air) 

Vicotex 5564/T800: 113 % (N 2 ) 

107 % (Air). 


Compressive strength degradation is displayed in 
figures 7 and 8 for the laminates 5250/T800 and 
Vicotex/T800 respectively. The aging study of these 
laminates was performed using +/» 45° crossplied 
specimens as used for tensile studies, too. This 
kind of fiber orientation is sensitive to matrix 
degradation which plays the dominant role in 
laminate aging. A compressive strength degradation 
due to air aging and nitrogen aging was observed 
for all exposures. At an aging temperature of 230 
°C for the laminate 5250/T800 a visible difference 
between air and nitrogen aging was detected when 
aging time 100 hours exceeded. However, after 900 
hours the difference was only about 4 % with 
increasing tendency when the aging time was raised. 

At 300 °C aging temperature a clear difference 
between air aging and nitrogen aging was observed 
for both laminate types. Air aging had a stronger 
effect on compressive strength degradation than 
nitrogen aging. The relative residual compression 
strength data after 100 hours at an aging 
temperature of 300 °C were: 

Laminate 5250/T800: 78 % (N 2 ) 

70 % (Air) 

Vicotex 5564/T800: 86 % (N 2 ) 

82 % (Air) 


Stiffness data are shown in figures 9 and 10 for 
the laminates 5250/T800 and Vicotex/T800 
respectively. Again air aging led to lower 
compressive data in comparison to nitrogen aging 
with one exception. This is the laminate 5250/T800 
at 230 °C with stiffness data of air aging higher 
than in a nitrogen environment. 


A clear tendency of stiffness properties during the 
aging process was not detected for both materials 
and different aging temperature commonly. A typical 
result was that stiffness increased in the initial 
phase of the aging process and decreased lateron. 
The relative stiffness data alterations observed 
were between 111 % and 92 %. 

The relative stiffness properties after 100 hours 
aging at a temperature of 300 °C were: 

Laminate 5250/T800: 104 % (N 2 ) 

96 % (Air) 

Vicotex 5564/T800: 106 % (N 2 ) 

99 % (Air) 



Temperature effects in many cases cannot be 
described separately because they are coupled with 
specific material behaviour. The effect of air 
aging at different temperatures on tensile strength 
is displayed in figures 3, 11, 12 for bismaleimide 
laminates and in figure 13 for the polyimide 
laminates. Aging was carried out at constant 
temperatures in the range of 200 °C to 300 °C for 
the bismaleimides, at 300 °C and 340 °C for the 
high temperature resistant polyimides. Two effects 
of thermal aging were obvious for all materials 
used in the tests. Firstly, tensile strength 
decreased clearly at constant temperature when the 
aging time increased. Secondly, when the 
temperature was raised, a reduced time at which the 
tensile strength decreases was observed. This 
coincides with increase of mass loss when the 
temperature was raised. 

When comparing strength degradation of the five 
materials at 300 °C aging temperature significant 
differences of the decreasing characteristic versus 
aging time were observed. The laminates 5250/T800, 
Vicotex/T800 and 2278/T800 in the initial phase 
severely degradated, followed then by slight 
degradation. This might be due to matrix 
embrittlement at the beginning of the aging 
process. The laminates PMR 15/T300 and LARC 
160/T800 continuously degradated during the whole 
aging process. Severe tensile strength loss was 
evident for these laminates at 340 °C aging 
temperature, though these polyimides are 
predestinated for high temperature operation at 
temperature like this. The reason possibly might be 
an insufficient production process, which may have 
led to laminates not free of voids. 

For the two laminates 5250/T800 and Vicotex/T800 
the tensile degradation data at 4 % mass loss - 
that is the end point of each plot - were close 
together for all temperatures (5250/T800 in the 
range of 79 % to 73 %, Vicotex/T800: 80 % to 74 %). 
However, this cannot be generalized, as can be seen 
from the laminate 2278/T800 and especially from the 
polyimides LARC 160/T800 and PMR 15/T300. Retention 
data for equal mass loss are quite different as is 
shown in table 2 for a mass loss of 4 % at 300 °C. 
Generally it can be said at equal 'exposure time, 
however, tensile strengths decreased when the aging 
temperatures were raised. 

In figure 14 residual tensile strength is 
summarized at 80 % of the initial properties 
depending on aging time and aging temperature. 
These are so called Arrhenius-plots, which in an 
ideal case would be straight lines as consequence 
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of exponential functions. The temperature-time 
relation gives an impression, how aging time 
decreases when the aging temperature is raised. The 
laminate 2278/T800 for instance can suffer about 
one hour exposure time at 300 °C only until 80 % 
retention is reached. This might be due to the fact 
that aging at 300 °C has been done above the glass 
transition point of 264 °C here. However, one must 
know, that this time-temperature display gives no 
complete impression for a comparison of materials. 
This display is created for the relative residual 
strength. Besides the absolute property data of 
each material must be kept in mind, table 3. 

The effect of air aging at different temperatures 
on stiffness was presented in figure 5 for 
5250/T800 and the polyimides LARC 160/T800 and PMR 
15/T300 in figure 15. These plots are 
representative for temperature behaviour during the 
isothermal aging process of other laminates, too. 
Two characteristics have been observed during 
exposure: 

— Slight increase of stiffness or stronger 
increase followed by decrease in course of 
time. The upper limit data do not exceed 110 % 
in some cases 118 % of the virgin stiffness 
data. There was no clear tendency according to 
temperature raising. 

— Slight decrease of stiffness. Decrease became 
stronger when the temperature was raised. 


4.2.3 Effect of Materials 


The effect of different materials on the relative 
tensile strength and stiffness degradation due to 
thermal aging is shown in figures 16 and 17 
respectively. Those are results of measurement with 
the bismaleimide laminates which were aged in an 
air flow at constant temperature of 260 °C. The 

polyimide laminates were not enclosed here, because 
they were provided for operation at temperatures in 
the range beginning with 300 °C. So we could not 
compare them alltogether with the BMI 1 s. 

Strength degradation after 4 % mass loss {i.e. end 
point of each material plot) was measured in a 
range of 91 % to 75 % depending upon the materials 
type. The lowest value was reached by the laminates 
2278/T800 and Vicotex/T800. However, aging time for 
both the laminates was quite different with 100 
hours and 532 hours respectively. As a consequence 
from this observations it can be said: 

—Equal mass loss of materials can lead to quite 
different relative strength degradations (see 
table 2) 

— Aging time cannot indicate alone how severe 
degradation is. 

At some materials compared with one another it was 
observed, that the more time was required to reach 
equal mass loss the lower residual strength was 
(see laminates Compimide 896, 5250 and Vicotex 

5564). However, this cannot be valid generally as 
seen from this display too, for instance at the 
laminates 2278/T800 or SX 5564. 

Figure 17 indicates, how stiffnesses change during 
the thermal aging process. Various characteristics 
have been observed for the five materials. The 
stiffness spread out from increase (laminate 
2278/T800) to striking degradation (laminate SX 
5564/T800). After 100 hours aging the relative 


stiffnesses varied between 104 % and 86 % depending 
on the material, whereas at the same time the 
relative strength varied between 93 % and 75 %. 

Comparing different materials on basis of relative 
property ratios alone, will give on insufficient 
survey. For a complete overview the absolute 
property data of each material must be considered. 

A comparison of the selected materials is shown in 
figure 18. Residual tensile strength and elastic 
moduli data are displayed for 100 hours aging at 
260 °C and 300 °C respectively. Briefly it can be 
said: 

—Laminate 5250 obtained the highest tensile 
strength according to highest strength of the 
unaged laminates. 

— The order of the materials basing on strength 
after aging remained as in the virgin state 
with the exception of laminate 2278, which 
obtained worst tensile strength. 

— Stiffness of laminate 2278 was highest in 
virgin and aged state. 


5. SUMMARY 


Summarizing the projected results which were 
observed at thermal aging process it can be said: 

—Laminates suffer mass losses and change of 
mechanical properties during exposure to hot 
environment. However, mass losses are no 
direct measure for property changes. 

—The effect of air and nitrogen environment was 
studied with 5250/T800 and Vicotex 5564/T800 
laminates at three temperatures. In most cases 
strengths and stiffnesses at tensile and 
compressive load were worse when aged in air 
(exceptions: tensile strengths at 300 °C, 

compressive stiffness of 5250/T800 at 230 °C). 

—Temperature effects were studied by tensile 
tests. At constant temperature strengths 
decreased during exposure time, whereas 
stiffnesses in most cases initially increased 
(max. 18 %). 

When temperature was raised, strengths and 
stiffnesses at equal exposure time decreased. 


REFERENCES 

1. J.F. Haskins, Thermal Aging , Sampe Journal, Vol. 
25, No. 2, March/April 1989, p. 29-33 

2. J.B. Nelson, Long-Term Thermal _Aging_ q£ _Two 

Graphite/ Polyimide Composite Materials NASA TP 
2369 (Nov. 1984) 

3. K.J. Bowles, G. Nowack, Thermo-Oxidative 

Stability Studies of _Cfilisn_6QQ0/PMR-15 

Unidirectional Composites. _EMR-15_and Celion— 6QQQ 

Fiber . Journal of Composite Materials, Vol. 22, 
(Oct. 1988), p. 966-985 

4. R.D. Vannuci, PMR Polyimide Composition s— for 

im proved Performance A t_371.°C, NASA TM 88942 

(1987) 

5. H. Twardy, Alterung _vsm_C££_b_ei— Heiflluft- 

laaeruna im Lanqzeitversuch . DFVLR-FB 88-05 (1988) 



259 


MATERIAL 

AGING TIME 
(hr) 

j 

RETENTION 

RATIO 

TENSILE 

STRENGTH 

RETENTION 

RATIO 

YOUNG'S 

MODULUS 

Ferro CPI 2278 / T800 

2.75 

0,677 

1.01 

Compimide 896 / T800 

23 

0.848 

1,09 

5250-2 / T800 

123 

0,731 

0.91 

Vicotex 5564 / T800 

149 

0,795 

1,09 

Ferro CPI 2237 / T300 

336 

0,539 

1,05 

(PMR 15) 




Ferro CPI 2274 / T800 

424 

0,750 

1,04 

(LARC 160) 



Table 2. Tensile strength and Young's modulus changes of laminates at a mass loss of 

4 % and 300 ®C air aging. 


MATERIAL 
[± 45° ] 2S 

TENSILE 

STRENGTH 

MPa 

STAND. 

DEVIATION 

MPa 

TENSILE 

MODULUS 

GPa 

STAND. 

DEVIATION 

GPa 

5250-2 / T800 

208 

4,06 

23,8 

0,823 

Compimide 896 / T800 

132 

6,76 i 

16,8 

0,853 

Vicotex 5564 / T800 

176 

2,30 

19,3 

0,688 

Ferro CPI 2278 / T800 

138 

4,56 

23,4 

2,17 

Ferro CPI 2274 / T800 
{LARC 160) 

148 

• 

6,45 

20,1 

1.18 

Ferro CPI 2237 / T300 
(PMR 15) 

148 

5,97 

18,6 

0,555 

Table 3. Tensile test results of virgin material with stacking sequence [+ 45* ] 2S. 
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Fig.2 Mass loss of laminate 5250-2 / T800 in an air and nitrogen 

environment 


RELATIVE TENSILE STRENGTH 



Fig.3 Residual tensile strength of 5250-2 / T800 after exposure in 

air and nitrogen environment. 
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Fig.4 Residual tensile strength of Vicotex 5564/T800 after 
exposure in air and nitrogen environment. 
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Fig.5 Change of stiffness in tension of 5250-2 / T800 due to 
exposure in air and nitrogen environment. 
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Fig.6 Change of stiffness in tension of Vicotex 5564 / T800 due 
to exposure in air and nitrogen environment. 
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RELATIVE COMPRESSIVE STRENGTH 
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Fig.7 Residual compressive strength of 5250*2 / T800 after 
exposure in air and nitrogen environment. 


RELATIVE COMPRESSIVE STRENGTH 
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Fig.8 Residual compressive strength of Vicotex 5564 /T800 after 
exposure in air and nitrogen environment. 


RELATIVE STIFFNESS OF COMPRESSION 



Fig.9 Change of stiffness in compression of 5250-2 / T800 after 
exposure in air and nitrogen environment. 
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Fig.10 Change of stiffness in compression of Vicotex 5564 / T800 
after exposure in air and nitrogen environment. 
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Fig.11 Residua! tensile strength of Vicotex 5564/T800 due to 
thermal aging at different temperatures. 
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Fig.12 Residual tensile strength of CPI 2278 /T800 due to 
thermal aging at different temperatures. 


RELATIVE TENSILE STRENGTH 



Fig.13 Residual tensile strengths of polyimide laminates due to 
thermal aging at 300°C and 34(TC. 
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Fig. 14 Aging time for retention of tensile failure 
strength to 80%. 


RELATIVE STIFFNESS OF TENSION 



Fig.15 Stiffnesses of polyimide laminates due to thermal aging at 

300°C and 340°C. 
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Fig.16 Strengths of bismaleimide laminates after exposure to 

260°C air environment. 
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Fig.17 Change of stiffnesses of bismaleimide laminates after 
exposure to 260°C air environment. 
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ABSTRACT 

An automated torsion test is proposed for the determination of 
the in-plane and out-of-plane shear modulus. The obtained 
results show that for some composite systems the out-of- 
plane shear modulus is much different from the in-plane shear 
modulus, certainly sufficiently to be considered in some 
design application. The results of the inplane shearmodulus 
are in good agreement with the results obtained with the 
RESONALYSER, which is a method base on the vibration 
behaviour of a testplate. Fatigue data for the studied 
composite systems is also given. 


INTRODUCTION 

The development of new fibers like boron, carbon and 
improved glasses has considerably intensified interest in 
composite materials. The application of these new 
anisotropic materials in structural engineering requires the 
production of laminates which have to be designed for a 
general state of stress and strain in the three dimensions. 
Unfortunately, to allow such careful and accurate stress and 
deformation analysis the coefficients of the general hooke's 
law have to be identified. The determination of the 
longitudinal and transverse stiffness moduli is quite 
straightforward. But in the case of composite materials the 
shear moduli Gjj cannot be computed and have to be 
determined by use of specific shear tests. Conventional shear 
test methods [1], such as the -f- 45° coupon, the rail-shear, the 
10 degrees off-axis test are used to obtain the in-plane shear 
modulus. The system developed at the Free University Brussel 
is a mixed numerical/experimental technique for the 
characterisation of polymer matrix composite laminates [5], 
[6], it is a fast method for the determination of the four 
complex engineering constants of orthotropic sheet 

materials: Ej*, E2*, V12*> Gl2** Following the 
specifications of Chiao and al. [2] an ideal shear test has to 
provide all shear properties. Sumsion and Rajapakse [3] 
described a method to obtain by use of a torsion setup the out- 
of-plane as well as the in-plane shear modulus. Another 
interesting point is the increasing concern of the degradation 
and durability of composite systems. It is our objective to 
determine the in situ properties of damaged laminates and so 
to study the torsional fatigue behaviour. The reduction of the 
shear moduli was monitored together with the evolution of the 


axial displacement. It was found that this paramater was a 
more sensitive parameter to describe fatigue then the 
reduction of the shear-moduli. 


THEORY 

The definition of the dimensions used in the following 
formulas are according to the designation in figure 1. 



Figure 1. Designation of axis system 


For an orthotropic rectangular bar the relation between torque 
and torsion angle is: 


Mr = P(c) w 




where 


oo 



n=1.3.5 


Proc. Intemat . Conf: ‘Spacecraft Structures and Mechanical Testing \ Noordwijk, The Netherlands, 
24-26 April 1991 (ESA SP-321, October 1991) 
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and 


with Gl 2 being the in-plane shearmodulus and G 13 the out-of¬ 
plane shearmodulus. 

Due to the coupling between the inplane and the out-of-plane 
shearmodulus we need at least two torsiontests on specimens 
with different cross sectional dimensions in order to compute 
the in-plane, as well as the out-of-plane shear modulus: 


TEST 1: Wj.tj.Lj 


M^°i 2 P(Ci) w i(ti) 3 ^ 


linear regression 

1 e* 

m t - a i l 


TEST 2: w-.t,, L 2 


M^G 12 P(c 2 )w 2 (t 2 ) 3 £ 


linear regression 

2 

M T _a 2 L 2 =* 
combining (4) and (5) results in 


a l G 12 ^ (c l )W l (t l ) 
*2 ti i2^ ( ' C 2' IW 2*' t 2' > 


c 2 w 2 /l 2 W 2 l l 

when defining «=~^ 


wju) 

we have -~a^P(a c^) - a^PCc^) = 0 

w i (t i } 

we can now solve this equation for c^ and use 


G 12 =-3 

to obtain the in-plane shear modulus G^ 



to calculate the out-of-plane shear modulus G^ 

To be able to combine more than two different width's, a 
Smith least square fit of the function (7) was programmed. 


<7) 

where aj is the first order coefficient of the linear regression 
relating torque and torsion angle of each experiment. 


EXPERIMENTAL SETUP 

The torsion setup, as constructed and used at the Free 
University of Brussel, is given in figure 2. 



Figure 2. experimental setup 
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It consists of a steppingmotor with a planetary gearbox so 
that for one step an angular rotation of 0.036 degrees is 
obtained. The maximum torque which can be applied is 25 
Nm. A torque-cell measures the applied torque up to 26 Nm 
with a minimum resolution of 4 Nmm. The construction is 
such that one end is completely free to move so that no 
tensile forces can be introduced. An LVDT with a range of 1.5 
mm was added to monitor the axial displacement during 
testing. A personal computer equiped with an analog-to- 
digital convertor board is used to control every device and to 
perform the data-acquisition and processing. The software is 
written in C and is completely menu-driven. 


EXPERIMENTAL RESULTS 
STATIC TESTS 

Flat aluminium bars were used as testspecimens for the 
proposed procedure. The results from standard straingage 
measurements and torsion tests were compared and showed 
good agreement. The in-plane shear modulus deviated only 
1%, the out-of-plane shear modulus 5%. Other materials tested 
were glassfiber polyester (0°,90°)8 and carbon epoxy 


(fibredux 914). Results of the tests are summarized in table I. 
The first column gives the material system and the fiber 
orientation of the test specimen. The second column lists for 
each tested specimen the width over thickness ratio. The next 
column gives the shear modulus calculated with the 
"isotropic" formula. The third and fourth column give the in¬ 
plane and out-of-plane shear modulus calculated by using the 
Smith's least squares fit to equation (7) which is valid for 
orthotropic materials. The last column list the result obtained 
by use of the resonalyser. 

The results on aluminium show that there is no increase in 
shear modulus with increasing w/t ratio. Instead, for cross-ply 
material there is a consistent increase. The in-plane shear 
moduli for the +/- 45° composite system is significantly 
greater than those for the uniaxial composites, the ratio is 
approximately 6 to 1. The out-of-plane shear modulus (Gj 3 ), 
which is generally considered to be the same as the in-plane 
shear modulus (Gl 2 ) f act slightly lower for the 

unidirectional laminates and about 12% lower for the (0°,90°) 
laminates. For the +/- 45° material the difference between the 
in-plane and the out-of-plane shear modulus is much greater. 



w/t 

G\2 isotropic 

GPa 

G 12 orthotropic 

GPa 

G 13 orthotropic 

GPa 

G 12 

Resonalyser 

GPa 

A1 

2.3 

26.8 





3.3 

26.9 





4.3 

26.9 

27.0 

25.9 

25.46 


5.3 

21.1 





6.6 

27.0 





7.7 

26.9 




GFRP 

3.0 

2.7 




(0°/90°)8 

5.2 

2.7 

2.8 

2.1 



8.2 

2.8 




Fibredux 914 

4.8 

3.7 




(0°)16 

7.5 

3.8 

3.8 

3.6 

3.25 


9.2 

3.9 





11.5 

3.8 




Fibredux 914 

4.7 

3.5 




(0,90)! 6 

7.1 

3.5 






3.7 

4.1 

3.6 

4.77 


12 

4.1 





14.6 

4.1 




Fibredux 914 

5.6 

22.5 




(±45°)16 

7.4 

24.2 





9.6 

25.6 

28.7 

4.1 



12.2 

26.2 





14.3 

26.2 







Table I: Shear moduli for different material systems. 
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EXPERIMENTAL RESULTS 
FATIGUE TESTS 


The results of the static torsion tests up to failure appear in 
table II. 



MATERIAL 

*xyf 

[N/mm^] 

Vf 

[°/m] 

Gl2 

[N/mm 2 ] 

Aluminum 

150 

200 

27000 

[0)16 

245 

550 

5810 

[0 3> 90 4 ,0] s 

265 

720 

4270 

[90 3 ,0 4 ,90] s 

255 

760 

4202 

[0,90,0,...] s i6 

350 

700 

5614 

[+45,-45,... ]s 16 

380 

370 

27656 


Table II: Failure stresses for different material systems. 


T xy f 

Vf 

Gl2 


= failure shear stress 

= specific rotation at failure 
= in-plane modulus 


Fatigue values for the unidirectional specimen are given in 
figure 3. The in-plane shearmodulus is scaled and the stress- 
level is 40% and 50% respectively of the failure stress. We 
observe a substantial reduction of the modulus within the very 
first cycles. After 10 4 cycles the modulus was reduced to 75 % 
of its initial value. 


0° 16 layers 


0.40 


Figure 4 gives the results for +/- 45° specimens, in this case 
the reduction starts for the same stress 

level after 1500 cycles. After the same number of cycles there 
was a loss of tosional stiffness of nearly 50%. 


+- 45° 16 layers 
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Fig. 4 Torsional fatigue curve for +/- 45° specimens. 


The evolution of the out-of-plane shearmodulus for the same 
composite system is shown in figure 5. 
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Fig. 3 Torsional fatigue curve for unidirectional specimens. 
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Fig. 5 Torsional fatigue curve for +/- 45° specimens. 

Figure 6 shows the fatigue behaviour of two composite 
systems. Although the failure stress for these systems is 
nearly the same, we observe a fatigue behaviour which is very 
different. 










0.5 failure shear stress 



# cycles 


Conclusions 

The determination of both the in-plane and the out-of-plane 
shearmodulus is possible with this torsion setup. The results 
show for some composite systems serious differences between 
both moduli. The fatigue behaviour of all composite systems 
show a large reduction of torsional stiffness. This reduction is 
highly dependent on fibre orientation in the specimens. 
Based on the experimental data obtained the axial 
displacement (mm/m) seems to be a more sensitive parameter 
to describe fatigue life than is the reduction of the stiffness. 
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EXPERIMENTAL STUDY OF DELAMINATION GROWTH IN MULTI¬ 
DIRECTIONAL CFRP-LAMINATES UNDER FATIGUE LOADING 


II.C. Goetting 


DLR Institute for Structural Mechanics, Braunschweig, Germany 


ABSTRACT 

An experimental study on damage mechanisms and failure 
mechanisms of multidirectional CFRP-laminates was con¬ 
ducted with special reference to delamination onset and growth 
under compression-compression and tension-compression 
fatigue loading. Different laminate stacking sequencics of 
unnotched test specimens as well as of laminates containing 
holes, notches and artificial delaminations, were investigated. 
Besides the well-known NDT-techniqucs for the evaluation oT 
damage states new optical on-line measurement methods were 
applicated. The basic damage mechanisms like cracks in off- 
axis plies and their influence on dclamination development 
were studied with respect to the final fatigue damage state, e.g., 
the transition from stable to unstable dclamination growth 
caused by buckling of sublaminatcs. Characteristic dclami¬ 
nation states were found for different notch sizes and notch 
shapes which affect the redistribution of strains or stresses, 
respectively, during cycling. 

Keywords: Composite Fatigue, Damage Mechanics, Dclami¬ 
nation Growth, Failure Mechanisms 


I. INTRODUCTION 

Damage mechanics investigations of the last ten years showed 
that, for laminated composites the delamination is a major 
damage mode with respect to failure under quasi-static as well 
as under fatigue loading conditions. Many researchers have 
studied the problem of delamination onset and growth, espe¬ 
cially for simple and idealized conditions as unidirectional test 
specimens, DCB- and ENF-tests, and quasi-static or mono¬ 
tonic tensile fatigue loading. Idealized conditions enable the 
analytical description and modelling of delamination growth 
based on linear-clastic fracture mechanics and energy release 
rate concepts (Ref. 1,2,3,4). 

However, of more practical interest are damage development, 
critical damage states and failure modes of multidirectional 
laminates under loading conditions similar to service load 
spectra. This field is of high complexity because the develop¬ 
ment of damage is not limited to single cracks and delami- 
nations but is an accumulation of many small cracks and 
delaminations with a three-dimensional distribution leading to 
more massive matrix cracks, fiber-bundle breaks, interface fail¬ 
ures and buckling of sublaminates under compressive loads. 
The various damage and failure modes influence one another 
and produce a very complex damage progression. 

It was the aim of this experimental study to get more insight 
into the delaminal.ion development and progression of differ- 


') Dedicated to Prof. Dr. H.W. Bergmann for his 65th Birthday 


ent multidirectional laminates, and to give a phenomenological 
description of typical damage mechanisms and their inter¬ 
actions leading to the decrease of stiffness and strength and to 
the final laminate failure. Because the fatigue life of laminated 



Figure I. Influence of stress ratio R on fatigue strength of 
multidirectional laminates 


composites is considerably reduced under compression-com¬ 
pression and more under tension-compression loading com¬ 
pared with the tension load regime, see Fig. I, most of the tests 
were performed at a stress ratio of R = -1, fully reversed cycling, 
which is of more interest with respect to practical applications. 

2. EXPERIMENTAL PROCEDURE 

Different laminate stacking sequencies with 0°, ± 45°and90° 
-ply orientations were fabricated from T300/914C prepregs. 
Cure procedures were made in a computer-controlled autoclave 
according to the standard recommended by the manufacturer. 
For the clamping reinforcement, the 380 x 380 mm panels were 
bonded with glass-fiber tapes of 1 mm thickness. The following 
laminate stacking sequencies were investigated: 


'Type 1: 

[0 2. + 45 , 0 1, — 45,0,90 ], 

Type 2: 

[0„ 90.0,, + 45,0,-45 ], 

Type 3: 

[0 2 , + 45 2. - 45 2.90 2 

Type 4: 

[(0 , + 45 , - 45, 90 ),], 


Laminates of type 1 and type 2 were selected as "fiber-domi¬ 
nated" laminates, whereas type 3 and type 4 represent quasi-i¬ 
sotropic laminates. With exception of type 3 all of the test 
specimens were cuttcd to a width of 40 mm. The width of type 
3 - laminates was varied with 20, 40, 80 and 160 mm. These test 
specimens were prepared with central holes and sharp notches 
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of different sizes in order to study characteristic damage devel¬ 
opment and possible size effects. 

The fatigue tests were conducted in servohydraulic test facilities 
with computer controlled loading and data acquisition. 

By monitoring of actual load and strain this system evaluates 
on-line the decrease of tension and compression stiffnesses as 
functions of the number of cycles. Also, the load cycling can 
be stopped automatically upon reaching a prescribed residual 
stiffness level in order to subsequently study the state of dam¬ 
age by ultrasonic scanning or X-ray techniques. A special pro¬ 
gram in the micro-computer system serves to detect the signif¬ 
icant strain increase during the last load cycles, and to unload 
the test specimen at the same instant preventing total 
destruction of the test specimens. This rapid strain increase 
caused by instable delamination growth was observed with 
most of the laminates under tension-compression loading. Fig. 
2 shows the recorded strain response during this event for a 
laminate of type 1: 

TENSION-COMPRESSION, R = -1 


8 

6 



-10 1 - ! -—- ; - 1 -^ 

0 1000 2000 3000 4000 5000 

Number of somple points 

Figure 2. Increase of compression strain prior to failure, lami¬ 
nate type 1 

T his final fatigue damage state was examined by ultrasonic B- 
and C-scans and penetrant enhanced X-ray radiography. The 
onset and growth of dclaminations was observed by means of 
optical on-line methods. The grid reflection method (Ref. 5) 
was applicated to observe and record during the test the onset 
and growth of delaminations located between the outer plies. 
The principle of this method is the observation of the distortion 
of reflected grid lines due to out-of-planc deformations of the 
mirror-like specimen surface. 

A self-developed optical strain measurement facility based on 
light diffraction enabled the fast and contactless registration 
of local strains and strain distributions especially in the vicinity 
of holes and notches (Ref. 6). This method requires the prepa¬ 
ration of a reflecting diffraction eratine (400 1/mm) onto the 
test specimen surface. Illuminated by a laser beam n orders of 
diffraction can be observed at discrete angles a„: 

n * X — p • sin a n 

with the wave-length 2 and the grating constant p. A change 
of p due to tensile or compressive strains leads to changes of 
the diffraction angles which can be measured by opto-elcc- 
tronic devices. By means of this method the strain redistrib¬ 
ution due to damage development under fatigue loading can 
be observed and evaluated. 


3. TEST RESULTS 
3.1. Un-notched Laminates: 


Former investigations on un-notched multidirectional lami¬ 
nates (Ref. 7) in the tensile load regime showed that delami¬ 
nation onset and growth occurred always at the free edges of 
the test specimens. The difference of the transverse contraction 


for different ply orientation generates peeling stresses at the 
free edges and initiates the delamination onset in interfaces 
between on-axis and cracked off-axis plies. This delamination 
process is strongly dependent on the laminate stacking 
sequence and the applied stress. With tension-compression 
loading the formation of transverse cracks and edge delami¬ 
nations is clearly reduced compared with that under tension- 
tension loading because the maximum stress must be reduced 
as indicated in Fig. 1. Fig. 3 shows a typical X-ray radiography 
or the delamination state of a type 1 laminate after 1,000,000 
load cycles under tension-compression loading at 
o = ± 350N/mm 2 . 



Figure 3. Damage state after 1,000,000 l.c. at R 1, 
a = ± 350N/mni 2 , laminate type 1 

The edge delaminations are located in the 0/90- and 
90/0-interfaces with relatively short matrix cracks in the 
90°-plies. The central area seems to be free of cracks, but there 
are also short cracks which are visible only after cutting and 
repeated penetrating as demonstrated in Fig. 4 for a type 4 
quasi-isotropic laminate: 



Figure 4. Damage state after 250,000 l.c. at R 1, 
o = ± 200N/mm 2 , laminate type 4 

T his development of short matrix cracks the density and aver¬ 
age length of which increased with higher numbers of cycles 
was observed with all of the types of laminates. In type 1 and 
type 3 laminates first the cracks in the 90°-pIies were initiated, 
in type 2 and type 4 laminates more in 45°-pIies. Crack density 
and onset of crack development depend both on the number 
and on the position or stacking sequence of the ofT-axis plies. 
Fig. 5 displays as an example the crack density versus number 
of cycles of a type 4 laminate: 
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Figure 5. Crack density in individual plies versus number of 
load cycles, R = - I, a — ± 200N/mm\ laminate type 4 

The development and stable growth of matrix cracks and edge 
delaminations is represented by the decrease of stiffness meas¬ 
ured as secant modulus versus number of cycles. For most of 
investigated laminates in the literature (Ref. 8) this curve shows 
three stages. But the existence of stage III depends on the 
laminate stacking sequence (fiber-dominated or matrix-domi¬ 
nated) and on the damage mechanisms leading to the laminate 
failure. For such fiber-dominated laminates as type I and type 
2 never such a stage III could be observed as depicted in Fig. 
6 : 



Figure 6. Tension and compression stiffness decrease during 
cycling, R = -l, tr = ± 450N/mm z , laminate type 2 

This characteristic stiffness response exhibits that the initiation 
of the final fatigue failure occurs as a very fast process as 
shown in Fig. 2 by the strain response during the last cycles 
prior to failure. By means of the method described in chapter 
2 it was possible to examine extensively the final damage state 
leading to failure. 

Fig. 7 shows the X-ray records exhibiting the characteristic 
damage of a type 3 laminate after about 60 % of the mean 
lifetime (upper picture) and at the final state one cycle prior to 
failure (lower picture). At 60 % a characteristic damage state 
is developed with strong transverse cracks in the central four 
90°-plies, only a few 45°-cracks and relatively small edge 
delaminations. The final state shows obviously more 
90°-cracks, much more 45°-cracks, extension of the edge 
delaminations and a massive central delamination the buckling 
of which is indicated by the longitudinal cracks in the 0°-plies. 
The rapid increase of this delamination occurred in a time 
below 10 milliseconds, and would lead to a catastrophic com¬ 
pressive failure during the next cycle. The higher crack density 
observed in the left side of this record seems to be the reason 
for the occurrence of the rapid dclamination process in this 
area. This is established more quantitatively by th C-scan of 
the same test specimen, recorded by through-transmission, as 
depicted in Fig. 8. The areas of matrix cracks are represented 
by areas of different grey-tones according with the measure of 
acoustic attenuation whereas the delaminated areas arc black. 
B-scans showed that not only the 0/45-interface was delami¬ 
nated but also the F45/-45- and the -45/90-interfacc, c.g. the 



Figure 7. Damage state after ca. 60 % and at 100 % of fatigue 
life, R = -l, <r = + 200N/mm 2 , laminate type 3 



Figure 8. C-scan of the same specimen of Fig. 7 with areas of 
acoustic attenuation caused by matrix cracks 

black areas display the envelope of overlapping delaminations 
in these interfaces. 

The extensive crack formation in 90°- and + 43° -plies appar¬ 
ently leads to a damage state which causes the transition from 
stable delamination growth to subsequent unstable growth and 
buckling of the sublaminate. Micrographic investigations after 
cutting of the test specimens showed at the end of single cracks 
at the interface small interlaminar cracks, so called "micro-dc- 
laminations: 



Figure 9. SEM-micrography of a "micro-delamination" at the 
0/90-interface, type I laminate 
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At higher crack densities in the ofT-axis plies interfaces with 
such micro-delaminations get up to a critical state with respect 
to unstable delamination growth and buckling. With tests 
under tension-compression loading on specimens of laminate 
type 1 containing artificially introduced central delaminations 
in some cases the final fatigue failure was initiated by instable 
growth of a "natural" edge delamination whereas the artificial 
circular delamination up to diameters of 15 mm showed no 
growth as displayed by the X-ray record in Fig. 10: 



Figure 10. X-ray record of the final fatigue damage state of 
type 1 laminate containing an artificial delamination in the -45/0 
-interface 

The crack formation in the 90°-plies precipitates the rapid 
increase of the edge delamination because only a few cracks 
developed in the -45°-ply of the -45/0-interface of the artificial 
delamination. 


3.2. Notched Laminates: 

As mentioned in chapter 2 a comprehensive test program was 
performed on notched quasi-isotropic laminates of type 3 with 
variations of the specimen width, notch size and notch shape 
in order to study possible size effects in dependence on damage 
initiation and damage growth under tension-compression 
fatigue. The following table gives an overview of the test matrix 
with respect to notch size (2a) and specimen width (w): 


[mm] 

a [mm]^^ 

20 

40 

80 

160 

1.25 


0.0625 



2.50 

0.25 

0.125 

0.0625 


5.00 

0.5 

0.25 

0.125 

0.0625 

10.00 


0.5 

0.25 

0.125 

20.00 



0.5 



Two different notch shapes were used in this program: Circular 
open holes and sharp notches, both located in the center of the 
test specimens. Delamination onset and growth was studied by 
means of the grid reflection method and in selected cases by the 
optical strain field measurement, the final fatigue damage state 
by X-ray- and ultrasonic investigation. Because the test pro¬ 
gram is not yet completed, in this presentation only a selected 
part will be reported and discussed. 

The onset of delamination development occurred in all of the 
tested specimen configurations relatively early depending on 
the stress level. The delamination emanates always from the 
edge of the open hole, or from the notch tip, respectively. The 
delamination area increases with increasing number of load 


cycles in a stable manner. Rapid steps in the dclamination 
growth can be observed during incidence of strong longitudinal 
cracks in the 0°- plies. As an example the grid reflection pic¬ 
tures of a specimen of 80 mm width containing a hole of 20 
mm diameter are displayed in the next figure: 



Figure 11. Grid reflection pictures of delamination growth at 
1000, 10000, 80000, and 93610 cycles, 2a/w=0.25, w=80 mm, 
<t = ± 180N/mm 2 

The delamination starts after ca. 100 l.c., at 10000 l.c. longi¬ 
tudinal cracks at the edges and parallel generate delamination 
strips of ca. 5 mm'width the buckling of which can be observed 
under each compression cycle. After 80000 l.c. is increased in 
longitudinal direction corresponding to the cracks and also 
extended in transverse direction. This damage state leads to the 
final failure after 93610 l.c. caused by instable growth in both 
directions. 

Another damage growth characteristic can be seen in Fig. 12 
where the grid reflection pictures of a specimen of 40 mm 
width with a hole of 2.5 mm diameter are depicted: 



Figure 12. Grid reflection pictures of delamination growlh at 
500, 2000, 4000, and 8000 cycles, 2a/w = 0.0625, w^40 mm, 
a = ± 240N/mm 2 
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The delamination area is restricted to the width of the hole 
diameter because strong longitudinal cracks started to grow 
after ca.1000 l.c. the length of which corresponds with the 
delamination length. A small delamination development in 
transverse direction first could be observed after 40000 l.c. (not 
displayed here). With specimens containing holes of 5 mm 
diameter the delamination extent is also more oriented to the 
longitudinal direction, but small strips of a width of a few mil¬ 
limeters developed besides the hole edges. This can be seen in 
Fig. 13, where X-ray records of the final fatigue damage state 
are displayed for holes of 5 mm, 10 mm and 20 mm diameter: 



Figure 13. X-ray records of the final fatigue damage state for 
different hole diameters of a 40 mm wide test specimen, 
a = ± 240N/mm 2 

With 2a/w - ratios higher then 0.25 the delamination growth 
into the longitudinal direction is more restricted, parallel lon¬ 
gitudinal cracks generate parallel delamination strips additional 
to edge delaminations emanating from the free edges of the 
hole into transverse direction. This pronounced damage of the 
residual load-carrying cross-section explains the significant 
decrease of the fatigue strength of those laminate configura¬ 
tions. The crack formation in the 45°- and 90°-plies is more 
concentrated to the residual cross-section and increases at 
higher numbers of cycles the risk of early unstable dclami- 
nation growth and buckling in this area. 

The redistribution of strains or stresses, respectively, by dam¬ 
age development like matrix cracks and delaminations can be 
studied by means of the optical strain measurement facility 
briefly described in chapter 2. The strain distribution of the 
longitudinal strains was measured by scanning a field of 16 
x 10 mm in steps of 1 mm in a few seconds. After certain 
intervals of cycling the scans were repeated. An example is 
shown in Fig. 14: The measured strain distributions of a 40 mm 
wide specimen containing a hole of 2.5 mm diameter are dis¬ 
played by three-dimensional plots. The bottom line of the scan 
field is laid through the center of the hole, the x-direction (10 
mm) represents the load axis. The first plot exhibits only a 
slight elevation of strain besides the hole edges of 0.43 % 
compared with the average strain at the top line of 0.35 % 
under quasistatic loading of o = 4- 200N/mm 2 before the cycl¬ 
ing. 


QUAS1IS0TR0P, 2.5 MM HOLE, 0000 CL. 



QUASIIS0TR0P, 2.5 MM HOLE, 5000 CL 



QUASIISOTROP, 2.5 MM HOLE, 20000 CL. 



Figure 14. Plots of the measured strain distributions of a 40 
mm wide test specimen with a hole of 2.5 mm after 5000 l.c. and 
20000 l.c. 

After 5000 l.c. of tension-compression loading with 
+ 200N/mm 2 the strain peak is higher (0.52 %) due to the edge 
delamination growing in transverse direction, a longitudinal 
strip delamination has developed, and thfe average strain is 
slightly increased to 0.37 %. After 20000 l.c. only the strip 
delamination was enlarged (actual length evaluated from X-ray 
was 20 mm), whereas the small edge delamination showed no 
extent. The average strain is now nearly constant with a level 
of about 0.4 %. 

The measurement of such strain distributions facilitates the 
evaluation of damage patterns observed by X-ray records. 





















QUASItSOTROP, 5 MM HOLE, 60000 CL. 



Figure 15. Plot of the strain distribution of a 20 mm wide test 
specimen with a hole of 5 mm after 60000 I.c. compared with 
X-ray damage pattern 

This is demonstrated in Fig. 15 for a 20 mm wide specimen 
containing a 5 mm hole, after 60000 l.c. with tension-compres¬ 
sion loading under + 220N/mm 2 . The strain distribution exhib¬ 
its the different load-carrying capabilities of different delami¬ 
nated areas given by the X-ray record. So this method enables 
the evaluation of stress redistributions due to the development 
of damage under fatigue loading. 


4. CONCLUSIONS 

Tor different laminate lay-ups of multidirectional laminates 
under loading containing compressive cycles the fatigue per¬ 
formance depends on the fiber orientation and the stacking 
sequence of the individual plies. But the fundamental damage 
mechanisms like initiation and growth of matrix cracks in ofT- 
axis plies and dclamination development seem to be the same: 

Under tension-compression fatigue loading first transverse 
cracks occur in the 90-plies which can reach after a certain 
number of cycles a nearly constant mean distance, the well 
known characteristic damage state (CDS). At higher numbers 
of cycles matrix cracks also develop in + 45 -plies, emanating 
from the free edges''delaminations are initiated preferably at 
interfaces between 0 - and 90 -plies. The density and the aver¬ 
age length of the cracks, grow 1 ;, as well as the edge dclami- 
nations, with increasing number of cyclcs. ; .At the tips of trans¬ 
verse cracks small interlaminar cracks cffjt‘bej' observed, so- 
called micro-delaminations. So the interfaces bccojto^' dclami- 
nation-critical", e.g., the stable growth of the edge dclafnjr. 


nations changes to rapid instable growth and local buckling 
leading to catastrophic failure of the laminate. Concurrent 
investigations of the growth of artificially introduced delami¬ 
nations established that the "natural" delaminations caused by 
matrix-cracking of off-axis plies may be more dangerous with 
respect to fatigue failure than the artificial delaminations if 
they doesn't exceed certain sizes. 

The investigation of notched quasi-isotropic laminates showed 
that the stable delamination growth started always from the 
edges of holes or notches. The transition of stable delamination 
growth to rapid unstable growth and buckling leads to the final 
compressive laminate failure. For different hole or notch sizes 
characteristic delamination growth and damage patterns could 
be observed. Measured strain distributions in the vicinity of 
holes indicated the influence of stress concentrations and 
redistributions on delamination development and subsequent 
laminate failure. 
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CONCEPTIONAL DESIGN TO HEAT-RESISTANT AIRFRAME OF HOPE 


Masataka YAMAMOTO 


National Space Development Agency of Japan 


ABSTRACT 

We recognize that HOPE airframe meets with 
severe thermal and mechanical environment 
through the operation phases such as 
launch, reentry and landing. Conceptional 
design model is studied using the results 
to R&D of heat resistant materials and to 
heat resistant structural design. 
Structural configuration to heat resistant 
is to fit the thermal protection panels 
out of frame structure, in addition to 
mount the inboard thermal insulation 
material. Primary structural materials 
are carbon fiber reinforced polyimide (up 
to 300°C) and carbon-carbon (up to 1700 
°C) f thermal protection materials are 
ceramic tile, titanium alloy panel and 
carbon-carbon panel. 

Keyword: heat-resistant airframe 
structure, aerodynamic heating, structural 
configurations, primary structural 
materials, carbon fiber reinforced 
polyimide(C/Pi) , carbon/carbon(0/C), 
thermal protection system (TPS) 


1.INTRODUCTION 

R&D of HOPE started in 1986, and has 
carryed out the latter half of 
conceptional design. There are three 
technical difficulities on the 
development, (1) Determine to aerodynamic 
shape of orbiter, (2) Navigation, control 
and landing on an unpiloted airplane, (3) 
Development of heat-resistant materials 
and heat-resistant structural design to 
protect aerodynamic heating [1]. 

HOPE vehicle will be exposed to severe 
aerodynamic heating and loading conditions 
at launching, on-orbiting and re-entry 
phase. Also we are required to keep all 
the more payload weight by means of 
lightweight structural design and 
fabrications. To satisfy of these 

requriment, we develop the advance 
materials which are excellent heat- 
resistant properties and high specific 
strenght/rigid j.ty. And so we study 

heat-resistant airframe studies using 
those advance materials, and fabrication 
technique of airframe components. 


This paper introduce current status of 
conceptional design of HOPE heat-resistant 
structure. 


2.STRUCTURAL DESIGN REQUIREMENTS AND 
STRUCTURAL MATERIALS 

On the study of structural configuration 
of airframe, we set out the mechanical and 
thermal environment conditions during the 
flight. 

(1) Scale of the Vehicle 
On the first step, we studied total weight 
lOton vehicle to be able launch by H-II 
roket. But 1Oton vehicle could keep 

only 500 ^1 000kg payload weight. 


Table 1: Baseline configuration of 
20 ton HOPE 


Gross Weight 

20ton at Launch 


15ton at Return 

Payload Weight 

3ton at Launch 


5ton at Return 

Dry Weight 

lOton 

Wing Area 

60m 2 


Table 2: Applied mechanical load conditions 
to airframe in flight 


Overall Load 

Dynamic Pressure 

qm*jt = 5. toon/m 2 

M % 70ton*m 

S % 17ton 

Overall Rigidity 

Longitudinal 

30Hz 


Lateral 

10Hz 

t 

Acceration 

Longiludinal * 

5G 

(Static) 

Lateral 

0.7G 

Acoustic 


155dB (Overall) 
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Therefore, now more big vehicle (total 
weight 20ton) has been studying. We can 
heep about 3000kg payload weight to use 
the 2 0 ton HOPE. Table.1 shows main 
demensions of 20ton HOPE vehicle. 

(2) Load Conditions in Flight 

The applied loads on orbiter are 
invesigated each phase of handling, 
launch, on orbit, re-entry and landng. 
As the result, launching load is the 
biggest on each phase. Table 2 shows 

load conditions of launch and landing. 

(3) Thermal Environmental Conditions 
Thermal environmental conditions were 
evaluated launching, on orbit and re¬ 
entry, and surface temperature of orbiter 
were calculated to determine the 
employment temperature of primary 
structural materials(C/Pi,C/C) and thermal 
protection panels(C/C, ceramic tile, Ti 
multi wall). Fig.1 shows typical expected 
maximum surface temperatuture of orbiter 
at altitude - 75km, mach = 27 in a nominal 
trajectory. Table 3 shows employment 
temperature of C/Pi, C/C primary 
structural materials. Those temperature 
are an objective on the development of 
materials and structural design. 


Upper Surface View 


1200 


1400 


Lower Surface View 


Side Surface View 



Degree Celsius (°C) 


1200 





800 


1000 


Tmax. 1550V I 1 1200 

L 1400, 900 1000 jrnax. 1700 

Fig.1: Distribution of Surface temperature 


Table 3: Employed temperature of C/Pi, C/C 


Mat. 

Event 

Temperature 0 C 


Ascent 

Max. -130(For.Fuselage) 
Min. No Critical 

C/Pi 

On Orbit 

Max. 89(For.Fuselage) 
Min. -80(For.Fuselage) 


Reentry/Landing 

Max. 300(Overall) 

Min. No Critical 


Ascent 

Max. 317(Nose Cone) 

Min. No Critical 

c/c 

On Orbit 

Max. 51(Nose Cone) 

Min. -51(Nose Gone) 


Reentry/Landing 

Max. 1700(Leading Edge) 
Min. No Critical 


(4) Structural Materials and 
Airframe Weight 

Candidated materials consistient of warm 
structure were aluminum alloy, titanium 
alloy, carbon fibre reinforced epoxy and 
carbon fibre reinforced polyimide. Hot 

structural such as nose cone, leading 
edge, tip fin will be employed C/C 
material with deoxidization coating of 
SiC, Si0 2 . Table 4 shows airframe 

weight of 20ton HOPE for those candidated 
materials. C/Pi material will be able to 
lightweight about 20% compare with 
aluminum alloy. Fig.2 shows employment 
materials of each component on airframe. 


Table 4 


Comparison with structural weight 
for candidated materials 


TPS 


I n s 


TPS 


Ins 


£ 40- 


68% 



61% 

TPS 


TPS 

Ins 


I n s 

CC 


CC 

Metals 

etc. 


Metals 

etc. 


Major A I Ti C/Ep C/P i 

fprift| 

(Temp.) (177 X:) (400 IC) (160 *C) (300 X:) 


M : Major Material T . .. . 

> Primary Structure 
C C : Carbon-Carbon J 

Ins: Inboard Insuator 

Ceramic Tile assumed to TPS for each case 


mary Structure 


Cargobay Door 


m c/c 

I—| C/P i 


For. Fuselage 






Body Flap 
Aft. Fuselage 


Mid. Fuselage 


Nose Cone 


353 #* 

Nose Wheel Door 


U Rudder 

i* * 

Tip Fin 

Box Beam of Wing 


Elevon 









Leading Edge of Wing 


Main Wheel Door 


Fig.2: Employed materials of each component 





















3.STRUCTURAL CONFIGURATION 


Structural configuration was investigated 
in consideration of orbiter size, H-II 
roket interface, structural material 
properties and thermo-mechanical 
conditions. Structural concept and 
candidated structural materials are shown 
in fig.3(a) 

(1) Heat-resistant Structural 
Configuration 

To protect the airframe from severe 
aerodynamic heating as shown in fig.1, 
heat-resistant structure was made up of 
outer thermal protection panels, primary 
structure (C/Pi) and inner insulator at 
the warm structure (up to 1300°C), and 
also hot structure above 1300°C was made 
up of C/C primary structure and inner 
insulator. Fig.3(b) shows cross section of 
forward fuselage to be installed 
electronic equipments. 

(2) Structural Configuration of Fuselage 
Fuselage is semi-monocque structure which 
are used widespread on airplane. 


Middle fuselage has a big notched 
structure for cargo bay doors, so we must 
attend that wingload does not apply 
directly to middle fuselage. 

(3) Structural Configurations of 
wings and Tipfins 

Wings and tipfins are box beam structure 
consist of several spars, upper and lower 
plates. These structure resists to loads 
of shear, bending and torsion. 

(4) Substructure, Connection 
of Components 

Wings and fuselage were connected by carry 
through, so lift occured on the wings were 
transfered to fuselage. Because it 
appeared about 1 00 0 ° C temperature 
difference between hot structure(C/C) and 
warm structure(C/Pi) , we must considered 
the connection method which had functions 
of thermal insulation and thermal stress 
relaxation. Fig.3(c),(d),(e) show warm 

structure connections with hot structure 
nose cone, leading edge, tip fin 
respectivly. 


Data Recorder AR lnboad lnsulator 

Primary Structure 

Command Data fff { tt\\\ 

fggugl 

Ti TPS 


w 


Rudder and Speed Brake 


Ijc/c 


1. CFRP (C /Pi) 

2. CFRP + TPS 

3. C/C 

4. Metals 


Manoeuvring 
xEngins 
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4.HEAT-RESISTANT MATERIALS 

4.1 Primary Structural Materials 

(1) Warm Structural Materials 

Primary structural materials were required 
the properties of high specific strength 
and high specific rigidity on high 
temperature. Candidated materials for 

warm structure are aluminum alloy, 
titanium alloy, C/Ep, C/Pi. We 

performed trade off study for those 
materials with regard to structural 
weight, thermal-mechanical properties, 
fabrication of components, cost. 

As the result, although C/Pi must be 
investigated fabrication process and 
accumulation of thermal-mechanical 
properties, it is excellent material to 
make up lightweight airframe [2], [3]. 
Fig.4 shows trial producted C/Pi skin- 
stringer component. Fig.5 shows typical 
mechanical properties of C/Pi. 

(2) Hot Structural Material 

Hot structure heated up to 1700®C by 
aerodynamic heating was employed C/C 
material with excellent heat-resistant, 
high strength and high rigidity. Fig.6 
shows trial producted C/C skin-stringer 
component. 




Fig.6: Trial fabrication of C/C component 


4.2 Thermal Protection Panels 
Thermal protection panels are required 
properties of resuable, lightweight, 
mentenace, attaching to primary structure. 

(1) Ti Alloy TPS 

Ti alloy TPS is employed up to 550°C. 
Heat shield concept of TPS is shown in 
fig.7, thin flat sheet and dimple sheet 
are laminated alternately and soldered. 
Trial product was lightweight and 
excellent insulator. 


(2) Ceramic Tile 

Ceramic tile was fabricated to 
consistuents of A^O^SiC fibre and 
binder. These consistuents are mixed 

and sintered in the furnace. After that 
ceramic tile was coated to get high heat- 
resistant property to SiC^, B 2°3 / s i c * 
Thermal, mechanical, electrical properties 
of ceramic tile are shown in table 5. 

(3) C/C TPS 

C/C TPS consisted of three elements, C/C 
panel with heat-resistant coating, 
fasteners and thermal insulator. C/C 

panel was attached to the primary 
structure by post, and insulator was 
placed between C/C panel and structure. 
Fig.8 shows concept of C/C TPS. Fig.9 

shows photograph of C/C panel. 



When structural designer select to those 
TPS, structural weight is one of the 
important factor. Fig.10 shows relation 
of weight and employed temperature of TPS. 
The example of TPS arrangement is shown in 
Fig.11. The area over 1 300 r C are hot 
structure to be used C/C primary 
structural material. 


5.STRUCTURAL AND HEAT TRANSFER ANALYSIS 

Feasibility of conceptional design model 
were invesigated by structural and heat 
transfer analysis using above result. 

5.1 Structural Analysis 
Eigen frequency of airframe was calculated 
finite element model consist of 23 beam 
elements and 59 mass. Fig.12 shows main 


Fig.5: Mechanical properties of C/Pi 
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Table 5: Cbmposition, mechanical, thermal and 
electrical properties of ceramic tile 


Composition 
Coating 
Density 
Specific Heat 


Al 2 0 3 , SiC, Binder 
SiC, B 2 0 3 -Si0 2 CVD 
0.12 g/cm 3 
0,25 cal/g °C 


Thermal Expansivity 3.23 3c 10"® 1 / °C 


Bending Strength 


8.7 kgf/cm 3 


Dielectric Constant 1.15 


Dielectric Loss 


0.00016 


Screw 
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panel 





Structure Panel 


Fig.8: Concept of C/C TPS 
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mode and eigen frequencies of airframe. 
These frequencies are not satisfied to 
requirement of H-II rQket, so requirement 
will be reset to satisfy for orbitor with 
lower frequency. 


5.2 Heat Transfer Analysis 
Heat transfer analysis were performed to 
nose cone and a part of leading edge to be 
heated severe by aerdynamic. Finite 
element modeling were used to 
configuration as shown in fig.3(c)and 
fig.3(d). Heat transfer was calculated 

throug inner structure of nose cone and 
leading edge using time history of heating 
rate. Fig.13 shows temperature 

distributions of nose cone after 1000 sec 
from re-entry. 
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200 . 
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Fig.12: Eigen frequency and mode of airframe 
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20.9 



Fig. 13: Temperature distribution of nose cone 
by aerodynamic heating 


6.CONCLUSION 

Structural design of HOPE must be 
considered to thermal and mechanical 
conditions. Therefore we started to 

develop the high quality heat-resistant 
structural materials such as C/Pi, C/C, 
ceramic tile, titaniuam alloy TPS. Now 

we have acquired the acummulation of 
thermal,mechanical datum those advanced 
materials, and fabrication process of 
components. Conceptional structural design 
has been performed using load and 
temperature conditions, material 
properties. We can forecast the material 
properties of conceptional structural 
model. 
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The new space transportation projects (Sanger, Hotol, 
STAR-H, STS 2000, NASP, HERMES) have a challenge 
with their system mass performance. 

The traditional technologies lead to no feasible missions 
and improvements have to be performed in most of the 
domains. But, a very challenging area is the field of 
materials for high temperatures which are encountered in 
the engines (intakes, nozzles and combustion chambers) 
and in the airframe (nose, leading edges, flaps, rudders, 
ailerons). 

Due to the overall size of these systems, large surface high 
temperature parts are mandatory in order to increase the 
system reliability in decreasing the junctionnumber (seals, 
fasteners) and to decrease the overall mass. To be mass 
efficient, these large parts should be thin. The rigidity is 
provided by integrated stiffeners. 

Depending of the reentry atmosphere, two main types of 
environment constraints should be considered : 

- oxidizing environment 

- non oxidizing environment. 

For the oxidizing environment, SiC matrix have been 
selected and large parts (about 2 m2) have been 
manufactured under ESA-CNES contract demonstrating 
the availability and validity of the technologies. 

Material tests performed under plasma arc jet have shown 
the oxidizing resistance of the material. 

For non oxidizing environment (i.e. Planetary Reentry) 
carbon-carbon can be selected. SEP has studied and 
manufactured a conic shaped panel (about 0.35 m2) 
with integrated stiffeners. The skin thickness is 0.5 mm 
with no delaminable preform. 

In parallel, advanced facilities have been implemented 
under ESA-CNES contract to meet new manufacturing 
requirements, such as: 

- special processes which have been developed 

- large part size 

- reproducibility and reliability. 


The new space transportation projects which are dedicated 
to hypersonic vehicle have enlightened the need of 
technology improvement in many fields. Among all these, 
the problem of thermal protection against large heat fluxes 
induced by high enthalpy gas is very challenging. 

Due to geometry constraints imposed by the aerodynamics, 
the thermal protection concept is no longer valid and 
should be replaced by the thermostructural concept in 
which both functions, thermal and structural, are taken in 
charge by the same material. 

The size of the new space transportation vehicle is between 
50 m and 80 m long as far as they are defined today. 

This shows the requirement of large parts or assembly of 
small parts. 

In the past, as it has been demonstrated by the US orbiter 
experience, the trend was a decrease of the number of 
parts. (Apparition of chin panel in place of window tiles, 
decrease of tile number on the forward part) 

The main advantages are adesign simplification, adecrease 
ofjunctionnumber (seals,...) and then a reliability increase. 

For control surfaces US orbiterhas adopted a solution with 
cold structure protected by silica tiles. This system was 
possible thanks to the heat fluxes level and requested 
aerodynamic performances. For space plane, the 
aerodynamic drag is a challenge which will lead to thinner 
control surface in which it will not be possible (in relation 
with the heat flux) to design a similar system. But the 
junction analysis shows that the need of a cold structure is 
linked to the no availability of suitable material at the time 
of shuttle design. A thermal structure acting at high 
temperature as a structure will meet the functional system 
requirements. 

In order to be compatible with the mass budget, the 
material should have mechanical properties, and be 
available in low thickness. 

The design of such a part will be comparable to current At 
aeronautic structures (ribbed and stiffened skin) but adapted 
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to the process. A design to process is necessary in order to 
compromise and then optimize the parts. 

The skin thickness is an important driver to meet the mass 
budget requirements and the technology has to place skin 
as thin as possible at the disposal of the designer. 

It is the reason why SEP has developed thin preforms for 
thermostructural parts. 

An other driver to select material is the environment to 
which it will be exposed. 

In most of case, the environment is an oxidizing 
environment by direct presence of oxygen as on Earth, or 
by indirect presence of oxygen (after gas dissociation) as 
on Mars. Then no oxidation sensitive material is required. 

SEP has selected Ceramic matrix composite to withstand 
oxidation environment and specifically Silicon Carbide 
matrix. Indeed, a carbon-carbon material coated with non 
oxidizing surface treatment (SiC or other) has to withstand 
mechanical loads with the carbon-carbon core, and need 
an extra thickness for the coating. This coating thickness 
is depending of the environment mission requirement and 
not depending of the mechanical loads. Then, if that extra 
mass does not jeopardize the mass budget for thick parts, 
it can more than double the efficient mass of thin shell (for 
instance .5 mm coating on each side for a C-C core of .5 mm). 

2. PRODUCTION OF CARBON- 
CARBON OR SILICON CARBIDE 
COMPOSITES 

The production of caibon-carbon or silicon carbide matrix 
composites is made up of three basic stages (Fig. 1) 


At the first stage, a textile preform is created. This preform 
is obtained in the traditional manner by preparing a stack 
of carbon woven fabric layers. 

To improve mechanical performance of composites the fiber 
ratio by volume of the preform is increased by compaction of the 
stack in a special tool. 

To be compatible with the procedure of gaseous processing 
of the silicon carbide of carbon matrix the fiber ratio by 
volume is generally 45%. 

With carbon fiber, three directional textures are also 
achieved: 

- Novoltex ® texture with average mechanical 
characteristic is well suited to great thickness. It is 
used mainly for C-C brakes, nozzles, heat shields 
and fasteners. This preform is used to transfer 3D 
mechanical loads. 

- Skinex ® texture with high mechanical per¬ 
formance is specifically designed to meet the 
requirement of thermal mechanical structures made 
upofthinstiffenedskins. (e.g.spaceplanehotstructure). 



CARBON Cor SiC DENSIFICATION MACHINING 
OR SiC BY GAS INFILTRATION AND FINISHING 
TEXTILE 
PREFORM 

Fig 1 : CARBON-CARBON OR SILICON CARBIDE MATRIX 
COMPOSITES MANUFACTURING PROCESS 
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the second stage, the carbon or silicon carbide matrix is 
positioned in the preform. The carbon or silicon carbide is 
obtained by the cracking of gas circulating through the 
carbon preform which is maintained at high temperature in 
a specific infiltration furnace (Fig. 2). Several infiltration 
cycles are repeated until the optimum densification of the 
preform is obtained, correspondingto the SEPCARB RC- 
C density of 1,750 kg/m3 or SEPCARBINOX R C-SiC 
density of 2,100 kg/m3. 

The residual open porosity of the densified blanks is 
generally in the region of 10% by volume. 

At the third stage, the blanks are machined and undeigo 
various finishing operations. In particular surface treatments 
are performed in order to improve the resistance of the C- 
SiC to oxidation and especially to provide effective 
protection of the carbon fiber-based reinforcement for the 
whole range of potential operating temperatures. 

3. CHARACTERISTICS OF 
CARBON-CARBON AND CARBON- 
SILICON CARBINE MATERIALS 

Carbon fiber reinforced carbon matrix is a very large 
family of materials which are characterized by : 

- high thermal shock resistance 

- mechanical strength maintained up to 2,500°C 

- very high sensitivity to oxidation effects thus 
limiting life time under air environment above 
400°C unless protected by a coating system. 

Carbon fiber reinforced silicon carbide matrix materials 
provide remarkable mechanical characteristics in 
comparison with standard materials. The main 
characteristics can be summarized as follows: 

- high specific mechanical strength which is 


maintained at temperatures above 1,700°C 

- high oxidation resistance due to m atrix composition 

- high level of toughness ensuring an excellent 
resistance to thermoshock and impactplus providing 
a non-catastrophic failure mode. 

These properties are the result of carbon fibrous 
reinforcements, especially with respect to crack growth 
which is related to the absorption of energy resulting from 
the stress applied (Fig. 3). 


ABSORBED ENERGY 



Fig 3 - CRACK TOUGHNESS TEST 
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51 
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51 
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0.9 


0.9 

NA 
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10 ®/°F 

(10-V°K) 
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2.8 

(5) 

NA 


Specific Heat 
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Total Emissivity 



0.8 


0.8 
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Table 1 - 2D C-SiC CHARACTERISTICS 
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Indeed, unlike unreinforced monolithic ceramics, the 
fibrous component inhibits crack growth in the silicon 
carbine matrix. 

The main mechanical and thermal characteristics of 2D C- 
SiC are specified in Table 1. 

C-C properties particularly ACC ones well known and 
described in several references. 

C-SiCischaracterizedbylowdensity,high rupture strengths 
associated with good elongation, high shear strength and 
low coefficients of expansion, both at ambient and at high 
temperature. In comparison with conventional carbon- 
carbon material, the C-SiC higher elongation capacity 
facilitates part and assembly designs. 

Figures 4 to 11 show some typical characteristics of C- 
SiC. Figure 4 shows the behavior under tensile stress at 
ambient temperature. A nonlinear behavior of the material 
is noted from the origin. This is explained by the multiple 
cracking of the matrix during manufacture of the material 
due to differential expansions between the carbon fiber 
andthesiliconcaibidematrix. We can also note apermanent 
setthe amplitude of which increases with the level of stress 
applied, the modulus at the origin remaining practically 
constant 



AM Bl ENTTEM PE RATU RE 


C-SiC coated with a specific treatment improves its 
oxidation resistance life time as showed in the Table 2. 

Figure 5 shows the behavior of the C-SiC under tensile 
stress at high temperature up to 1,500°C. The tests were 
perforated under a neutral atmosphere and also under air 
atmosphere. The behavior of C—SiC remains practically 
unchanged up to 1,500°C. 

Figure 6 shows the excellent behavior under mechanical 
fatigue at ambient temperature. After 10 6 cycles at 100 Hz, 
tensile/compression loads from —150 MPa to 150 MPa 
(i.e. 40% of the tensile rupture strength), residualproperties 
identical to those initially measured can be noted (rupture 
strength of 370 MPa, elongation = 0.9%). 


TEST PARAMETERS 

RESIDUAL/ 

ULTIMATE 

TENSILE 

STRENGTHS) 

Cycle definition 

Plateau temperature: 1,550°C 
Tlateau time exposure: 20 minutes 


80 cycles (=27 hours) 

80 

Tensile prestressing: 150 MPa 
(40% of ultimate strength) 
Temperature: 1,550°C 

Time exposure: 9 hours 

Permanent tensile stress : 150 MPa 

93 

Temperature: l,550 o C 

Time exposure: 6 hours 

88 

Stress:. 0 to 150 MPa 
. 0.1 hertz 

Temperature: 1,450°C 



Time exposure: 3 hours 93 

TABLE 2 - RESIDUAL STRENGTH AFTER AGEING 
IN0XIDIZINGATM0SPHERE 


Numerous fatigue tests were conducted at room temperature 
under various frequencies from 20 Hz to 100 Hz, tensile/ 
tensile loads up to 80% of strength or, tensile/compression 
loads up to 75% of tensile strength. After 10 6 cycles the 
material has essentially the same properties. 

Fatigue tests under tensileAensile loads were implemented 
under a neutral atmosphere at temperatures up to 1100°C. 
The main results are shown in Figures 7-8-9. After 10 s 
cycles, residual tensile strengths are identical to those 
initially measured at any fatigue stress level up to 75% of 
the initial tensile rupture level. 



Fig 5 - TENSILE TESTS AT HIGH TEMPERATURE UNDER 
INERT ATMOSPHERE AND UNDER AIR 
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Fig 6 - T/C FATIGUE TEST AT AMBIENT TEMPERATURE 
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Fig 7 - T/T FATIGUE TESTS AT VARIOUS TEMPERATURES 
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Fig 8 - T/T FATIGUE TESTS AT VARIOUS TEMPERATURES. 
- RESIDUAL MODULUS (10 5 CYCLES) 



Fig 9 - T/C FATIGUE TESTS AT VARIOUS TEMPERATURES. - 
RESIDUAL STRAIN (10 5 CYCLES) 



Fig 10 - TEST AT AMBIENT TEMPERATURE AFTER 

OXIDATION IN AIR 

Figure 10 shows the mechanical behavior of C-SiC after 
tensile prestressing and thermal ageing simulating the 
stresses planned for these materials in their application to 
Hermes thermal structures. 

After 15 cycles at 1,550°C, representing an accumulated 
exposure time of 5 hours, the mass loss is lower than 1.2% 
and the mechanical behavior remains good. 

The oxidation tests are performed on 3 mm thickness 
tensile test samples in air at normal atmospheric pressure. 

Based on SKINEX ® 3 directional carbon fiber textile 
preforms, quasi in-plane isotropic C-C and C-SiCmaterials 
are produced. 


CHARCTERISTICS 

AT ROOM 
TEMPERATURE 

RUPTURE 

STRENGTH 

(MPa) 

RUPTURE 

STRAIN 

<%) 

MODULUS 

(GPa) 

AT 

ORIGIN 

AT 

0.3% 

AT 

0.3% 

Tensile 

220 

0.9 

50 

25 

20 

Compression 

350 

-0.45 

50 

70 


In-plane shear 

2300 

>1 

20 

20 

20 

Interlaminar shear 

<30 



1 



MATERIAL THICKNESS : 2 mm to 10 mm 
MATERIAL TEST DIRECTIONS : 0° - 45° - 90° 


TABLE 3 - SKINEX R C-SiC CHARACTERISTICS 
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They are characterized in particular by high shear strengths. 
Main C-SiC characteristics are given in Table 3. 

These values remain unchanged for any in-plane material 
directions (0° 45° 90°) and for thicknesses up to 10 mm. 

On the basis of these thermal mechanical characteristics 
associated withhigh chemical stability, C-SiC composites 
can be considered to be materials with exceptional 
performance, suitable to replace traditional materials, 
refractory alloys and ceramics, and also heralding the 
development of highly advanced new thermal protection 
systems. 

4. APPLICATIONS TO THERMAL 
STRUCTURES AND PROTECTION 

Two examples of applications under development are 
givenhere after: the European space plane Hermes and the 
Cassini mission probe Huygens. 

Hermes will be used for space transportation to earth orbit 
and will meet an oxidizing environment during reentry to 
earth. Thus, the improved oxidation protection of C-SiC is 
better suited to meet thermal protection and structures 
requirements. 

The Huygens probe will explore the moonTitan during the 
Cassini mission to Saturn. Since the Titan atmosphere is 
non oxidizing, C-C thermal structures and protection have 
been selected for this application. A panel demonstrative 
of a potential aerobraking system has been designed, 
manufactured and tested. 

4.1 HERMES 

SEP is developing thermal protection and structural parts 
for the Heimes space plane in cooperation with Dassault 
Aviation, under contract to CNES and on behalf of ESA 
(Fig. 11). 



4 A2 Thermal structures 

Two types of thermal structures are included on Hermes: 

- Aerodynamic stagnation point parts which 
are locally very hot with high surface thermal 
gradients. These are the wing and vertical 
stabilizer leading edges and the nose. 

Complex shaped parts are made up of skin and 
stiffeners forming box structure cooled by heat 
reradiation. 

- The vertical stabilizer and control surface 
parts in which the concept of thermal protection 
around a cold structure cannot be used due to the 
low thicknesses available (<300 mm). 

The large-sized parts with dimensions of more than 2 m 
are subjected to greatmechanical loads (bending, twisting, 
etc...) at high temperatures (>1,300°C and up to 1,700°C 
locally). 

They are made up of skins and stiffeners integrated during 
manufacturing or prepared separately and assembled after 
manufacturing. 

Anexample of an integrated skin-stiffenerpartis a prototype 
Heimes wing leading edge panel made of C-SiC. This 
panel is made from skin and stiffeners linked by SiC CVI 
process at an intermediatelevelofSiCmatrixdensification. 



Fig 12 - C-SiC LEADING EDGE PANEL ON TEST 
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Figure 11 - THERMAL STRUCTURE OF HERMES IN C-SiC 


Fig 13 - TEST CONDUCTED ON A C-SiC LEADING EDGE 
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This leadingedgepanel was tested undercombined thermal 
and structural loads in a solar facility in Spain (Fig. 12). 
Figure 13 provides the thermal and structural test conditions. 
Post test analysis indicated approximately 1.8% mass loss 
and high residual mechanical properties. 

This result is in very close correlation with oxidation 
resistance characterization tests performed on laboratory 
coupons made of the same oxidation protection materials. 

The second manufacturing technique used, consisting of 
mechanical fastener assembly, is illustrated by a 
thermostructural test article representing the Hermes 
winglet structure (Fig. 14). 


This test article was used to demonstrate technologies 
developed in materials and processes, 



For that purpose we used Skinex R , a 3D carbon fiber 
texture developed by SEP to produce a strong thin-skinned 
optimum weight part (Fig. 15). 

Special manufacturing technologies, densification 
adjustments and new tooling design were developed to 
produce C-SiC large parts and to control distortions or 
geometrical variations. 



Fig 15 - TEXTILE PREFORM OF WING BOX OUTER SKIN 



Fig 16 - SKINEX ® C-SiC OUTER SKIN 



Fig 17 - SKINEX ® C-SiC SPAR BAR 



Fig 18 - WING BOX PART BEFORE FINAL ASSEMBLY 
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Outer skins (Fig. 16) and spar bars (Fig. 17) were 
manufactured with success and delivered in mid 1990 to 
Dassault Aviation for assembly and testing. 

The outer skin is 1.6 m long and 0.6 m wide, with 
thicknesses varying from 1.9 mm to 9.9 mm in spar 
assembly zones. It weighs about 12 kg. 

The spar bars are 1.8 m long and about 0.2 m wide with a 
constant thickness of 3.5 mm. The mass of one spar is less 
than 3.5 kg. 

The C-SiC parts will be secured by very high temperature 
resistance metallic fasteners (<1,300°C) currently 
developed in Europe. 

However, such an assembly (Fig. 18) will not withstand 
very high heat fluxes and induces a limitation of the C-SiC 
part thermal capabilities. 

In addition, due to the specific gravity of the used metal 
(over 8), the mass budget is considerably increased. An 
alternative is constituted by ceramic fasteners. 
Development of advanced ceramic composite fasteners 
engaged at SEP will continue in order to utilize the high 
temperature characteristics of C-SiC structures when 
assembled mechanically. 

Prototype C-SiC screws, hinges and attachments systems 
have been fabricated and are in evaluation (Fig. 19). 



Fig 19-C-SiC FASTENERS 


New manufacturing techniques are now in progress at SEP 
in order to perform integrated skin stiffened C-SiC 
monolithic parts. 

Some advantages for advanced large C-SiC 
thermostructures are: 

- reduced number of detail parts 

- improved shear strength and reliability of skin 
stiffener assembly 

-improved design of complex architectures by 
eliminating mechanical assembly 

- increased thermal/life performance by eliminating 
fastener restrictions 

-lower weight by reducing local overthickness 
needed for mechanical fasteners. 

These technologies have been already used by the past to 
achieve complex shapes, such as a nose cap. 


It may be concluded, then, that with the development of 
thin quasi 3D carbon reinforcement combined with a 
silicon carbidematrix CVIprocess and an online production 
facility which can produce lull scale structural parts, the 
capability currently exists for the design and fabrication of 
advanced thermal mechanical structures for hypersonic 
space plane vehicles. 

4.2 Huygens aerobraking device 
demonstrating panel 

The Cassini spacecraft mission to Saturn is a joint NASA/ 
ESA project and includes a secondary probe, Huygens, 
which will explore the atmosphere and possibly the surface 
of Titan, the greatest moon of Saturn. 

SEPhas been selected to design the thermal protection and 
aerobraking device of the Huygens probe during the Phase 
A study (Fig. 20). 


Aft cover 


Decelerator 


Aft cone 


Forward cone 


Nose cap 



Fig 20 - HUYGENS PROBE 

SEP is priming a Technology and Research Program 
under ESA contract during which a demonstrative 
aerobraking device panel has been studied, manufactured 
and tested. As the Titan atmosphere is non oxidizing C-C 
material can be used. 

In the Huygens project, this aerobraking device, naiped 
decelerator, is made of six C-C panels linked together by 
a fish-plate and fastener system. The C-C skin is .5 mm 
thick, reinforced by stringers andtiffeners. Its outer diameter 
is 3.1 m and inner diameter is 1.65 m. 

During the TRP, a conic shape panel (60° angle, 550 x 680 
mm) has been developed and manufactured (Fig. 21). 

Its .5 mm thick skin is made of no delaminable preform as 
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Fig 21 - HUYGENS PANEL 

well as the stiffeners and stringers (2 mm thick). The 
thermostructural welding technic is used to joint skin and 
beams. 3D Novoltex R carbon-carbon is also used in the 
link area in order to insure 3D load transfer. 

Mechanical, thermal, dynamic analyses including large 
displacement analysis have been performed. Tests will be 
made to correlate with analysis results. 

5. CONCLUSION 

SEP has developed a family of C-C and Ceramic Matrix 
Composite materials with high thermal mechanical 
performance that are available for the design and production 
of parts subjected to high mechanical stress and operating 
at very high temperatures. 

Testing to date and the developments in progress confirm 
the enormous potential of these materials, especially C- 
SiC for use in oxidizing environments. 

Considerable industrial facilities have been provided to 
meet the requirement of the manufacture of complex and 
large-sized parts. Several silicon carbide infiltration 
furnaces of significant capacity are currently available at SEP. 

SEPCARB R C-C and SEPC ARBINOXR C-SiC material 
families thus appear to be well suited and ready to meet the 
thermal protection and thermal structural needs of advanced 
space plane, spacecraft and planetary probes. 
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Abstract 


The National Aero-Space Plane is a program 
conceived in 1986 by the United States' Defense 
Advanced Research Projects Agency, to develop and 
demonstrate in flight, the technologies necessary 
for hypersonic flight including single-stage- 
to-orbit (SSTO) and cruise at sustained mach 
numbers. In order to do this, a number of 
technologies, propulsion, structures, 
aerodynamics, computational fluid dynamics 
(CFD), and materials must be matured to the point 
that hypersonic flight is practical. This paper 
will show the progress that has been made in the 
critical areas of materials and structures. It 
will highlight advances in propulsion, 
computational fluid dynamics made possible by high 
materials such as titanium alurainides and 
carbon-carbon. Finally, the paper will conclude 
with an examination of the utility of hypersonic 
flight both in terms of a single-stage-to-orbit 
mission, and the canroercial potential for 
hypersonic flight. 


Introduction 


The National Aero-Space Plane is a program which 
will, for the first time, develop all of the 
necessary technologies to achieve single- 
stage-to-orbit (SSTO) flight. This program was 
conceived in the early 1980s fcy a group of 
dedicated individuals in the Defense Advanced 
Research Projects Agency (EARPA). That activity 
began by asking the question, "Is there any reason 
why one cannot fly a vehicle single-stage-to- 
orbit?" Finding none, the program was launched. 

The formal announcement of the National Aero—Space 
Plane was given by President Reagan in his 1986 
State of the Union Address, when he committed the 
United States to building an airplane which he 
called the Orient Express, and which had the 
capability of flying from Washington to Tokyo in 
two hours. With this as the national challenge, 
the National Aero-Space Plane Program was born. 

In order to realize Mr. Reagan's vision, it became 
apparent that we would, as a nation, develop nany 
critical technologies. All of them necessary for 
single-stage-to-orbit. It is those technologies 
for SSTO that are currently driving the program. 
However, before a comnitment to any production 
system, all the technologies would be demonstrated 
in flight on the X-30 experimental airplane. 

By applying the stringent requirements of single- 
stage-to-orbit, we began the process of 
developing the materials and structural concepts 
necessary for the aircraft to survive in an 
extremely hostile environment. We also began the 
development of the air breathing propulsion 
necessary to power such a vehicle. The 
requirements on the aerodynamics community are 
tremendous in that there are no wind tunnels which 


will give the necessary run times, which in turn 
will produce the type of data necessary for such a 
vehicle. This establishes the requirement for 
the new generation of super computers to perform 
the aerodynamic calculations and predictions 
necessary for such a vehicle. Finally, there is 
the development of the techniques necessary to 
manage the flow of liquid hydrogen throughout the 
vehicle so that we may recover the heat otherwise 
lost. Heating the hydrogen fuel prior to 
injection into the engine enhances the engine 
performance. 


The Environment 


The National Aero-Space Plane (X-30) is truly an 
airplane. As seen in Figure 1, we are dealing 
with an airplane. We must develop the design 
criteria and loads which are typical of an 
airplane. These design loads will encompass 
everything from the usual flight loads to high 
temperature effects, and will include the ground 
handling loads. All are necessary in order to 
have an adequate aircraft design. In addition, 
one will note the need to have some means of 
fueling this very large liquid hydrogen container. 
As is obvious from Figure 2, the National 
Aero-Space Plane will fly a significantly 
different trajectory than that of the Space 
Shuttle. 


Since the Space Shuttle is not an air breathing 
system, the shuttle must exit the atmosphere as 
rapidly as possible. It operates in an area of 
relatively lew dynamic pressure and has no need to 
process oxygen. The National Aero-Space Plane on 
the other hand, must fly in a sensible atmosphere 
for a relatively long time, up to 30 minutes, in 
order to burn the liquid hydrogen on board, and 
accelerate to near orbital velocities. The flight 
profile is set by the propulsion system need for 
oxygen at dynamic pressures up to 2,000 lbs./sq. 
ft., temperatures on the structures are typically 
limited to 2200°F. It is at this temperature 
limit that the X-30 begins to pull up, using a 
small rocket to not only circularize the orbit, 
but to push out of the atmosphere. 


The internal environment must accommodate the 
liquid hydrogen fuel. The structures or tankage 


must accommodate the thermal stresses associated 
with the cool down to -427°F. On the other hand, 
actively cooled engine panels will see 
temperatures in excess of 1500°F. These engine 
panels must also survive sound pressure levels of 
over 160 decibels. Because of the embrittling 
nature of hydrogen, the designer's choices are 
severely restricted. 


Finally, data to date has indicated that there are 
significant increases in local heating where shock 
waves coalesce and then strike the structure. 


Proc. Jntemar. Conf: 'Spacecraft Structures and Mechanical Testing \ Noordwijk, The Netherlands , 
24-26 April 1991 (ESA SP-321, October 1991) 


I 


294 


Materials and Structures Augmentation Program 

(MASAP) 

Early in the program it became apparent that all 
of the Industry participants were using the same 
general classes of materials, carbon-carbon, 
titanium matrix composites, titanium aluminides 
and high conductivity materials such as graphite 
copper and beryllium. The joint program office 
(JFO) also recognized that to continue in a form 
of competition would be counterproductive. Thus 
the NASP MASAP was born in March 1988 (See Figure 
7). 


Heating rate multipliers of 50 or more can cause 
severe local heating on such things as cowl and 
wing leading edges (See Figure 3). 

Configuration 

As with most canplex questions there are a variety 
of solutions. The National Aero-Space Plane has 
looked at a minimum of four different 
configurations as shown in Figure 4. The original 
Government base line put forth by duPont Aerospace 
basically had a cylindrical fuel tank sitting atop 
the wing. This configuration does have merit in 
that it allows the forebody to provide the 
compression necessary for a supersonic combustion 
ramjet (scramjet) engine. 

The blended body configuration also has the engine 
on the lower surface, using the lower surface to 
canpress the air. The difference between the 
blended body and the cylindrical body is in the 
structural arrangement. The cylindrical body 
tends to be long and requires extreme stiffness, 
whereas the blended body has inherent stiffness. 
The cone, or the non-lifting fuselage, maximizes 
the amount of engine inlet area to the vehicle. 

In that particular configuration, however, changes 
in angle of attack make marked changes in the way 
each individual engine processes air, and thus the 
thrust of this vehicle is continually changing. 
This in turn, leads to an extremely complex 
engine/flight control system. Finally, the 
contained flow field approach is an excellent 
configuration for a point design. The X-30 must 
fly at all mach numbers between 0 and 24 as 
opposed to being optimized for a single roach 
number such as the Concord. Thus, the wing body 
and the blended body configurations appear to be 
more suited to the X-30. 

In Figure 5, one begins to get an appreciation of 
the need to blend the engine and the airframe into 
a single entity. This also adds to the structures 
and materials challenge of the X-30. The shape of 
the inlet and forebody are dictated by the engine 
and the performance desired from the engine. The 
aft body is also key to engine performance. It is 
the shaping of these and the use of potentially 
actively cooled structures which begin to shape 
the materials and structures needs of the 
airplane. 

Computational Fluid Dynamics (CFD) 

As a nation, we had modest computational 
capabilities in 1986. The first of the super 
computers were coming on line, and we could 
calculate with great accuracy the flow fields 
around subsonic and supersonic aircraft. We had 
the ability to go frau wind tunnel predictions and 
flight predictions to correlations of data. With 
the advent of the X-30, a new level of complexity 
was introduced. The problems associated with the 
viscous effects of the air and as we performed 
calculations in the engine, the chemistry effects 
as the oxygen combines with the hydrogen fuel. As 
can be seen in Figure 6, we have used the GRAY 
computer system to perform calculations on a 
typical X-30 inlet. We are getting good agreement 
between wind tunnel data and CFD predictions. 


It was determined that each of the competitors. 
General Dynamics, McDonnell Douglas, Pratt & 
Whitney, Rocketdyne, and Rockwell, would be 
responsible for the development of particular 
materials systems. Thus, the objectives of the 
program were to develop and characterize those 
specific materials which met the requirements 
established by the group. In the case of titanium 
aluminides, for example, Rockwell, General 
Dynamics and McDonnell Douglas would each develop 
the requirements for titanium aluminide materials. 
It would then be up to Rockwell to develop and 
characterize the materials and the processes 
necessary to meet their cwn requirements as well 
as those of their airframe competitors. Each 
company would develop the processes for their 
particular material. These processes would, of 
necessity, be repeatable and provide the sort of 
material necessary to meet the requirements. 
Structural components would be built and tested, 
and finally, the program would have sheets of 
materials produces in sizes up to 4 ft. x 12 ft. 


The program itself is managed by the joint program 
office, and technical management is done by the 
Wright Research Development Center Materials and 
Flight Dynamics Laboratories. A Joint Management 
Team is made up of individuals from Industry 
representing each of the companies, which in turn 
reports to an Executive Steering Canmittee made up 
of the program managers from each of the five 
companies. This is a three year program worth 
approximately $136M. The basic philosophy and flew 
is shown Figure 8. It begins with a Master 
Planning and Control Document (MCD) which takes 
the entire program, lays out a schedule, and then 
becomes the management tool for the program. 

Next, we define the requirements. These are the 
requirements for the X-30. They deed, with 
strength, stiffness, durability, fracture 
toughness, hydrogen compatibility, etc. This set 


The underlying principle of the program would be 
team participation. For example, even though a 
company was responsible for developing high 
conductivity composites, they would oversee and 
integrate high conductivity composite activities 
going on at Pratt & Whitney, General Dynamics, 
Rockwell, and McDonnell Douglas. By having one 
company concentrating on a material, they had the 
leadership role. The others would share in the 
results as well as make a contribution towards 
making the materials work. The individual 
contractors had associate contractor agreements 
which were necessary so that they could not only 
share the results of this funded activity, but 
they could also share their independent research 
and development activities. 
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of requirements provides the guidance to the 
material developers. If a material does not meet 
a requirement, it is dropped. The materials and 
process and development activity sets out to look 
at material constituents which will yield those 
materials which will meet the requirements. Small 
lots of the material are made and processed, and 
then are characterized in task four. It is this 
material characterization that is used to develop 
the design allowable which is used to design the 
X-30. In fabrication development, we are 
attempting to make small structural details joint, 
extrusions, Ts, angles, the sorts of things that 
are necessary to gather structural data. In 
addition, we learn how to weld, drill and form the 
materials which has come from Task 3. Once we are 
satisfied that we can manufacture parts from the 
particular material, we then scale-up and make 
large components utilizing the 4 ft. x 12 ft. 
sheets of material. It is that detailed parts 
fabrication and the big test articles which then 
lead to the major component tests in the X-30 
program. 

The X-30 has been able to manufacture large parts. 
These have included titanium aluminide components. 
Panels up to 30 in. x 8 ft. long have been 
manufactured (Figure 9). Thus, we have 
demonstrated the capability to superplastically 
form and diffusion bond these materials into large 
panels. This was done by the North American 
Rockwell Corporation in their facility at El 
Segundo, California. McDonnell Douglas has 
successfully manufactured several large titanium 
aluminide/silicon carbide reinforced parts. These 
large panels, again on the order of 4 ft. x 8 ft. 
(Figure 10), were successfully done on company 
IR&D and funding from the National Aero-Space 
Plane. General Dynamics and its subcontractors, 
Super-Temp and Rohr, have made large structural 
panels. In Figure 11 is a 4 ft. x 10 ft. long 
integrally stiffened panel made by B.F. Goodrich 
Super-Temp. That panel has not been coated 
because the United States does not have a facility 
large enough to coat a ten foot long panel. 
However, the U.S. is in the process of rectifying 
that situation. In the high conductivity 
composite area, the program has examined graphite 
reinforced copper which has extremely good thermal 
characteristics and strength for engine type 
applications. Beryllium is also a high 
conductivity material, and is being examined. 

Both the copper and beryllium exhibit excellent 
hydrogen resistant characteristics. Hiese 
materials are necessary in order to deal with the 
high heating rates associated with the engine and 
the nozzle. Last but not least, Pratt & Whitney 
is attempting to develop materials which can 


survive the high temperature high stress 
environment of the engine without exhibiting 
unwanted creep which could potentially lead to the 
degradation of engine performance or the outright 
rupture of the parts. It is this challenge which 
has forced the abandonment of gamma titanium 
aluminide material as the material of choice in 
the engine for high pressure applications. 

Status 

The X-30 (Figure 12) is currently in the process 
of developing a single configuration. Up to now, 
there have been three competing airframe companies 
and two competing engine companies. For a variety 
of reasons, not the least of which is funding, we 
have chosen to develop a single configuration. 

This configuration is being generated by a 
national team made up of the five participants 
already named. Once that configuration is 
solidified, we will begin working to scale-up the 
processes previously developed in the Materials 
and Structures Augmentation Program. This will 
allow the routine manufacture of these materials 
by companies within the United States. This 
materials and process scale-up program, which will 
begin in March 1991, will lead to the routine 
production of materials of very high strength, 
very high temperature capability and minimum 
weight, which will serve the needs of the X-30. 

Conclusion 

This paper has discussed the origins of the X-30 
and the fact that the X-30 is a demonstration 
vehicle. A truly experimental airplane following 
in the footsteps of the X-15. Unlike the X-15 
however, we see the demonstration of critical 
hypersonic technologies leading to things like a 
Space Shuttle replacement and perhaps Mr. Reagan's 
dream of an Orient Express. We see, however, the 
prime function of these technologies is in the 
earth to orbit vehicles supporting America's 
thrust into space with Space Station Freedom. The 
second greatest challenge (propulsion being the 
first), to making the X-30 a viable airplane, is 
the materials development program. It is through 
the innovative thinking and management expertise 
of dedicated people in both Government and 
Industry that will make the materials and 
structural concepts for the X-30 a reality. 
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ABSTRACT 

Afler a brief presentation of the general principles of the 
Thermal Protection and 'Mot .Structure" design for the 
space shuttle HERMES, the 'Shingle-type thermal 
protection, made of thin C-SiC ceramic composite 
panels protecting a very light multi-screen insulation, is 
explained in greater detail. 

A description is provided of the technical requirements, 
as well as of the particularly complex numerical 
simulations and tests that have to be conducted for 
analysis of all phenomena (thermoelastic, acoustic, 
aeroelastic, internal venting, oxidation, etc.) that have to 
be sustained by the shingles. 

finally is presented the generalized CAD-CAM tool 
that is needed for automated designing and analysis, 
and for the production of the hundreds of shingles 
which, although all being quite similar, show some 
distinctive features. 


1. INTRODUCTION : 

GENERAL DESIGN OF THE HERMES SHUTTLE 
THERMOSTRUCTURES 
AND THERMAL PROTECTIONS 

The I Icrmcs space shuttle has to sustain, during reentry, 
considerable kinetic-origin heat fluxes (sec Fig. 1), which 
lead to temperatures ranging from 900°C to 1300°C on 
the lower surface and reaching 1600°C on the nose and 
1 500°C on the control surfaces ; the hot phase during 
reentry lasts roughly 20 minutes. 

The following solutions have been developed for the 
space shuttle to withstand this environment: 

• an external thermal protection, for areas in which the 
purpose is to maintain ihc internal structure, and 
what is contained in it, at a low temperature level 

(i.e. < 175°C) 

I his thermal protection itself includes two types of 
hardware : 

■ 'Shingles' (termed RFI), for areas where the wall 
temperatures range from 650°C to 1300°C ; these 
shingles are made of rigid, ceramic composite, 
panels which protect an ultra-light insulant made 
of reflective screens. I hc shingles arc suitable for 
the whole of the lower surface of fuselage and wing 
and for the upper surface of the forward fuselage 
(sec Fig. I) 

• insulants (termed FEI): 'flexible blankets' made of 
Silica fiber-base fabric and felts, for the least hot 
areas (< 650°C) on the upper surface. 



0 



• hot structures, which directly carry the mechanical 
loads under high temperatures (up to 1600°C) and 
without any internal insulation ; they include : 

■ the nose 

■ the leading edges 

■ the wing tip fins (winglet) 

■ the control surfaces (body flap, elevons, rudders) 

1 he above only became envisageable solutions with the 
use of ceramic matrix composite materials (the 
SEP-manufactured C-SiC and the doped matrix C-C, 
made by AS-AQ), being capable of withstanding very 
high temperatures (beyond 1600°C for C-C) and 
relatively oxidation-resistant, and offering appreciable 
mechanical strength (from 200 MPa to 350 MPa for 
C-SiC). 


DASSAULT Aviation is responsible for the overall 
design of the Subsystem Thermal Protection and Hot 
Structures on Hermes ; the work on design, 
manufacture and qualification of the shingles is 
conducted in cooperation with the associated partner 
industries, SEP and MAN-Technologie. 


Proc. Internat. Conf: ‘Spacecraft Structures and Mechanical Testing \ Noordwijk, The Netherlands , 
24-26 April 1991 (ESA SP-321, October 1991) 
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2. TECHNICAL REQUIREMENTS FOR THE 

SHINGLES 

The technical requirements, apart from those relative to 
reusability Tor the specified life (15 years or 30 flights) 
are as follows : 


3. DESCRIPTION OF THE SHINGLES 

The Hermes cold structure, made of Aluminium, will be 
protected by 836 shingles covering the whole of die 
lower surface and the forward portion of the fuselage on 
the upper surface. 


• to maintain the external spaceplane shape, with a 
surface condition that must prevent premature 
boundary layer transition (risk of considerable 
overheating) 

• to provide high emissivity on the external wall 
(c 0.85) so as to reduce its temperature through 
maximum thermal radiation 

• to use non-catalytic coatings to prevent exothermic 
recombination of the dissociated chemical species in 
the aerodynamic flow at the wall 

• to fulfil the function of thermal insulation for the 
areas requiring protection during reentry ; the cold 
structure temperature must be maintained below 
175°C, whereas the temperatures on the external wall 
will reach 1300°C for more than 20 minutes (see 

Fig- 2). 

• to withstand both the natural and the induced 
environment, i.e. essentially : 

■ high temperatures in oxiding environments, 

■ the mechanical loads in cold condition during the 
launch phase, and in hot condition during reentry, 

■ the vibrational environment, notably the acoustic 
excitations on the launch pad (155 db) and the 
aeroacoustic excitations during the transsonic and 
the supersonic phases of launch (up to 165 db on 
certain parts) 

■ damage tolerance and repairability ; more 
specifically, the hot structures and thermal 
protection will be sized to withstand any damage 
liable to occur until such damage is detected and 
repaired. 


The shingles arc of a trapezoidal shape with 300mm 
long sides ; they are distributed in a staggered 
arrangement (sec Fig. 2 & 3) ; the overall thickness is 80 
to 100mm on the lower surface and 50mm on the upper 
surface. 

Each shingle is made of 4 tvpcs of components (see 
rig. 3) : 

■ One monolithic, 1 mm thick, C-SiC matrix panel 
with a 50 to 60mm high flange on all four sides. 

■ Four metallic supports onto which the panel is 
mechanically attached with fasteners (sec Fig. 4). 

■ Two blocks of ultra-light, thermal insulant made 
up of reflective screens, being a ceramic fabric 
coated with metal (platinum, gold), which arc 
separated by Silica or Alumina-fiber spacer felts 

■ A seal system 

Ihe function of the C-SiC panel is to maintain the 
external aerodynamic shape and to withstand the 
aerodynamic loads. 

I he function of the metallic supports is to provide the 
panel, as regards deflections, with some degree of 
independence from the cold structure but, at the same 
time, to limit any occurrence of thermal leaks liable to 
be caused by the shingle attachment. Ihe temperature 
of the support and the attaching fastener docs not 
exceed 700°C, and therefore admits the use of standard 
stainless steel fasteners. The panel's position can be 
adjusted by means of shims. I he space between the 
shingles is sullicicntly large to allow the passage of a 
screw driver. 


HERMES TPS AND HOT STRUCTURE DESIGN 



FIGURE 2 
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FLANGED SHINGLE DESIGN 
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FIGURE 3 

The shingle system is a fail-safe concept ; it is so 
designed as to accomodate the rupture of one fastener 
or the rupture of one of the supports. 

The seal system includes : 

- An external seal, edging the shingles, the function of 
which is to maintain aerodynamic surface continuity 
and to prevent any significant aerothermal convection 
in the gaps between the shingles. The external seals 
are nevertheless sufficiently porous to accommodate 
the depressurization and repressurization flow rate 
and that of the air contained in the shingle cavities, 
which is evacuated via dedicated vent holes on the 
rear flange of the shingles. The external seals will be 
re-waterproofed after each flight to prevent water 
penetrating under the shingles. 

- A semi-rigid seal, ensuring the partitioning between 
the cavities under each shingle ; these seals prevent 
hot air circulation under the flanges. The seals are 
bonded to the cold structure and maintained in 
compressed condition by the panels' flanges. 


SHINGLE SUPPORT 
CROSS-SECTION 



FIGURE 4 


The shingles on the upper surface, which have to 
withstand temperatures that are markedly less high 
(650°C to 900°C) than those on the lower surface, have 
a different attachment system using flush-fitted fasteners 
and thus allow the use of less thick shingles (sec Fig. 5). 

CABIN SHINGLE DESIGN 


C/SIC SHINGLE 


/ 




FIGURES 
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4. COMPARISON WITH THE US ORBITER TILES 5. PARTICULARITIES OF THE ANALYSIS AND 

TESTS ON THE SHINGLES 


The Hermes shingle principle significantly differs from 
that used for the US Orbiter tiles and for the Russian 
shuttle Buran (see Fig. 6) 


TILE DESIGN (ORBITER TYPE) 



rmrRftAR siram insulator rao 


FIGURE 6 


The latter had adopted solutions involving a massive, 
rigid tile made of short, compacted silica fibres. The tile 
is bonded to the structure via a strain isolator pad. 

It is worth noting that the shingles and the tiles, despite 
the differing solutions, have to satisfy the same 
functional requirements (thermal insulation, mechanical 
resistance to local loads, aerodynamic sealing, venting, 
water tightness, compatibility with substructure 
deflections). 

The fundamental difference, compared to our solution, 
is that in the tile solution, the functions Mechanical 
Resistance and Thermal Insulation are confounded, 
whereas in our system, they have been separated. 

Besides a slightly more favourable mass budget, the 
main advantages identified for the shingles are : 

- lesser fragility 

- fail-operational attachment system using fasteners, 
which is more reliable than the bonding system for 
the tile, 

- no surface condition constraint, and no deflection 
constraint for the cold substructure (local buckling of 
the cold structure panel can be admitted without anv 
fear of damage) 

the insulation function can potentially be 
strengthened simply by adaptation of the insulant's 
density, and there is a sizeable reserve available as 
regards the allowable temperature (the C-SiC panel 
currently withstands temperatures higher than 
130 (TC) 

This is an all the more appreciable potential as Hermes 
is thermally significantly more constrained than the US 
Orbiter (wall temperature higher by a magnitude of 100 
to 200°C, markedly lower cold structure thermal inertia, 
this essentially on account of the scale effect). 


The shingle system's particularity is that it requires 
analysis methods which are at the limits of the currently 
available techniques and test means, many of which are 
totally specific or were non-existing in Western Europe 
at the beginning of the Project. 

• THERMAL ANALYSES 

Their purpose is to establish thermal maps for the 
temperatures prevailing within the shingle system and 
the adjacent cold structure, and to optimize the 
required quantities and types of IMI insulants. 

Two types of calculations are conducted : 

1. 3D finite-element thermal calculations (performed 
with the CAT1A-ELFINI software package), which 
produce an evaluation of the temperature fields as a 
function of time. Typical results are shown on Fig. 7. 

The finite-element meshes include more than 12000 
nodes. For these calculations, some of the not so well 
assessed conductivity characteristics (notably, for the 
insulant and the assembly) have been derived from 
Thermal Transfer tests using mathematical 
identification techniques. 

The presented models have been validated by 
Thermal Shock tests performed on the solar platform 
at Almeria (Spain) ; further, more detailed, 
validations will shortly be conducted at 1ABG 
(Germany), using low-pressure infrared test means. 

2. General optimization of the insulation thickness over 

the entire vehicle surface, in relation to trajectories 
that have to be sustained and to the cold structure's 
local heat sink capabilities, is conducted with a much 
simpler technique, which uses a quasi-ID 

modelization that has been calibrated by the 
identification technique on the above-mentioned 3D 
models. The iterations are automatically controlled 
by a mathematical optimization monitor, and thus is 
finally obtained the optimal insulation thickness that 
satisfies the cold structure's maximum temperature 
requirement. 


FE THERMAL ANALYSIS 



FIGURE 7 
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FE THERMAL ANALYSIS 
CONT'D 




TILE TEMPERATURES <°K) 



FIGURE 7 


• MECHANICAL AND TIIERMOMECIIANICAL 
ANALYSIS 

T he shingle behaviour is governed by the following 
effects : 

■ The remarkable mechanical properties of the used 
2D C-SiC material (tensile strength greater than 
2(KJ MPa, and interlaminar shear strength greater 
than 25 MPa, with low notch-cAcct and fatigue 
sensitivity. What complicates modclizations, on the 
other hand, is its highly non-linear rheological 
behaviour (see Pig. 8) 


TYPICAL STRESS/STRAIN BEHAVIOUR OF CMC MATERIAL 



■ The very marked non-linearity of the shingle panel, 
which globally operates as a membrane. 

■ Significant coupling with the surrounding fluids : 

- acoustic coupling on the launch pad with the 
external air (being a major element for dissipation of 
the vibration energy) ; 

- coupling with the internal air which, despite the 
pressence of vent holes, constitutes a non-negligable 
"pneumatic' stiffness complement; 

- aeroelastic coupling in flight, being very significant 
during the transsonic and supersonic flight phases 
(dynamic pressure in the order of 400 mb). From this 
coupling results a potential risk of flutter. This type of 
aeroelastic coupling has a direct effect on the 
response to the 'aeroacoustic' excitation generated by 
the detached flow conditions and the movement of 
shock wave in the transsonic regime ; 

- interaction with the seals and insulants, which 
provide additional damping and stifTness ; 

- thermoelastic stresses, induced by the temperature 
gradients of the thermal shock during early reentry 
(above all, for abort reentries) 

(thermal or mechanical origin) deflection 
incompatibilities between the panel and the cold 
structure, which result in additional loads in the 
attachment areas around the supports. 


I 
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For all these points, shingle designing has been 
supported by calculations performed with the 
CA11A-EFFINI software package ; validation tests 
have been performed (static pressure, acoustic fatigue 
tests in the progressive wave tube, transsonic flutter and 
buffeting tests in wind tunnels, thermal shock tests on 
the solar platform). A special fixture that will allow 
simultaneous pressure loading and thermal shocks is 
currently being built at the IABG. 

In the following figures will be presented some 
significant results of the mechanical analysis : 

Fig. 9 : Calculation vs. Test Comparison of the 
evolution of the stresses in the panel, in a static pressure 
case ; this case illustrates the highly non-linear 
membrane behaviour. 

COMPARISON TEST/COMPUTATION 
DEFLECTION EVOLUTION ( PANEL CENTER ) 


DEFIECTK3N (mm) 



FIGURE 9 


Fig. 10 : Shingle Eigenmode Calculation, being the input 
for the linearized, dynamic response, calculation 

NATURAL MODE ANALYSIS 


1st MODE ( F = 127 HZ ) 2nd MODE < F = 238 HZ ) 



T ig. 11 : Flutter Curves (evolution of frequencies and 
damping as as function of velocity) calculated at Mach 
0.9 and Mach 1.2. They distinctly show a tendency 
towards static divergence of the very first bending mode 
under subsonic conditions, and standard-type flutter 
under supersonic conditions, due to coupling of the first 
two modes. 

FLUTTER CURVES 

Alu specimen th. = 1.0mm 



MACH = 0.8 RHO = 1.225 kg/m3 


FREQUENCY 



DAMPING 


MACH = 1.2 RHO = 1.225 kg/m3 


FIGURE 11 


FIGURE 10 
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fig. 12 shows the comparison between calculations and 
wind tunnel flutter tests (conducted on shingles with 
thicknesses reduced to th. = 0.7mm) ; these tests 
highlight the flutter sensitivity to the internal pressure 
conditions. (The modes were established in the vicinity 
of static equilibrium positions, by non-linearized 
calculations.) 

FLUTTER : COMPARISON TEST/COMPUTATION 

Alu specimen th. = 0.7mm 

DYNAMIC 




FIGURE 12 


In Fig. 13 are shown the results of the non-linear 
dvnamic response calculations on a shingle panel, with 
aeroeiastic coupling ; one can see that limit cycles 
appear when the flutter speeds are exceeded. 


NON LINEAR FLUTTER ANALYSIS - time RESPONSE 

Alu specimen th. = 1.0mm 



• OXIDATION AND LOCAL AEROTHERMICS 

The behaviour of the C-SiC material and of its 
protective coating has been tested in different oxidation 
simulation means, amongst which the Plasma Arc Jet 
facilities, being the more important ones (University of 
Stuttgart, 'Simoun' Plasma Arc Jet Facility of 
Aerospatiale Aquitaine) 


More complex tests will be performed (Simoun, Ames 
of NASA, Scirocco of CIRA) to analyze the 
aerothcrmal effects in the gaps, the behaviour of the 
seals and various cases of damage tolerance. 

These tests will be supported by aerothcrmal 
calculations that will provide for extrapolation from the 
test cases to the flight configuration. 


* PRESSURIZATION AND DEPRESSURIZATION 

As it has been said, these phenomena arc amongst the 
"Design Drivers' for the shingle system. They are 
analyzed with the models for diffusion of air in porous 
media, the physical constraints of which have been 
identified via loss of pressure load tests. 

Global verification will have to be conducted through 
tests on groups of shingles subjected to cold-condition 
and hot-condition pressure variations. 




Conf A ( DAMPING 8 % ) 
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This verification list is not exhaustive ; many other 
points need to be verified, as, for example : 

• the behaviour in rain and humidity 

- the discharge of electric charges and of lightning 

- the behaviour in orbital environment 

- the cfTccl of impacts during the service life, notably 
those of micromctcoriods and orbital debris 

* damage tolerance and the effect of all cnvisagcablc 
failure modes 

- the effects of ageing (oxidation, mechanic fatigue). 

6. INDUSTRIAL PRODUCTION OF SHINGLES 

Manufacture and qualification of all of the 836 shingles 
at reasonable costs and within reasonable timescales 
poses a problem on account of the fact that the shingles, 
per family, arc similar in terms of morphology, although 
almost all of them arc different in terms of geometry. 

We therefore got our industrial partners (SEP and 
MAN-Tcchnologic) to envisage the development of a 
"generalized' CAD/CAM system so as to provide the 
highest possible degree of automation in design and 
manufacture using, as inputs, the baseline design and 
the process sheets for 'generic' shingles, together with 
those for the external skin shapes and those for the cold 
structure. 

Such a system must be capable of generating : 

- the parts design 

- the verification compulations : it must, in particular, 
allow automatic elaboration of finite-clement meshes 
and computations 

- the design and machining of the manufacturing 
tools 

- the lay-up and cutting-to-size of the fabric strata 

- the shingle manufacturing process 

- the manufacturing inspection 

- the integration onto the spaceplane, and the 
manufacture of the associated tooling 

The use of such a tool, in our opinion, appears as an 
indispensable warrant for quality and reliability. 


7. CONCLUSION 

Production of the shingles for the I lermes shuttle is a 
technological challenge in practically all respects : 

• In respect of materials, industrial development is 
required for : 

• die C-SiC ceramic composite, 

■ the ultra-light thermal insulation 

• The numerical simulations or mathematical models to 
be used are of rare complexity, involving : 

■ large-scale finite-clement thermal computations, in 
conjunction with systematic use of model reduction 
and mathematical identification techniques ; 

■ static and dynamic non-linear clastic and 
thermoclastic analysis ; 

■ clastoacoustic and acroclastoacoustic analysis of 
highly non-linear structure ; 

• modclization of the sneak flow diffusion in porous 
media 

■ Navicr-Stokes acrothermal computations, in which 
the external flow is coupled with the sneak flows. 

• In the area of tests, practically all experiments are 
novel, and a good deal of the test means were not 
available in Western Europe at the beginning of the 
I lermes project (c.g. thcrmomcchanical test means, 
plasma arc jet facilities). The basic techniques used 
for these means were only poorly assessed (c.g. 
high-temperature metrology, heating techniques for 
low-pressure and oxiding atmosphere conditions) 

• The qualification philosophy itself poses a problem 
since the experiments that can be conducted on 
ground are only remotely representative of the 
conditions in flight, and since even progressive 
extension of the flight envelope, as this is done for 
aircraft, is not possible. 

Qualification will be achieved via a succession of 
computations and partial tests that will mutually 
validate each other, in a process for which it will have 
to be demonstrated that it is conservative. 

• At industrial level, manufacture of the 836 shingles 
per shuttle also is a challenge, if it is to be conducted 
to satisfy cost and quality ; automation of the 
production of these items, which are only almost 
identical, requires the creation of a specific 
CAD/CAM tool. 
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ABSTRACT 

A methodology for calculating dynamic loads for the Space 
Station Freedom is presented. The methodology minimizes the 
repeated calculation of duplicate structural elements, while analyz¬ 
ing a large number of different Space Station configurations with 
different alpha and betajoint angles. We will pay particular atten¬ 
tion to the issue of model reduction using a combination of com¬ 
ponent mode synthesis (superelements) and component mode 
selection to generate accurate system level models with a mini¬ 
mum number of modal degrees of freedom. We will also discuss 
the modeling of the control systems during simulation of the 
structural response. 


Keywords: Space Station, loads, superelements, control systems 


1. INTRODUCTION 

The Space Station Freedom is expected to provide a platform for 
space-based research and exploration well into the next century. 
Because of the requirements for reliable performance and durabil¬ 
ity while minimizing weight, it is essential to accurately predict 
dynamic structural loads early in the design phase. There are a 
number of challenges associated with this prediction. Some of 
these are summarized below: 

• The Space Station actually consists of a large number of differ¬ 
ent structures as it is constructed and as it continues to evolve 
during its lifetime. 

• For each configuration of the Space Station, loads are a func¬ 
tion of the orientation of alpha and beta joints used to point the 
photovoltaic arrays. An infinite number of different alpha and 
beta joint orientation angles are possible. Even if a small 
selection is chosen (e.g., twelve combinations per configura¬ 
tion), this multiplies the number of models that are analyzed 
significantly. 

• Each Space Station model consists of a number of complex 
components whose models are delivered by a number of dif¬ 
ferent contractors from around the world in various different 
formats. 

• The large number of very flexible components results in such 
high modal density at low frequency ranges that it is infeasible 


to calculate modes without some form of initial model 
reduction. 

• Control systems at the alpha joints, used to point the photo¬ 
voltaic arrays, have a significant effect on the loads outboard 
of the alpha joints and cannot be neglected. 

• The Space Station design changes so quickly that it is essential 
for any methodology to allow the analyst to repeat calculations 
with a minimal turnaround time. 

The methodology presented here uses MSC/NASTRAN 1 
superelements with a number of modifications to generate system 
models of the various Space Station structures. Before calcu¬ 
lating normal modes for the system models, "important" compo¬ 
nent modes are selected for the superelements in order to reduce 
the size of the problem. The system modal data including data 
recovery matrices is transferred to the CO-ST-IN program 
(Ref. 1) which defines active control systems, simulates the 
response, and writes data recovery outputs for postprocessing. 

2. PROBLEM STATEMENT 

The Space Station is sequentially constructed in orbit during a 
number of shuttle flights, implying that a number of different but 
related structures must be analyzed to ensure integrity. As 
examples of the various structures to be analyzed, Figure 1 illus¬ 
trates the Manned Base Two (MB2) configuration, Figure 2 the 
Permanently Manned Capability configuration (PMC), and Fig¬ 
ure 3 the Assembly Complete configuration (AC) (Ref. 2). Each 
of these structures is very different, though they share a number 
of common characteristics. In every case electric power is sup¬ 
plied by photovoltaic (PV) arrays (two arrays for MB2, four for 
PMC, and eight for AC). The PV array surfaces are oriented 
towards the sun using two rotational joints. The alpha joint is 
located in the truss and rotates about the truss (y) axis once per 
orbit. The MB2 configuration has a single alpha joint, while the 
PMC and AC configurations have two alpha joints each. The beta 
joint is located at the base of each PV array and rotates about the 
axis of the PV array mast to correct for inclination of the orbit 
plane with respect to the solar ecliptic plane. 

The rotations of the alpha and beta joints add two complications to 
a loads analysis. The first is that the loads transmitted to the PV 
array are a function of the alpha and beta angles, so it is not suffi- 

1 MSC/NASTRAN Version 65 was used for the analyses 
presented in this paper. 
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cient to analyze the structure for one choice of alpha and beta 
angles. The second is that the loads transferred across the joints 
are functions of the joint dynamics, including control systems 
which are continuously controlling the rotation of the joint. If the 
control system is very soft (low gain), the joint will act like a 
rotational bearing and no torque will be transmitted. If, on the 
other hand, the control system is very stiff (high gain), the joint 
will act as if it is locked and the torque will be transmitted with no 
attenuation. The actual control system behavior lies somewhere 
between these two extremes. The beta joint control systems affect 
only torsion in the PV arrays, which is currently not a design 
driver, so we have assumed that these are locked. The alpha joint 
control systems, on the other hand, have a significant effect on 
bending moments in the PV array masts. We have shown that 
representing the alpha joints as either fixed or free fails to accu¬ 
rately predict loads. Including a torsional spring to represent pro¬ 
portional control gain is an improvement but can underpredict 
some important loads. The result of these analyses is that in order 
to predict accurate loads in the PV arrays, it is essential to include 
a model of the alpha joint control systems in the simulation. 


the data reduction process. While no one of these parts represents 
a unique capability, they are state-of-the-art methods that are 
applied in combination to tackle an extremely complex structural 
dynamics problem. 

3.1 Use of Superelements 

A superelement in MSC/NASTRAN is simply a component of a 
larger structure. The mathematical model of each component is 
reduced to a smaller number of degrees of freedom, and these 
"exterior" degrees of freedom are then coupled to form the system 
model. For dynamics, each component is represented by a small 
set of physical degrees of freedom as well as a set of "com¬ 
ponent" modes. This is often referred to as a Craig-Bampton 
component. The reduced representations are then coupled into a 
model of the overall structure, usually called the "system" model. 

There are a number of reasons for using superelements. A few 
that are particularly applicable to the Space Station are listed 
below: 


Further complications in the analysis of Space Station Freedom 
loads arise from the number of low frequency modes and the high 
modal density. Each PV array has first bending and torsion 
modes near 0.1 Hz. The truss has first bending modes near 0.2 
Hz. Other components with low frequency modes include Active 
Thermal Control Systems (ATCS) and the assembly work plat¬ 
form (AWP). Forcing functions—including docking, Reaction 
Control System (RCS) jet firing, and astronaut pushoff—on the 
other hand, are not limited to low frequencies. While an upper 
frequency limit of 5 Hz is relatively standard in the Space Station 
loads community, we have seen situations where modes up to 20 
Hz are required to predict accurate loads. In a later section we 
show that without some form of component level model reduc¬ 
tion, later Space Station configurations such as AC will have 
thousands of modes below 20 Hz. 

One final complication arises from the fact that no one contractor 
is responsible for the entire Space Station Freedom. The Electric 
Power System (EPS) including PV arrays is assigned to one con¬ 
tractor, the truss structure to another, and the modules to others 
(including international partners). Each of the contractors devel¬ 
ops a model of its portion of the structure. These models must 
then be combined in order to calculate dynamic loads. 

In summary, the Space Station Freedom consists of a series of 
complex structures associated with various configurations. Each 
configuration is a continuously varying structure because of the 
rotation of alpha and beta joints in order to point PV arrays. The 
control systems used to point the PV arrays have a significant 
effect on structural loads in the arrays. Finally, each structure 
contains a large number of modes from a first flexible frequency 
near 0.1 Hz to an upper range of about 20 Hz. The combination 
of these factors dictates a careful loads methodology that gener¬ 
ates accurate load predictions with a minimum of time and effort. 

3. METHODOLOGY 

The methodology presented here to calculate Space Station 
Freedom loads can be divided into four parts. The first of these 
is the development of an alternative superelement representation in 
MSC/NASTRAN to represent repeated substructures such as PV 
arrays. The second is the selection of component modes before 
generation of a system model in order to significantly reduce the 
number of system modes. The third is the representation of alpha 
joint control systems, and simulation of the Space Station 
response with these control systems. The fourth and final part is 


• By solving the problem in a number of small steps rather than 
one large step, the overall solution time can be reduced 
significantly. 

• Repeated elements such as solar arrays need only be solved 
once. 

• Component models can be coupled in different orientations 
minimizing the time required to solve for different alpha and 
beta joint angle combinations. 

• Unimportant component modes can be eliminated from the 
problem to further reduce the size of the system model. 

• Different components can be modeled by different organiza¬ 
tions. Only the reduced order component model is needed to 
construct the system model. 

MSC/NASTRAN offers a number of standard superelements. 
These can be divided into primary superelements and secondary 
superelements. A primary superelement is represented by finite 
element input data (grids, elements, etc.) Primary superelements 
allow the user to break a large problem into a number of smaller 
problems while retaining all the capabilities available when the 
structure is not broken into superelements. 

Secondary superelements are divided into two types: image 
superelements and external superelements. An image super¬ 
element is a component which is identical to (image of) a primary 
superelement. An image superelement can be translated, rotated, 
or reflected with respect to the primary superelement. Image 
superelements allow the analyst to take advantage of repeated 
substructures. 

An external superelement is represented by the reduced order 
mass and stiffness matrices only. The options for graphically 
representing and recovering data for external superelements are 
limited. External superelements are typically used when models 
of the structural components are developed by different organi¬ 
zations. In this case, the model of each component is solved 
independently and delivered to an integration contractor who 
couples the various component models into a system model. 

In the case of Space Station Freedom PV arrays, none of the 
three standard superelement types proved to be convenient. A 
primary superelement would not allow us to take advantage of the 
fact that this is a repeated structure (up to eight copies). An image 
superelement would at a minimum require a primary superelement 
whose grid and element numbering did not conflict with the rest 
of the model. Plotting system mode shapes for standard image 
superelements is also difficult. An external superelement would 



311 


not allow us take advantage of the fact that we have finite element 
input data available, limiting our ability to plot the coupled struc¬ 
ture and to recover data. 

Because of these limitations, we developed the concept of an 
"external-image" superelement, retaining many of the properties 
of both external and image superelements. The superelement is 
external to the extent that it is solved independently of the rest of 
the model. There is no requirement that grid numbers, element 
numbers, coordinate systems, etc. be unique with respect to the 
rest of the model. The superelement is an image superelement to 
the extent that multiple copies are generated from a single solution 
by equivalencing datablocks. This not only eliminates the neces¬ 
sity to recalculate component modes for the copies, but also 
results in a database representing any number of "images" which 
is no larger than the size of the database representing a single 
copy. For the PV arrays, this database is generated once and then 
used for all subsequent Space Station models. 

The external-image superelements are coupled to the rest of the 
structure by assigning a coordinate system to the external physical 
grids. This coordinate system is then translated and rotated to 
locate and align each superelement with respect to the rest of the 
structure. In order to plot system modes MSC/NASTRAN 
ALTERS were used to generate unique grid numbers for each 
superelement and to transform the mode shapes back to the sys¬ 
tem level basic coordinate system using the coordinate systems 
associated with each superelement. Modifications were also made 
to the inertia relief solution required for mode acceleration data 
recovery so that MSC/NASTRAN would treat these super¬ 
elements correctly. 

The external-image superelement offers the advantage of an exter¬ 
nal superelement to the extent that the component is solved 
independently of the rest of the structure with no requirements on 
unique numbering schemes. It offers the advantage of an image 
superelement to the extent that multiple copies are generated from 
a single solution. Finally it offers the advantage of a standard pri¬ 
mary superelement to the extent that system inodes can be plotted 
for the combined structure and that all data recovery capabilities 
are directly available. 

The number of superelements used to represent a given Space 
Station configuration is large. As an example, a superelement 
"map" for the permanently manned configuration (PMC) includes 
27 different superelements, illustrated in Figure 4. The main 
truss (superelement 300) includes all structure inboard of the two 
alpha joints. This includes nine standard external superelements 
to represent the cluster and five standard primary superelements to 
represent the assembly work platform (AWP) and utility distri¬ 
bution module (UDM), a mobile transporter (MT), the module-to- 
truss structure (MTS), and two active thermal control systems 
(ATCS), as well as the truss structure itself. These elements are 
coupled into a collector superelement. There are two other col¬ 
lector superelements representing the structure outboard of each 
alpha joint (superelements 200 and 250). Each of these includes 
two PV arrays, two beta joints, and an integrated equipment mod¬ 
ule and radiator (IEA/RAD). Superelements 200 and 250 are not 
images of each other because of slight asymmetries in the struc¬ 
ture. The PV array, beta joint, and IEA/RAD components are all 
represented by external-image superelements. The final step in 
the superelement procedure is to couple the three collector super¬ 
elements into a "residual" structure. As the station continues to 
expand, the complexity of the model increases further. The 
assembly complete (AC) configuration, for example, includes 41 
superelements. 


Since the alpha joints rotate 360° during each orbit and the beta 

joints rotate ±26° over a longer time period, and since the loads in 
the structure are a function of these rotations, it is not sufficient to 
analyze each Space Station configuration for only one choice of 
alpha and beta joint angles. We chose to consider four different 

alpha angles (0°, 45°, 90°* and 135°) and three different beta 
angles (-26°, 0°* and 26°) for a total of twelve alpha/beta angle 
combinations for each Space Station configuration. This is a 
situation where the superelement representation of the structure 
can be used to great advantage. For instance, the main truss col¬ 
lector superelement remains unchanged among all alpha and beta 
angles. The collector superelements outboard of the alpha joints 
need to be solved for each beta angle, but remain unchanged 
among all alpha angles. For each Space Station configuration, 
therefore, we need calculate only one main truss component and 
three copies of each outboard component. These are then com¬ 
bined into twelve different system models. Further savings in 
time and effort can be realized by recognizing that many compo¬ 
nents do not change from configuration to configuration. For 
instance, the structure outboard of the alpha joints remains 
unchanged from the second to the thirteenth flights and then again 
from the fourteenth to the twenty-ninth flights. Components such 
as PV arrays, once they are deployed, remain unchanged 
throughout the development of the Space Station. 

One of the most dangerous sources for error in this process is the 
definition of accurate alpha and beta angles. These are repre¬ 
sented in MSC/NASTRAN by coordinate system rotations, but it 
is easy to make an error in specifying a rotation. In order to mini¬ 
mize the potential for such an error, we use display models of 
each Space Station configuration in SDRC I-DEAS. These pro¬ 
vide a simple means for rotating coordinate systems as well as 
graphical feedback. The rotated coordinate systems are then 
written to the NASTRAN model using the I-DEAS NASTRAN 
file translator. Once the system modes are calculated, the rigid 
body modes (including all upstream superelements) are combined 
and displayed using the display model. This procedure will 
clearly identify any errors associated with incorrect or inconsistent 
coordinate system rotations. 

In summary, the superelement procedure used to construct Space 
Station Freedom models is designed to minimize the time and 
effort involved, while ensuring consistently accurate results. 

3.2 Selection of Component Modes 

While the procedure outlined in the previous section greatly facili¬ 
tates the assembly and solution of Space Station Freedom 
models, it does not adequately address the issue of model reduc¬ 
tion. An accurate methodology for reducing the size of compo¬ 
nent models for the Space Station is essential due to the large 
number of components and the high modal density at very low 
frequencies. 

As an example consider the PV arrays. Each PV array is reduced 
to a Craig-Bampton component model by calculating modes of the 
array with a fixed base. These component models are then 
coupled with other components to generate a system model. The 
reason for this method is that the number of component modes in 
the frequency range of interest is typically much smaller than the 
number of physical degrees-of-freedom in the model. The PV 
array models used in this analysis, however, have 481 modes, 
each below 20 Hz. Even if we reduce the upper frequency limit 
to 5 Hz with the potential for inaccurate loads, over 200 modes 
remain. The AC configuration includes eight PV arrays, corres¬ 
ponding to nearly 2,000 component modes below 20 Hz. Using 
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a similar level of detail for other components would result in close 
to 5,000 modes below 20 Hz. While modem computer algo¬ 
rithms and hardware can handle much larger problems than were 
feasible just a few years ago, a model with 5,000 modes is still 
impractical. 

In order to address this problem we developed a procedure for 
selecting only those modes of a component that contribute signifi¬ 
cantly to the desired response of the structure. The method is 
based on well known procedures for selecting "important" system 
modes (Ref. 3). These procedures are based on examining math¬ 
ematical norms on the transfer function from system inputs to 
system outputs and determining which modes contribute most 
strongly to these norms. Conversely those modes that do not 
contribute significantly to the norms are unobservable or uncon¬ 
trollable and can be eliminated from the problem without any loss 
in accuracy. 

Unfortunately these procedures are not directly applicable to com¬ 
ponent modes since component modes are fixed at the input point. 
However, they are applicable if the component is treated as a sys¬ 
tem whose input is an enforced base acceleration (Ref. 4). One 
simple way to represent the base acceleration is to place the com¬ 
ponent on a large mass and solve for the system modes. If the 
mass is large enough, these system modes will be identical to the 
component modes but can be selected using the procedures out¬ 
lined in (Ref. 3). Each component, therefore, is treated as a sys¬ 
tem excited by an enforced acceleration at its base. Modes which 
contribute significantly to transfer functions from this input to a 
selection of outputs on the component (typically physical dis¬ 
placements, accelerations, or element forces at critical points) are 
retained, while those that do not are eliminated from the compo¬ 
nent model. Since we select the same outputs that we will be 
recovering from the system model, we are ensured that our results 
will be accurate. 

This method provides a significant advantage over global meas¬ 
ures of modal importance such as strain energy, kinetic energy or 
"effective mass." This is because it is tailored for specific outputs 
and will select the minimum number of modes required to gener¬ 
ate accurate results at these outputs. To obtain this advantage, the 
locations of the critical structural responses must be known in 
advance. Note also that the components are solved only once and 
modes are selected only once since the procedure does not depend 
on the manner in which the component is coupled to the structure. 

For the PV arrays used in the Space Station model the inputs were 
six enforced accelerations at the base. The outputs included 26 
physical displacements, 24 physical accelerations, and 72 element 
forces. Based on these we were able to reduce the number of 
component modes required to represent the PV array from 481 to 
33. A further advantage of the method is that it provides a meas¬ 
ure of which modes contribute to which outputs, increasing the 
analyst’s physical understanding of the model. For instance, 
while 33 modes are required to accurately represent all the PV 
array outputs, only four modes are required to represent bending 
moments at the base of the mast. 

The modal selection procedure was also applied to the IEA/RAD 
model, though in this case the number of modes was only 
reduced from 34 to 26. Other components were either reduced in 
size by the associated contractor or were included in the model 
without any further reduction. The number of system modes 
below 20 Hz ranged from about a hundred for early configura¬ 
tions to about a thousand for the assembly complete configura¬ 
tion. While this is still a large number, it represents a great reduc¬ 
tion from the number of physical degrees of freedom and the 


number of modes which would have resulted without the compo¬ 
nent mode selection. The problem was feasible on the Cray 
supercomputer at the NASA Lewis Research Center. If it had 
been essential to further reduce the size of the model, the compo¬ 
nent mode selection scheme could have been applied to other 
components with high modal density. 

3.3 Control Systems 

The effect of active control systems on structural loads is often 
neglected. In the case of the Space Station Freedom , however, 
most of the forcing functions (docking, berthing, reaction control 
system firing, etc.) are applied inboard of the alpha joints, while 
important structural components such as the PV arrays are located 
outboard of the alpha joints. The manner in which loads are 
transferred across the alpha joints is a function of the alpha joint 
dynamics which are in turn a function of the alpha joint control 
systems. A very stiff (high gain) control system, for instance, 
will tend to transfer torsional moments across the alpha joints, 
with very little attenuation, while a very soft (low gain) control 
system will tend to attenuate torsion loads significantly. We have 
seen cases in which fixing the rotation of the alpha joints over- 
predicted bending moments at the base of the PV arrays due to 
docking of the shuttle by more than an order of magnitude. For 
other loading cases, such as astronaut pushoff outboard of the 
alpha joint, treating the alpha joint as fixed underpredicted loads. 
Even representing the alpha joint control system stiffness with a 
torsional spring did not accurately predict loads when compared 
to a more detailed representation of the control systems. 

Because these results indicated that an accurate representation of 
the alpha joint control systems was essential to predict loads in the 
PV arrays, we chose to include the control system model in the 
simulation using CO-ST-IN (Ref. 5). CO-ST-IN (COntrol- 
STructure-INteraction) is a program that provides a number of 
tools designed to facilitate the analysis of controlled structures. 
These include the ability to simulate the response of a structure 
coupled with one or more control systems and recover the output 
response using a mode acceleration method for increased accuracy 
(Ref. 6). 

A block diagram of the Space Station alpha joint control system is 
included in Figure 5. Since the control system is attempting to 
point the structure outboard of the alpha joint with respect to an 
inertial reference frame, it uses both a measurement of the rotation 
of the structure inboard of the alpha joint with respect to the iner¬ 
tial reference frame as well as a measurement of the rotation of the 
alpha joint. The inertial measurement is low-pass filtered and 
delayed and then combined with the alpha joint rotation and rota¬ 
tional velocity measurements in a PID control law. This is still a 
simplified model of the control system since it assumes perfect 
sensors and actuators and neglects friction, but it is sufficiently 
accurate for the calculation of structural loads. 

In order to minimize the computational time required to simulate 
the coupled system, CO-ST-IN treats the structural model as a 
set of uncoupled modes to which a closed-form solution algo¬ 
rithm is applied. At each time step CO-ST-IN calculates the 
response of a discretized version of the controller and applies this 
until the next time step. The discrete time controller approaches 
the continuous time controller as the length of the time step is 
decreased. Since the final alpha joint control system design is 
likely to be discretized in any case, this is a valid approach to 
simulating the coupled system. 
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3.4 Processing of Results 

The methods presented in the previous three sections are used to 
generate Space Station models and simulate response in an effi¬ 
cient and accurate manner for a large number of complex models. 
For the analyses described here we are recovering 122 outputs for 
each PV array, 132 outputs for each IEA/Radiator, and 36 outputs 
for each beta joint. This translates to 448 outputs for early con¬ 
figurations (MB1 - MB5), 896 outputs for intermediate configu¬ 
rations (MB6 - PMC), and 1,792 outputs for later configurations 
(MB11 - AC). The number of forcing functions for each config¬ 
uration includes two docking loads, astronaut pushoff, and firing 
of reaction control system (RCS) jets. Taking into account the 12 
alpha and beta joint combinations, this results in up to 86,016 
time histories for each Space Station configuration. Besides 
threatening the world's forests, it is unclear that any benefit could 
be gained from generating all this data in printed form. 

The first step in reducing the amount of data is to store only mini¬ 
mum and maximum values for the outputs, reducing the data to 
172,032 numbers rather than 86,016 plots. These values are 
stored in a RIM database using STUMP (STructural-analysis- 
Utilities-and-Management-Program). The values are then sorted 
over all forcing functions and alpha/beta joint combinations to 
determine the worst case peak response value for each output. At 
this point the amount of data is reduced to at most 1,792 numbers 
for each Space Station configuration. Further reduction could be 
realized by forming groups of outputs (such as bending moments 
in PV array masts) and sorting over these groups to generate the 
worst case response within this group, though this has not yet 
been implemented. A final reduction of data would then sort over 
all Space Station configurations to find the worst case response of 
each group of outputs, though this also was not applied in this 
case. 

4. SUMMARY AND CONCLUSIONS 

As in many structural dynamics problems, the problems asso¬ 
ciated with calculating Space Station loads are not associated with 
fundamental technology issues so much as with the size of the 
problem involved. With the Space Station the issue of size refers 
not only to the number of physical degrees of freedom in the 
model, but also to the number of models that need to be solved, to 
the number of system modes associated with each model, and to 
the amount of data that is generated. 

The methods presented here reduce the problem to a practical size. 
Superelements not only break the model into feasible pieces but 
eliminate unnecessary repetitious solution of model components. 
The selection of component modes further reduces the size of 
component models and the number of modes in the corresponding 
system models. Control systems are added without appreciably 
adding to the complexity of the analysis or the time involved. 
Finally a database is used to store and sort the large amount of 
output data. 

These methods have been applied to a number of Space Station 
Freedom configurations from MB2 to MB 11. As the Space Sta¬ 
tion design continues to evolve, further loads analyses can be per¬ 
formed at a minimal incremental effort. 
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Figure 3. Space Station Freedom AC Configuration 
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Figure 5. Block Diagram of Alpha Joint Control System Model 
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INFLUENCE OF MICROVIBRATIONS ON SPACECRAFT PERFORMANCES 


N. JOURDON y. GUILLAUD 

MATRA ESPACE MATRA ESPACE 


ABSTRACT 

Along with technology advances in the field of 
optical and laser payload, spacecraft pointing 
accuracy requirements become more and more severe, 
especially for scientific and earth observation 
satellites. Attitude and orbit control equipments 
and payload moving parts generate in-orbit 
microvibrations which are critical to instruments 
line-of-sight pointing performance. 

In the past few years, MATRA ESPACE has undertaken a 
number of activities that aim at characterizing (the 
in-orbit microvibrations endured by. spacecraft 
payloads under its responsibility : SPOT 4, SILEX 
SOHO. 

This paper focuses on a ground-test campaign 
performed on SPOT flight model 3. Primary 
objectives were to measure the structural damping 
coefficient. 

The test led to the conclusion that damping 
coefficients of 0.5 % can be anticipated in-orbit. 
It also demonstrated a relatively good 
representativeness of finite element models used for 
performance predictions. 


1. INTRODUCTION 

Technology advances allow the development of more 
performant optical and microwave instruments. In 
turn, the advanced instruments are more sensitive to 
dynamic disturbances from the spacecraft body, and 
pointing and stability requirements become more and 
more severe. This is especially true for scientific 
and Earth observation spacecrafts such as 
SPOT, SOHO, FIRST. 

Dynamic disturbances are primarily generated by 
attitude and orbit control equipments (momentum or 
reaction wheels, reaction control thrusters, solar 
array drive mechanisms, gyroscopes,.,.) but to a 
larger extend by all moving parts of the spacecraft 
including the payload itself (magnetic tape 

recorders, mirrors, antennae__). Although the 

induced perturbations are often below the milling 
level, they are critical to payload pointing 
performance : operation of optical instruments is 
very sensitive to line-of-sight jitter, both in the 
spatial and frequency domains. 


A problem with which spacecraft manufacturers are 
faced in the prediction of in-orbit performance 
rests in the lack of knowledge of the behaviour of a 
spacecraft structure in a vacuum environment and 
under a low level of excitation. To deal with this 
problem, MATRA ESPACE has undertaken in the past few 
years, a number of activities that aim at 
characterizing the in-orbit microvibrations so as to 
be in the position to propose, whenever necessary, 
passive or active isolation systems allowing proper 
operation of spacecraft and payload under its 
responsibility. These activities include extensive 
analytical and software analyses supported by a 
comprehension program of on-ground and in-orbit 
tests. 

This paper focusses on a ground test campaign on 
SPOT 3 in december 1990. The test was performed in 
cooperation with CNES in the assembly facility of 
MATRA ESPACE Toulouse Center. The primary test 
objective was to measure the structural damping of 
the satellite in a free-free configuration and under 
low level excitation. Other objectives were to 
validate the representativeness of Finite Element 
Models used in the prediction of in-orbit 
performance and to characterize, end-to-end, the 
disturbances induced by the reaction wheels, the 
magnetic tape recorders and the mirrors of the 
optical instrument on the line-of-sight of the other 
optical instruments. 

Analysis of internal perturbations is still going on 
at the time of this paper, so the discussion will 
focuss on the identification of spacecraft eigen 
structural modes and their associated damping 
coefficients. 

After a presentation of the test configuration, the 
problem of ground tests representativeness will be 
addressed, since air and gravity effects are 
potential limitations to the applicability of ground 
measurements extrapolated data to in-orbit 
performance predictions. 


Proc. Intemat. Con}.: 'Spacecraft Structures and Mechanical Testing’, Noordwijk, The Netherlands, 
24-26 April 1991 (ESA SP-321, October 1991) 
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2. TEST CONFIGURATION 

The satellite was mounted on a trolley of mass 
2015 kg which was uncoupled by four "air-cushions” 
which assured the free-free configuration of the 
system (satellite + trolley) above 10 Hz. 

The satellite was not equipped with solar array or 
super isolation and its tanks were empty. 

As the measured excitation levels were very low, the 
smaller acoustic exterior perturbations could 
degrade the measurement quality. The test was 
therefore performed at night and the air 
conditioning system was switched off. 



1m Ini 


- structure immersed in a far and diffuse field, 

- baffled configuration, 

- eigen modes separated in frequency, generalized 
damping matrix diagonal. 

Taking int^ account these hypothesis we can write 
for the p mode of the considered structure, in 
the basis of eigenvectors. 

(U ">p (- a 2 + <o 2i top + 0)^)Ti p = - [ Pb|(M,t)+p rad (M,t)]<|> p (Mi) dSi 

: p^ component of the modal 
coordinates vectors 
p component of the modes matrix 
generalized mass 
critical damping coefficient 
pressure field due to acoustic 
excitation 

: pressure generated by the structure 

motion (mode radiation). 

r 

prad ( M,, t) = p co 2 ^ q ( Mj) dSj 


k * wave vector 
q(Mj)= <I> q ( Mj) nq 
r - || OM, - OM, || 




From the equation (1) we obtain : 



air-cushions 


Figure 1 : Test configuration 


3. TEST PREPARATION 

Research and analysis were led in order to prepare 
the test and evaluate its eventual limits in terms 
of representativeness. The principal subjects of 
study were centered on the impacts of the ground 
equipment (trolley) and of the acoustic effects on 
the measured damping values. 

3.1 Air effects 

Calculations have been performed in order to 
evaluate the acoustic impact on the test 
measurements carried out in ambient conditions. 

These calculations are based on the following 
hypothesis : 


(- co 2 (m p + Mpp(co) + ico (2^Gyn p +Rpp(tD)) + rripCOp 2 ) q p (co) + 

<2) Zq_p (-0) 2 Mpq{(0) - io) Rpq(fl>))ltq(w) = - pbl(Mi.t) dSi 


where : 


Mpq(o)) « p / 2n s js cos kr <> p (Mi) <|> q (Mj) q(Mj) dSidSj 


R pq(©) = P & 2k s s sin kr <)> p (Mi) <J> q (Mj) q(Mj) dSidSj 


If we neglect the cross terms Mpq and Rpq 
of air-structure interaction we obtain : 

(4) (- o 2 (m p + Mpp(©) + i<*> (S^pOJprrip+Rpptco)) + m p C0p 2 ) q p (co) = 

- pbl(Mi,t) +p(Mi) dSi 

The terms Mpp and Rpp are called respectively the 
added mass and added damping or radiation damping. 
For direct comparisons with the critical damping 
coefficient ^p', the term £padd - Rpp/(2mpa)p) is 
currently usea. 

From this formulation it has been shown that the 
coefficient ^padd related to the modes of a baffled 
plate representative of a satellite panel of SPOT 3 
can reach 1 %. This value is not negligible *ith 
respect to the foreseen values of structural damping 
(about 0.5 %). 

On the other hand, the pass coefficient related to 
the first global modes of a structure representative 
of SPOT 3 is about 0.05 % and, consequently, is 
entirely negligible compared to the estimated 
structural damping (about 0.5 %). 
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The air effects will then have no influence on the 
modal damping coefficients associated to principal 
modes measured in test. The test is therefore 
limited to the characterization of the global modes 
only. 

3.2 Air cushions effects 

During the test, "hand" excitations on the trolley 
have permitted to perform transient measurements at 
low frequencies in order to characterize the 
air-cushions frequencies. The analysis of data have 
led to the identification of three types of modes : 

Transversal modes (Y, Z) ; 0.4 Hz 
Longitudinal mode(X) : 2.2 Hz 
Turn-over/transversal modes (Y, Z) : 1.7 Hz. 


MODE 

FREQUENCY 

IDENTIFICATION 

TROLLEY 

BEHAVIOUR* 

1 

31.6 Hz 

Lateral Y 

33 % 

2 

32.1 Hz 

Lateral Z 

8 % 

3 

33.1 Hz 

HRV mode 


4 

35.2 Hz 

Lateral Y 

18 % 


* Ratio of strain energy with respect to the total 
strain energy. 

Table 1 : Modal analysis by NASTRAN 
4. TEST EQUIPMENT 


The average damping associated to the transversal 
and longitudinal modes (calculated from the 3 dB 
length of hand at peaks) are respectively 4 % and 
0.5 %. 

Finite Elements (FE) calculations have been 
performed in order to evaluate the influence of 
these air bags on the principal modes of the 
satellite (located about 30 Hz) taking account the 
above characteristics. 

These analyses have shown that the location of these 
modes in the frequency domain was not affected at 
all. The modal damping coefficients are increased by 
air cushions damping characteristics in a no 
consequent way. 

3.3 Trolley behaviour 


4.1 Measure of accelerations 

The satellite was instrumented with 14 linear 
accelerometers of very low sensitivity, 2 angular 
displacement sensors (Systron-Donner 8301) and 1 
angular accelerometer (Systron-Donner 4591). The 
characteristics of the linear accelerometers are 
given below. 


TYPE OF ACCELEROMETERS 

CURRENT SENSITIVITY 

Endevco 7707 - 1000 

(7) 

1000 pC/g 

Septa A889 

(3) 

1,2 A 1,8 mA/g 

Sundstrand QA 1400 

(2) 

1,3 mA/g 

JAE 

(2) 

1,3 mA/g 


Table 2 : Accelerometers characteristics 


Finite Element Analysis have predicted a .coupling 
between the trolley and the first modes of the 
satellite (see further chapter). 

This will consequently decrease the value of damping 
seen in test with respect to the real satellite 
damping, in proportion to the structural damping of 
the trolley and its participation in strain energy. 

As the trolley is a completely welded structure made 
of steel, its structural damping is small (order of 
0.1 %) compared to the expected satellite structural 
damping (order of 0,5 %) . 

Therefore its contribution to the value of damping 
of the complete system satellite + trolley is 
negligible. 


3.4 Dvnamic a1 ana1vsis 

A NASTRAN Finite Element Model representative of the 
test configuration has been elaborated. This model 
was used to determine the location of the excitation 
and measurement points so that the first eigen modes 
of the satellite could be excited and easily 
identified. 

The second purpose of this model was to compare the 
test measurements with the model predictions in 
order to update the model and progress in the 
modelization activities. 

The results of the modal analysis are given 
hereafter : 


The accelerometers were displaced during the test in 
order to have the maximum of workable data. 

Some of them were placed on the trolley during a 
specific test step in order to identify its 
behaviour and confirm its eventual participation to 
the principal satellite modes to identify. 



PLATFORM 



■EXCITER LOCATIONS 
. ACCELEROMETERS LOCATIONS * 


. CENTRAL CYLINDER 



x 






I 
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4.2 Excitation 

The force excitation was delivered by an 
electro-dynamic exciter Bruel & Kjaer 4810. A 
p'tezzo-electric force transducer was located between 
it and the excited structure (B & K8201). The 
excitation was generated by the moving slung mass 
reaction. The nominal level of excitation was 1 N. 

Consecutive sweep sine tests for several excitation 
points and along each principal axis of the 
satellite were performed. The exciter was placed on 
the center cylinder in order to correctly excite the 
eigen modes. 

These tests were accomplished with different 
excitation levels (IN ; 0.1N ; 0.01N) to verify the 
linearity of the structure. 

Furthermore a specific test with the exciter placed 
on a measurement point permitted to verify the 
structure reciprocity. 

5. TEST RESULTS 

5.1 Structure linearity 

. Reciprocity 

For a linear and reciprocal structure the following 
equality must be respected : 


TRANSFER 

FUNCTION 


32,5 Hz 34,8 Hz 58,5 Hz 72,8 Hz 


£ (m/s 2 N) 5.6.10' 4 1,3.10* 2 1.6.10' 3 5,6.10‘ 3 


^ (m/s 2 N) 5.6.10' 4 7,5.lO -4 1,6.10" 3 4.2.10' 3 

F 9 _|____ 

Table 3 : Reciprocity verification 

y. 

The curves „— have the same shape. The comparison 
F. 

J 

between levels at peaks leads to a mitigated 
conclusion concerning the structure reciprocity. 

. Excitation level effect 

The transfer functions acceleration/input force at 
each measurement point obtained for two different 
excitation levels at the same point, respectively IN 
and 0.1N are similar. 

The comparison in terms of acceleration levels at 
peaks is given hereafter for an Y excitation 
direction. 


where :Vk : acceleration at degree of freedom 

(d.o.f.)k 

F^ : input force at degree of freedom k. 

Comparison between the two transfer functions 
represented hereafter allows to verify the above 
equality. Table 3 compares the levels at peaks. 

t.... latillW 


Trtn tllla 
SlM 

It: TrMWUlltlllti 

-<• I-T 


FREQUENCY 


^2* 2 
- (m/s N) 


2 

(m/s N) 
F 


^5Z 2 

~j~ (m/s N) 


EXCITATION 

FORCE 


32,5 Hz 34,8 Hz 58 Hz 76 Hz 


1 N 2,8.10‘ 3 1,0.10" 3 3,2.10* 3 7,2.lO* 3 

-3 -3 -3 -3 

0.1 N 2,9.10 1,1.10 3,2.10 7,4.10 

1 N 4,0.10’ 3 1,6.lo" 3 1,3.lO* 3 7,4.10‘ 3 

0,1 N 4,0.1Q~ 3 1,7.10* 3 1,6.lo" 3 7,4.lo" 3 

1 N 2,8.10' 3 1,0.10* 3 1,7.1o" 3 5,4 . lo" 3 

0,1 N 2,7.1 o' 3 1,0.10* 3 1,9.IQ 3 5,4.10’ 3 


(f«ntl» , FlalaCTI) 



Ti : 


acceleration level at dof i. 
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5.2 Principal modes identification 
. Modal test 

A modal analysis was performed from the measured 

Y 

transfer function - acceleration/input force 

recorded during the test. It was performed on the 

basis of the enforced motion of a system with 
dissipation 


(6) M q(t) + B q(t) + K q(t) « F(t) 

For an harmonic load F(t) - F e 
this system are * 


jwt 


the solutions of 


q(,) - I + 2 ^7% ]F(t 


where q 
s p 
q?F 


• - ~ p 

complex eigenvectors 

complex pulsation, Sp =s ap + i o>p 

measured transfer function. 


. Modal test results 

Three eigen modes of the satellite were identified 
in the 30-40 Hz frequency range. Their form and 
associated modal damping coefficients are given 
hereafter : 


MODE 


FREQUENCY 

IDENTIFICATION 

DAMPING 

TROLLEY 

DEFORMATION 

32,4 Hz 

Lateral Z 

0,7 % 

Yes 

32,7 Hz 

Lateral Y 

2,2 X 

Yes 

34,8 Hz 


0,7 X 



5.3 Calculations - Test correlation 

The predicted (calculated) frequencies were similar 
to those measured as shown in the following table. 


CALCULATIONS 


MEASURE 


FREQUENCY IDENTIFICATION FREQUENCY IDENTIFICATION 


32.1 Hz 
31,6 Hz 

35.2 Hz 


Lateral Z 
Lateral Y 
Lateral Y 


32,4 Hz 

32.7 Hz 

34.8 Hz 


Lateral Z 
Lateral Y 


Table 7 : Calculations - Measurements comparison 


Test simulations were accomplished by enforced 
motion calculations on the basis of a modal damping 
coefficient of 0,5 % on the frequency range 30-40 
Hz. 

Y 

The transfer functions — obtained at each measurement 

F 

point were directly compared with the actual 
measurements results. 

This step has confirmed the first mode (32.4 Hz) as 
a lateral Z mode. The ratio between predicted 
transfer functions related to the second mode 
(32,1 Hz) and measured transfer functions related to 
the first mode (32,4 Hz) is constant with respect to 
the measurement points within + 30 % accuracy. 

The identification of the two other eigen modes is 
more difficult since they are very close in 
magnitude. 


Table 6 : Principal modes measured 

The analysis of the modal deformations of the 
trolley shows, as foreseen by FE calculations, that 
it contributes to the deformation of the global 
system. Its exact movement can not be accurately 
identified because of the low number of sensors 
available. 




Accelerometers names 

Figure 6 : Correlation measurement - Calculation for 
the 1st lateral Z mode 

Based on these comparisons, the trolley behaviour 
was correctly predicted since similar deformations 
are observed both in calculated and measured data on 
the principal modes. 


Figure 5 . 1st lateral Y mode - Modal deformation 
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, 6. CONCLUSION 

T 

The microvibration test performed on SPOT 3 was 
satisfactory. The measurements were of good quality 
without any noise contaminations and reproductive, 
that led to a relatively easy data analysis. 

This test has shown the ability to excite a 
satellite structure with a very low level of 
excitation, and ensuring that the behaviour of the 
structure remains linear. 

On the other hand F.E. calculation test comparisons 
in terms of frequencies and acceleration levels have 
shown a relatively good prediction ability by F.E. 
"calculations at low frequencies. 

The modal damping coefficients associated with the 
global satellite modes are varying between 0.7 % and 
2.2 %. 

The minimum value of 0.7 % has to be compensated by 
air-cushion effects, trolley flexibility effects, 
scatter of damping coefficient according to the 
different materials of the structure, and accuracy 
of modal deformations identification. 

These compensations lead to a minimum structural 
coefficient of 0.5 %. This result justifies the 
current assumption used for performance predictions. 

In order to reduce the predicted perturbations on 
the pointing performances of satellites, studies are 
continuing on the use of suspension-damping systems 
at the pointing instrument/structure interface as 
well as at the exciter/structure interface. 
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ABSTRACT 

The theory of a continuous deployable beam 
type element for telescope applications is 
presented. The inertia tensor of this ele¬ 
ment is described by 3rd order theory for 
large deformations. Stress stiffening from 
gyroscopic and external forces is includ¬ 
ed. In order to save numerical operations, 
continuous base functions, dedicated to 
the actual length of deployment, are used. 
These satisfy Dirichlet boundary condi¬ 
tions on the moving telescope joint. They 
are selected as polynomials, representing 
transversal, torsional and longitudinal 
motion in a cartesian deformation base. 
Precalculation of stiffening and nonlinear 
inertia terms is done in advance. The nu¬ 
merical extensive part is thereby separat¬ 
ed from time integration. 

Keywords: deployable telescope element, 
beam, continuous element, stress stiffen¬ 
ing 


1. Introduction 

Advanced concepts of structures for space 
applications have been developed in view 
of future tasks. Typically, beam type 
structures apply, because of advantageous 
mass, volume and modularization proper¬ 
ties. Issues of those structures are shown 
below. Fig. 1 is a telescope type roboter, 
designed for on-orbit maintenance and ser¬ 
vicing tasks. Fig. 2 is an example of a 
future space power plant, built up by a 
spoke stiffened wheel. These structures 
undergo high precision tasks on alignment 
and guidance. This requires ambitious dy¬ 
namic modelling of the following effects 
for simulation: 

- Stiffening by gyroscopic and external 
forces. Therefrom shifting system 
eigenfrequencies appear. Mode shapes 
are effected significantly. 

- Early beam deformation - in the order of 
beam diameter - can change some eigen¬ 
frequencies dramatically. 

- Deployable system dynamic can force os¬ 
cillation during the retrieval or de¬ 
ployment phase and changes system eigen¬ 
frequencies as well. 


An adequate beam model to handle those 
effects is given subsequently. 



Fig.1: Prototyp Manipulator Telescope 



Fig.2: Orbital Solar Energy Platform built 
up by Telescope Type Elements,used 
as wheel spokes. 


2. Theoretical Approach 

2.1 General Inertia and Elastomechanical 
Description 

The time evolution of the actual path of 
the beam shall be solved in configuration 


Proc. Internal. Conf.: ‘Spacecraft Structures and Mechanical Testing \ Noordwijk, The Netherlands, 
24-26 April 1991 {ESA SP-321, October 1991) 










324 


space (q,<5) . Therefore, generalized co-or¬ 
dinates q are divided into 6 co-ordinates 
x. , e. (i=l,2,3), describing the orien- 
titioft of the body reference system in 
space, and n^ co-ordinates q^. 
(i=6+l,»n f +6) for the presentation of the 
deformations u (Fig. 3). Corresponding, we 
get 6 rigid body velocities and n f 
elastic speed variables q^. . Tnis separa¬ 
tion into a rigid body parr and an elastic 
part is convenient for the description of 
relatively stiff elastic bodies, since it 

decomposites the dynamic into two subpro¬ 
blems - the formulation of the large but 
bounded elastic motion given in the body 
reference frame, and the unbounded gross 
motion of this reference frame with re¬ 
spect to the inertia system. The body ref¬ 
erence frame is accelerated and depends 
itself on the rigid body configuration 
space variables (x,0). The following sec¬ 
tion shows that °rigid body motion and 
large deformation is represented by this 
way without the use of trigonometric func¬ 
tions. Once the mass matrix M for the 
undeformed body M(q) is derived, the exact 
(3rd order) inertia properties for the 
large deformed body can be reconstructed 
with suitable numerical effort. This meth¬ 
od has been reported by Likins /l/ and 
Bodley /2/. It is the formulation on which 
elastic body inertias in the Multi Body 
Algorithm DISCOS are formulated. 


A variational principle, based on Lagran- 
gien density can be used to describe the 
beam dynamic. The Lagrangien density is 
given by 

C = T-V (i) 

where T •is the kinetic energy density and 
V the elastic potential density. The 
variation of Lagrangien density is given 
in physical or generalized coordinates by 

6C = — {(j*+ £—<5q*= 0 (2) 

dt d*T 6v dt <9q~* 6q~ 

where q and v are related by the mapping 


V =ri q 




Note that ^ is a matrix, . containing mode 
functions that depend for the deployable 
beam part on x^(Fig. 4). Rigid body motion 
x,9 and elastic deformations u 
^re identified as subsets in the q config¬ 
uration space. 

2.1.1 Inertia Description 

The inertia properties are derived from 
the kinetic energy by the canonical formu¬ 
la for the momentum 

“ dC__ dT_ 

Usually the linear part of p in q is 
called mass matrix M, and is transformed 
to the body reference frame by fl (x ,6) 
/l/,/2/. 

Starting with the positional description 
of a deformed volume element of an elastic 
body, we get from Fig. 3 

R = r + A ( r + u ) (5) 

o 


Body 1 Reference Frame 


moving with body j 



Inertial Frame 


Fig. 3: Co-ordinate Frames and References 

where A is the rotation matrix from the 
body fixed reference frame to the inertia 
reference frame. Differentiating R with 
respect to time and transforming also the 
body reference system translational veloc¬ 
ity ? 0 to the body reference system base, 
we get 

* ■ • • 

R = A(x 0 +u) + A(r-hu) (6) 

Using the unitary properties of A 


and 


A A T = 1 
A 1 A = t0 


where e is the Levi Civita Tensor and 0 
the reference frame angular velocity, 
the kinetic energy of an elastic body is 
written in the non-inertial bo£y reference 
frame X* by the variables £,e,u as 

T = Lj dm p R T R 

2v (9) 

= {(x^fcfl+u) +((^u)^ (xH-ri)+(xjf-u)^(cJu)+(c^u) 2 } 

Easily, deformation independent and depen¬ 
dent terms can be identified. Latter are 
linear and of second order in the deforma¬ 
tion u. They are responsible for a chang¬ 
ing rigid body inertia tensor, if deforma¬ 
tion becomes large. Especially, beam ele¬ 
ments (Fig. 4) changes their inertia mo¬ 
ment I very rapidly under transversal 
deformation. It is therefore of importance 
to retain second order terms in u for the 
inertia properties of the beam. Equations 
(3) , (9) and p, derived from ( 4 ), are used 
to identify the mass matrix M (10) and 
gyroscopic forces G (see /l/,/2/). M and G 
are given in configuration space q by 

T T (1°) 

M(q) = M + q x M A + q M AA q 

G = ft M q + qM, K q - Mq ( xl ) 

where M, ^ is the derivation of M with re¬ 
spect to the elastic co-ordinates q , and 


q = - 


I €0 | o 

rri-n 
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Body t 


Body j 


-A e 


x-x; 


prismatic 

Joint 


Fig. 


4: Schematic of Telescope Beams? 

Body j is modelled as deployable 
Euler Bernoulli Beam. Body i is 
a specialized version of Body j 
with a fixed reference frame on 
its left end. 


2.1.2 Elastomechanical Description 

Elastic properties are obtained from the 
elastic potential density of the beam 

p.3 (12) 

where E, |i is Young's and shear modulus. 

fci are strain displacement relations for 
extensional strain and shear strain. The 
latter is responsible for torsional elas¬ 
ticity: Introducing 1st and 2nd order 

strain displacements quantities 

V^for extensional and bending strain, 
respectively, <fy is written as 

6< t>= 

2__ 3_ _ (13a) 

H- El V 2 , 1 /V 2 , 1J +El 

(13b) 

+E5 <f(Ci) ( V 1?1^ V 1U+ V 2>1^ V 2U+ v 3’l^ v 3 ’l) (13c) 
E 5 (( V 1>i( V 1>Adi) + v 2 ,i( v 2>Al*l) + V 3 u( V 3 >Al>l))} 

Using Saint Venant principle, deformations 
are expressed by simple quantities related 
to the beam center line 


v i=viCCi) 

V 2 = ^C3(^) + V 2 (C 1 ) 

V 3= v>C 2 (0 + v 1 (C 1 ) 


(14a) 
(14b) 
(14c) 


where v , v 2 , v are the local displace¬ 
ment in X 7 , 'ti X direction, v , v., 

v , are related quantities on the "center 
line . These are introduced into the 
strain displacement relations for subse¬ 
quent variation of the elastic potential 
(equation 13) . The stiffness matrix is 
therefore obtained by the variation of the 
elastic potential. 


K <r 

K -^fstdX, ?(•&,* k?)? 


(15) 


(16) 


K is divided into a linear part 

^ i - 1 

r’ (es o o o I 


K lin= 


dCn(C,xe(t)) ° El23i3i 0 0 >? T (Cxe(t)) 


j 0 0 E.3^ 0 (l7a) 

1 <- 1 

0001 

and a nonlinear parts, proportional to 
axial strain £ 

*1 i-♦ 

ESfljd, 0 0 0 

£ (£b« ,xe(t)) 0 ES H® 0 , T ((,xe(t)) 


K c= 


0 0 ES^dj 0 


0 0 0 EIdjdjj 

and to retraction forces. 


(17b) 




K r= 


dC-l 5 0 

i ^ 

0 


(17c) 


i 

(17b) is responsible for stress stiffening 
effects while (17c) are forces, generated 
under transversal displacement and acting 
in axial direction. Those cause a shorten¬ 
ing of the beam element under large defor¬ 
mations. Geometry compatible deformations 
are therefrom obtained. 

In the above matrices, $ denotes, the area 
of beam cross section and I 1 , I 2 , I 3 the 

one polar and the two axial moments of 
inertia. The above used operators d 1 ,j* a are 
given by the partial derivation -JL , 
Through that, K,. , K become itself oper¬ 
ator matrices, acting on the right 

displacement q r (x e w) and on the left 
virtual displacement function base 7 (x e «>) . 
The displacements function base is thereby 
partitioned into 1 longitudinal, 2 trans¬ 
versal and 1 torsional set (18), corre¬ 
sponding to displacements v. , v , v* and)* 
(see equation (I*/)). 12 3 


v (C.*c(t)) = 


(18) 




2.2 Continuous Base Function Description 

It is a general procedure for multi” body 
dynamics to model elements like a beam by 
a set of continuous base functions. 
Therefore, physical displacements v and 
velocities $ are expressed in generalized 
co-ordinates and velocities by the mapping 


v = 7 (q(t) ) qct) 


(19) 


is a functional matrix, depending im¬ 
plicitly on time by x e (t) and on q(t). Its 
dependency on x e is used for the deploy¬ 
able beam in order to satisfy following 
boundary condition at the body input coor¬ 
dinate frame location: 
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( 20 ) 

*0/ q eu S*<t) = 0 

where x e (t) is the length of the unde¬ 
ployed beam part. These conditions save 
numerical operations, when implementing 
the element into a multi body simulation 
algorithm, because v , lie directly in 
the null space of the joint constraints. 

No further projection method is therefore 
needed to satisfy the joint constraints. 
Mass matrix and stiffness matrix built up 
by the functions %(%) become itself depen¬ 
dent on time: 

j(Xtl*))y T CXtto)c/if ^ 

/<r/'?(**&» q re)) 

f is the mass density and the stiffness 
operator, identified in equation (17). 

It is now of interest to find a proper set 
of base functions qCxe.y) , where two direc¬ 
tions may be followed. Otter /3/, Johanny 
/4/, Likins /5/ and Kane /6/ proposed non¬ 
linear base functions q r 9* in order to 

obtain geometrical deformations. Stress 
stiffening contribution appear therewith 
directly in the mass matrix by 
additional terms. Those are obtained by 
differentiation of (19) with respect to 
time and substitution into the formula for 
the canonical momentum (4).. The resulting 
mass matrix is of high order in q and is 
usually cut at powers of 4 or 5. 

The approach, followed here, is to use 
the linear mapping (3) of physical dis¬ 
placements v. The inertia description 
is therefore of 4th order in q (equations 
10,11). Cutting in higher order term of q 
can therefore be avoided. The theory re¬ 
mains exact at large deformations. 

The linear mapping is done by a set of 
polynomials - the base functions. Select¬ 
ing only base function for v ,v 3 and/ 7 
results in almost correct linear system 
eigenfrequencies. 

In order to account for stress stiffening 
effects, the base function set is supple¬ 
mented by polynomials /?, for vl. The func¬ 
tion £ ( £,) for extensional strain (see 
equation 17b) is calculated from this by 

£ty= ( v i< 1 +!s ( v i'i— +v 2 'l—'( 22 ) 
where v i#1 = Sq^f^ . (23) 

V- displacements are calculated by the 
balance of external and mass forces by 
internal beam forces. Either a static 
equilibrium between external and gyroscop¬ 
ic with internal forces or a fully dynamic 
solution, which takes the vl degrees of 
freedoms (longitudinal motion) within the 
multibody simulation, can be used. A con¬ 
venient set of base functions for vl can 
be found. External joint forces induce a 
constant extensional strain £ . Correspon¬ 
ding base functions q 1 are found by the 
Integration of the linear part v-,- in 
equation (23). 

The same procedure is used to account for 
base functions q 1 ?, corresponding to mass/- 
gyroscopic forces. Those are of the type 
mr and mwxwx r. Corresponding strain 


and displacement fields v , which appear 
upon the projection of the 1 mass forces on 
the £-axis are shown in Fig. 5. It is 
evident that polynomials up to order 3 in 'S 
are sufficient. 





0. 0.2 0.4 0.6 0.8 - 1. 


Fig.5: Extensional Strain and Displacement 


Fields, generated by Pure 
Translational and pure Rotational 


Acceleration 


In order to account for non-linear mass 
forces in equations (10) and (11) , it is 
recommended to use a deformation shape 
preprocessing to obtain geometry modes. 
That means, the deformation must be com¬ 
patible with a real deformed beam geome¬ 
try, implying an axially backward motion 
under transversal displacements of all 
beam elements. Only those deformations 
will generate meaningful contributions of 
the above mentioned nonlinear mass forces. 


A corresponding backward motion mode can 
be assessed by equation (2) and given base 
functions for v and v^. A zero strain 
mode in v is therefrom given by 


£*0 


v =-- / (v 2 + v 2 ) dt 

1 2,1 V 3 , 1 ' 


where N is a suitable normation, that pre¬ 
vent the mass matrix to become singular, 
when v , v 3 approaches zero. 


3. Results 


For first test purposes, base functions 
for v ,v- and 'f are selected as polynomi¬ 
als. No "preprocessing is used. The first 
cantilevered eigenfrequency accuracy,^ ob¬ 
tained with two base functions (f-x^ ) a e ; and 
(^-x e ) 3 e 2 i is better then 1%. A typical 
eigenvalue shift, during deployment is 
shown in Fig. 6. For transient analysis, 
the test configuration in Fig. 7 is 
used.The deployable telescope part under¬ 
goes a constraint reference frame motion, 
given by the velocity x e (t): 

x e (t) = x Q *(t-1.6 sin(27rt/10sec) ) 


where x is the deployment velocity and t 
the timfe. A simultaneous eccentric con¬ 
straint rotation is forces at the static 






telescope part. 

It is given by 

* #J _, « « rad /u _ 15 sec . 

8 (t) = 0.2 -- (t B — 2~tt~ Sin ( 27r t/15sec) 

sec 

Corresponding transient response of the 
telescope tip is given in Fig. 8a. Curve 1 
and 2 are calculated with stress stiffen¬ 
ing for two deployment accelerations (x = 
0,01 and x = 0.1 ~}) 


12 .0 

xdm] 

10 .Q 


8 -00 


6.00 



0 




Fig. 6: Eigenvalue Shift during Deployment 
(3 elastic Modes) 


Fig. 8b: Telescope Tip displacement 
(^-direction) 

Calculations without stress stiffening are 
not possible for the given example, since 
the simulation is instable at the very 
beginning (Curve 5). Curve 2 is calculated 
up to 7.3 sec. This is the time on which 
the telescope is fully deployed for x« = 
0.1 Curve 1 is calculated for a low 

deployment acceleration of x e = 0.01 
Therefore the total time evolution from 
the drive up, determined by acceleration 
forces, up to the equilibrium, determined 
by centrifugal forces is shown. The dif¬ 
ferent behaviour in Curve 2 is due to the 
fact that the telescope length is higher 
at the same time. Therefore, the rotation¬ 
al acceleration forces becomes higher and 
the telescope looses stiffness, resulting 



Fig. 7: Telescope Test Configuration 



—- i [sec ] 

Fig. 8a: Telescope Tip displacement 
(transversal) 

Simulation Test Bed: SIMPACK 


in higher displacements. Only for a short 
time, above 5 sec, the centrifugal forces 
grow rapidly and compensate the inertia 
motion which are induced by the rotational 
acceleration. Fig. £b shows the corre¬ 
sponding tip location in ^ direction. 

This motion is merely due to the kinemati- 
cal constraints of the two body problem 
and not a result of the introduced elastic 
restraint motion. The non-linear mass 
forces do also not contribute to this fig¬ 
ures, since the linear accelerations be¬ 
come low at high displacements. 

4. Concluding Remarks 

The need for a simulation software for 
telescopes was the motivation tor deriving 
the preceding dynamic nonlinear equations, 
dedicated to deployable motion. A continu¬ 
ous model approach was selected in order 
to avoid the problems, which arise within 
simulations of moving elastic bodies, if 
discrete degrees of freedoms are used.. The 
equations can be easily modified for re¬ 
lated tasks. With fixed deployable length 
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x*, they are identical to the general beam 
equations, which might be also used for 
result comparison. The presented results, 
however, are dedicated to the response 
under deployable motion. The underlying 
test example can be extended to more com¬ 
plicated simulations. Another important 
simulation would be the solution during 
orbital maneuvers, where the accelerated 
spacecraft reference system effects the 
tip displacement as well. This on-orbit 
standard application for a telescope type 
roboter is one of the major task for fur¬ 
ther investigations. 
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DEVELOPMENT AND APPLICATION OF SUBSTRUCTURING TECHNIQUES 
FOR UNDERSTANDING AND CONTROLLING RESIDUAL VIBRATIONS (MICROGRAVITY ASPECTS) 


Daniele FRANCESCONI\ Pietro Carlo MARUCCHI-CHIERRO, Roberto ULLIO 

Alenia Spazio S.p.A. (*) 


ABSTRACT 

New computation and experimental methods are 
required to meet the targets of microgravity 
requirements in modern space system projects. 

For example, in the Columbus project accurate 
analysis needs detailed monitoring of the system 
dynamics behaviour in terms of acceleration levels up 
to 1000 Hz for microgravity aspects. 

While Statistical Energy Analysis (S.E.A.) will have 
to be introduced in order to analyse high modal 
density ranges, a classical computation method such 
as F.E.M. has to be updated in order to increase its 
cababilities for the monitoring of the low modal 
density structural dynamics: Component Mode 
Synthesis (C.M.S.), linking substructuring approach 
to efficient dynamics oriented reduction algorithms, 
permits a strong subsystem zooming which implies an 
accurate monitoring of the dynamics of the system. 
This paper illustrates the main features of a 
particular CMS technique and the capabilities of the 
method are shown in simple but meaningful 
examples. 

Keywords: Microgravity. Substructuring. Component 
mode synthesis. Modal analysis. 


1. SUBSTRUCTURING 

In structural analysis, substructuring is the approach 
which considers a complex structure (system) as a set 
of functional parts (components). This technique has 
been conceived as a tool able to give the engineer 
useful hints in the design phase. Indeed, in case 
overall performances of the system have to be solved, 
the study of the interactions among each component 
(subsystem) allows a better comprehension of the 
involved phenomena. 

Furthermore, the entire design development phase is 
strongly rationalised: in case of application to great 
projects, the analysis of the system obtained by 


assembling the models of each component let the 
analyst follow and eventually suggest modifications 
either on the component, or on the interface 
configuration (geometry and physical charac¬ 
teristics) during the development of the job, in order 
to force the design, right from the beginning, to be a 
function of the performances to be achieved (i.e. a 
certain dynamical behaviour in operating conditions). 

The alternative approach to such a procedure 
consists of evaluating the requirements of the 
product when the project has reached a terminal 
status, with models or tests performed on the 
complete system: the development of the design is 
less efficient and it could be very difficult to try 
corrective actions without wasting a great deal of 
sources. 

2. REDUCTION 

The adoption of a substructuring technique in 
dynamic analysis to develop a certain project does 
not exclude, in principle, the use of component 
models with a high number of degrees of freedom, 
particularly for those parts of the structure most 
difficult to model, such as joints, or when the range 
of analysis has to be increased towards high 
frequencies; indeed, structural mass and stiffness 
matrices produced by a relatively dense mesh (i.e. 
those used in static analysis) can also be used. 

However, the assembly of structural models 
(sub-structures) with a high number of DOFs (many 
thousands) can induce the following criticalities: 

* time and cost associated to the complete structure 
analysis 

* data evaluation and management 

* hardware and software computation limits 

All the preceding considerations justify the need for 
efficient reduction methods for complex systems. 


(*) Alenia Spazio SpA is a Company or ALENIA SpA, Ihe new Company belonging to the IRI-FINMECCANICA Group, resulting 
from the merger of Acritalia and Selenia, taking over full responsibility for their functions, responsibilities and activities. 


Proc. Internal . Conf.: ‘Spacecraft Structures and Mechanical Testing Noordwijk, The Netherlands , 
24-26April 1991 (ESA SP-321, October 1991) 
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3. SUBSTRUCTURING TECHNIQUES IN 
DYNAMIC ANALYSIS 

3.1 Component mode synthesis approach 

In the analysis of a complex system, Rayleigh/Ritz 
transformation algorithms can be associated with 
substructuring and the following procedure applied: 

* analyse each component and create a simplified 
mathematical model which represents in a 
satisfactory way the dynamic behaviour of low 
modal density range (component reduction). 

* assemble the simplified models of each 
component in order to study the global 
structure dynamic behaviour. 

This technique is named Component Mode Synthesis 
(CMS) (Refs. 1, 2). 

Generally, the dynamic behaviour of the reduced 
component is described with a Ritz vectors baas including 
normal modes obtained in free-free, or free-constrained, or 
constrained-constrained conditions. 

One of these Ritz reduction methods (Mac Neal) 
uses a set of normal modes obtained in a free-free 
analysis corrected by the effect of the residual 
flexibility of the structure at the connection points in 
order to take into account the effect of the 
interactions between components. It has to be 
underlined that such a data base (except for 
rotational DOF’s) could also be obtained from an 
experimental modal analysis; rotational DOFs can 
then be added by means of interpolation techniques 
(Refs. 3, 4). 

3 2 Component mode synthesis-Mac Neal method 
(Ref. 4) 

The general equation of motion of a given supposed 
undamped subsystem is: 


i\4 X + Kx = F 



x, x represent respectively acceleration and physical 
displacement vectors; M, K are respectively n DOF’s 
mass and stiffness matrices; /u\ is the z th eigenvalue; 
we can furthermore partition x and / vectors as 
follows: 

xb represent the degrees of freedom of interface to 
adjacent substructures; 

jc 0 are the internal physical DOF’s; 

/b are the interaction forces; 

Me represents the matrix of first normal modes of 
the substructure (kept modes): 


The truncated residual flexibility matrix is defined as (2): 



£ 

i = k 1 [1 i 



We suppose now that the displacement vector of the 
subsystem is given by the Ritz transformation 
illustrated in (3): 



A' fco 

"7 

ob 

/V* b 

6 h 


Q k 
Qi> 





where 



Qk 
<7 b 


is a vector of generalised coordinates and Me, Z 
matrices have been partitioned at the internal and 
interface DOFs. 

Applying the transformation (3) to the equation (1) 
we obtain the equation of the reduced subsytem 
which is clearly a consistent Ritz reduction: 


M\q + K\q= F r 



with: 

F ?1 "/fopi 

M t i a 
F\ — y9‘i F 

The equation (4) can be further transformed in order 
to permit easy coupling between subsystems. 

From equation (3), it can be obtained: 

Q b ~~ ~ ^ bb ^ k b9/c + Z bb X b 


and hence: 




O 


CJk 

X t) 



Clk 


M k = [<r>i, 



Applying the transformation (5) to the equation (4), 
it can be written: 


( 7 ) 






(6) with 


where: 

M = \i‘ 2 M r l p> 2 = P2piAip,p 2 - p'A/fp 

K = P'A'P 



3 3 Simplified Mac Neal transformation (Ref. 6) 

If we suppose to neglect the residual effect in the 
mass matrix, it can be shown that: 





being 

and 


^ = a /% 



With the last Ritz transformation, the interface 
physical degrees of freedom have been included in 
the vector q* of generalised coordinates. 

Craig [Ref. 1, pag. 471] clearly shows coupling of two 
dynamically reduced subsystems in a free-free case by 
means of application of Lagrange equations with 
constraints at interface physical degrees of freedom. 
The Ritz reduced equations for two components (1 
and 2) are : 



I >2 . 

(F and are reactions at the common interface) 
imposing F 1 + F 2 - 0 and A, = x\ = x 

the equation of the assembled system becomes of the 
form: 


In this case, a transformation less accurate than 
has been used to reduce M: 


X- N k q k -\N k O | q * =p 3 < 7 * (8) 

Qb 

the equation (4) becomes: 

A ?lMN k O q k N* k KN k O q t N kb 
O O <7fc O Q b 


in this case, it can be verified that: 

qb - /b, and (9) 

x = ATkb^k + Zbbfb 

The layout of the assembly of two simplified Mac 
Neal components is represented in Fig. 1 (*). It has 
been shown that the components of the coupled 
system have been obtained by means of a Ritz 
reduction performed on FEM structural mass and 
stiffness matrices. 

It can be stated generally that the eigenvalues r { of 
the system obtained by coupling the synthesised 
components with certain constraint equations 
represent the upper limit of the correspondent 
eigenvalues fi\ of a system obtained applying the same 
constraint equations on the unreduced components. 
The error (n - //j) depends on the Ritz vector basis 
used in the component transformation but it is not 
possible to state any rule about the exact error value 
estimation. 

Anyway it is clear that the component bases of Ritz 
vectors necessary to obtain a good approximation of 
the model must be such that a linear combination of 
these vectors can constitute a good approximation of 
the requested eigenvectors. 


(*)See Figures at the end of the paper 
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Mode type (i.j.k) : 
i : nodol lines olong x oxis (fig. 2) 
j : nodnl lines olong y oxis 
k : nodal lines olong z oxis 


REFERENCE STRUCTURE 
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Table 1 - List of modal characteristics of the assembled system 

compared with the reference structure 


4. CASE TEST N.1 
4.1 Test description 

We describe an application of a CMS - Me Neal 
technique for two panels that we supposed to 
connect uniformly (ideally elastic, isothropic, 
homogeneous welding). In practice, we performed 
the following steps: 

a) generation of the FEM mathematical model of 
the structure shown in Fig.2 (Reference 
Structure) 

b) analysis of the Reference Structure (Reference 
Analysis) 

c) division in half of the reference structure, that is 
generation of two equal FEM models 
(components A, B in Fig. 3) 

d) MacNeal synthesis of each component starting 
from their FEM structural matrices 

e) constraint equations imposition in order to 
generate the mathematical model of the 
synthesised system (Fig. 4). 

Tests have also been performed to understand the 
reliability of bare truncated modal bases as 
component mathematical models: the mathematical 
model of the component A is still a fixed Mac Neal 
synthesis, while the component B is represented by a 


bare truncated modal basis the number of modes of 
which has been varied in order to evaluate their 
influence on the response of the system. 

4 2 Analysis of the results 

Frequencies and modes of the solved system and 
percent variations relative to the reference structure 
have been listed in the annexed tables. 

In Table 1, second column, data refer to a system 
obtained by assembling two substructures both 
represented by a truncated modal basis (30 modes) 
and by a residual flexibility matrix. 

A very good correlation can be deduced between the 
approximated system and the reference structure 
(Table 1). 

Two of these correlated modes in Fig. 5 and in Fig. 6. 
Therefore, to obtain the convergence to the first 22 
elastic modes of the reference structure, we solved an 
eigenvalue problem in which the matrices have order 
56*56. The original structural matrices have order 
875*875 (Fig. 2). 

An analysis of results obtained using a truncated modal 
basis (28 modes) without the correction effect given by the 
residual flexibility matrix (component B) and a truncated 
modal basis with correction effect (components) gives the 
results shown in Table 2 (see page 5). 








333 
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Table 2 - List of modal characteristics of the assembled system 

compared with the reference structure 


Obviously, increasing/decreasing the number of 
modes contained in the truncated basis gives 
better/worse results (Fig. 7, Table 2, 3). 

Consider now the system mode (0,0,2): the mode 
(0,0,2) is not included in the basis of the component 
modes and therefore the system mode (0,0,2) cannot 
be well synthesised. 

The residual flexibility matrix ’replaces’ the lack of 
the component mode (0,0,2): the system mode (0,0,2) 
is still correlated to the reference mode (0,0,2) (Fig. 
8, Table 1). 

Indeed, including the residual flexibility matrix is 
equivalent to adding a set of mode shapes obtained 


taking into account the interface configuration to the 
truncated normal modes basis. 

Particular attention has to be paid to the frequency 
response functions. It is shown in Fig. 9 that there is 
a very good correlation between the levels of the 
synthesised system and the reference, when the 
residual flexibility matrix is taken into account. This 
aspect of the analysis has to be strongly underlined 
when the vibration control of structural dynamic 
behaviour has to be made on levels (for example 
RMS acceleration in microgravity). 
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Table 3 - List of modal characteristics of the assembled system 

compared with the reference structure 
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Table 4 - Physical parameters of the components and the reference models 


5. CASE TEST N. 2 

5.1 Test description 

We describe a second application of a C.M.S. 
technique for three panels uniformly connected 
(named A, B, C) using a Mac Neal reduction 
algorithm (Refs 5, 7). 

On the I-DEAS Systan module, it is possible to 
analyse the dynamics of a system composed of 
analytical and/or experimental modal components 
(coming from MSC/NASTRAN F.E.A. and/or 
testing), oriented and subsequently connected 
together using the MSC/NASTRAN superelement 
analysis. 

In this case, we test the I-DEAS substructuring 
technique using the constraint equations defined on 
Systan module. 

The substructures are assembled into a system using 
the displacement relationship (called constraint 
equation, see Fig. 10) between a dependent dof 
related to a node on one component and an 
independent dof related to a node on another 
component (Fig. 11). 

In a general form, the constraint equation is a 
homogeneous equation with constant coefficients 
defined by: 

ao • Xo + a\ • X\ + ai * Xi + ... + a n • X n =0 
where: 


Ao 


- dependent dof 

X\, ••• > 


= independent dof 

ao, ..., an 


= constant coefficients 

In this case, we 

use a constraint equation defined 

the form: 





a\ ' X\ + a\ • X } =0 

where: 




a\ 

= + 1.0 



- - 1.0 


X\ 

= dependent dof of component i 


Xj 

= independent dof of component 


We know that physical dofs, in I-DEAS systan 
module, are treated as independent dofs only if these 
are associated with residual flexibility effects and so 
we must include also the effects of residual flexibility 
in the MSC/NASTRAN analysis results. 

If these dofs are not part of a connection, their 
associated residual flexibility is ignored and these 
dofs are automatically defined as dependent dofs 
through mode shape matrix. 

5.2 Analysis of the results 

For the verification of the results referred to the 
assembled system, we defined these two complete 
reference models simulating the coupled structure: 

1. analytical free-free square plate 

2. MSC/NASTRAN finite element analysis 
(frequencies, modal mass, modal stiffness) 

For these reference models and for the 
corresponding substructures (panels A , £, C), Table 
4 describes the physical parameters, Table 5 (see 
page 7) the type of F.E.A. and Table 6 ( see page 7) 
describes the relative modal matrices. 

From the point of view of the modal characteristics, 
we see that the substructuring technique using 
constraint equation is correct compared to 
MSC/NASTRAN reference model and quite correct 
compared to analytical model. 

In fact, Table 7 (see page 8) shows the percent 
variations between the frequencies of the reference 
models (analytical and MSC/Nastran) and the 
frequencies referred to the assembled system. 

For the computation of the transfer functions, we have 
added a structural damping ratio (CICcr — 0.02) for all 
considered mode shapes. 

The analysis of mode shapes shows that the extracted 
mode shapes, with single eigenvalue, have a very 
good correlation as regards the corresponding mode 
shapes of the two reference models (see Fig. 12). 
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Table 5 - Type of F.E.A. for the components and the systems (reference and assembled) 


Whereas the extracted mode shapes with double 
eigenvalues have a bad correlation as regards the 
corresponding MSC/NASTRAN reference model 
and also with respect to the analytical reference 
model. These last differences are only due to the 
mode shape extraction algorithm in presence of 
eigenvalues with multiple roots. 

In fact, if we evaluate the responses of the system we 
note that the transfer functions of the assembled 
system and the MSC/NASTRAN reference panel are 
the same (see Fig. 13). 

53 Observations 

Moreover, on I-DEAS Systan module, it is possible 
to assemble substructures into a system using the 
connector elements. 

The connector is a F.E.M. element composed of two 
different, but coincident, nodes each having up to six 
doPs (Fig. 14), which is used to define the 
connections between a node on one component and 
the coincident node on another one (Fig. 15). 

When we create it, we define separate matrices for 
mass, stiffness and damping (viscous and hysteretic) 
where each matrix represents all relationships 
between the dof of both nodes. 


Also, with this assembling technique, it is necessary 
to include, in the modal model of the substructures, 
the effects of residual flexibility if we want to obtain 
the right results. 

Moreover, the reliability of the results referred to a 
system assembled using the connectors depend on 
the real difficulty of knowing the actual values of the 
stiffness for the connector elements (Ref. 8). 

For this reason, it is not suggested to simulate 
continuous connection (welding) by means of systan 
general scalar connector element, while it seems 
useful to use this kind of element to simulate the 
dynamic behaviour of simple mounts and springs. 

6. CONCLUSIONS 

The case tests performed here show that there is a 
very good correlation in terms of modal 
characteristics/forced responses between systems 
synthesised using the Mac Neal algorithm and the 
reference structures. 

It can therefore stated that Component Mode 
Synthesis techniques, optimising computation sources 
towards results accuracy, represent a powerful tool 
for the dynamics analysis of space structures at low 
modal density as regards microgravity aspects. 
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Table 6 - Modal matrices for the components and the systems (reference and assembled) 
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Fig. 13 - Comparison between the transfer functions of the 
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ABSTRACT 

The transmissibility of vibrations due to mechanical 
sources through complex structures may be reduced 
by adequate modification of structural parameters. 
In order to globally account for uncertainties in the 
frequency content of the real environment, a 
sensitivity analysis on frequency responses due to 
broadband excitation is performed. Simplifying 
assumptions on the relationship between the physical 
parameters and the element matrices lead to an 
efficient computation of modal parameter derivatives 
expressed in the modal basis. Localization of 
sensitive zones, followed by estimations of the 
modified structure's responses give the way to obtain 
a minimal vibration level. This paper presents first a 
theoretical description, then an application to a beam 
truss in order to illustrate the minimization of 
dynamic transmissibilities between excitation and 
reaction forces. 

Keywords : Dynamic Structural Analysis, 
Optimization, Frequency Dynamic Response 


1 INTRODUCTION 

A mechanical source of vibration transmits 
excitation to the entire structure through its support; 
the level of vibration transmitted may be reduced by 
acting on the support physical properties. This may 
be obtained through a sensitivity analysis on modal 
parameters and frequency response functions with 
respect to the physical design parameters. After 
localization of sensitive zones, a first order estimation 
may then be performed on the modified structure's 
responses. 

The first work performed at INTESPACE on this 
subject concerned responses due to sinusoidal 
excitation 1 , where attention was focused on 
responses at a given frequency. 

However, the excitation source for a structure may be 
well known but random in nature, being described by 
a particular power spectral density (PSD) function. 
Other times, the excitation may be sinusoidal in 
nature but with uncertainties existing either in the 
frequency content of excitation or in the natural 
frequencies of the finite element model. This second 
case leads us again to consider a random type 
excitation where the excitation PSD can be considered 


as a weighting function 2 . For these reasons attention 
was focused on responses within a frequency range. 
In this paper, the same approach is used and 
adapted to deal with peaks in the frequency range of 
interest. 

After a presentation of broadband analysis, the 
method is applied to a medium size beam truss in 
order to minimize dynamic transmissibilities 
between excitation and reaction forces. 


2 FORMULATION 

2.1 Response evaluation 

In the frequency domain, the response y(co) of a 
structure is related to the excitation x(co) by the 
frequency response function (FRF) X(co) : 

y(co) = X(co) x(co) (1) 


The general form of basic FRF (flexibility G(co), 

transmissibility T(co), or dynamic mass M(co)) of a 
structure, expressed in a basis of constraint modes 
and fixed junction normal modes 3 is given by : 


where 


with 


m _ _ 

X(to)» £ A k (co)X k + X res 


k=l 


m 


Xres = Xgtat " 2 * 


k = 1 


( 2 ) 


(3) 


Ak(co) = dynamic amplification for mode k, 
complex dimensionless, depending on 

natural frequency cok = 2rcfkand 

damping coefficient T]k (structural) or 

^k (viscous), giving a maximum 

amplification Qk = 1/% ot l/2£k 

Xk = modal effective parameter 
(real, independent of co) 
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X res = residual term 

(in the presence of modal truncation) 

Xgtat = static term 

In case of a random excitation described by the PSD 
W x (co) over the frequency range (f m i n> f m ax), the PSD 
response W y (co) is given by : 

Wy(co) = | X(co) | 2 W x (co) (4) 

leading to the mean square value : 

J pfmu 

|X(f f W x (f) df (5) 

fjnin 

If Wx(co) is slowly varying in the vicinity of the 
natural frequencies, and if the modes are relatively 
well separated, for the FRF defined in Eq (2), the 
mean square value can be discretized by the following 
sum over the modes within the frequency range : 

'Py=X^fkQkXkW x (fk) + X r 2 es 'I'x (6) 

k 1 

So, for sinusoidal or random excitations, the 
response in a given frequency band depends 
essentially on three fundamental modal parameters 
(natural frequency, damping coefficient and effective 
parameter) completed by a residual term. If attention 
is focused on one mode k, the dominant mode for 
example, the maximum response can be 
approximated by : 

|y(fk)i =QkiXkl tx(f k )| (7) 


derivatives of the modal parameters ; for example the 
derivative of the natural frequency is given by : 

[iik, tpfkjc) - nM p tp(m k )] (10) 

dXp x p 

The mode shape derivatives expressed in the base of 
normal modes lead to similar equations 4 * 
Finally the derivative of modal effective parameters 
and residual terms can be established 2 . 

Notice that, due to two simplifying assumptions 
concerning the dependence of element matrices with 
respect to x p n , and the projection of the derivatives in 
a truncated modal basis, this first order development 
is very efficient . In practice a judicious choice of n 
and an adequate truncation limit the errors. 


2.3 Minimization of vibrations 

The minimization process requires first the choice of 
a cost function to minimize. If the objective is to 
globally reduce the response level in the frequency 
range of interest, considering for example the mean 
square value of the response, Eq.(6) should be used. If 
the objective is to reduce the value of the most 
important peak in the range, Eq. (7) or Eq. (8) should 
be used. 

Then a sensitivity analysis may be performed on the 
concerned modal parameters and the appropriate 
physical parameters are then selected from the 
magnitude and signs of derivatives. 

After establishing variations of the best physical 
parameters, a first order estimation of the modified 
value of modal parameters is computed by : 


w y (f k ) = (Qk X k f w x (f k ) 


2.2 Sensitivity analysis 


( 8 ) 


^ du Ax p 

u = u +-- 

3xp/xp x p 


with u = f k , Xk, Q k , W x (f k ) or X re8 


( 11 ) 


Let us consider a structure composed of structural 
parts p which are related to structural parameters 
x p . By assuming that the physical parameter x p is 
entirely and uniquely associated with the structural 
part p and in no way alters the geometry of the 
structural nodes, along with the assumption that 
mass, damping and stiffness element matrices are 
proportional to a power n of x p , the derivatives of the 
element matrices can be expressed as : 

(M p or C p or Kp)^ = (M p or C p or Kp) (9) 

The contribution of each part p to a given mode can be 
described by introducing real valued energy-type 
contribution factor, tp, which satisfy the summation 
rule. Among the many factors identified in reference 
x , two of the most useful are those corresponding to 
the part’s contribution to the modal kinetic tp(mk) and 
strain energies t p (kk) where and kk are 
respectively generalized mass and stiffness for mode 
k. 

These contribution factors play a double role of 
identifying the important parts for a given mode, as 
well as entering directly into the equations of the 


The new value of the cost function can be obtained by 
substituting the modified values of the modal 
parameters directly into the cost function. Once a 
satisfactory estimation has been found, the 
modifications are introduced in the finite element 
model, and a new calculation of the modified 
structure is performed. The number of iterations will 
be related to the step size. Notice that the cost function 
may change during the process, for example if the 
predominant mode changes. 


3 APPLICATION TO A PLANE TRUSS 


3.1 Definition and objectives 

The approach presented above is illustrated by 
considering the plane truss of Fig. 1. The structure is 
composed of beams with circular sections. The 
support beam with a radius of 160 mm (non 
modifiable) is assumed massless. Its ends are rigidly 
bounded to the clamped point A. The truss to optimize 
is composed of a reference structure (solid lines in 
Fig. 1) and of possible struts (dotted lines). Symmetry 
of the structure results in five independent radii as 
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physical parameters. The radius of the beams of the 
reference structure is 12 mm and 0 for the struts. 



Structural damping is assumed constant with a 

value of r| = 0.02. The structure is submitted to 
independent excitations in the Y direction at the top 
middle edge (B) and in the X direction at the top right 
corner (C). 

The responses considered here are the vertical 
reaction (Fy)a and the moment reaction (Mz)a about 
the Z axis at A. In addition the total mass must not 
increase more than 50% and radius of the initial 
beams must not decrease more than 50%. 

The minimization concerns the maximum value of 
transmissibilities given by : 


Tab = (Fy)a/(Fy)b and Tac = (Mz)a / (Fx)c (12) 
Two objectives have been examined : 

• minimization without limitation of the 
frequency range, 

• minimization within a frequency range limited 
to a given frequency f ma x • 


3.2 Preliminary analysis 

Due to symmetry, effects of the two excitations are 
uncoupled : the vertical force excites only symmetric 
behaviour, whereas the horizontal force excites 
antisymmetric behaviour of the truss with slight 
symmetric coupling due to the excitation location on 
beam BC. 

A preliminary analysis was performed with artificial 
massless springs in the X and Y directions 
connecting point B and the middle of the support 
beam, in order to identify the tendencies and 
determine initial values for the sensitivity analysis. 

Results are presented in Fig. 2 which gives the 
variation of natural frequencies and effective 
transmissibilities with respect to the ratio (spring 
stiffness / initial static stiffness). The results are 
given for ratios equal to 10 n ( n = -1... 4 ) completed by 
intermediate values coming from a sensitivity 
analysis. 


The effective transmissibility curves (Fig. 2.b) have 
intersections at values about 0.5. This situation 
corresponds to 2 dominant modes contributing to half 
the static transmissibility 1. So if no limitation is 
assumed on the frequency content of the excitation, 
the FRF will have peaks about Q^/2 for the frequency 
fk. On the contrary, if an upper bound f max is 
assumed, it may be possible to shift the dominant 
modes beyond this frequency to decrease more 
significantly the levels. In order to be coherent with 
the constraints on the total mass, the frequency 
fmax = 400 Hz has been considered here. 
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a) Natural frequencies 

Tk (-) T k (-) 




b) Effective transmissibilities between A and B 


Fig. 2 : Modal parameters versus 
spring stiffness ratio 


3.3 Minimization without frequency limitation 

The previous results give a good initial configuration 
for a minimization of FRF by using real struts 
instead of the massless springs. The attention was 
focused on the first intersections found in the 
preliminary analysis. Equivalent struts with small 
radii have been chosen in order to get the spring 
stiffnesses. As little mass is added to the structure, 
little change is expected. 


The calculation was performed according to the 
following steps : 

• select adequate struts, for example 4 and 5, and 
calculate the equivalent radii, 
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• perform a dynamic analysis to obtain natural 
frequencies and mode shapes, then calculate 
Tab and Tac, 

• perform a sensitivity analysis on the two 
dominant modes in each direction in order to 
find identical effective transmissibilities, 

• perform a dynamic analysis on the modified 
structure for verification. 

The FRF are plotted in Fig. 3 where equality of the 
two peaks can be noted for the two directions. The 
initial configuration was close to the optimum, thus 
only one iteration was performed to reach it. The 
maximum level is now about 25 and 22 for Y and X 
directions respectively instead of 63 and 48 for the 
reference model. 



Fig. 3 : Optimization without frequency limitation 


3.4 Ontimization with frequency limitati on 


• Select the most efficient struts and beams to 
reach the objective with a minimum of physical 
parameters. Give an initial value to the 
associated radii and calculate mode shapes and 
FRF. 

• Perform a sensitivity analysis on all modes 
lying in the range and on the dominant modes 
beyond f m ax- Compute derivatives of natural 
frequencies and effective parameters as in Eq. 
(10). 

The choice of the power n in Eq. (9) was derived 
from considerations on the ratio of membrane to 
bending energy : kinetic energy for the mass 
and strain energy for the stiffness. This leads to 
n = 2 for mass and 2 < n < 4 for stiffness. 

• Perform a dynamic analysis on the modified 
structure in order to verify the estimations and 
iterate if necessary. 

Three cases of increasing complexity have been 
considered : 

• optimize the FRF Tab only, 

• optimize the FRF Tac only, 

• optimize the FRF Tab and Tac with the same 
truss. 


For Tab, the vertical strut 4 is the best candidate, 
leading to three physical parameters (with the two 
radii of the reference truss) to be optimized. The 
results are plotted in Fig. 4, the initial configuration 
gives a maximum value for Tab at fmax = 400 Hz. This 
level is reduced with iteration 1 but two significant 
peaks appear in the frequency range. This problem is 
solved with the third iteration. 



4 - 1 -)- 1 -(- 1 - 1 

50 100 200 500 1000 


a) Tab = Fa/Fb 


Strut Radius 
(mm) 

rl r2 r3 r4 r5 

- Init. 

. Iter. 1 

- Iter. 3 

12. 12. 0. 7. 0. 

6. 15. 0. 7. 0. 

6. 12.1 0. 8.5 0. 


The optimization was performed according to the Fig^ : Optimization of Tab with frequency limitation 
following iterative process : 
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For Tac> the diagonal struts 3 and 5 have been 
selected, leading to four physical parameters to be 
optimized. The results are plotted in Fig. 5, the initial 
configuration gives a maximum level for Tac a t 400 
Hz. After one iteration, this level is reduce and is 
equal to an increasing peak which appears just 
before 400 Hz. 

For the last case, the same truss must satisfy the 
objective for the (Fy)g and (F x )c excitations 
considered separately. The struts 3, 4 and 5 have been 
selected leading to five physical parameters to be 
optimized.The results are plotted in Fig. 6. 


3.5 SvipmgirY . 

The transmissibility levels found in each case are 
summarized in Table 1. 


Configurations 

Range 

(Hz) 

Fa/Fb 

ma/fc 

Reference Truss 

0 - oo 

63. 

48. 

Elements 1, 2, 4, 5 

0 - 00 

25. 

22. 

Elements 1, 2, 4 

0-400 

3.2 

* 

Elements 1, 2, 3, 5 

0-400 

* 

2.0 

Elements 1, 2, 3, 4, 5 

0-400 

4.5 

4.5 


* : not considered 


Table 1 : Optimum level summary 

The results show the reduction levels which can be 
obtained for various configurations. This reduction, 
depending on the frequency contents of the excitation, 
may be very large. 


4 CONCLUSION 

The broadband sensitivity method, which can be 
adapted to various objectives, has been successfully 
applied to configurations of increasing complexity, 
leading to substantial level reductions with a limited 
number of iterations. 

Future developments are planned to improve the 
efficiency of the analysis by a better accuracy of the 
response estimations and automation of the whole 
process. This approach is being incorporated into the 
general structural dynamic analysis software 
developed at INTESPACE 6 , in order to solve vibration 
level reduction problems in various areas, including 
space activities. 



a) Tac = Ma/Fc 


Strut Radius 
(mm) 

rl r2 r3 r4 r5 


6. 6. 15. 0. 5. 

6. 6. 12.9 0. 9.2 


Fig. 5 : Optimization of Tac with frequency limitation 
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b) Tac = M a /F c 


Strut Radius 
(mm) 

rl r2 r3 r4 r5 

Init. 

- Iter. 1 

9. 9. 12. 4. 5. 

8.5 9. 12.4 4. 5. 
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1 Abstract 

The term Continuous Elements stands for a technique that 
avoids the discretization error inherent in Finite Elements. 
This is achieved by describing the dynamic stiffness matrix 
of an element of the structure in terms of the complete ana¬ 
lytical solution of the underlying differential equations. The 
matrix elements are transcendental functions of the frequency 
and the matrix can not be split up into a mass and a stiff¬ 
ness matrix. Recently the method has been generalized by 
the author to include also two-dimensional Continuous Ele¬ 
ments, what clearly broadens the scope of its applicability. In 
fact, it is this generalization which makes it a general purpose 
tool for Structural Dynamics. In the paper an outline of the 
Continuous Elements Method is given, the generalization to 
two-dimensional Continuous Elements is highlighted and the 
method is used to find the first eigensolutions of an L-shaped 
cantilever plate. 

Keywords: Continuous Elements, Plates 

2 Introduction 

Mechanical systems are continuous in three spatial coordi¬ 
nates. For the purpose of analysis the actual system is re¬ 
placed by a theoretical model. The complexity chosen for this 
model depends on the accuracy desired for the results and on 
the resources available for the investigation. The spectrum 
reaches from three-dimensional continuous models to simple 
lumped parameter approximations. 

The choice of the mechanical model also implies a choice 
of the mathematical formulation of the problem and hence on 
the effort to solve the problem. After transformation to the 
frequency domain, continuous models are described by par¬ 
tial differential equations (PDEs) plus boundary conditions, 
whereas discrete models are described by sets of algebraic 
equations. To avoid the solution of PDEs, discrete models 
(e.g. Finite Elements) are in general preferred. The direct 
treatment of continuous systems, though historically older, 
has never reached the degree of popularity of the FE method. 
In the last years, however, direct continuous methods have 
gained some popularity. It is the main intention of this paper 
to draw the attention of a broader public to the availability 
of direct continuous methods in the form of Continuous El¬ 
ements, to their advantages as compared to Finite Elements 
and also to their drawbacks. 


The most prominent feature of Continuous Elements is that 
they, basically, avoid discretization and hence also discretiza¬ 
tion errors. The behaviour of a system is described by a dy¬ 
namic stiffness matrix, that relates a displacement vector to 
its adjoined force vector. In contrast to discrete methods, the 

elements of this dynamic stiffness matrix are transcendental 

* 

functions of the frequency. A splitup of the matrix into (fre¬ 
quency independent) mass and stiffness matrices is not pos¬ 
sible and the toolbox developed for the solution of discrete 
systems is in large parts not adequate. New procedures are 
under development now to handle transcendental problems in 
an efficient and reliabe way [7, 2]. On the other hand, the 
lack of a discretization error not only may give more accurate 
numerical results but also lead to a broader understanding of 
the theory of (structural) dynamic systems. 

A serious restriction of the Continuous Elements Method 
has been the fact, that only one-dimensional Continuous El¬ 
ements (typically beams and strings) have been available [6]. 
In certain cases (e.g. prismatic plate arrays or solar blan¬ 
kets [12, 11]), two-dimensional structural elements can be 
treated as one-dimensional elements if one direction can be 
eliminated. 

General Two-dimensional Continuous Elements have been 
developed by the author since 1983 and are in use there since 
1985 for the analysis of plate systems under static loads. The 
method was first published in 1989 [8]. It is obvious that the 
availability of two-dimensional Continuous Elements drasti¬ 
cally broadens the scope of applicability of the method. This 
generalization, however, also includes one marked drawback: 
Two-dimensional Continuous Elements are based on a Fourier 
decomposition of the continuous boundary functions. (Note 
that for one-dimensional elements the boundary conditions 
are discrete and finite a priori.) The Fourier development 
has to be truncated somewhere and consequently the element 
matrix is not exact in the sense it was for one-dimensional el¬ 
ements. On the other hand, this drawback is not too serious 
from a practical point of view, since the truncation point can 
easily be controlled by the user and the effect of the trunca¬ 
tion on the result is readily evaluated without reelementation 
of the structure. 

The generalization of the Continuous Elements Method to 
include two-dimensional (plate) elements is based on a tech¬ 
nique that was earlier used to investigate the natural frequen¬ 
cies and the related eigenforms of free rectangular plates [3, 4]. 
In these early works, the specific boundary conditions of the 
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plates to be analyzed were included at an early stage of the 
analysis. In contrast, the method to be outlined here formu¬ 
lates a plate element that is independent of specific boundary 
conditions. This allows for an assembly of plate elements to 
a more complex structure, where the specific boundary con¬ 
ditions of this structure are entered only after the assembly 
process. So all conceivable cases of boundary conditions are 
covered by only one element type. 

The term "accurate” used in this context needs some clari¬ 
fication, however. Here it means, that only numerical (and no 
methodical) errors should be present in the result. In other 
words, the error should only be due to the finite word length 
of the compiler in use. Note however, that poor conditioning 
still may turn the result completely useless. 

The term "continuous” in the title of this paper is another 
potential source of misunderstanding since it has different 
meaning to different people. When calling the approach ” Con¬ 
tinuous Elements Method”, it was born in mind to make clear 
already in the name that no a priori spatial discretization was 
introduced. ”Distributed Elements” is another common term 
that emphazises this aspect. In contrast to the use outlined 
above, the word ”continuous” is also used in the literature 
to distinguish methods that imply continuity of deformations 
and/or stresses across element boundaries from methods that 
do not imply this property. In the Continuous Elements Me¬ 
thod continuity of deformations across element boundaries is 
explicitly used during the assembly of elements to a more 
complex structure and continuity of stresses follows implicitly 
from the solution of the differential equations. 

The method to be demonstrated, though not new, has never 
been automated and cast into program modules, that would 
allow an average user to profit from it without going into the 
details of the approach. Rather, it was generally used for the 
individual solution of special problems by specialized people. 
Well, ’’never” is not quite true, since for a couple of years 
there are ongoing efforts to give a broader public access to 
the merits of the method. For a few classes of problems the 
method has been furnished with more or less user friendly 
surfaces and is in practical use with a few institutions. 

SFVIBAT (Space Frame Vibration Analysis Tool) is one of 
the earlier products in this series. It was written at Chalmers 
University of Technology, Gothenburg, Sweden [1]. At the 
European Space Technology Centre (ESTEC), two program 
packages using Distributed Elements have been developed and 
are in use now: DISTEL (Distributed Elements) [11] can 
be used to investigate the dynamic bahaviour of three axis 
stabilized spacecraft and VAMP-G (Vibration Analysis Mod¬ 
ular Package) [5] is specialized to the analysis of spinning 
spacecraft. IDA (Interactive Dynamic Analysis) was written 
at RESSULT/TeWiSoft for the analysis of three-dimensional 
frames including damping. PLATTE was written at TeWiSoft 
for the analysis of plate systems under static loads. Certainly 
more program packages based on Continuous Elements exist, 
but the community supporting the method is just starting 
to organize regular channels for the exchange of ideas. The 
Availability of two-dimensional Continuous Elements can be 
expected to add strongly to the momentum of the idea. 

The precision of the method is one of its strongest points. 
As a consequence, arbitrarily large elements can be used with¬ 
out loss of accuracy. The elementation of the method is de¬ 
termined by its geometric properties rather than by a certain 
a priori knowledge of the result to be obtained. Geometrically 
simple structures need not be cut down to pieces in order to 
get reasonable precision. Precision is a topic that has tradi¬ 
tionally been treated in a somewhat casual way. (”Oh, better 


than three percent!”) Without going into details it is stated 
here, that certain fields of structural analysis like spectral de¬ 
composition, parameter reconstitution from spectral data and 
structural modification (model updating) virtually depend on 
a base of precise results, in specific precise eigensolutions. The 
usual test on natural frequencies alone may highly overesti¬ 
mate the precision of the results. This is the more true if 
arbitrary damping and gyroscopic effects are included. 

3 One-Dimensional 
Continuous Elements 

A typical one-dimensional continuous substructure is a beam. 
A beam is described by a set of Partial Differential equations 
(PDEs) with two independent variables, one being a parame¬ 
ter running along the beam axis and the other being the time. 
In this paper we restrict ourselves to linear systems with time 
constant parameters. Note that this restriction does not ex¬ 
clude tapered and twisted beams, for example. Also, beams 
with arbitrary prebending and/or prestress are included, if 
small disturbances of this nominal state are considered. This 
class of PDEs can always be transformed into the frequency 
domain without loss of generality. This eliminates the time 
at the cost of introducing the additional frequency parameter 
s. The general solution of the resulting Ordinary Differen¬ 
tial Equations (ODEs) is given by the complete set of base 
solutions. If an ODE has constant parameters (with respect 
to the space coordinate), the base solutions are available in 
analytical form. Else, they can always be obtained by numer¬ 
ical integration of the ODE with n linearly independent initial 
conditions, where n is the order of the ODE. The difference 
to the analytical solution is only the runtime. 

The deformations and forces at the two boundaries of the 
beam are then expressed in terms of the base solutions: 


Db = d 

(i) 

Fb = f 

(2) 


The vectors d and f contain the displacements and forces 
at the boundaries, the vector b contains the base solutions 
and the matrices D and F relate the displacements and forces 
to the base solutions. The elements of f and d are adjoined 
in such a way that d T f is the "dynamic potential” of the 
element. 

Premultiplying (1) with D -1 and inserting b into (2) gives 

FD _1 d = f (3) 

FD 1 is the dvnamic stiffness matrix of the beam element. 
The eigensolutions of (3) with zero right hand side represent 
the natural frequencies and eigenforms of the free element. 
Since no discretization has been used, (3) contains an infinity 
of eigensolutions. 

The assembly of the elements to a complete structure is es¬ 
sentially identical for all methods of structural analysis based 
on stiffness matrices. In contrast to standard methods, how¬ 
ever, the system matrix obtained with the Continuous Ele¬ 
ments method is exact and can therefore not be split up into 
frequency-independant mass and a stiffness matrices in gen¬ 
eral. After solution of the system equations the complete 
state of the system can be determined for every point of ev¬ 
ery element by back substitution of the solution of the system 
equations into the ODEs of the beam elements. 
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4 Two-Dimensional 
Continuous Elements 

The most prominent example of a two-dimensional continuum 
is probably the plate. Here we restrict ourselves to KirchhofF 
plates. The related PDE for transversal displacement w is 
given in non dimensional form: 

AA w -f w = p (4) 

where w is the plate’s deflection, and p is the surface load. 
Dots stand for partial derivation w.r.t. time r and the Laplace 
operator is defined in the coordinates £ and t] as 

A( ) = ()*+$*( )m (5) 

with 

* = ( 6 ) 

a 

where a and b are the half plate lengths in f and f? direc¬ 
tions, i.e. — 1 < ( < 1 and —1 < r) < 1 . The inclinations of 
the plate’s surface and the forces in the plate are defined in 
dimensionless form as 
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The 4* are the inclinations of the plate surface, m are the 
bending moments in the plate, v are the effective vertical 
forces and v stands for Poisson’s ratio. Due to Kirchhoff’s 
approximation (no shear deformation) the shear forces are re¬ 
placed by the effective vertical forces, which are a combination 
of shear and a derivation of drill. 

(4) is a PDE with three independant variables f, tj and r. 
With respect to f and tj it describes a boundary value problem 
and with respect to r it describes an initial value problem. 

The solution of (4) is composed of the solutions of the ho¬ 
mogeneous and the inhomogeneous problems. It is tried to 
find a solution of the homogeneous problem under the follow¬ 
ing form: 

w(^ri,r) = w 0 e a(+ ^ + ‘ T (14) 

Inserting (14) into (4) with the right hand side of ( 4 ) equal 
to zero and dividing by (14) we get the characteristc equation 
of the plate: 


(<> 2 + p ) 2 +* 2 = 0 ( 15 ) 

Since the parameters contained in (15) are all squares, the 
values for the parameters are grouped in real or imaginary 
pairs with opposite sign. A positive value for a square param¬ 
eter corresponds to hyperbolic sine and cosine functions in the 
respective independent variable (£,77 or r), whereas a nega¬ 
tive value corresponds to standard (circular) sine and cosine 
functions. 


The characteristic equation (15) can be fulfilled by tuning 
three parameters, a,/? and s. The latter parameter defines 
the solution with respect to the variable time. We choose a 
harmonic motion with circular frequency ur. 

s 2 = (j'u /) 2 = —u 2 (16) 

In addition to s one of the parameters a and {3 can be chosen 
freely and the other one follows from (15). Every combination 
of a, p and s that fulfills (15) represents an exact solution to 
the PDE (4) with zero right hand side. This gives us a host 
of solutions for the PDE (4). 

5 Continuous Boundary Conditions 

In contrast to the beam case treated earlier, the plate is a two 
dimensional domain with its boundary being one dimensional. 
The fact that the boundary conditions must be fulfilled on 
an infinity of points is a major obstacle to an exact solution 
of the problem. Only in rare cases exact solutions can be 
given. In general, however, the boundary conditions on the 
one dimensional continuous boundary are approximated by n 
discrete conditions. 

The discretization introduces an error and it i 6 mainly the 
technique of discretization which makes up for the differences 
between various methods of solution. A straight forward me¬ 
thod of discretization would be to cut the boundary into n 
sections and to define the boundary conditions as constant 
within one section. This procedure can be improved in dif¬ 
ferent ways, e.g. by allowing for higher order polynomials in 
the sections. The boundary element techniques procede along 
these lines. In contrast, we discretize the boundary conditions 
by development into Fourier series. The pros and contras of 
the methods will not be discussed here. We rather interrupt 
the discussion on the topic by stating, that both methods are 
approximations and approach the true result if the number of 
terms used in the discretization goes towards infinity. 

The rectangular plate has two symmetry lines which, for our 
coordinates, coincide with the axes of the coordinate system. 
A general deformation of the plate can be split up into four 
different symmetry cases. 


w — w$s + wsa + was + waa (17) 

The four symmetry cases are decoupled and therefore 
treated separately. The further development holds for the 
double symmetric case (SS), the other cases follow by replac¬ 
ing cosines by sines and vice versa in the formula work. Also, 
only two edges (f,l) and (1, 7 ?) of the plate need be consid¬ 
ered, the two opposite edges are taken care of by the symmetry 
case. 

An infinity of base functions is now generated by choosing 
for the parameter a in (15) the series 

a m = rmrj, m = 0,1,2... (18) 

For every individual a m follow four (3 m from (15). 

¥ 

Pm — ±y/(mn) 2 ± w (19) 

These four values cover two symmetry cases with respect to 
the f axis as symmetry axis. Sorting out the antimetric case, 
two integration constants are free for every m, which fits with 
the fact that two boundary conditions have to be met on the 
boundary (f, 1) for every m. 
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To satisfy also the boundary conditions on the other edge 
an additional series of base functions is generated by 
choosing 

Pm = rnitj, m = 0,1,2... (20) 

The introduction of the series (18) and (20) for the f and 
7 ) directions is a restriction of generality of the available base 
functions. As far as the PDE is concerned, any real number 
can be chosen for a 2 or /? 2 . 

Depending on the sign of the radicand in (19), the character 
of the base function in the 7? direction may be hyperbolic or 
circular. Only the hyperbolic case is presented here. The 
circular case is treated in an analog way and looks very similar. 

For the hyperbolic case (/3^ > 0) the deformation of the 
plate can be given as 

w m = cosh(^ m r))cos(mn^) ( 21 ) 

The second series of base functions, which follows from (20), 
is given by 

w m = cosh(a m t)cos(rmri]) (22) 

This second series is very similar to (21), in fact it follows 
from (21) by interchanging f and 7?. The further development 
is therefore only shown for the series (21). 

(21) is inserted into the expressions for the inclinations and 
the forces and moments of the plate, (7) through (13). For 
this purpose (21) must also be partially derivated with re¬ 
spect to f and j? as required by the expressions. Omitting 
intermediate steps the following expressions are obtained for 
the deformations and forces: 

= mncosh(i3 m i))8in{rnn£) (23) 

Vrjm = -@~-sinh(l3 m 7])cos(mnZ) (24) 



— —(— (ttitt) 2 + 1 

Q 2 

^)c°sh(0mrj)cos(mnO 

' (25) 


3 

= (1 — t/)— rmvsinh{Q m rj)sin{rm:^) 

(26) 

TUr/m 

Q 2 

= - u{mn) 2 )co8h{Mcos{m^) 

(27) 

Vim 

= -((m^) s -(2 

B 2 

- v)~~mn)cosh(f3 m r}) 



sm(m7r{) 

(28) 

Vrjm 

3 3 

= -(^-(2- 

v)^(mn) 2 )sinh(P m 7}) 



cos(m7rf) 

(29) 


The deformations and forces at the boundaries can now be 
developed into Fourier Series. For the edge (£, 1) the quanti¬ 
ties w , , rriy} and v n are developed into harmonics in { , for 

the edge ( 1 , 7 ?) the quantities and are developed 

into harmonics in t?. 

The deflection on the boundary t? = 1 is 

w m = cosh(/3 m )cos(m 7r{) (30) 

Developing (30) into a Fourier series of the form 

oo 

= y, a m „cos(nx{), n = 0,1, 2... (31) 

n=0 

the coefficients a mn are determined by 

a mn = cosh(P m ) f cos(mn£)cos(nn£)d£ (32) 


Carrying out the integration one gets 

®mn ” COsh(Pm) (33) 

for n = TTi and 

®mn ~ 0 (34) 

for n^m. 

The other quantities on the boundary ?? = 1 to be developed 
also contain cos(mn £) as a factor and consequently their series 
development is covered above as well. 

The deflection on the boundary f = 1 is 

w m = cosh((3 m rf)cos(mn) (35) 

or 

= {-i) m cosh{fi m rj) (36) 

Developing (36) into a Fourier series of the form 

oo 

Wm = ^ a mn cos{mrq) (37) 

n=0 

the coefficients a mn are determined by 

a mn = (~l) m J cosh(p m T})cos(mrr))dr} (38) 

Carrying out the integration one gets 

= (-1 r^ ^^ m inw)2 sinh(p m ) (39) 

The other quantities on the boundary (1, ??) to be developed 
also contain cosh(0 m r)) as a factor and consequently their se¬ 
ries development is covered above as well. 

Having developed the deformations and forces of the base 
functions at the boundaries into Fourier series, the problem 
is reduced to the form of the one-dimensional case, i.e. to the 
form of (1) through (3). In contrast to the one-dimensional 
case, however, the length of the vectors d, f and b is not only 
determined by the order of the differential equation but also 
by the point of truncation of the series development, i.e. by 
the desired accuracy. The rest of the procedure is identical to 
the procedure applied in the one-dimensional case. 

6 Results and Conclusions 

The method of analysis outlined above was applied to the 
analysis of a simple plate system. The first few natural fre¬ 
quencies and the related eigenforms of an L-shaped cantilever 
plate were investigated. The geometry of the system is given 
in Fig.l, the Poisson ratio was chosen as v = .3 . 

The L-shaped plate is modelized as an assembly of 3 iden¬ 
tical square plates. The dynamic stiffness matrix of the com¬ 
plete system is obtained by assembling the stiffness matrices 
of the plate elements. The eigensolutions are obtained by 
scanning the system matrix for singularities. 

The first 6 eigenforms are plotted in Fig.4 - Fig.9. Positive 
and negative deflection values are distinguished by solid and 
dotted lines, the zero line was chosen to be solid. 

To give an impression of the accuracy of the results, the first 
and sixth natural frequency are plotted in Fig.2 and Fig.3 over 
the number of terms used in the Fourier decomposition. The 
highest accuracy cases shown here resulted in system matri¬ 
ces of about 100 DOFs, the runtime was a few minutes per 
eigensolution on an AT. 
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To test the performance of the Continuous Elements Me¬ 
thod, a simple but not trivial system has been chosen above 
as a test case. So the results can easily be verified with other 
methods, while the convergence of the eigensolutions over the 
Fourier terms gives an idea of the performance of the method 
presented here. More complex examples (not shown here) 
have confirmed the numerical stability of the approach. 

The results indicate, that plate systems can effectively be 
treated using continuous plate elements. Once the method is 
tested, it may readily be used to generate Two Dimensional 
Continuous Elements for other structural elements, e.g. plates 
including in-plane and/or shear deformations. The next log¬ 
ical step will be to develop a library of standard Continuous 
Elements and software routines to assemble the elements to 
complex structures. This may result in a tool, that allows for 
easy and independant verification of findings obtained with 
other methods. 
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Fig.2: 1.Natural Frequency over Fourier Terms 
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Fig.3: 6.Natural Frequency over Fourier Terms 
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HARMONIC WAVE PROPAGATION IN TWO-DIMENSIONAL 
PERIODIC LARGE SPACE STRUCTURES 
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ABSTRACT 

The work aims at the development of a suitable 
method for the analysis of harmonic wave 
propagation in large two-dimensional periodic space 
structures. The dynamic behavior of modular 
structures is synthesized by the propagation 
coefficients of the repetitive element. The finite 
element method is used to compute the dynamic 
stiffness matrix of the periodic element; the 
application of the repetitive boundary equilibrium 
and compatibility conditions and the use of 
Floquet’s theory on periodic differential equations 
leads to a nonlinear system of equations, whose 
solution gives the propagation coefficients for 
rectilinear wave fronts propagating along a generic 
direction. It is demonstrated that in some very 
special cases the solution of the nonlinear system 
is equivalent to an eigenvalue problem. 

Keywords: Modular Structures, Large Space 

Structures, Structural Dynamics. 


1. INTRODUCTION 

All the proposed configurations of the permanent 
space stations show a series of "operational areas" 
(crew modules, laboratories, solar panels, 
antennas, ...) interconnected by slender truss 
structures. Due to their orbital dimensions it is 
obvious that all the elements have to be assembled 
directly in space; for this reason, and in order to 
minimize the overall weight without sacrificing the 
structural strength, modular structures represent 
the ideal candidates for the interconnecting 
elements {mono dimensional structures) and also for 
large panels or reflectors (two-dimensional 
structures). It is also well known that the very 
low operational loads are relevant only from the 
dynamic point of view, due to the strict shape and 
pointing performances required by Large Space 
Structures (LSS) coupled with their extreme 
flexibility. A consistent stiffening of the 
structure or active control systems may therefore 
be required for vibration suppression and shape 
control, and in this context the investigation of 
the propagation properties of structural members 
becomes of primary interest. 

The peculiar topology of modular LSS, a high 
number of identical substructures, small compared 
to the dimensions of the whole structure, and large 
distances between junctions, allows their 
comparison to solid crystals and to suspect the 
presence of the same wave propagation 


characteristics, such as dispersion and filtering. 
The dispersion effect occurs due to a frequency 
dependent wave propagation velocity, while 
filtering is caused by wave reflection in some 
frequency ranges. 

Many different approaches to the dynamic 
analysis of mono dimensional periodic structures 
have been proposed (Refs. 1-5), all leading to the 
conclusion that elastic waves are not allowed to 
propagate in some frequency bands. The dependence 
of the propagation characteristics on the frequency 
is known as dispersion relation; it is a complex 
valued function, in general nonlinear, whose real 
part represents the attenuation in space of the 
propagating waves while the imaginary part 
represents the phase difference between incoming 
and outgoing waves within a single element. 

The analysis of two-dimensional periodic 
structures has been up to now object of limited 
studies, all dealing with particular cases (Refs. 
1,6-8) 'due to the complexity of the problem. 

In this context the present work aims at the 
development of a general method for the analysis of 
the dispersive behavior of a two-dimensional 
periodic structure. 

The proposed approach to the analysis of 
two-dimensional periodic structures represents an 
extension of the concepts adopted for mono 
dimensional periodic structures (Ref. 5). The 
dynamic characteristics of the repetitive element 
are determined with the finite element method and 
the application of boundary equilibrium and 
compatibility conditions in the two directions 
defining the periodicity, together with the 
Floquet’s theory on partial differential equations, 
leads to a nonlinear system of equations governing 
the propagation in any direction of rectilinear 
wave fronts. It is demonstrated that for some 
particular wave front orientation the solution is 
more conveniently expressed as an eigenvalue 
problem. 

Examples are given for two different 
structural topologies, and the results are compared 
to the propagation characteristics of the 
equivalent mono dimensional structures. 


2. TWO-DIMENSIONAL PERIODIC STRUCTURES 

A periodic two-dimensional structure can be 
intuitively represented by identibal elements 
physically connected at some points along their 
boundaries in two directions (Fig. 1). The boundary 
connections can be divided into left, right, , top 
and bottom connections (l,r,b,t), with the left 
connections equaling the right ones and the top 
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equaling the bottom ones. 



X 


Figure 1: two-dimensional periodic structure 

This approach, first proposed by Mead {Ref. 

1) , is however limiting in the sense that not all 

the topologies can be modelled in this way: a 

hexagonal honeycomb (Fig. 2) for instance has 

connections which can not be simply represented as 
left, right, top, bottom, since each vertex is 

connected to elements laying at least on two 

different sides (e.g. top and right). 

Therefore a different modeling technique is 

proposed, in which the repetitive element is 

ideally contained in a rectangle and connected to 
the adjacent elements by 4 equal interfaces (Fig. 

2) , identified by the letters a,b,c,d. In a 

cartesian plane we will denote by £x and iy the 
characteristic lengths of the rectangle in the two 
directions x and y, and with the indexes k and j 
the positions of the generic element along the x 
and y directions. We will also identify the "a" 
interface as the bottom-left one, the others 

following in the clockwise sense (Fig. 2). 




repetitive 

element 


Figure 2: schematic representation of 
a hexagonal honeycomb 


The dynamics of the repetitive module can be 
represented by computing the stiffness, mass and 
damping matrices via the finite element method 
(Ref. 9), leading to 



where {ui>, {Pi} are internal coordinates and 
loads, i.e., not connected to adjacent elements, 
[K], [M] , [C] are the stiffness, mass and damping 
matrices and {ua}, {ub}, {uc}, {ud}, {Pa}, {Pb}, 
{Pc}, {Pd} are the boundary coordinates and loads, 
each of order n. 

The use of the finite element method is 
recommended in order to handle arbitrary complex 
structures while maintaining the same computational 
scheme. 

Eq. 1 can be written in a partitioned and more 
concise form by introducing the dynamic stiffness 
matrix 


j4aa j4ab Aac A ad -i Ua 

j^ba *4bb Abe a4bd Ab i Ub 

Ac a Acb Acc Acd Ac i * Uc 

Ada Ad b Adc Add Adi Ud 

j4ia Aib Aic Aid All ^ Ui 


Pa 

Pb 

Pc 

Pd 


Pi 


(2b) 


If we suppose the structure loaded only at the 
boundaries of the modules, the internal loads {Pi} 
will be- zero, so that the last equation of the 
system (2b) can be solved for the internal 
displacements and, by substitution into the 
remaining equations, the system is reduced to 


Aaa Aab Aac Aad Ua 

Aba Abb Abe Abd Ub 

Aca Acb Acc Acd Uc 

Ada Adb Adc Add Ud 

where 

[Ahl] = [Ahl-Ahi (All ) 



(h, l=a, b, c,d) (4) 


The boundary compatibility constraints on 
element k,j and the equilibrium conditions at the 
"c" interface of the element k,j are, referring to 
Fig. 3, 


{qb} = {qa} 

k, j M k, j+l 

<qc } k ^ = <q.> k+liJtl 
<«“>*, J = j 


{Pc} + {Pb} + 

{Pd} + 

{ Pa} 

0 

(6) 

k,j k+1,J 

k, j+l 

k+1,J+l 



For conciseness 

the "a" 

subscript 

will 

be 

omitted in the sequel, being 

intended 

that 

all 


coordinates and loads not specified are evaluated 
at the "a" interface. 
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Figure 3: boundary equilibrium and compatibility 
conditions 


The substitution of Eq. 3 and Eq. 5 into Eq. 6 
leads to the equation 

[Aca] {q} + [Acd+Aba] {q} +[Abd]{q} + 

k, j ^ k + 1, J M k+2, j 

[Acb+Ada]{q} + [Aaa+Abb+Acc+Add] {q} + 

k,J + l k+1, j +1 f 7 J 

[ Abe +Aa d]{q} + [Adb]{q} + 

k + 2, j + l k , j +2 

[Adc+Aab]{q} +[Aac]{q} — 0 

k + 1,J + 2 k + 2,j+2 

which represents the dynamics of the element k,j in 
terms of only "a" nodal displacements, i.e. with 
force variables eliminated. Repeating the procedure 
for all the elements, the dynamics of the complete 
two-dimensional structure will be represented by a 
set of differential equations with spatially 
periodic coefficients; the Floquet theory (Ref,. 10) 
can therefore be applied to infer the wave 
propagation characteristics. 


W] = [K-</M+jwC] 


(2a) 










3. WAVE PROPAGATION WITH RECTILINEAR WAVE FRONT 


3.1 The general case 

In order to solve Eq. 7 and compute the dispersion 
relation, the conditions typical of the propagating 
wave front must be introduced. It is here briefly 
recalled that the wave front is the line on which 
all displacements are equal in both amplitude and 
phase. The present work deals with rectilinear wave 
fronts, which can be generated by a continuous 
distribution of forces along a straight line on the 
repetitive structure. Referring to Fig. 4, in 
accordance with (Ref. 1), two propagation 
coefficients for the two orthogonal directions x 
and y are considered 

r fi = a + i k 

< ( 8 ) 
ii = a + i k 

V y y y 

where a is the attenuation coefficient (space 
attenuation of the propagating wave) and k is the 
wave number (phase difference between incoming and 
outgoing waves within a single element). 


k , J + 1 k + 1 , j + 1 

d a 
c b 

k,J k+1,J 


direct ion / 
of propagation 


vwave-f ront 


Figure 4: propagating wave front 


Ux 

m = e 

My 

p = e^ 


the Floquet’s relations become 


{q> k>J ., = * <q \c,j 

{P> = m {P} 

k+1,j k,j 

{P> = p <P> 

k,j+l K k,j 


( 10 ) 


If the wave front is propagating in a 
direction O with respect to the positive x 
direction, calling t=tgO- (ty/tx) , the following 
relations hold (Ref. 1), if 7r/2<0<7r/2 


M = M t 

y x 

t 

p = m 


■( 11 ) 


Inserting Eqs. 10-11 into Eq. 7 leads to the 
following nonlinear system of equations 

t 21 

[Aca + rn (Acb+Ada) + m (Adb) + m(Acd+Aba) + 

HI (Aa a+A b b+Ac c+Add ) + /ft 2 *(Adc+Aab) + (12a) 

m 2 (Abd) + m t+2 (Abc+Aa d ) + m 2t + 2 (Aac) ] {q> = 0 


<q> {q> = 1 


(12b) 


completely defining the propagation of rectilinear 
wave fronts in any arbitrary direction. 

This procedure becomes singular if the 
wave front is parallel to the x axis (0 =±tt/ 2), in 
which case the dual relations t=cotgtf• {lx/1 y) and 
px=py*t should be used to determine the resolving 


nonlinear system. However this will not be done 
since, as demonstrated in the next sections, an 
even more practical solution is feasible when the 
wave front is parallel to any coordinate axis. 

The normalization of the propagation modes, 
Eq. 12b, is added in order to have a unique 
solution in terms of m and {q> of Eq. 12a, which 
can be carried out by an iterative Newton-Raphson 
method, provided an approximate knowledge of at 
least the coefficients m. In fact Eq. 12a is 
actually linear in terms of {q> and the 
nonlinearities concern only the propagation 
coefficients m, so that the Newton-Raphson 
iterative procedure should easily converge once m 
is approximately known. It is usually quite simple 
to obtain the approximate values for m and {q>, 
since the dispersion curves are usually searched in 
a range from zero to a defined maximum frequency, 
and at w=0 the propagation coefficients are real 
numbers (wave number equal to 0 or ir); therefore 
the first guess solution at any frequency can be 
the final solution at the previous frequency value, 
whereas a couple of trials may be required in order 
to trim the propagation coefficients at <<>=0. 

The only problem arising in the solution of 
Eq. 12 is that, due to the nonlinearity of the 
system, the number of propagation coefficients is 
not known a priori and can vary with the 
propagation angle; an extra computational effort is 
then required, still at w=0, to determine the 
number of independent propagation coefficients, but 
it is remarked that this has to be done only once 
for each propagation angle. This reflects the fact 
that the wave propagation is expressed in terms of 
a single group of boundary coordinates, which has a 
different periodicity along each direction (i.e., 
the number of elements crossed by the wave front 
before the boundary coordinates of the first 
element fall on the same coordinates of another 
element). This will be evident in the sequel of the 
paper, where it will be demonstrated that an even 
more comfortable solution is possible for three 
particular propagation directions, corresponding to 
0=0 (vertical wave front), 0 =tc/ 2 (horizontal 
wave front), 0=±arctg Ux/ly) (wave front along the 
diagonals of the repetitive element). In fact for 
these particular cases the nonlinear system of Eq. 
12 can be reformulated as an eigenvalue problem. 

3.2 Vertical wave front 

Referring to Fig. 4, a vertical wave front is 
defined by the equality constraints 


<q> k,J =<q> k,J.l = <q> k.J.2 


(13) 


0=0 


M ”0 
y 


so that Eq. 7 can be rewritten in the simplified 
form 

[Aca+Acb+Ada+Adb] {q } + 

^» J 

[Acd+Aba+Aoa+Abb+Aec+Add+Adc+Aab] {q} + (14) 

k+1, J 

[ Abd+Abc+Aad+Aac 1 Iql — 0 

k+2,J 


Introducing the state vector 




k+1, j 


(15) 


Eq. 14 is recast as a standard eigenvalue problem 
in the form 


_*-‘r {v> ' m 111 <v > = 0 


[$] — [Abd+Abc+Aad+Aac] 

[r] = [Aca+Acb+Ada+Adb] 

[Z] — [Acd+Aba+Aaa+Abb + Acc+Add+Adc+Aab] 


( 16 ) 
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the solutions of which are directly the 2n 
propagation coefficients and modes, n left going 
and a right going waves, where n is the number of 
degrees of freedom at any of the a,b,c,d 
interfaces. 


f Acb+Ada+Acd+Aba ] 

[ Adb+Abd+Aaa+Abb+Acc+Add ] 
[ Aab+Adc+Abc+Aad ] 

[Aac] 

[Aca] 


(23) 


3.3 Horizontal wave front 

The conditions defining a horizontal wave front 
are, still referring to Fig. 4, 


<q> ={q> ={q> 

k, j H k+l, j M k+2, j 
#=±7r/2 ; p =0 ; m=l 

X 

which, when inserted in Eq. 7 and 
introduction of the state vector 


(17) 


with the 


k, j q 

{ k,J+l 

lead to the eigenvalue problem 


(18) 


-$ -1 r -4> _1 2 


{v} - p [I] {v> = 0 


(19) 


[$} = [Adb+Adc+Aab+Aac] 

[r] = [Aca+Acd+Aba+Abd] 

[Ej = [Acb+Ada+Aaa+Abb+Acc+Add+Abc+Aad] 

still presenting 2n solutions, n up going and n 
down going waves. 

3.4 Wave front along the diagonals 

The conditions defining a wave front directed as a 
diagonal of the repetitive element are obviously 
dependent on which diagonal is considered. In the 
present analysis only the diagonal at 
tf=+arctg(£x/£y) will be considered (positive x and 
y directions), being the extension to the second 
diagonal trivial. 

The wave front conditions are 


E k,J+l 


q 

k+l,J 

[ k, J+2 

= 

q 

k+2, j 

[ k+l, J+l 


q 

k+2, j 

k+l,j+2 

= 

q 

k+3, j 

k+2,j+l 

= 

q 

k+3, j 

k+2,J+2 

= 

q 

k+4, j 


( 20 ) 


and the augmented state vector to be introduced is 


In this case the number of solutions is double 
than for the horizontal and vertical wave fronts, 
due to the fact that in the direction of 
propagation the wave front will be in the identical 
conditions at the "a" interfaces of the elements 
k,j and k+l,j+l, thus after 2 elements (one to the 
left and one to the top). 

It is to be remarked that, according to Eq. 
11, in this case px=py, and moreover the eigenvalue 
problem can be solved only if [Aac] is nonsingular; 
if this does not hold, the general formulation has 
to be applied and the nonlinear system (Eq. 12) 
needs to be solved. 


4. NUMERICAL EXAMPLES 

The method of analysis proposed has been 
extensively tested on various structural 
configurations. Results not shown here demonstrate 
that indeed, when applicable, the eigenvalue 
problem of Eqs. 16,19,22 leads to the same solution 
of the nonlinear Eq. 12 with much less 
computational effort. Moreover, for those 
topologies which can be represented with no doubt 
also in the form of Fig. 1, suggested by Mead (Ref. 
1), the dispersive behavior for rectilinear wave 
fronts directed along the x and y axes matches the 
results of Eqs. 16,19. 

The reported results concern two slightly 
different topologies and show (Fig. 5,6) the 
dispersion curves for three directions of 
propagation on a two-dimensional structure and the 
dispersive behavior of the equivalent mono 
dimensional structure. Table 1 reports the natural 
frequencies and summarizes the dimensions, section 
and material properties of the repetitive element, 
supposed to be pin-jointed at all the connections. 
Since only "in plane" waves are considered, the 
finite element representation of the module has one 
node and two degrees of freedom at each interface. 


Natural 

Topology Frequencies 
(rad/sec) 


Element 
Dimensions, 
Dispersion Beam Section 
relation and 

Material 

Properties 


{v} = 


k+l, j 
I 

k+2, j 
*k+3, j 


( 21 ) 


so that the following eigenvalue problem determines 
the propagation coefficients 


with 


k+l, j 
*k+2, j 
l k+3, j 


k+l, J 
*k+2, J 
*k+3, j 
*k+4, j 


( 22 ) 


x-braced 

girder 


Pratt 

girder 


2.56 
104.15 
134.83 
139.25 
147.20 
183.58 


2. 75 
96.18 
137.59 
163.04 
194.47 
200.72 


Fig. 5 


Fig. 6 


£x 1600 mm 
ly 800 mm 

Area 300 mm 

i 

Jxx 14324 mm 
Jyy 10129 mm 
Jzz 10129 mm 

p 2768 Kg/m' 
E 71700 N/mm' 
G 26900 N/mm * 


Table 1: list of structural topologies analyzed 

The natural frequencies are reported since it 
is known that for mono dimensional structures 
(Refs. 4,5) they represent boundaries of passing 
and stopping bands, as clear from the relative 
plots of Figs. 5-6, and an analogous relation is 
searched also for two-dimensional periodic 
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structures. 

As expected due to the minor topological 
differences between the repetitive elements, the 
analysis of the dispersion curves points out the 
similar dispersive behavior of the two 
configurations studied; this similarity is 
particularly enhanced in the case of a diagonal 
directed wave front, when the opposite diagonal of 
the x-braced girder adds no extra stiffness with 
respect to the Pratt girder and therefore induces 
almost no different filtering characteristics. It 
is evident that also two-dimensional periodic 
structures, as the mono dimensional ones, exhibit a 
neat dispersive behavior, with wave distortion 
(frequency dependent group velocity c = du/dk), 
filtered disturbances (wave number k equal to 0 or 
ir) or attenuation in space of propagating waves 
(nonzero attenuation coefficient a). 

Unfortunately no connections are evident 
between the filtering behavior of two-dimensional 
periodic structures and the natural frequencies of 
the constituting elements, and also between the 
mono and two-dimensional dispersion curves: 
apparently the mono dimensional structure shows a 
much more complicated behavior, comparable at first 
sight with the behavior of a diagonal-directed wave 
front. It is remarked, however, that restricting 
assumptions were made in imposing the wave front 
orientation, since the displacements at two 
boundary interfaces are supposed equal. This is not 
required in the analysis of mono dimensional 
structures, in which the wave front is not supposed 
orthogonal to the direction of propagation (Ref. 
5), so that the "a" and "b" interface nodes, 
treated as a unique boundary, can vibrate out of 
phase. The translation of this extra freedom on 
each module of the two-dimensional structure is 
unfeasible, being equivalent to a mono dimensional 
representation with a representative element 

VERTICAL WAVE FRONT 


Attenuation Coefficient (dashed line) 

0.000 0.001 0.002 0.003 0.004 0.005 



WAVE FRONT DIRECTED ALONG THE DIAGONAL 

Attenuation Coefficient (dashed line) 

0.000 0.001 0.002 0.003 0.004 0.005 



indefinitely long (at least very long) in the 
second direction; the interconnecting degrees of 
freedom would become to many to allow a significant 
interpretation of the results, which would indeed 
include those presented for rectilinear wave 
fronts. 


5. CONCLUSIONS 

The method proposed for the analysis of harmonic 
wave propagation in two-dimensional periodic 
structures can be considered an extension of the 
one used for mono dimensional structures: anyway 
the more general case can not be solved as an 
eigenvalue problem, due to the higher complexity of 
the system which involves a different periodicity, 
and therefore a different number of solutions, 
depending on the direction of the propagation. 

Nevertheless the theoretical developments are 
still synthetic, due to the application of the 
Floquet’s theory on the particular representation 
of the periodic module which allows to formulate 
the problem in terms of only one of the boundary 
interfaces. Moreover in some particular conditions 
the solution has been reformulated as an eigenvalue 
problem. 

The results obtained on different structures 
have demonstrated the practical applicability of 
the method and have pointed out, as expected, the 
typical dispersive and filtering behavior of 
periodic structures. 

It is in the opinion of the authors that the 
method would require minor improvements in order to 
handle either finite-dimensional two-dimensional 
structures or propagating waves with 
non-rectilinear wave fronts, as for instance those 
produced by a single point excitation. 
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VERTICAL WAVE FRONT 


Attenuation' Coefficient (dashed line) 

0.000 0.002 0.004 i 0.006' 0.008 0.010 



HORIZONTAL WAVE FRONT 

Attenuation Coefficient (dashed line) 


0.000 0.002 0.004 0.006 0.008 0.010 



WAVE FRONT DIRECTED ALONG THE DIAGONAL 


Attenuation Coefficient (dashed line) 

0.000 0.002 0.004 0.006 0.008 0.010 



MONO DIMENSIONAL STRUCTURE 


Attenuation Coefficient (dashed line) 

0.000 0.002 0.004 0.006 0.008 0.010 



Figure 6: dispersion relations for a Pratt girder 
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Non linear structural analysis of a thin skin carbon-carbon rigid decelerator 


by 

Ch. BONNET, J.P. PLANAS, M. RIGAULT 
Dassault Aviation 


ABSTRACT 

Aerodynamic braking decelerator systems will play a 
major role in the scenarios of future European Space 
missions where entry in the atmosphere of various 
planets is required. 

In the frame of an ESA contract. Planetary Entry 
System study, Dassault Aviation has performed 
structural linear analysis on the phase A 

carbon-carbon decelerator concept for the Huygens 
probe. The study has shown that the validation of 
such thin skin structure design requires precise 
instability phenomena analysis. The buckling 

locally or general is likely to be size determining. 
Dassault Aviation has performed non linear buckling 
and post buckling analysis of the carbon-carbon 
Huygens decelerator on internal funding, using an 
in-house developed software taking into account the 
combined thermomechanical and mechanical loading. 
This paper presents the results of this non linear 
structural analysis. 

Today, experience on such an ultra thin and ultra 
light carbon-carbon structure is not available. The 
only way to give the necessary credibility to the 
concept definition is to rely on sophisticated 
structural analysis including non linearity in the 
equations under both mechanical and thermal loading. 


1. INTRODUCTION 

Most typical entry devices consist of a thermal 
protection shield surrounding a given geometry of 
descent module, the drag area being limited mainly 
to the descent module diameter. Planetary 
exploration missions require longer descent phase 
into the planetary atmosphere and therefore rely on 
much lower ballistic coefficient to meet the entry 
trajectory specifications. A large diameter entry 
decelerator is therefore required to meet the 
scientific requirements. 

As mass is a very stringent parameter for space 
application, severe mass constraints are imposed 
although large surfaces are required to achieve 
strong enough deceleration during the entry phase. 
The Cassini mission, ref. 1, provided preliminary 
studies on such ultra light weight decelerator 
concept. They led to a conical (frustrum-shaped) 
design using very thin carbon-carbon skin (0.5mm) 
stiffened by a network of radial and circular 
carbon-carbon stiffeners. Figure 1 shows a general 
view of the decelerator. 



Figure 1. CASSINI phase A baseline decelerator : 6 panels 


Dassault Aviation performed preliminary structural 
analysis on the proposed design, in the frame of the 
ESA-Planetary Entry System study and concluded that 
the design of hot atmospheric reentry structures 
using exotic materials is hindered by several 
difficulties : 

- General engineering rules are hardly applied 

because they are at the border of their 

application range. 

- Classical computer codes using linear only 

computations under purely mechanical loads are not 
well suited for such thin thicknesses (0.5mm) 
under hot environment. 

There is no facility available to simulate the 
extreme external conditions sustained by these 
structures, therefore, it is difficult to test 
structural elements or even samples under the 
actual thermal heat fluxes and mechanical loads. 

This is why, for such special use, more 

sophisticated computer codes are to be put into 

action even at the very early stage of the 
design. Typically, those studies must cover 
stability assessment as well as Non-linear 
thermomechanical analysis of the structures. 


2 * SHORT DESCRIPTION OF THE CATIA-ELFINI TOOL 


ELFINI Finite Element software has been in use for 
Dassault Aviation's airplane design since the mid 
1970s, and for Hermes spaceplane since 1984. 
CATIA-ELFINI links around a central core of 'finite 
element and various branches of analysis for 
aircraft/spacecraft structures, figure 2. It 
includes : 


Pwc. Internat. Conf: ‘Spacecraft Structures and Mechanical Testing \ Noordwijk 
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- the well-known CAD tool CATIA, which gives 
geometry and mesh generation 

- static finite element analysis for linear and 
Non-linear problems 

- static aeroelasticity, calculation and management 
of loads 

- linear dynamics : calculation of eigenmodes, 
harmonic and transient responses 

- nonlinear dynamics : impact and crash analysis, 
landing system and vehicle interaction 

- unsteady aeroelasticity, flutter and coupling with 
flight control system 

- fatigue and crack propagation analyses 

- heat transfer and thermo-elastic coupling 

- acoustic and elastoacoustic coupling 


STRUCTURAL ANALYSIS & OPTIMIZATION 



Figure 2. CATIA-ELFTNI functional diagram 


The system works on request in either an interactive 
or a batch mode, and uses a common data base managed 
automatically. Some of the main common 
characteristics of branches are : 

- a topological dialogue for mesh and all data 
generation which leads to very clean meshes for 
all types of structure from the whole aircraft 
meshes to tridimensional analyses of fitting 
details. 

- a great range of possibilities for visualization 
of inputs and outputs. 

The solution of linear problems is run by a very 
powerful variant of the Frontal Gauss method, which 
minimizes the computer time for classical linear 
problems (about 1 min of CPU on IBM 3090-VF for a 
complete aircraft calculation. For large 
three-dimensional problems, the use of the conjugate 
gradient technique enables the same level of 
performance to be maintained, taking into account 
the contact non-linearities. For geometric 
non-linear problems (membrane effects, 

post-buckling, snap through, etc) an original 
algorithm called preconditioned BFGS with exact line 
search has been developed. This algorithm benefits 
directly from the biquadratic character of total 
potential. It can handle the most severe 
snap-through conditions, ref. 3 and 4. 

We must underline the strong practical interest of 
the post-buckling analysis, which enables the design 
of thin composite skin, which buckles before 
ultimate loading. 


3. CALCULATIONS CONDITIONS 

In the scope of the Cassini mission, the Huygens 
probe will survey the Titan atmosphere and perform 
scientific experiments during its entry and descend. 
Several trajectories are available. The chosen 
trajectory provides the worst conditions regarding 
to dynamic pressures as well as maximum heat 
transfer rates, this trajectory lead to a 25g peak 
deceleration corresponding to a 6000 Pa equivalent 
static pressure. This baseline represents the most 
stringent nominal case of ref. 5, (Entry velocity = 
7.2 km/s, Entry flight path angle = -90°, colder 
Titan atmosphere). 


4. GENERAL STABILITY ASSESSMENT 

A special Finite Element model of the phase A 
concept decelerator was set up in order to perform 
general buckling computations. The skins are 
modelized by shear-only elements, the stiffeners 
webs by plate elements, and the flanges by beams of 
equivalent inertia. The working section of skins in 
the circumferential direction was represented by 
bars. The full skin section was considered working 
in the radial direction. This section was thus 
idealized by bars. 

The model represents the whole decelerator (360 deg) 
in order to be freed from symetrical modes. We 
therefore dispose of a simplified model, totally 
isolated from the multiple local buckling modes in 
the skins. 

The material was considered as homogeneous and 
isotropic with a young modulus of 80000 Mpa (same in 
traction and compression). This represents a generic 
material integrating potential improvements. These 
characteristics were used in order to be consistant 
with former studies performed in the frame of the 
ESA PES contract. Maximal nominal external pressure 
of 6000 Pa was applied. 

Linear buckling calculations were performed under 
the nominal mechanical loads, these computations are 
based on the addition of a geometrical operator to 
the stiffeness matrix. They led to a general safety 
coefficient of 2.17. Non-linear buckling 
calculations were performed under the ncyninal 
mechanical loads and led to a general buckling 
safety coefficient of 2.2. The model consists in 
8508 DOF, 1485 nodes, 2406 elements and 35 mn are 
necessary for a full computation on an IBM 3090. 
Such calculations are impossible to perform with an 
analytical method. As shown in figure 3, Linear and 
Non-linear general buckling analysis present 
different buckling modes as well as deformation 
shapes. Linear and Non-linear bulges are symetrical 
with regard to a X0X' axis. Non-linear bulges are 
smoother than linear ones. Both linear and 
Non-linear deformation modes are linked to the 
uppest circumferential stiffener unstability. 

It is to be assessed if a safety coefficient of 2.2 
with regards to general buckling is enough, 
considering the stiffening hypothesis used for the 
idealization such as total continuity of the 
stiffeners network, although the decelerator is 
constitued of 6 independant panels connected 
together by a device to be determined, or f the 
optimistic value for the material young modulus. 
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Figure 3. Deformation of the first buckling modes from 
linear and non-linear analysis 

5. LOCAL STABILITY ASSESSMWUT 

Local buckling under mechanical loads 

Simple analytic calculations showed that the thin 
skin panels were likely to buckle. Of course, Bhapes 
and amplitudes of the buckling modes were impossible 
to predict. Therefore Non-linear static computations 
were to be performed on a refined model in order to 
generate a realistic displacement case. Thus a very 
refined model was set up. This model is entirely 
constituted of plate elements and only 1/4 of the 
decelerator was represented, including the use of 2 
symetry planes, figure 4. The material 
characteristics are the same as in the general 
buckling problem. 


• 9.55 



Figure 4. Decelerator refined modelization for post-buckling 

s 


The Linear and Non-linear deformation modes are 
totally different as well as the stress maps, 
figure 5. The Linear deformation mode shows a very 
regular inflation of the different panels. On the 
contrary, the Non-linear strains show a network of 
several bulges in the panels. Up to 8 bulges can be 
counted in the outer panel which is the most loaded. 
This number of bulges depends on the accuracy 
(number of nodes) of the model, and can be held as 
definite only if the convergence of the finite 
element model is established. This is not quite the 
case in the present study but nevertheless the model 
accuracy is satisfying for such early phase. 
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Figure 5. Lower principal stress distribution over a 
deformed model under pure mechanical load 


The stress map follows the strain canvas, and Linear 
calculations provide a fairly regular repartition 
with light compression in the panels. The outer 
panel shows a more sustained regular compression. 
Non-linear computations provide much heavier 
compression between the bulges and traction on top 
of the latter (upper side stresses presented). 

Obviously, Linear-only computations would not 
provide the designer with accurate enough strain and 
stress maps. The model consists in 26636 DOF and 
4531 nodes. It requires about 90 rrtn CPU on an 
IBM 3090. 
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Local buckling under combined thermal and mechanical 
loads 

Thermal transient calculations were realized on a 
thermal model along a typical trajectory. They take 
into account the conduction, radiation with 
enclosures between stiffeners and internal side of 
skins as well as the incident heat flux. No contact 
resistance is idealized between skin and stiffeners. 
An initial temperature of 108 K was imposed. The 
maximum temperature of about 1600 K is reached 
around 100 seconds after the beginning of reentry. 
This computation needs about 20 mn CPU (IBM 3090). 

The same structural modelization is used for the 
thermomechanical and mechanical calculations. The 
computation needs 270 mn computer time (IBM 3090). 

As for the mechanical-only study, thermomechanical 
analysis shows a highly Non-linear behaviour of the 
decelerator. Therefore, local stability problems in 
the skins are of major importance. Figure 6 show 
significant discrepancies between Linear and 
Non-linear thermomechanical computations. Stress and 
strain maps are on a totally different scheme. As 
for the mechanical-only study. Linear 
thermomechanical and mechanical calculations show 
regular panels inflation. Non-linear computations 
depict multi-bulged networks with as many as 6 
bulges per panel according to the Finite Element 
density used for the thermo-elastical model as the 
convergence is not entirely reached. 

The linear computations show regular compression 
stresses everywhere on the panels. Non-linear 
calculations show heavier compressive stresses 
between the bulges and stiffeners roots. Light 
traction appears on top of the bulges (upper side 
stresses presented). 



6. CONCLUSION 

Such thin skin clearly has a very Non-linear 
behaviour and only Non-linear analysis can lead to 
realistic strain and stresses. These Non-linear 
analysis must obviously cover combined 
thermo-elastical and mechanical loadings. Very thin 
margin is drawn from stability computations. 
Considering that the material behaviour is not well 
characterized as well as not widely used in space 
applications, such a margin cannot be considered as 
satisfying. 

All the above calculations have been performed with 
the hypothesis that the constitutive material is 
homogeneous and isotropic. Being in fact composite, 
one cannot know if this material and structure will 
withstand post-buckling behaviour. Specially the 
quality of the skin stiffeners connection will be of 
utmost importance with regards to skin bulges 
propagation from a panel to another and general 
structural integrity. 
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ABSTRACT 

This paper deals with the determination of axial and 
torsional dampingratio's by use of a dynamic testbench. 
The results will be compared with those obtained by a 
mixed numerical/experimental technique, called 
resonalyser. During pure axial and torsional fatigue-testing 
of carbon- and glassfibre reinforced polymers, the 
evolution of phase-shift between load and displacement, 
which is a measure for the damping, is observed. 

1. INTRODUCTION 

The resonalyser (Ref. 1) is a non-destructive method for the 
determination of the four complex engineering constants 
of orthotropic sheet materials : the two Young’s moduli 

Ei* and E 2 *, Poisson’s ratio V 12 * and the shear modulus 
G 12 *. The method is developed at the department of 
structural analysis of the Free University of Brussels and it 
is based on the measurement of the vibrational response of 
a rectangular test plate, submitted to a controlled 
excitation. 

Another way to characterize specimens dynamically is by 
submitting them to a forced vibration in a dynamic 
testbench. Two different calculationmethods are applied on 
the captured load- and displacement signals. 

2. CALCULATIONMETHODS 

The first calculationmethod is based on the following. 
When a linear viscoelastic material is subjected to a 

sinusoidal axial displacement, a phase-shift 8 exists 

between the applied stress o and the strainresponse e of the 
same frequency (fig. 1). When plotting stress and strain 
against eachother, an hysteresisloop is obtained (fig. 2). 



Figure 1. 


Stress 



Figure 2. 

The specific damping capacity is defined as 

AU 

V = “u" (1) 

where AU = energy dissipated per cycle 

= area surrounded by the hysteresisloop 
U = maximum strain energy stored per unit 
volume 

and the loss-factor is written as 

11 = tg 8 (2) 

where 8 = phaseshift. 

Both parameters are related to eachother as 

AU 

TT =27111 (3) 


so 8 can be found by calculating the area within the 
hysteresisloop and determining maximum stress and 
maximum strain : 



The same formula can be applied when replacing stress and 
strain by force and displacement or, when subjecting the 
specimen to a dynamic torsional load, by torque and angle. 
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But, when the material behaves linear, the strainresponse 
to a sinusoidal stress is a sinusoid and the hysteresisloop is 
a perfect ellips from which the area can be calculated 
exactly : 

with o(t) = o sin(cot) (5) 

e(t) = e sin(cot + 5) (6) 

and AU = J y dx 
the integral becomes 


For example, when tot = the stress reaches a maximum 
and Eq. 5 becomes 


n 

o(—) = o 
2co 


and the strainresponse is then given by Eq. 6 

n 

e (—) = e cos o 
2co 


t=27t/CO 

» 

E sin(cot + 5)o o cos(cot) dt 

t=0 


Eq. 4 becomes 

AU 

5 = arctg-“ 

n o E cos o 


t=27t/CO 

= ooge sin(cot + 5) cos(cot) dt 
t=0 

= 7t a £ sin(8) 

and we obtain 


so. 


8 = arcsin 



n a £ 


which is equal to Eq. 7. 

Eq. 4 and 7 give the same results for small values of 8 - 
which is true in most of the cases - but the error becomes 
considerable for higher values: 



8 = 5° then error = 0.34 % 

8 = 20° then error = 6.40 % 


The explanation of the difference between Eq. 4 and Eq. 7 is 
as follows. The stress G and strain E are maximum at 
different moments of time, determined by the phase-shift. 
So, the presentation in figure 2 as if the maxima of O and e 
would coincide is at least ambiguously. Figure 3 is a more 
realistic approach of the reality. 


Stress 



Figure 3. 


When the calculation is based on the maxima of G and £, 

Eq. 7 is valid. Eq. 4 is correct when a and £ are taken at the 
same moment of time and when this moment is either when 
a or £ reaches a maximum. 


Compared to measuring 8 directly at the zero-crossing 
points, this calculationmethod has some advantages. 
Firstly, much more datapoints are used for a greater 
accuracy. Secondly, when the material behaves non-linear, 
the strainresponse to an applied sinusoidal stress is a 
distorted sinusoid. In that case, it makes no sense to speak 
about a phaseshift, because it is varying throughout the 
cycle, giving a distorted hysteresisloop and a dampingratio 
determined from a single measurement of the phaseshift 
would be incorrect. 

But by calculating the area of the loop, the obtained 
lossfactor is correct and it can be used to derive an apparent 
phase angle which represents the equivalent energy within 
the true elliptic shaped hysteresisloop for a linear material. 

To obtain phase-shift values, also a Fast Fourier Transform 
was applied on both stress and strain signals. But 
unfortunately, this calculationmethod only considers the 
fundamental frequency and does not take into account other 
harmonic components. Thus, when non-linear behaviour is 
exhibited, the obtained result is incorrect. 

3. HARD AND SOFTWARE 

The data-acquisition and -calculation is performed on a 
Apple Macintosh II computer with 5 Mbyte memory, 
equipped with a 4 channel sample and hold analog to digital 
conversionboard, with a maximum samplefrequency of 1 
MHz. 

The program is written in a fourth generation programming 
language, called Labview (Ref. 2). 
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4. TEST SYSTEMS 

The dynamic tests were performed on a MTS servo- 
hydraulic testbench with two degrees of freedom. The 
maximum force in tension-compression is 100 kN and 
maximum torque is lkNm. The frequency is limited up to 20 
Hz. 

When loading axially, the displacement could be measured 
by using the signal returned by the MTS (which is measured 
by an internal LVDT). By doing this, the damping in the 
end-tabs is also considered. Using straingauges during 
fatigue-tests had to be stopped, because they did not sustain 
at high strains for a long time. Finally we clamped an 
extensometer on the specimen which gave results with an 
estimated error of about ±0.1°. 

When loading in torsion, we had to deal with a big 
problem. The failure torque of thin testspecimens (16 
layers), even with fiberorientation of ±45° was smaller 
than 15 Nm. Using this machine is like killing a mouse 
with an elephant gun and the returned torque-signal was 
very noisy. 

Nevertheless, when the torque-signal is high enough, a 
maximum error of ± 0.1° is possible. 

Besides, The electronic system of the MTS introduces an 
initial phase-shift between torque and angle signals, which 
is also frequency dependent (fig. 4). 


phase-shift [°] 



frequency [Hz] 


Figure 4. Initial phase-shift introduced by MTS. 

This curve is obtained by testing a specimen of a material 
with very low damping behaviour, for example steel. 

So, for testing thin specimens in torsion, we used a self- 
developed torsion testbench (Ref. 3) which consists of a 
steppingmotor with planetary gearbox. The maximum 
torque applied is 25 Nm and the minimum resolution of the 
torque-cell is 4Nmm. The estimated error on obtained 
phase-shifts is again ±0.1°. 


5. EXPERIMENTAL RESULTS 

Table 1 lists axial and torsional phase-shift values 
obtained by the different testmethods. For unidirectional 
and cross-ply specimens axial dampingvalues are to low to 
determine accurately by use of the testbenches. The error on 
the values determined by use of the resonalyser are not 
mentioned because these depend on the number of 
homogeneities in and the variation of the thickness of the 
tested plate. The results obtained by the different methods 
agree quite good. 


Layup 

Testsystem 

Phase Ej 
[°] 

Phase 

Gl2 H 

[0]l 6 

MT S /tor si onbench 

Resonalyser 

0.0110.1 

0.07 

1.3±0.1 

1.34 

[0,90]si6 

MTS/torsionbench 

Resonalyser 

0.04±0.1 

0.07 

1.210.1 

0.90 

[±45]si6 

MTS/MTS 

Resonalyser 

0.5710.1 

0.49 

0.2310.1 


Table 1. Axial and torsional phase-shift results. 

Carbonfibre/epoxy and glassfiber/polyester specimens 
were subjected to a sinusoidal varying load applied in 
tension with a frequency of 5 Hz. The R ratio was 0.1. The 
carbon specimen was made of 16 plies of Fibredux 914 
prepreg. The glassfibre specimen consisted of 8 plies of 

bidirectional woven fabric of 300g/mm 2 . Both lay-ups 
where +-45° oriented in order to get a considerable amount 
of friction between fiber and matrix. 

Figure 5 monitores evolution of phase-shift with number of 
cycles. During the fatigue-test, stress-levels were increased 
in order to accelerate the damage proces. Just before failure 
(at 77.000 cycles), phase-shift is increasing very 
pronounced. At every moment of the fatigue-proces, 
difference exists between the phase-shift obtained by 
calculating the area of the hysteresisloop and by applying 
a Fast Fourier Transform, which assumes non-linear 
behaviour of the specimen. This difference increases with 
number of cycles. 
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phaseshift [°] 



# cycles 

Figure 5. Glassfiber/polyester specimen (±45°). 

Figure 6 demonstrates the strong dependency of the stress- 
level. At 0.4 Of, phase-shift varies little, no matter what 
the number of cycles is. 


phase-shift [°] 



Figure 6. Carbonfiber/epoxy specimen (±45°). 

A carbonfiber specimen with fiberorientation of ±45° was 
dynamically loaded in torsion. Figure 7 shows the 
evolution of torsional damping in function of number of 
cycles for different levels of maximum in-plane 
shearstress. Also the corresponding degradation of the in¬ 
plane shearmodulus is plotted. The used formulas to 
calculate the maximum in-plane shearstress and the in¬ 
plane shearmodulus can be found in reference 3. Increasing 


of energydissipation due to damage starts simultaneously 
with decreasing of the in-plane shearmodulus. 



Figure 7. Evolution of in-plane shearmodulus and torsional 
phase-shift at 0.6, 0.55 and 0.5 times the max in-plane 

shearstress. 


6. CONCLUSIONS 

Damping measurements must be carefully made : the 
apparatus must be purged of extraneous losses by 
calibrating it with some metal of very low damping 
properties. 

When the signals are "clean”, the error on phase-shift 
determined by use of dynamic testbenches does not exceed 
± 0.1° and agreement exists with the results of the 
resonalyser. Dampingratio's are sensitive for damage 
initiation and propagation. 

7. REFERENCES 

1. Sol H., De Visscher J., Vantomme J., Mixed 
numerical/experimental techniques for the characterisation 
of polymer matrix composite laminates, Proc. Durability 
of polymer based composite systems for structural 
applications . Brussels, Belgium, aug. 1990 p 514-523. 

2. Daerden I., Van Hemelrijck D., Schillemans L., De 
Roey F., Boulpaep F., Cardon A., Static and dynamic 
characterization of composites, using a fourth generation 
programming language on a Macintosh, Proc. Euromech 
269 . Saint-Etienne, France, dec. 1990. 

3. Van Hemelrijck D., Schillemans L., Daerden I., De Roey 
F., Boulpaep F., De Visscher J., Cardon A., The torsional 
fatigue-behaviour of the in-plane and out-of-plane shear 
moduli of composite materials, Proc. International 

SympQgjyro on Spa c ec raft Structures. ^. M e c hanica l T estin g, 

ESTEC, Noordwijk, The Netherlands, 24th-26th April 1991. 








369 


N 9 2;-2 3 83 3 



COMPORTEMENT MECANIQUE 
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RESUME 


Que ce soit dans le domaine des structures de satellites 
(90K), ou dans celui des reservoirs cryotechniques, (4K), la 
connaissance des comportements des materiaux 
composites, fibres de carbone-matrice organique, aux 
basses temperatures devient indispensable si on envisage 
de les utiliser pour de telles applications. 

La bibliographic a ce sujet est relativement muette et 
pourtant, ces materiaux presentent a froid un comportement 
fragile et sont par consequent trfes sensibles aux contraintes 
internes, prenant naissance au refroidissement. 

Aujourd'hui, les travaux realises ont permis d'evaluer les 
performances mecaniques a froid (jusqu’a 90K) d'un certain 
nombre de materiaux, fibres de carbone-resine et 
d'assemblages colies, d'un point de vue : 

• temperature de polymerisation des resines ou des 
adhesifs 

• nature des fibres 

et de degager des tendances en mettant l'accent sur les 
aspects sensibles et meconnus. 

Les resultats montrent, contrairement a certaines idees 
re?ues, que les resines (ou les adhesifs dans le cas des 
assemblages colies) qui polymerisent a plus haute 
temperature et qui presentent la meilleure tenue a chaud, ont 
bien souvent le meilleur comportement a froid malgre le 
plus haut niveau de contraintes thermiques. 

Mots cl6s : basses temperatures, essais mecaniques, 
composites, assemblages colies. 


1. INTRODUCTION 

Les vehicules spatiaux, que ce soient les structures 
satellites, dont certaines sont soumises a des cyclages 
thermiques compris entre -180°C et +150°C (reflecteurs) ou 
les lanceurs, dont les reservoirs d'ergols peuvent atteindre 
des temperatures de 4K, font de plus en plus appel aux 
materiaux composites et plus specifiquement aux fibres de 
carbone associees a une matrice organique. 

Les structures realisees avec ces materiaux pour de telles 
applications sont le siege de fortes contraintes internes en 
raison des grandes variations de temperatures. 

La fatigue, due au cyclage thermique a laquelle peuvent 
s ajouter des soIlicitations statiques ou dynamiques, peut 
affecter la fiabilite de ces structures dans le temps si on ne 
maitrise pas le mecanisme de degradation et si on n’en 
pallie pas leurs effets. 

L experience acquise au cours de simulations au sol 
(cyclage thermique et vibrations) sur des structures 
completes fait souvent apparaTtre des ruptures par 
deiaminage du composite au niveau des liaisons coliees. 


Ce phenomene a ete confirme avec de petits elements 
structuraux, soumis aux memes types de sollicitations, 
montrant que les proprietes mecaniques des liaisons 
pouvaient etre reduites de 50% sans pour autant remettre en 
cause la qualite du collage ou son principe. 

La bibliographic portant sur le comportement 
mecamque des materiaux composites en subambiant est peu 
foumie, ce qui nous a incite dans un premier temps a mettre 
en evidence quelques parametres influents et surtout leurs 
effets tels que le mode d’elaboration des materiaux 
(temperature de polymerisation des resines et des adhesifs), 
la nature des fibres (adherence fibre-matrice, module, 
resistance); les resultats de ces travaux embryonnaires font 
l'objet de notre presentation. 

La prise de conscience de ces comportements doit nous 
inciter a developper des outils de calcul et a les integrer des 
le stade avance de la conception. 

Lobjectif final sera evidemment de comprendre le 
mecanisme de mine des materiaux composites aux basses 
temperatures et de le modeiiser pour en prevenir les effets 
nocifs. 


2. ORIGINES DES CONTRAINTES INTERNES 

Nous recensons trois causes principales aux contraintes 
internes dans les materiaux composites : 

• les contraintes residuelles de cuisson, induites, au 
refroidissement, par la disparite des coefficients de 
dilatation thermique et des modules (fibres et matrice). En 
effet, entre la temperature de figeage du polymere 
(g6neralement, temperature de cuisson et contraintes nulles) 

et la temperature ambiante, la resine tend a se contracter* et 
la fibre a s'allonger*. 

• | es contraintes dues au retrait chimique au cours d'une 
sollicitation thermique (isotherme ou cyclique) resultant 
d un accroissement du taux de reticulation et par consequent 
d'un retrait dimensionnel. 

• les contraintes dues a la temperature d'essai: si cette 
demiere est superieure a la temperature ambiante, les 
contraintes seront moindres, si par contre elle est 
inferieure, les contraintes internes s’ajouteront aux 
contraintes residuelles de cuisson. 

Or le module d'Young de la fibre etant fres superieur k 
celui de la resine, cette demiere verra son allongement 


( a resine 30 a 60.10 ^/°C, ctfibre—0,5.10”^/°C pour une 
fibre de carbone haute resistance) 
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impost par celui de la fibre. La resine sera alors soumise 
a des contraintes de traction et de cisaillement a l'interface : 

Oth=f(AT t Aa, E) avec E=g(T) 

Si le materiau est unidirectionnel et que son 
allongement le permet, la deformation etant libre dans le 
sens transversal, ces contraintes se dissiperont 
normalement; par contre si les couches sont crois£es, les 
deformations seront bloquees dans les deux directions et 
l'allongement en sera fortement reduit 

A ces contraintes, s'ajoutent normalement les 
contraintes mecaniques et le niveau de rupture globale 
dependra de: 

• de l’adherence fibre-resine, 

• de l'allongement a rupture de la resine, sens transversal 
(resine epoxy: 0,5%, risine polyimide: 0,6%, resines 
tenace et thermoplastique: >1%), 

• de l'orientation des plis par rapport k l'axe d'effort, 

• de l'epaisseur des couches, 

• de la sequence d'empilement. 

Les memes phenomenes se retrouvent globalement dans 
les assemblages colies, plus ou moins ponderes avec la 
nature de l'adhesif (nature chimique, charges, support). 

Les travaux qui sont presentes ici tentent de mettre en 
evidence 1‘effet de ces contraintes internes sur la tenue 
mecanique a froid de materiaux composites et assemblages 
colies. 


3. DOMAINES EXPLORES 

Composites 

Afin de degager des tendances et d'examiner T influence 
de differents parametres sur le comportement aux basses 
temperatures des materiaux composites, tels que le mode 
d'eiaboration des materiaux (temperature de 
polymerisation), l'adherence fibre-matrice, nous avons 
choisi d’etudier les materiaux suivants: 

• 3 types de fibres de carbone de caracteristiques 
differentes d'un point de vue module d'Young, resistance, 
adherence et coefficient de dilatation, 

• 2 types de resines polymerisant k des temperatures 
differentes 

L'association des differents types de fibres et de resines 
conduit aux combinaisons suiv antes (tableau 1) : 


Tableau 1 : Materiaux composites 



RESINE 

EPOXY 

(Polym.l75°C) 

RESINE 

POLYIMIDE 

(Polym.300°C) 

FIBRE 

HAUTE 

RESISTANCE 

T3001914 

T300ILaRCl 60 

FIBRE 

HAUTE 

MODULE 

HM3S/914 

HM3S!LaRC160 

FIBRE 

TRESHAUT 

MODULE 

GY70I914 

- 


Assemblages _ qqUJs. 

Afin d'examiner l'influence de differents parametres, tels 
que la temperature de polymerisation des adhesifs, leur 
nature, mais egalement la nature du substrat, nous avons 
choisi d'etudier les materiaux suivants: 

• 3 adhesifs epoxy (HYSOL EA 9321, polymerisant a 
temperature ambiante et a 105°C, REDUX 312L, 
polymerisant k 120°C, REDUX 319L, polymerisant a 
180°C). 

• 3 types de substrats : aluminium, composite carbone- 
epoxy, composite carbone-polyimide. 

L'association des differents materiaux conduit aux 
combinaisons suivantes (tableau 2) : 


Tableau 2 : Assemblages colies 



Polym. 

temp. 

amb. 

Polym.a 
105°C 

Polym. 
k 120°C 

Polym. 
a 180°C 

Substrat 

ALUMINIUM 

EA 9321 
2024 

EA 9321 
2024 

R312L 

2024 

R 319 L 
2024 

Substrat 

CARBONE* 

EPOXY 

EA 9321 
T300/914 

EA 9321 
T300/914 

R312L 

T300/914 

R319L 

T300/914 

Substrat 

CARBONE* 

POLYIMIDE 

- 

- 

R312L 

T30CVL1RC160 

R 319 L 

T30CVURC160 


M4thodolo2i.es _ d’ess&ii 

Sur composites, des essais de cisaillement 
interlaminaire et de flexion 3 points ont 6t6 realises 
respectivement sur drapage unidirectionnel et quasi¬ 
isotrope 16 plis. 

Les schemas des eprouvettes sont donnes figures 1 et 2. 



Figure 1 : Eprouvette de cisaillement interlaminaire 



Figure 2 : Eprouvette de flexion 3 points 


* drapage : (0, 0, 0, +45, 90, -45, 0, 0) S y m 
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Le schema des eprouvettes de cisaillement adhesif est 
donne figure 3. 




Figure 3 : Eprouvette de cisaillement adhesif 


DQ m rint fa temperature 

Les essais ont 6t6 realises : 

• sur composites carbone-epoxy : entre -150°C et +150°C, 

• sur composites carbone-polyimide : entre -150°C et 
+280°C, 

• sur assemblages colies : entre -180°C et +150°C. 


4. RESULTATS 

Giseilkm ent _ inter laminair e 

Les courbes de la figure 4 donnent Involution de la 
contrainte a rupture en cisaillement interlaminaire, en 
fonction de la temperature, de materiaux composites 
unidirectionnels renforc^s de fibres de carbone haute 
resistance, haut module et tres haut module. 

Bien que l’influence des contraintes thermiques ne soit 
pas preponderate dans le cas de materiaux 
unidirectionnels, on observe neanmoins un effet des basses 
temperatures sur l'adherence fibre-matrice : plus les fibres 
ont un module eieve, plus la chute de caracteristiques est 
premature et plus le domaine de rupture par delaminage est 
etendu. 
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Figure 4 : Essais de cisaillement interlaminaire 
Composite unidirectionnel 


Flexion 

Les courbes de la figure 5 represented revolution de la 
contrainte a rupture en flexion, en fonction de la 
temperature, pour des materiaux composites a couches 
croisees renforces de fibres de carbone haute resistance et 
haut module, impregnes de resine epoxy et polyimide. 


On observe, sur les materiaux a base de resine epoxy, 
que plus les fibres ont un module eieve et un coefficient de 
dilatation thermique faible, plus la chute de caracteristiques 
est accentuee aux basses temperatures; de plus, le domaine 
de rupture par delaminage est plus etendu que sur les 
materiaux a base de resine polyimide. 

Malgre les contraintes thermiques plus importantes sur 
les composites polyimides, ces demiers se revelent 
superieurs aux composites epoxy, en de$k de -100°C, pour 
les fibres haut module et probablement en de£a de -200° C, 
pour les fibres haute resistance. Ceci constitue un resultat 
inattendu et fort appreciable dans le domaine aerospatial qui 
appelle generalement k la fois les trks basses temperatures 
et la haute rigidite. 



Temperature (°C] 


Figure 5 : Essais de flexion 3 points 
Composite quasi-isotrope 


Assemblages _ collis 

Influence de la temperature de polymerisation 

Les courbes des figures 6 et 7 montrent qu’un adhesif 
durcissant k temperature ambiante, mais non totalement 
polymerise k cette temperature, peut voir ses proprietes 
ameiiorees k froid sur aluminium, par une polymerisation 
compiementaire ce qui a pour effet d’ameiiorer l'adherence; 
par contre, sur substrat carbone, une temperature de 
polymerisation eievee conduit a accroitre les contraintes 
thermiques dans la liaison (contraintes residuelles de 
cuisson, retrait chimique et temperature d'essai) et done a 
diminuer sa tenue a froid avec des ruptures en delaminage 
dans le composite. 
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Figure 6 : Essais de cisaillement adhesif 
Adhesif EA 9321. Substrat aluminium 
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-200 -100 0 100 200 


Temperature (°C) 

Figure 7 : Essais de cisaillement adhesif 
Adhesif EA 9321. Substrat Carbone-6poxy 



Temperature (°C) 


Figure 9 : Comportement compare d'un adhesif en 
masse et d’un assemblage colie. Adhesif R 319L 



Les courbes de la figure 8 montrent que, sur substrat 
aluminium, les caracteristiques en sub-ambiant des adh^sifs 
Redux 312L et Redux 319L sont nettement plus elevees que 
celles de 1'adhesif EA 9321, malgrS une polymerisation a 
plus haute temperature. 

Les contraintes thermiques existent neanmoins sur 
collage aluminium et limitent les caracteristiques de la 
liaison par rapport a 1'adhesif en masse (figure 9). 

Malgre une polymerisation a plus basse temperature que 
la Redux 319L, les caracteristiques de la Redux 312L chutent 
prematurement en subambiant associees, dans les deux cas, 
a des ruptures en deiaminage dans le composite (figure 10). 
Ce resultat peut etre rapproche par les courbes de la figure 
11 qui montrent que les ecarts de coefficients de dilatation 
entre le substrat carbone et 1'adhesif sont plus importants 
dans le cas de la Redux 312L que dans celui de la Redux 319L 
et peut done traduire une difference d'etat de contrainte. La 
meme remarque pourrait probablement etre faite en ce qui 
concerne les modules eiastiques, bien que les mesures 
n'aient pas ete realisees. 
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Figure 10 : Essais de cisaillement adhesif 
Substrat Carbone-epoxy 
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Figure 8 : Essais de cisaillement adhesif 
Substrat aluminium 



Figure 11 : Coefficients de dilatation thermique. 

Comparaison adhesif/substrat 
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Influence du type de substrat 

Les courbes de la figure 12 montrent que la nature du 
substrat joue un role important sur la tenue aux basses 
temperatures des assemblages colies. En effet, dans le cas de 
l’adhesif R6dux 319L, alors que sur substrat epoxy, k basses 
temperatures, les chutes de caracteristiques de 1'assemblage 
sont assocides & des ruptures en deiaminage, sur substrat 
polyimide, les ruptures se produisent par perte d'adherence, 
expliquant ainsi les dispersions observees. 

Le deiaminage n'etant plus une limitation, une 
optimisation du traitement de surface des PI permettrait de 
reduire la dispersion et accroitre les caracteristiques a froid 
de l’assemblage pour tendre vers celles obtenues sur 
aluminium. 

Conformement h. ce qui avait 6te observe avec un 
substrat epoxy (figure 10), la figure 13 montre que, sur 
substrat polyimide la nature de l'adhesif a, ici encore, une 
influence preponder ante sur la tenue a froid des liaisons 
coliees. On observe, bien que la resistance de l'assemblage 
ne soit pas limitee par le deiaminage du composite, que 
l'adhesif R 312L se revele toujours en dessous de l'adhesif 
R 319L. II aurait ete interessant d'examiner (et ceci fera 
l'objet d'une etude ulterieure plus exhaustive), avec un 
traitement de surface et une polymerisation plus optimises, 
si les liaisons PI-R 312L ne se rapprocheraient pas de celles 
des assemblages sur aluminium (figure 8). 



Figure 12 : Essais de cisaillement adhesif 
Adhesif REDUX 319L 
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5. CONCLUSIONS 

En rdsume, du point de vue des proprietes mecaniques 
des composites carbone-resine epoxy, la tenue aux basses 
temperatures est d'autant plus faible et la sensibilite au 
deiaminage croissante que la rigidite des fibres est eievee 
(ces deux parametres etant intimement lies). 

En ce qui conceme les assemblages colies, leur 
comportement h. froid depend : 

• du degre de polymerisation des adhesifs, 

• des modules d'eiasticite et des coefficients de dilatation 
thermique de l'adhesif et des substrats, 

• de la resistance mecanique de l'adhesif et des substrats, 

• des ecarts de temperature entre la polymerisation et la 
temperature de service, 

• de l'etat de surface du substrat 

Contrairement aux iddes revues, les resines polyimides 
se revelent supdrieures aux resines epoxy, comme 1'atteste 
leur bon comportement mecanique en sub-ambiant, malgre 
I'existence de contraintes thermiques plus eievees (hautes 
temperatures de polymerisation): 

SLRL _ composites 

• leur resistance au deiaminage est superieure et ce quelle 
que soit la nature de la fibre, 

• leurs caracteristiques mecaniques sont superieures vers 
les basses temperatures (selon le type de fibres) comme vers 
les hautes temperatures. 

&Mr—Qss.emb((tses colics 

• leur resistance au deiaminage est superieure mais du fait 
de leur plus grande cohesion, la sensibilite au traitement de 
surface parait plus grande. Des efforts technologiques 
devront porter sur l'optimisation du traitement de surface. 

La prise de conscience de ces comportements doit nous 
inciter a developper des outils de calcul et a les integrer des 
le stade avance de la conception, l’objectif final 6tant de 
comprendre le m^canisme de ruine des materiaux 
composites aux basses temperatures et de le modeiiser pour 
en prevenir les effets nocifs. 

Pour ce faire et afin d'apporter les elements qui 
permettront de seiectionner les constituants des materiaux 
composites, susceptibles d'etre utilises aux basses 
temperatures, il est necessaire de s'interesser non seulement 
aux proprietes des materiaux, mais egalement a celles des 
constituants eiementaires tout en examinant les 
possibilites d'assemblage de ces materiaux. 

Afin de degager des regies de choix pour repondre aux 
besoins relatifs a la conception et au calcul de structures 
composites aux basses temperatures, l'approche doit etre 
experimentale (obtention de l'ensemble des caracteristiques 
relatives aux materiaux et a leurs constituants) et theorique 
(pour pouvoir modeiiser les phenomenes et utiliser au 
mieux dans les calculs les caracteristiques obtenues 
experimentalement : caracteristiques eiastiques, modeles 
d'endommagement, influence de l'environnement et du 
vieillissement ...). 


Figure 13 : Essais de cisaillement adhesif 
Substrat Carbone-polyimide 
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1. ABSTRACT 

A measuring method for the evaluation of the 
mechanical parameters of very flexible structures like 
long, multilayered ropes, such as that used in Tethered 
Subsatellite System TSS-1, is presented here. 

Stiffness, longitudinal propagation velocity, loss factor 
and hysteresis are determined in tether samples with 
different lengths (3+25 m) and submitted to different 
environmental conditions such as temperature, pression and 
humidity. 

Two stick-slip mechanisms among adjacent layers of 
the rope have been detected: the first one, that we call 
"macro-slidings", comes out in tethers about 25 m long at 
room temperature, and in tethers about 7 m long at low 
temperature (about -100° C); the second mechanism, 
"micro-slidings", is always present with a loading cycle. As 
a consequence of these slidings, a tension transfer among the 
layers occurs. To explain this behavior, a "beads model" of 
the tether has been considered. 

A finite element model of a three-layer rope was also 
developed in order to clarify the behavior of the composite 
tether. 

Keywords: mechanical parameters, rope, TSS-1, 
stick-slip. 


2. INTRODUCTION 


This study analyzes the mechanical behavior of some 
samples of the 20 km long composite tether that will be used 
to connect the TSS-1 (Tethered Subsatellite System) 
subsatellite to the Space Shuttle, see figure 1. 

During the TSS-1 Mission sudden variations of the 
temperature due to sun/dark transition of the whole system 
are expected (the temperature range should be about -120 
+ -20°C). 

Previous works, to which readers are referred for an 
exhaustive discussion, investigated the mechanical 
properties of a sample of TSS-1 tether about 3 m long at 
room temperature (1) and the mechanical properties of 
samples of TSS-1 tether about 4 m long, at different 
temperatures ( from -100°C to +80°C) (2). 

In the present work both the effects due to scale and the 
environmental conditions on the mechanical properties of 
the rope have been investigated. 

Tests were done at room temperature on a 25 m tether 
sample and in the range of temperature -120°C + +30°C on 
6.90 m samples. Both vacuum and humidity effects have 
been analyzed on this latter. 

The behavior of the layers in the composite rope is 
then discussed and explained. 



Figure 1: The TSS-1 tether is made of 5 
different layers. There is multistrand Nomex 
core around which a thin-coated copper 
conductor is wound; the conductor is insulated 
with a coating of extruded Teflon; a braiding of 
Kevlar 29 around the conductor might functions 
as a strength member and, lastly an outer jacket 
of braided Nomex is used for protection against 
mono-atomic oxygen. 

In the previous paper (2) it was found that: 

-"the mechanical parameters depend to a considerable 
extent not only on applied prestress but also on the state of 
internal layer so that both stress and load histories are very 
meaningful": this statement is still confirmed; 

-"higher stress on the tether cancel previous load 
history": this statement is also confirmed; 

- "the virgin tether shows high non elasticity due to 
easy tether layer sliding"; regarding this statement, the 
relevant braiding effect in the layers, must be added; each 
fibre, in a stressed braided layer (such as external Nomex 
and Kevlar) changes its orientation angle causing both fibres 
sliding, and a compression of the inner layers, see figure 2. 

- "when temperature decreases (to about -100°C) 
Kevlar elongates but Nomex contracts and a percentage of 
stress is consequently transferred to the Nomex compressing 
the layers"; this mainly happens during the early thermal 
cycles and so the external Nomex get packed; after this 
transitory phase, elastic stress moves among the layers and 
stick/slip mechanisms occur. Furthermore, when the tether 
is tensioned, it must considered that also the inner Copper 
and Nomex layers react with the external Nomex and Kevlar 
layers. 

The study of the scale effect Is very important to 
understand the behavior of a 20 km long tether. It is not 
possible to measure directly the mechanical parameters in a 
so long structure. 

The scale effect has been studied in samples of different 
lengths up to 25 m. 

It seems that these lengths are big enough (with 
respect to the rope diameter), to measure some mechanical 
parameters of the composite structure such as stiffness or 
loss factor, but not sufficient for a complete evaluation of 
the "packing effects". 

It is planned to make some tests on tether samples up to 
100 m long in the near future. 
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Figure 2: In the composite tether, a braided 
layer (a) changes its orientation angle when 
tensioned (b). A partially irreversible process, 
called "packing”, caused by the applied tension 
T, induces the compression F of the inner layers. 


3. EXPERIMENTAL APPARATUS 


The basic experimental apparatus consists on thermal and 
vacuum pipes containing the tether (see figure 3) equipped 
with the following devices: 



Figure 3: Experimental apparatus used for 
testing samples of tethers 6.90 m long, at 
different temperatures; it consists of a thermal 
pipe containing the tether, one dynamometer 
placed at the upper end of the tether, two motion 
transducers located at each end, a sinusoidal 
motion actuator with variable amplitude and 
frequency and a data acquisition and recording 
system. The thermal pipe consists of an inner 
Comflex layer (0100 mm) stiffened externally 
by a PVC pipe, 2 mm thick. 


- two accelerometers located one at each end of the 
tether; 

-one dynamometer placed at the upper end of the tether; 

-a sinusoidal motion actuator with variable amplitude 
(0.1-200 mm) and frequency(0.002-2 Hz); 

-a data acquisition and recording system. 

The thermal pipe is made by an inner Comflex layer 
(0100 mm) stiffened externally with a PVC pipe, 2 mm 
thick. The desired temperature is obtained by mixing flows 
of gaseous nitrogen coming from two vessels, one at +200° C 
and the other one at -196° C. Temperature was monitored 
along the pipe by four digital thermometers. 

With such a thermal pipe it was possible to attain a 
uniform variation of the temperature along the rope, in few 
tens of seconds from about 20° C to -120° (such condition 
will arise in orbit during a sun/dark transition). 

Three different experimental set-up have been made. 

The first one, has been used for testing samples of 
tethers 3.30 and 6.90 m long, at different temperatures. 

The second , similar to the first, has been used for 
testing samples of tethers 3.30 and 6.90 m long, at different 
environmental pressures. All the sensors were contained 
with the tether in a Plexiglass pipe connected to a vacuum 
pump. 

The third one has been used for testing samples of 
tethers up to 25.00 m long, at room temperature. It is 
similar to the first, but it is not equipped with the thermal 
pipe. 

Particular care was taken in clamping both rope ends 
in order to prevent sliding, either among the layers or in the 
clamp. The clamping system is shown in figure 4; each 
tether end was previously sticked by a cianoacrilic glue 
penetrating in the layers. Then the tether end was sticked to 
a PVC bar by means of epossidic glue; the bar was finally 
clamped in a mandrel. 



Figure 4: Clamping system of the tether end. 


4. TEST RESULTS AND COMMENTS 


Before each new set of tests, each tether sample was 
prestressed with ten load cycles at an average tension of 300 
N ±200 N. This was done, on the basis of the previous 
results (2), in order to eliminate the dependance of the 
mechanical properties on the load history. 

Actually mechanical parameters of the tether depend 
both on applied prestress and on internal layer status. 

The following aspects were considered and analyzed: 
-4.1 Elastic non-linearity and stiffness at different 
temperatures; 

-4.2 Possible presence of macro-slidings during a load 
cycle; 

-4.3 Scale effect on loss factor; 

-4.4 Frequency effect on hysteresis and loss factor; 
-4.5Longitudinal propagation velocity at different 
temperatures; 

-4.6 Vacuum and humidity effects on mechanical properties. 
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4.1 Elastic non-linearity and stiffness at different 
temperatures 

Some parameters related to the mechanical behavior of 
the composite tether may be derived from hysteresis loops. 
In particular from an hysteresis cycle it is possible to 
measure the local stiffness of the tether and then the non¬ 
linearity of the Young modulus E. 

The EA product can be measured as: 

EA = (dT/dL) L 

being A the cross section of the tether, dT the 
increment of tension and dL the increment of tether length L. 

In figure 5a many load cycles at various tether 
temperatures are superimposed. The tether is preloaded 
with a mean tension of 34.5 N. Then a sinusoidal 
displacement of 9.4 mm corresponding to a tension 
variation of ±25N, is applied. 

The temperature ranges from 20° to -110° C but the 
behavior at low temperature is evidenced. 

In figure 5b many load cycles are superimposed.The 
tension variation is 35 ±25.5 N while the temperature 
ranges from -110° to -12° C. The behavior at high 
temperature is evidenced. 



Figure 5: In this figures many load cycles at 
various tether temperatures, with sinusoidal 
imposed displacement are superimposed (sample 
6.90 m long). The temperature ranges from 
20° to -110°. The behavior at low temperature 
is evidenced in figure 5a and the behavior at high 
temperatures is evidenced in figure 5b. 

In figure 6 many hysteresis cycles, recorded at 
different temperatures, with a average tension of 45 N and 
an imposed sinusoidal displacement of 9,9 mm, are plotted. 
Each plot results from the superimposition of 2+6 
hysteresis cycles at about the same temperature (±4°C). 

In figure 6a, obtained at room temperature, the larger 
tether stiffness due principally to Kevlar is evidenced. The 
corresponding average EA factor is 42000 N. 

In figure 6h, obtained at -60° C, the changing in 
stiffness is evidenced. At low tension a great percentage of 
the total load is supported by the Nomex and the copper 
layers because Kevlar elongates. With high tension, on the 
contrary, the Nomex and the copper must elastically elongate 


more than the thermal elongation of the Kevlar so that a 
great percentage of the tether tension is again supported by 
the Kevlar. 

In figure 6o, obtained at -110° C, a low tether 
stiffness due only to Nomex and copper is shown. In this plot 
the presence of one macro-sliding per cycle is also shown. 
Each macro-sliding has a magnitude of about 1 N (about 0 1 
mm in the tether). 



4 -2 -Possible presence of m acro-slidinos during a load cvcIp: 

The study of possible presence of slidings among the 
layers during each load cycle is important for the evaluation 
of the effects on the subsatellite dynamics (3), for example 
during sudden variations of the temperature due to sun/dark 
transition. 

For the different tether samples considered, the 
following results have been obtained, during load cycles with 
average tension equal to 45 N: 

1) length = 3.30 m: the experimental apparatus 
does not detected slidings. A step-like behavior perhaps due 
to slidings among layers has been nevertheless pointed out 
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during sudden temperature variation from 30° to -120°C. 

2) length = 6.90 m: macro-slidings has been 
detected only at low temperatures (about -100° C). The 
first load cycle at -100° C (with a period of 80 s}, revealed 
the presence of some slidings, see figure 7. They principally 
come out when the tension increases and when the tether 
stiffness rises because of the Kevlar contribution. 



Three typical load cycles, with a period of 10 s and a 
temperature of -100°C, are superimposed in figure 8. Note 
the presence, in each cycle, of only one sliding. The 
repeatability of the macro-sliding both in position and in 
size is clearly shown in this figure. 

Since the sliding mechanisms are repeatable, the 
internal status of the layers does not changes after a load 
cycle. The plot shows that the macro-sliding comes out only 
with increasing tension. With decreasing tension there 
should be a lot of micro-slidings, necessary to restore the 



Figure 8: Three typical load cycles, for a 
sample 6.90 m long, with a period of 10 s and a 
temperature of -100°C, are superimposed. The 
repeatability of the macro-sliding both in 
position and in size is clearly shown in this 
figure. 



Figure 9: Three typical load cycles for a sample 
25.0 m long, with a period of 10 s and a 
temperature of 25°C, are superimposed. 


3) tether sample length = 25.00 m : macro- 
slidings has been detected during load cycles with average 
load equal to 45 N at room temperatures. 

In figure 9 three typical load cycles are superimposed 
at 25° C. The repeatibility of the macro-sliding in this case 
is only in size but not in position. 

These results suggest the following remarks for the 
model of the composite tether after having verified that 
both tether ends are clamped so that no slidings among the 
layers occur. 

- At room temperature macro-slidings arise if 
the tether length is about 25 m. As discussed in the following 
numerical model, there are some discontinuities along the 
layers, the length of each of them may be of the order of 5 m; 
the sliding probably comes out between the Kevlar and the 
Teflon layers because the relative Coulomb friction is low. 

- If sudden big temperature variations take 
place, the Kevlar fibers elongates and the length of the 
discontinuity decreases (about 1+3 m). 

- Between the Nomex jacket and the braided 
Kevlar the Coulomb friction is high. Moreover because of the 
braided structure only micro-slidings can happen. Further 
tests done only on these two layers showed that it is very 
difficult to unpack them and make them slide each other even 
if the length is only 0.02 m. 


4.3 Scale effect on loss factor 


The lower end of the tether samples, was stressed with 
a sinusoidal motion as shown in figure 3. Tests were done 
imposing an average tension of 45 N equal for all samples; 
sinusoidal tension range was choosen equal to 9 N and to 63 
N, therefore the ratios (tension range/average tension) 
were 0.2 and 1.4 respectively. 

The loss factor(4), is defined as the ratio: 

T| = D / (271U) 

where D and U are respectively dissipated and stored 
energy during one cycle. 

In figure 10 the results of these tests are plotted as 
function of tether length. It is clear that the loss factor 
increases with the tether length when the tension range is 
low. This behavior may be interpreted as the greater 
possibility for long tethers of manifest slidings. On the 
contrary the loss factor is almost constant with the tether 
length when the tension range is high; perhaps this is due to 
the different internal status of the layers and the greater 
Coulomb friction among them. 



Figure 10: The measured loss factor is plotted 
as function of tether length. Each curve refers to 
a particular tension range in the loading cycle. 








379 


4.4 Fre qu enc y e ffe ct on hy steresis a nd lo ss fa cto r 

The signals recorded by the displacement transducer 
and the dynamometer are shown in figure 11a,b. The 
hysteresis cycles of a tether sample 6.90 m long at 
temperature of 25° C and -100° C are respectively shown. 
In each plot, two hysteresis cycles with a period of 2s and 
120 s are superimposed. 

Contrarily to the tests previously done (1,2) on 
tether samples about 3 m long, here is evidenced a little 
influence of the frequency on the shape of the hysteresis 
cycles. In particular at high frequency the tether is about 
5% stiffer. This behavior may be partially due to creep 
effects. 



Figure 11: The hysteresis cycles of a tether 
sample 6.90 m long at temperature of 25° C and 
-100° C are respectively shown. In each plot, an 
hysteresis cycle with a period of 2s (frequency = 
0.5 Hz) is superimposed to a second one of 120 s 
period (0.0083 Hz). 


4.5 Longitudinal propagat e n ..ye l .QC.ity 

The EA product may be also evaluated with the formula: 
EA = n c 2 



Figure 12: The longitudinal propagation 
velocity of a 6.90 m long tether is plotted as 
function of tension at temperature of 25° C and 
-40° C. 


being the linear mass density u=0.0082 kg/m and c 
the longitudinal propagation velocity in the tether. EA 
product was measured evaluating the time delay between the 
signal coming from two piezo-accelerometers located one at 
the end of the tether, after having applied a skock at one end. 
Tether samples of various lengths, gave similar results. 

In figure 12 the longitudinal propagation velocity of a 
6.90 m long tether has been plotted as a function of tension 
at temperature of 25° C and -40° C. 

According to the results of §4.1, the velocity c and so 
the EA product are higher with lower temperatures. This 
confirms that the tether stiffness increases at low 
temperatures. 

The quasi-logarithmic increase of EA product with 
tension is plotted in figure 13. 


EA [kN] 



Figure 13: From the results of figure 12, the 
quasi-logarithmic increase of EA product is 
shown. 


4.6 J/acuum and humidity effects on mechanical properties 

Tests previously discussed were repeated in a vacuum 
pipe, at room temperature, in the case of 3.30 and 6.90 m 
tether samples. The same tests were also repeated, with 
temperatures ranging from 20° to -100°C with a relative 
humidity, measured in the environment around the tether, 
ranging from 10% to 90%. 

Since all the tests gave similar results it seems that 
both vacuum and humidity do not influence appreciably the 
mechanical parameters here considered. 


5. NUMERICAL MODEL 

A two layers model (2) of the TSS-1 rope, see figure 
1, is not able to represent completely the mechanisms that 
take place in the multilayered tether. A preliminary model 
can be made using a three layers schematization. 

The first layer (see fig.1) represents the outer jacket 
of braided Nomex used for protection against mono-atomic 
oxygen (A). 

The second layer (B) represents the braiding of Kevlar 
29 that has been designed to function as a strength member, 
but at low temperatures (about -100° C) it lengthens too 
much to react to the total tensions. 

The third layer itself is a composite rope: a thin-coated 
copper conductor is wound around a muitistrand Nomex core 
while a coat of estruded Teflon insulates the'conductor. As a 
first approximation, this third layer can be imagined as 
homogeneous if assumed that the elicoidal copper wires, 
drowned in the Teflon, elongate with the Nomex fibres 
without sliding each other (this is confirmed by proper 
test). 

Coulomb friction is relevant between the first and the 
second braided layer, but it is small between the second and 
the third layer because of the smooth Teflon surface. 
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A finite element program (MARC) was used to study the 
model of a sample of tether. The mesh, see figure 14, 
consists on three series of beam elements (MARC n°5) with 
three degrees of freedom (d.o.f.) per node. Each line consists 
on 100 elements; the total number of d.o.f. is 197. 

Each node can only translate in the horizontal 
direction. The boundary conditions are: tether clamped at the 
left end and free at the right end. 

The packing effect caused by the braided layers is 
simulated by normal forces FN1 and FN2, proportional to 
the tension, acting in each node. 

The "friction and gap elements" (MARC n°12), capable 
to simulate the Coulomb friction and the temperature 
gradients, connect the nodes of each layer. 



Figure 14: Finite element mesh used to study 
the model of a sample of tether. It consists on 
three series of beam elements (MARC n°5). The 
friction and gap elements (MARC n°12) connect 
the nodes of each layer. 

In order to understand the behavior of the three 
layers, different numerical models have been set up: in the 
first one, at the right end of the tether no slidings between 
the layers were allowed, but the EA product (E=Young 
modulus, A= cross section) of each layer was supposed to 
vary in a sinusoidal way to simulate the non-linearity due to 
packing effects. 

Another model is capable of simulating elongations due 
to temperature of each layer with two gap elements at the 
right end. 

In a different model, three forces are applied at the 
free end; the intensity of each force is proportional to the 
measured stiffness of each layer. 

Some parameters, such as the normal forces FN1 and 
FN2 representing the packing effects, are difficult to 
measure directly. These numerical models are therefore able 
to evaluate the influence of such parameters on the overall 


effects and, from the comparison of the numerical results 
with the experimental one, to provide reliable values. The 
numerical models evidenced the great influence of the 
Coulomb friction among the layers. 

The models, according to the experimental tests, show 
two different kinds of mechanisms, about layers sliding. The 
first mechanism, consist on a lot of "micro-slidings" along 
all the tether length. The second one consists on few "macro- 
slidings" that take place when the temperature decreases and 
the Kevlar fibers elongates or in tether samples 25 m long. 

Let us consider for example only the first two layers 
(A) and (B) of the numerical model (the external Nomex 
jacket and the braided Kevlar) see Figure 15a. The tether is 
tensioned with a constant load at room temperature. If the 
temperature decreases, a fraction of the total tension moves 
to the layer (A) because the Kevlar elongates and the Nomex 
contracts. This tension transfer occurs by means of the 
friction between the layers. 

If the Coulomb friction between the layers is low, the 
strains are almost uniformly distributed along the tether, so 
there are a lot of micro-slidings, see Figure 15b. 

If the friction is high, the strain of layer (B) is 
prevented by the friction force until a limit value is 
reached. Then a macro-sliding occurs and it interests a 
"characteristic length" of the tether along which the stress 
redistribution occurs. 

The experimental tests confirm the presence of these 
"characteristic lengths". 

Along these lengths the braided Kevlar layer is not 
uniformly tensioned. The tether in such a model, behaves as 
a "beads", see Figure 15c; there are some regions very 
packed with high tension and other regions low tensioned. 

From the numerical models above described, the loss 
factor can be evaluated, if a load cycle is introduced. It can 

vary from 10* 5 to 0.1 as a function of the Coulomb friction 
among the layers. Imposing a loss factor similar to that 
found in the tests (about 0.04), it was possible to evaluate 
in a numerical way the friction among the layer as: 

-Coulomb friction between the Kevlar and the Nomex: about 
0 . 8 ; 

-Coulomb friction between the Kevlar and the Teflon: about 

0 . 1 . 
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Figure 15: Two possible mechanisms of sliding 
between the external layer (A) and the internal 
layer (B), when the temperature of the 
composite rope decreases. 
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6. CONCLUSIONS 

The experimental investigation on thermal, vacuum 
and humidity effects on mechanical parameters of composite 
tethers leads to the following main results: 

- two mechanisms of sliding among tether layers have 
been evidenced: the first, called macro-sliding, comes out at 
room temperature in tethers about 25 m long, and at low 
temperatures (-100° C) in tethers about 7 m long. The 
second mechanism, called micro-sliding, is always present 
in any loading cycle. 

- as a consequence of the macro-slidings, there is a 
tension transfer among the layers that is not uniform along 
the tether. A braided layer is then more packed in a region 
and less in the surroundings. Therefore it may be 
represented as a "beads model"; the length of each "beads" 
has been evaluated as a function of the temperature in a 
range from 1 to 10 m; 

- in the range of the tether length considered (3+25 
m) loss factor increases with the tether length when the 
tension is low; with higher tension the loss factor versus 
lenght is almost constant (or sligtly decreases): this effect 
can be due to higher compression among layers tha- inhibits 
the slidings; 

- creep effect reduces tether stiffness of about 5% in 
hysteresis cycles at higher frequency (0.5 Hz); 

- at low temperatures (-10°+-80°C ) two-values 
tether stiffness have been found: a great percentage of the 
total load is supported by the Nomex and copper layers if the 
tension is less than the average load (40 N), and a great 
percentage of the total load is supported by the Kevlar layer 
if the tension is greater; 

- both vacuum and humidity do not influence 
appreciably the measured mechanical parameters. 

A finite element model of a three-layer tether was also 
developed. The layers are coupled by means of friction and 
gap elements representing Coulomb friction and temperature 
gradients. The numerical model is able to represent the 
sliding mechanisms among the layers and so it can partially 
explain the mechanical behavior of the composite tether. 

These results prove that any linear model of the tether 
is unrealistic. Therefore it is necessary to take into account 
these non-linearities for more accurate models to predict 
the subsatellite dynamics. 
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BUCKLING AND FAILURE OF THIN ELLIPTICAL DELAMINATIONS IN COMPOSITES 
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ABSTRACT 

The Raleigh-Ritz method is used to analyze the buck¬ 
ling of elliptical delaminations in the linear and 
nonlinear regime. The delaminated region is separat¬ 
ing a thick isotropic base laminate from a thin 
anisotropic sublaminate. The delamination is 
oriented arbitrarily with respect to the loading 
axis. The base laminate enters the calculation only 
by its Poisson ratio so that the problem can be 
reduced to the calculation of the buckling behaviour 
of an elliptical plate under suitable boundary con¬ 
ditions and loading. In contrast to previous 
approaches all couplings (full A-B-D matrix) are 
considered. Buckling strains are calculated by for¬ 
mulating the stability condition in terms of the 
derivative of the total energy' and solving the cor- 
respondmg eigenvalue problem. Solutions are checked 

with FE-results for various aspect ratios and lay¬ 
ups . 7 

Keywords: Delamination buckling, postbuckling, 
energy release rate 


1. INTRODUCTION 

The buckling- and post buckling behaviour of ellip¬ 
tical anisotropic plates had attracted the interest 
of a large number of authors during the past few 
years. This is due to the observation that the ulti- 

h a H 6 K failUr u ° f layered composite structures which 
had been subjected to a low velocity impact while 

emg under compression seems to be governed by the 
instable growing of an elliptically shaped thin 
delaminated area. It is therefore highly desirable 
to appraise the influence of such defects on the 
compressive strength of laminates used in aerospace- 
structures which are, for example, subjected to 
launch loads. 

Shivakumar and Whitcomb /l/ presented an analysis of 

sublam^f 16 l0adS °f special orthotropic elliptical 
sublaminates using the Raleigh-Ritz method cross 

checked with FE-results. They observed good coinci¬ 
dence between both methods for moderate anisotropy. 

folotion was not extended to the nonlinear re- 
gime. A Raleigh-Ritz solution for the postbuckling 
behaviour had been obtained by Chai and Babcock /!/. 
heir solution also is restricted to specially 
orthotropic ellipses with a semiaxis parallel to the 
loading direction. Using a simple energy balance 
criterion, the authors were able to analyze the 
racture problem that arises, when the buckled 

exte nding. A finite element analysis 
f postbuckled rectangular delaminations using a 

C l°t UT t^ techni< 5 ue for plate elements was car- 
led out by Shivakumar and Whitcomb /3/. A mode 


separation was carried out by Whitcomb in ref. /A/ 
f three-dimensional, geometrically nonlinear 
, a IP 11 ? analysis predicted a pronounced 

mixed mode behaviour along the crack front with 

arge gradients in Gj and Gjj and a negligible G T tt 
component. 11 & 6 III 

In addition to the work addressed so far, the sim¬ 
plified problem of a through-width delamination had 
been dealt with. Chang and Kutlu /5/ developed a 
finite element code capable of computing the post¬ 
buckling behaviour of composite plates and cylindri¬ 
cal shells containing multiple delaminations. Calcu¬ 
lating the energy release rates they found out, that 
delammation growth is dominated by mode I fracture 
m flat plates and by mode II fracture in cylindri¬ 
cal panels. Whitcomb in ref. /6/ treats the post- 
buckied through-width delamination as a column. 
Additional finite element analysis was needed to 
determine all the parameters necessary to calculate 
the deflection and the energy release rate G T . Chai 
Babcock and Knauss /7/ analyzed the postbuckling 
behaviour of an isotropic homogeneous beam column 
for the most general case, when the supporting base 
laminate buckles globally so that the zero-slope 
boundary condition for the thin sublaminate becomes 
invalid. Deflections and the total energy release 
rate are calculated for this case. A similar 
approach was used by Kardomateas who extended the 
solution to include orthotropic materials /8/. The 
most general work on one-dimensional delaminations 
stems from Sheinman, Bass and Ishai /9/. They solved 

e differential equations of a composite delami¬ 
nated beam under arbitrary loading and boundary con¬ 
ditions with a finite-difference method. Bending¬ 
stretching coupling was taken into account and 

lold^ ° Ut t0 Significantl y influence the buckling 


2. SCOPE OF THE WORK AND STATEMENT OF THE PROBLEM 

The aim of the work is the calculation of the com- 
pressive strength of a thin laminate which contains 
an elliptical delamination. The thin sublaminate is 
assumed to be bonded to an infinitely thick homo¬ 
geneous base laminate, as for example a sandwich 
core. First, the linear buckling problem is solved. 
Ihen the von-Karman relations are introduced and the 
soiution !s extended to the nonlinear regime. The 
postbuckling deflection and the total energy are 
compared to FE-results. The configuration is 
depicted in Fig. 1: 

The iocai^coordinate system x, y is rotated at an 

v" 8 respect to the.global coordinate system 

> y . The major and the minor axis shall be 


oZZ7rn ***** *“* ’ ». **** 
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denoted a and b, respectively. The angle between the 
fibre direction in the K t layer and the global 
x'-axis shall be denoted The sublaminate con¬ 
sists of plies of equal thickness. 

. V 


y 

M 





Fig. 1 : Coordinate systems and orientation 
of the elliptical delamination 

3. THE RALEIGH-RITZ METHOD 

3.1 Load and Boundary Conditions 

The infinitely thick base laminate experiences a 
uniform strain e 0 which acts in the direction of x*. 
Due to the Poisson contraction a strain of the 

value - e 0 acts in y' direction. Suitable 

boundary conditions for the ellipse must be formu¬ 
lated in terms of displacements in the x-y system. 
Obeying the transformation law for the tensor compo¬ 
nent e 0 one arrives at the following equations which 
are applicable in the x-y system: 

u » e 0 [(cos*0 - v-| am sin 2 0) x - (sin0 cos0{l+v-| fln] }y) ] 

( 1 ) 

v = e 6 [(s1n 2 0 - \)-| a(T] cos 2 0) y - (sin0 cos0{1 -j ani }x)3 
The boundary conditions for the z-displacement read: 

w(x,y) = w(x,y) = w(x,y) = 0 (2) 

f * >y 

The zero-slope conditions reflect the assumption of 
a thick foundation which cannot bend. The Raleigh- 
Ritz method requires an expansion of the displace¬ 
ment fields in terms of the Raleigh-Ritz coeffi¬ 
cients which are determined from the requirement of 
stationary potential energy. A power series expan¬ 
sion of the following, most general form is appro¬ 
priate: 

u - e x * x + i e xy ‘ y + (e x + iv 


Vn*V 


b ‘ «i,n=0 

i e xy • x + U 


v * e y • * + i'xy • x + ( v iv 

00 

x 2 v*v r l 


n_ ><1 _ yi) i b x m y ' 

" a! bl ,.U 


_ (I _ xi - yi)* I r ."y" 

" a ‘ b ' u,n=0 y 

with e v , e , e w derived from the transformed e 0 . 
x y xy 


3.2 Linear Theory 

*, *y. For the linear theory, the expansions of eq. 3 are 
truncated to: 


u = • x + • y + (e x + i^xy 1 

(1 - ^7 - b 7 ) (c i + c * a~ + c 5 
v - V y + 2" e xy • x + (e y + 2' e xy ) 


(i - Jr - (c. + C .J- + c . $ 


y! V 2 2 XV ^2 ^2 

w = (i - Jr - p-) ( c 7 + c , J- + c , b + c io + c n E7 + 


Xi + c Xll- + c 
u a 3 a l b c i« 


ab T a 3 T a*b T ^ ab 2 + c i« b 3 

+ c *1 + c ^L+ r Zh 2 + c ^ + C A 
+ c i t a* + c i* a 3 b a 2 b 2 a b 3 u 2 i b* } 

Odd and even powers in x and y are admitted up to 
fourth order. Odd powers permit asymmetry in the 
z-displacements and thus prevents certain coupling 
terms from vanishing. The total potential energy 
which must be evaluated consists of two parts: 

bVl - Jr 

n 11n * 2- j ^ dxdy (N x«!x + V!y + 2N xy w .x w .y> + 

-bVl - Jy 

a Wl ’ $ 

Z { * dxdy + 2A 12 u .x\y + A 22 v |y + 

2A 16 (u ,x u ,y + u .x v ,x> 

+ 2A 26 (v .y u ,y + v ,y v ,x> + A 66 (u ,y + v .x>’ " 2B ll u ,x w .xx 

• 2B 12 (v ,y w ,xx + u ,x w .yy> ‘ 2B 22 v ,y w .yy 

' 2B 16 lu .y w .xx + v ,x w .xx + 2u ,x w ,xy> <5) 

2B 26^ u ,y w ,yy + v ,x w ,yy + 2v ,y w ,xy^ 

' 4B 66 (u ,y w ,xy + v ,x w .xy> + °ll w Jxx 
+ 2B 12 w ,xx w ,yy + °22 w *yy + 4D 16 w ,xx w ,xy 

* 40 26 w .yy w ,xy + ^es^xy 1 

The above expressions can be evaluated most conve¬ 
niently in polar coordinates. Inserting eq. (4) into 
(5) leads to an expression of more than 20000 terms. 
This problem was handled using the software package 
Mathematica capable of symbolic mathematics /ll/. 

The program delivers Fortran statements which were 
copied into the corresponding program so that no 
transcription errors could occur. After integration, 
the total energy can be written in the form: 

n 11n = Cj + constdj = 1...21) (6) 


Requiring an extremum of the energy leads to 
3n 

—lin = o = tt r ( 7 ) 

and furthermore to the condition 

det 0I 1m ] - 0 (8) 

for a nontrivial solution. 

The fortran program LBUCKLING was written to solve 
eq. (8). The programm allows an arbitrary number of 
the 21 Ritz- constants to be used for the calcula¬ 
tion of the buckling strains so that the convergency 
behaviour of the solution as a function of the num¬ 
ber of Ritz-constants could be examined. 
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3,3 Nonlinear Theory 


4. COMPARISON WITH FE-RESULTS 


If large displacements in w should be taken into 
account, the strain-displacement relations known 
from ordinary plate theory must be modified. This is 
usually done by introducing the von- Karman rela¬ 
tions as the most simple nonlinear extension. They 
read: 


'xy 


= u - 

zw 


rX 

,xx 

2 , x 

* v - 

ZW .... 

+ "o” W* 

*y 

>yy 

2 ,y 

* u u + 

v - 

2w + w 

.y 

.x 

,xy 


(9) 


Those relations are inserted into the energy expres¬ 
sion for a laminated plate which can be taken for 
example from ref. /10/. Integrating over the thick¬ 
ness gives an expression in terms of the ABD-matrix 
and displacement derivatives. The expansion of the 
displacement fields was chosen according to eq. (4) 
with w only including the terms up to C 12 . Despite 
this restriction, the energy still consists of more 
than 50 000 terms before integration. If the total 
energy is rearranged accordingly it can be brought 
into the form of a polynomial of fourth order in the 
C^'s. The postbuckled configuration represents a 
minimum of the total energy which can be found by 
imposing eq. 7. This leads to a system of nonlinear 
equations in C i which is of the form: 


C j + L mji C m C j + M nmji C n C m C J = 0 
(l.j.m.n = 1 ... 12) 

The above equation contains the strain e 0 as a vari¬ 
able whereas the still remain unknown. The strain 
e 0 is not a buckling strain to be determined but an 
external load which itself determines the shape of 
the postbuckled configuration. 

The absence of an inhomogeneous term indicates the 
absence of transversal forces which naturally would 
lead to a half-wave type of displacement /12/. With 
the system being nonlinear and homogeneous it is no 
longer possible to find a nontrivial solution in a 
straightforward manner. Instead, the choice of the 
first guesses for the C i , s as well as the value of 
load e 0 influences the solution. Eq. 10 was solved 
with the fortran program NBUCKLING which uses a sub¬ 
routine from the NAG-library /13/. In contrast to 
LBUCKLING, the number of Ritz-constants is not 
optional any more so that always the full expansion 
up to C 12 according to eq. 4 is used. Although 
intended for postbuckling, the program allows the 
calculation of the critical buckling strain by using 
an interval halving method to look for the transi¬ 
tion between trivial and nontrivial solutions. It is 
decisive to use a reasonable starting vector if the 
subroutine should iterate the desired buckling mode: 
The first mode corresponds to a halfwave with its 
maximum at the origin. Clearly the coefficients C 7 , 

c io» c n» c i 2 inw must be unequal to zero with the 
same sign. 


4.1 Influence of Material and Ellipse Orientation 

An ellipse with a = 3 mm and b = 1 mm which was 
oriented at 0°, 45° and 90° with respect to the 
loading axis having a total thickness of 0.01 mm was 
examined; The material was arranged to produce a 
special orthotropic material ([0,0] laminate), an 
orthotropic material ([45,45] laminate) introducing 
the tension-shear coupling terms, and an unsymmetric 
laminate ([0,90] laminate) introducing tension-twist 
couplings. In this and all the following calcula¬ 
tions the material data indicated in Tab. 1 was 
used. 

Tab. 1 contains all possible combinations of materi¬ 
als and geometry. The R.-R. method was used in three 
different ways: program LBUCKLING with all 21 con¬ 
stants and only 12 constants and program NBUCKLING 
with 12 constants. The error between the FE-result 
and LBUCKLING with 21 constants is indicated. Com¬ 
paring the results from the linear program using 21 
and 12 constants, respectively it is evident, that 
using the full expansion yields a buckling strain 
which is always a little lower than that of the 
truncated expansion. This is a common feature of the 
R.-R. method: using a larger expansion results in a 
softer structural response. The differences in solu¬ 
tion that occur using the three methods are negligi¬ 
ble. It can thus be concluded, that the first mode 
has converged sufficiently with an expansion that 
uses 12 constants. The results of NBUCKLING compare 
favourably with those of the linear program. 

An oblique orientation seems to have a detrimental 
effect as the largest errors occur at 0 = 45°. The 
errors grow, if stretching-twisting effects are 
introduced. A strange effect was observed with the 
0=0° ellipse: All three R.-R. calculations found a 
tension buckling solution whereas the FE-solution is 
compressive. It had been confirmed, that all the 
solutions describe one half-wave. Nevertheless an 
asymmetry must not necessarily lead to large errors 
as can be seen from the 0 = 45° and 0 = 90° 
ellipse. 


4.2 Postbuckling Analysis 

A geometrically nonlinear analysis was performed for 
the [0,90] and a [45,90] laminate both with 0 = 90°, 
using the FE-program ABAQUS. In order to enforce the 
right buckling path, the displacements of the first 
mode, multiplied by 5 • 10 " u , were used as nodal 
coordinates. The strain range extended to a value 
just below the second buckling mode which has the 
value of 4.76 • 10’ 5 for the [0,90] laminate and 
1.36 • 10-^ for the [45,90] laminate. The intervals 
were divided into equal loading steps in each of 
which the total energy and the centre displacement 
w(0,0) were calculated. These values are compared to 
the corresponding values derived with the R.-R. 
method with the centre displacement being equal to 
the constant C 7 . The total energy is calculated by 
inserting the constants found by solving eq. 10 into 
the energy expression from which eq. 10 had been 
derived. Figs. 2, 3, 4, 5 show a good agreement in 
displacements and energies. The deviations in the 
displacements at the onset of loading must be attri¬ 
buted to the predeformation of the FE-mesh which 
causes a smooth postbuckling. The energies calcu¬ 
lated by the stiffer R.-R. method are higher whereas 
the displacements are lower than the corresponding 
FE-values. 




w(0,0) (• 10“ 


0 

C0,0] 

[45,45] 

[0,90] 
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5. A PRACTICAL APPLICATION 

5.1 Calculation of the Energy Release Rates 

The energy released by a crack per unit of newly 
created surface is a convenient measure to assess 
its criticality. A profound treatment concerning the 
assumptions, prerequisites and limitations of a 
fracture mechanics treatment of interlaminar crack 
growth driven by buckled layers can be found in 
ref. /2/. Here, a brief summary will be given: For a 
given ellipse with the semiaxis a and b, a second 
configuration is defined with the infinitesimally 
larger semiaxis denoted a + Aa and b + Ab, respec¬ 
tively. Crack growth then occurs, when the energy 
released by the crack exceeds a certain characteris- 
tical value when it switches to the second configu¬ 
ration. It had been asserted by Chai and Babcock /2/ 
that the total energy in early stages of post- 
buckling consists mainly of Gj so that the knowledge 
of the critical energy release rate for mode I 
would suffice for a complete characterization of the 
onset of fracture. The method outlined so far does 
not permit a mode separation but bearing in mind 
that Gj is much lower than Gjj and Gjjj, one is on 
the save side if the energy release rate is compared 
to Gj solely. 


The energy available for crack growth consists of 
the energy stored in the postbuckled configuration 
H (a, b) plus the membrane energy of the elliptical 
ring of widths a and Ab minus the energy of the 
spreaded delamination n (a + Aa, b + Ab). In terms 
of energy release rates this reads: 

c - n<a. b) - IT (a+Aa. b+Ah) 

dA u o uU 


with 


dn = 3? da + lb db 


( 12 ) 


it follows that 

db G a ♦ G b • f 
6 (—) - _ b- da r 

b W , Ait + G < 


1 


(13) 


b da 


with G 0 as the energy in the ring per unit area and 


G a = _ _i an. + G 

nb 3a o 


G b „ _ i_ an. + G 

u na 3b 
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A close inspection of eq. 13 reveals that lor 
G a > G d the energy becomes a maximum for db/da = 0 
thus implying crack growth along the axis a. If, on 
the other hand, G b > G a then G is maximized for 
db/da = » and the crack growth is along the axis b. 
For G a = G b the crack grows in a more complicated 
manner along both axes. 

The calculation of G a and G b is performed by numeri¬ 
cal differentiation of IT according to eq. 11. 

Figs. 6, 7 depict the development of G a and G b for 
the [0,90] and the [45,90] laminate with increasing 
strain: The values rise monotonically until the 
second mode is reached and then fall off. Then they 
rise again when the third mode is approached. This 
behaviour can be explained considering that it is 
just the difference in bending energy between two 
adjacent states that makes up the right side of 
eq, 11: As the amplitude of the postbuckled configu¬ 
ration increases, the bending energy increases, and 
so does the difference between two configurations. 


5.2 Evaluation of a Fabrication Defect 

The two programs were used in the analysis of a com- 
pressively loaded sandwich that showed a reduced 
compression strength. Facesheets were tested togeth¬ 
er with the core as part of the quality control pro¬ 
gram for the manufacturing of a large satellite car¬ 
rier. The facesheet had the stacking sequence 
[-55,0 2 ,55 ] s with the UD-data indicated before. Com¬ 
pression tests repeatedly yielded global failure at 
a strain of e 0 = 3.8*10' 3 . Surprisingly, several 
test samples failed at e 0 = 3.0*10" 3 . Subsequent 
X-raying revealed bright lines that were oriented in 
fibre direction. Occasionally, these lines clustered 
together to form an irregularly shaped bright area. 
(Fig. 8). 

The puzzle was unravelled by cutting the facesheet 
into pieces. Figs. 9, 10 show edge-on views of the 
bright lines which turned out to be nothing but 
large voids. Conglomerates of these voids thus can 
form large delaminated areas which can buckle. 

The void clusters were treated as two-dimensional 
delaminations. The cluster from Fig. 8, for example, 
was replaced by an ellipse of the semiaxes a = 8 mm, 
b = 4 mm with an angle of 0 = -55°. In a first step, 
the buckling strains for the first two modes were 
derived. The value for \)^ a _ was set to = 0,42 

being the Poisson contraction of the whole sandwich. 


As the location of the delamination in the layup was 
unknown, the delamination was placed between 
increasingly more layers until the strain for the 
first mode exceeded the value of 3 • 10" 3 measured 
for the damaged panels (Tab. 2). From this first 
analysis it could be inferred, that a delamination 
of the aforementioned size could not be situated 
below the fourth ply if it should have any effect on 
the strength at all. Then the total energy release 
rate for this ellipse was calculated assuming the 
strain of 3 • 10* 3 . It was found that only a delami¬ 
nation between the second and third or between the 


third and fourth ply yields a value large enough for 
crack growth as compared to Gj = 50 Jm~ 3 . This 
result is in complete agreement with the microscopi¬ 
cal observations: Voids were only found either 
between layers two and three or three and four. 

The observed pin-like voids treated as a slender 
ellipse with a = 50 mm and b * 0.5 mm (Fig. 8) 
turned out to be insensitive to buckling under the 
critical load: The lowest buckling strain that could 
be found for a void beneath the first ply (0 = -55°) 
was as high as e 0 = -6.2 • 10" 3 . 

Circularly shaped delaminations often occur after 
low velocitiy impact. They are also used as refer¬ 
ences to evaluate the criticality of defects found 
during non-destructive inspection. A circular defect 
with a radius larger than 6 mm beneath the first ply 
can buckle, but does not release enough energy to 
grow. Between the second and the third ply the 
energy release rate becomes large enough 
(G a = 1.8 Jm' 3 , G =48 Jm“ 3 ) for a radius of 6 mm. 


The same radius produces energy release rates of 
G a = 38 Jm' 3 , G b = 47 Jm' 3 if the void is situated 


between layer three and four. 


The equivalent defect radius in the upper half of 


the facesheet can therefore be fixed at 6 mm. 



Fig. 9 : Edge - on view of defective facesheet 




Fig. 8 : X - ray picture of defective facesheet Fig. 10 : Edge - on view of defective facesheet 
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Stretched skin concept for the entry aerodynamic decelerator system 

of planetary probes 
by 

Ch. BONNET, J.F. PUECH, M. RIGAULT 
Dassault Aviation 


ABSTRACT 

The joint NASA/ESA Cassini/Huygens mission is one of 
the forthcoming planetary exploration missions 
making use of high drag decelerator. Also the 
requirements of this mission have been used to 
support studies at Dassault Aviation on new concepts 
for entry devices. 

Preliminary linear analysis performed within PES 
study for ESA on a very light weight concept 
decelerator, based on ultra thin C/C skin have shown 
that buckling is a driver during the entry phase. To 
avoid the consequence on stability of these stresses 
in the skin, the idea of using only a carbon fiber 
fabric without carbon impregnation was suggested. 
This was the first step towards the stretched skin 
concept. The second step has been to design a proper 
structure to stretch the fabric. This paper 
describes this new concept composed of a high 
temperature annular fabric, stretched onto a rigid 
medium temperature armature and connected to the 
cold descent module structure. 

A performance analysis is globally performed and the 
predicted mass of the stretched skin concept is 
competitive. The technical feasability is outlined. 


Keywords : Aerodynamic braking device. Hypersonic 
decelerator, Planetary entry device. 


1. INTRODUCTION 

The joint NASA/ESA Cassini/Huygens mission is one of 
the forthcoming planetary exploration missions. Also 
the requirements of this mission have been used to 
support studies on new concept for entry devices. 
The first concept was a deployable structure, ref. 1 
and ref. 2 and this paper now describes a streched 
skin concept for aerobraking devices, protected by 
patents, ref. 3. 

The entry phase in the atmosphere of TITAN offers 
very peculiar points compared to what has been 
studied up to now. It cannot be compared to purely 
ballistic reentry of strategic weapons because of 
its very much lower heating flux level and in spite 
of a comparable heating flux, it cannot be 
comparable to Hermes reentry either, because of its 
very much shorter entry time, 3 mn for Huygens 
against 20 mn for Hermes. The thermal protection 
system of both ballistic weapons and guided Hermes 


vehicle should satisfy different specifications, and 
the chosen technologies for both these applications 
are not necessarily the best solutions for that kind 
of mission. 

Cassini phase A study led to a C/C concept for the 
decelerator, based on current Hermes development 
technology, ref. 4. As regards the decelerator 
static equilibrium, the aerodynamic pressure on the 
conical shaped decelerator generates two kinds of 
stresses : 

- a useful radial stress transmitted through the 
lower ring of the decelerator to the descent 
module links, 

- an unwanted and perverse induced circumferential 
stress whose main impact is to generate 
compressive stresses and unstability phenomenas. 

To avoid the consequence on stability of these 
stresses in the skin, the idea of only using a 
carbon fiber fabric without carbon impregnation was 
put forward. The radial fibers are loaded by tensile 
stresses between two rigid rings and circumferential 
fibers are only required to control the porosity 
parameter and to stretch the whole fabric on the 
nominal shape. This solution presents the advantage 
of avoiding unstability phenomenas and therefore 
deformations are predictable all along the entry 
phase, either under mechanical or combined 
mechanical/thermomechanical loading. 


2. ENTRY AND DESCENT SCENARIO 

In order to simplify the separation sequence defined 
during the Cassini phase A and describe in ref. 5, 
the separation scenario has been limited to 2 
separation sequences, figure 1 : 

~ an aft separation, where the decelerator including 
the aft cover are separated from the descent 
module 

- a front separation, where the forward cone is 
separated from the descent module, avoiding the 
jettison of multiple elements as nose cap and 
several viewing-port covers. 

This scenario offers the advantage of keeping the 
descent module inside a kind of protection envelope, 
wholy jettisoned before the scientific phase of the 
descent. The requirement of non pollution of the 
scientific experiments is in this way more easily 
fulfilled. 


Proc. Intemat. Conf.: ‘Spacecraft Structures and Mechanical Testing \ Noordwijk, The Netherlands , 
24-26 April 1991 (ESA SP-321, October 1991) 
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Figure 1. The separation sequence scenario 

3. STRETCHED SKIN CONCEPT DECELERATOR DESCRIPTION 

The decelerator is composed of a high temperature 
annular fabric, stretched onto a rigid medium 
temperature armature and connected to the cold 
descent module structure, figure 2. 



Figure 2. The stretched carbon skin decelerator 


The fabric has an axisymmetric concave shape and is 
made of a very smooth texture of closely woven thin 
carbon fibers (satin) to reduce the porosity. The 
decelerator fabric is edged with bolt-rope or 
luff-wire to allow strong anchoring in the rigid 
armature. This annular fabric is stretched onto the 
radial direction between two rings of the armature 
through bolt-rope anchoring devices. 


The concavity of the skin is characterized by a 
deflection compared to the real frustum of a cone. 
Because of this concavity, the uni-axial radial 
tensile strain induces a bi-axial (radial and 
circumferential) tensile strain in the skin. In 
fact, the radial strain has a tendency to reduce the 
deflection and then to lengthen the circumferential 
fibers so creating a circumferential strain. 

The deflection has been fixed at 22 mm and has a 
direct influence on the strength equilibrium. The 
larger it is, the lower the tensile stress in the 
skin and the stresses in the structure will be. 
Furthermore the concave shape has a favourable 
effect on aerodynamics (higher drag coefficient and 
static stability). An optimization of the skin 
deflection should result, between aerodynamic and 
aerothermodynamic estimated effects and stress 
reduction in the decelerator structure, which means 
weight saving. 

The structure is based on a heat soak thermal 
protection system, so that the heat absorbed by the 
outer layer in contact with the hot carbon fabric is 
distributed and stored in the heat soak material. 
The very short entry time gives a moderate total 
heat load, compatible with medium range temperature 
materials. As the entry is characterised by the 
superposition of the peak heat flux and the peak 
deceleration load, the candidate materials should 
therefore keep good mechanical characteristics up to 
medium temperatures (500°-600°C). Beryllium which 
has a very low density (d = 1.85) is the metallic 
material with the best specific characteristics 
(specific modulus, specific heat) and has been 
selected as the best candidate material for the 
design of the decelerator structure armature, to 
fulfill the very tight mass budget. 


External ring 



Figure 3. Cross-section of the decelerator 

The rigid decelerator structure is composed of two 
rings (external and internal) connected by 12 
equidistant struts. The two rings are designed to 
hold the aerodynamic annular carbon fabric anchoring 
devices and to collect the tensile stresses induced 
by the deceleration load. The struts are designed to 
steady the shape and to provide the required 
stiffness. They balance the internal tensile 
stresses of the annular aerodynamic surface without 
ever being in contact with it, figure 3. 

4. MECHANICAL INTERFACE AND SEPARATION DEVICE 

DESCRIPTION 


The decelerator is connected to the cold descent 
module structure by small intermediate rods, linked 
to a coupling ring and integrating an expansible 
tube for the jettison of the decelerator. The rods 
are clamped on the coupling ring side and jointed on 
the internal ring side. The mechanical interface has 
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been designed to present great enough stiffness (to 
satisfy the dynamic requirements of the launch 
phase), to allow thermal expansion, to reduce 
thermal transfer conduction and to be compatible 
with the jettison of the decelerator. 


Internal ring 



(2) Jettisoning of the forward nose 


Figure 4. Mechanical interface and separation device 
(cross-section) 



Figure 5. Exploded view of the stretched carbon skin 
decelerator 


A symetrical interface could be used for the 
jettison of the forward cone, figure 4. Figure 5 
shows an exploded view of the stretched carbon skin 
decelerator. In the "breathing" of the whole system, 
the differential dilatation is absorbed by flexion 


of the rods, but axial dynamic acceleration in the X 
(or Y) direction are held by the stiffness of the 
rods in the XZ (or YZ) plane. Because of the 
circular shape of the mechanical interface, the 
stiffness is identical in all directions in the XY 
plane, figure 6. 


Thermal expansion 



Figure 6. Mechanical interface and strength 
equilibrium 


5. PERFORMANCE ANALYSIS 

In a preliminary structural analysis the external 
and internal rings are linked to circular section 
curved rods. The stresses encountered are a scheme 
of flexion and torsion combined in the general 
tensile stress in the internal ring. The struts 
collect a scheme of flexion and compression and 
obviously only tensible stress appears in the carbon 
skin. 

To allow comparison with the previous phase A C/C 
decelerator used in PES study, the mechanical 
interface between the decelerator and the descent 
module has been chosen identical to phase A, i.e. 6 
explosive bolts, for the structural analysis, figure 
7. The loading hypotheses are based on the worst 
trajectory case of ref. 6 (Entry Velocity = 7.2 

km/s. Entry flight path angle = - 90°, colder Titan 
atmosphere), which means a maximum aerodynamic 
pressure of 6000 Pa (i.e. 25 g). 



Figure 7. Stretched carbon skin with phase A 
mechanical interface type for structural analysis and 
comparison 
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To take into account the influence of thermal load, 
the mechanical characteristics of the material are 
taken in the 500° to 600°C temperature range. The 
Beryllium characteristics are therefore : 

- tensile strength = 180 mPa 

- shear strength = 90 mPa 

- young modulus * 240000 mPa 

The first analysis was an optimization of the struts 
number to minimize the mass. The compression and the 
torsion in the struts are mainly dependent on the 
skin tension and the skin deflection. The induced 
flexion in the external and internal rings is 
directly dependent on the sector size between two 
struts. 

To reduce the deflection of the rings and therefore 
the section area, the sector size between two struts 
should be reduced. The balance is obtained between 
the weight saved in the cross area of the rings and 
the weight lost in the additional struts. The 
optimum, under the described hypothesis, is a 
structure composed of 12 struts dividing the 
decelerator into 30° sectors. 

5.1. Mechanical requirement 

The preliminary mechanical analysis gives the 
following results : 


The internal ring is more loaded than the external 
one because of concentrated loads generated by the 6 
brackets phase A mechanical interface. A larger 
number of flexible attachments will allow to reduce 
the stress level of the internal ring to the same 
level of the external ones. 

The margin will therefore be about 50 % relative to 
the ultimate strength. 

5.2. Thermal requirement 

To check that the maximum temperature reached in the 
Beryllium parts is within the capability of the 
material, a preliminary thermal analysis has been 
performed. The most critical part is the external 
ring in contact with the hot carbon skin. 

In the framework of the ESA technical study 
"Planetary Entry System", Dassault Aviation has 
performed boundary layer calculations showing no 
transition to turbulent flow for 4 to 5 mm rearward 
facing step, at the junction with the decelerator, 
ref. 7 and ref. 8. The Reynolds number is so low, 
that the boundary layer will most probably remain 
laminar throughout the entry phase. The factor of 2 
on the laminar distribution from the decelerator 
junction to the decelerator edge, taken in the phase 


A study, to take into account transition phenomena, 
could be discussed, and both fluxes have been 
considered for this preliminary thermal analysis, 
figure 8. 



Figure 8. Flux repartition along the probe profile 
with transition and no transition assumption at the 
junction forward cone/decelerator 


The identified thermal insulation material is Si02, 
under development for the Hermes programme. A layer 
of 2 mm thick has been taken as contingency in the 
mass budget. View factors have been considered and 
the results are listed below : 



Direct contact 

between 

Be & C-skin 

Thermal insul. 
between 

Be & C-skin 

No 

transition 

hypothesis 

T max - 350° C 

Case A 

T max = 260° C 

Full 

transition 

hypothesis 

factor=2 

T max = 750°C 

T max = 470° C 

Case B 

r 


The temperature distributions along the external 
ring diameter are shown in figure 9 for the cases A’ 
and B. 


Parts 


Cross section 

Max.stress 

External 

ring 

Max.bending moment 

500 000 mmN 

diam. = 50 mm 

t = 2 mm 

144 mPa 

Max.twisting moment 

50 000 mmN 

Internal 

ring 

Max.bending moment 

700 000 mmN 

diam. = 50 mm 
t = 2.5 mm 

165 mPa 

Max.twisting moment 

60 000 mmN 

Struts 

Max.bending moment 

180 000 mmN 

diam. = 30 mm 

t = 2 mm 

Critical compressive load 
* 33 000 N 

Max. compressive 
strength 

5 000 N 

Skin 

Max. tensile flow 

20 N/mm 

The thickness is not required for mechanical 
reason, t = 0.4 mm 
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t rc ) TCC) 



No transition assumption Transition assumption 

No isolating material Isolating material 


Figure 9. Temperature distribution along the external 
ring diameter for case A and B 


5.3. Stiffness requirement 

In PES study, dynamic analyses have shown the great 
sensitivity of the decelerator links on the first 
eigen mode frequency. The mechanical interface 
composed of rods clamped on the coupling ring side, 
gives a great stiffness in the 3 directions. 

5.4. Mass budget 

Based on the aforesaid analysis, reinforcements have 
been considered in order to remain below the yield 
strength, leading to a 50 % margin relative to the 
ultimate strength. 


The corresponding mass budget is presented below : 


Parts 

Nb 

Mass kg 

Internal ring 

1 

7.4 

External ring 

1 

3.9 

Bolt rope 

2 

4.3 

anchoring devices 



Struts 

12 

3.2 

Mechanical links 

24 

1.6 

Bolts 

60 

0.9 

Skin 

1 

2.7 

Insulation 

material 

1 

1 

Total 


25 


At this stage of the study, the stretched skin 
concept has a similar mass budget, compared to the 
C/C phase A concept decelerator. 


6. FEASIBILITY 

The stretched decelerator concept is based on two 
technologies currently used : the carbon fiber 
weaving and the Beryllium application technologies. 

The carbon fiber weaving technology is widely used 
for composite materials either with epoxy, carbon or 
ceramic matrix. Great improvements have appeared in 
the weaving process which are fully developed today 
and fulfill the requirements. 


Beryllium has been used for 30 years in space 
applications in the United States and it is 
considered at NASA today as a standard material. 
During the last yearB there have been many 
spacecrafts carrying Beryllium hardware : Voyager, 
Magellan, Superbird, INSAT, Galileo and the US 
Shuttle. The applications are many : 

- US Shuttle window frames, 

- radiators, 

- support structures, struts, primary central 
cylinders, 

- domes for radio isotopic thermo-electric 
generators. 

In conclusion, the necessary technologies for 
manufacturing the stretched skin decelerator concept 
are available today. 
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ABSTRACT 

Beryllium known as the most light weight metallic heat 
sink structural material has been considered for 
realisation of a thermal protection system (TPS) to be 
employed for entry bodies in future space missions. In 
the frame of a feasibility study for realisation of a probe 
TPS manufactured out of beryllium design considera¬ 
tions have been carried out by considering the Huygens 
Titan Probe as an example. Especially technological as¬ 
pects related to material characteristics, manufacturing, 
design and analysis are addressed. 

Key words: reentry technology, beryllium, thermal pro¬ 
tection. 

1. INTRODUCTION 

Future space missions employing aerodynamic braking 
in planetary atmospheres (Earth, Titan, Mars) will 
require TPS's on the outer surface of entry vehicles for 
insulation of the inner compartment from the entry 
heating and to provide the aerodynamic shape of the 
entry body. Beryllium is considered as the most light 
weight metallic heat sink structural material. 

Typical applications for beryllium can therefore be 
envisaged in the frame of future missions. In previous 
studies concerning the TPS of Huygens Titan Probe 
(Ref. 1) e. g. beryllium has been identified as the base¬ 
line solution for the forward heat shield and the rear 
part of the entry probe (Fig. 1). This is due to the excel¬ 
lent performance characteristics of beryllium: lower 
weight to stiffness ratio than for any other metal, high 
thermal conductivity, very high specific heat at normal 
and elevated temperatures, very high modulus of elas¬ 
ticity, very low specific density, low electrical resistivity, 
and high melting point. 

1 his paper describes design considerations performed in 
the frame of a feasibility study (Ref. 2) for realisation of 
a Probe TPS manufactured out of beryllium by consider¬ 
ing as an example the Huygens Titan Probe. Especially 
technological aspects related to material characteristics, 
manufacturing, design and analysis will be addressed. 



Fig. 1: Cassini Huygens-Exploded View 


2. DESIGN REQUIREMENTS (Ref. 5) 

2.1 Geometrical Requirements 

The geometrical data taken as a basis for the probe TPS 
are those given in Fig. 5. 

2.2 Stiffness Requirements 

The design goal frequency of the total probe shall be 
24 Hz as a minimum. Taking into account that the de¬ 
sign is at an early stage, the analytically predicted first 
frequency shall include a design margin of about 10 %. 

2.3 Strength Requirements 

Launch loads, 13.8 g in z-direction 
Loads from reentry 

The maximum deceleration of the probe is -25 g, 
corresponding to an aerodynamic pressure (quasi static 
pressure load) of 0.08 bar acting on the nose cap/ fore 
cone and 5000 N for each of the 6 fixing points of the 
decelerator cone. 

2.4 Thermal Requirements 

The TPS must withstand the heat fluxes given by Ref. 6, 
7. The baseline case chosen for the thermal calculations 
is the UR2 case. This case gives the maximum heat trans¬ 
fer rate at the stagnation point: qdot 1 = 46 07 W/cm2 
During the design life of the TPS the structure is 
operating in the temperature range of-120 °C (cruise) to 
about 770 °C (reentry condition). 

2.5 Mass Requirements 

The design must minimize the mass. The goal to be 
reached for the TPS-structure inclusive the thermal insu¬ 
lation is 41.2 kg as given in (Ref. 9) for a carbon/carbon 
solution. 

2.6 Apertures 

The following dimensions of apertures are required: 

jettisonable nose cap 650 mm in diameter 

2 opposite apertures 200 mm x 200 mm in the re¬ 
gion with the external diameter of the fore cone. 

3 MATERIAL CHARACTERISTICS OF BERYLLIUM 
3.1 Material Selection 

Beryllium is considered as the ideal structural material 
tor space applications because of its unique stiffness-to- 
weight properties, and the excellent combination of 
thermal conductivity and specific heat. A great number 
of successful applications in various spacecraft structures 
has been reported. Beryllium was found to be a suitable 
material for heat-shield application because of the high 
specific heat which increases with increasing tempera¬ 
ture. Consequently the first Mercury and Gemini mis¬ 
sions were covered with beryllium shingles as thermal 
protection. Beryllium has also been used as rocket nose 

u ^ l° u is ' P° se 'd° n ' Agena, Minuteman missiles), to 
absorb the aerodynamic heating during launch and 
reentry phases (Ref. 3, 4). 


Proc. Internal. Conf.: ‘Spacecraft Structures and Mechanical Testing Noordwijk, The Netherlands, 
24-26 April 1991 (ESA SP-321 , October 1991) 
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The most usual form of beryllium is vacuum hot pressed 
block. By variation of chemical composition, controlling 
the impurity concentration, powder-particle-size and 
temperature different beryllium grades can be 
produced. The structural grades -S65 and S200*) - with 
high ductility are standard materials for several space¬ 
craft components. 

Vacuum hot pressed block is also the input material for 
hot rolled sheet which is available in thickness from 0.5 
to 6 mm. 

Beryllium is not hazardous in the bulk form, but fine 
particles, powder or vapour may produce health 
hazards. Therefore adequate safety precautions should 
be imposed at every stage of manufacture. National and 
international safety regulations have been established 
to prevent any risks. 

3.2 Properties of Beryllium 

Beryllium is one of the lightest structural metals and has 
a unique combination of properties. The density is 
1.84g/cm3 and the Young's modulus is about 
300,000 MPa, giving a modulus/density ratio at RT which 
is 6 times better than other materials. Physical proper¬ 
ties of interest are given in Table 1 compared to other 
light metals. From Fig. 2 one can see why beryllium is 
unique as a heat sink material: beryllium can e.g. absorb 
100 percent more energy than aluminium. 




Be 

Mg 

Al 

Ti 

Density 

g/cm3 

1.84 

1.74 

2.7 

4.5 

Young’s Modulus 

105 MPa 

3.0 

0.451 

0 70 

1.05 

Conductivity 

cal/cm s °C 

0.38 

0.38 

0.57 

0.039 

Specific Heat 

cal/g°C 

0.48 

0.24 

0.21 

0.125 

Thermal Expansion 

10-6/°C 

11.5 

24.5 

23.5 

9.4 

Melting Point 

°C 

1280 

650 

660 

1668 


Table 1: Physical Properties of Beryllium and other Materials 



Fig. 2: Beryllium as a heat sink material 


The mechanical properties of beryllium vary significantly 
from grade-to-grade and are dependent upon fabri¬ 
cation history. Fig. 3 shows tensile data for grade S-200F. 
Note that the ductility increases as a function of 
temperature to a maximum at about 350 - 400 °C. When 
beryllium is used at temperatures above —550 °C thermal 
creep must be considered. Material properties are well 
established between -200 and about 600 °C, some creep- 
rupture tests up to 750 °C are available. 


*) Brush-Wellman, Ohio, USA 



3.3 Machining Procedures 

Most beryllium parts produced today are machined 
from block material, all conventional machining opera¬ 
tions can be used (saw cutting, electric discharge ma¬ 
chining, turning, milling, drilling). 

Following to any material removal operation beryllium 
surfaces must be chemically etched to remove the sur¬ 
face damage. Mechanical machining operations pro¬ 
duce compressive stresses in the surface to a depth of 
about 0.1 mm. This damage is in the form of twins and 
possibly, microcracks at intersecting twins; it can be li¬ 
mited by controlling the machining procedures, parti¬ 
cularly the depth of cut. Because no practical non- 
destructive-test method for detecting machining da¬ 
mage is specified, all machined surfaces must be etched 
(see Fig. 4). 

3.4 Joining Techniques for Beryllium 

Mechanical fastening (rivets, bolts), brazing and ad¬ 
hesive bonding are joining procedures that can be re¬ 
garded as production processes. Diffusion bonding and 
resistant welding have been used on a limited scale. 
Fusion welding is not recommended due to weld crack¬ 
ing and the poor mechanical properties of the welds. 

A combination of riveting and adhesive bonding was 
used in many structural applications where the operat¬ 
ing temperatures exceeded the maximum service tem¬ 
perature of the adhesive. 



Fig. 4: Microstructure of Hot Pressed Beryllium Block 

a) Damage free surface 

b) Deformation twins in maschined surface 
Unetched, polarized light 
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4. GENERAL LAYOUT OF TPS PROBE COMPONENTS 

With respect to the large temperature differences 
during the flight mission between the forward heat- 
shield (nose cap, fore cone) and the primary structure of 
the probe, the selected TPS design solution is of a self 
carrying type (without a supporting back-structure) and 
contains measures which allow for stress free thermal 
expansion. 

The general layout of,the design solution of the probe 
TPS is given in Fig. 5. Taking into consideration deliver¬ 
able sizes of Be semifinished product forms and suitable 
manufacturing processes the definition of the structural 
configuration is as follows: 

nose cap manufactured out of one piece 

fore cone assembled out of 6 pieces, joining of the 
6segments by brazing and bolting (bolting as a 
redundancy during high temperature period of 
reentry) 

reinforcement of fore cone by radial and circum¬ 
ferential ribs at locations of inner/external dia¬ 
meter and the 2 external apertures 

hinge connection of fore cone/after cone to allow 
stress free thermal expansion 


5-2 Definition of Design Criteria for Be-Components 

Structural beryllium grades have limited ductility when 
comparing with other structural material but the 
minimum elongation (determined in a tensile test) at 
room temperature is > 2 % and this value is increasing 
significantly when operating in the elevated tempera¬ 
ture region. 

Taking this material behaviour into account the defini¬ 
tion of the design stress intensity values S m and S t and 
the determination of the Primary and Secondary Stress 
Limits follow the concept used for ductile structural ma¬ 
terials in the various structural design codes. 

S m is the time independent design stress intensity 
value and is determined from the conventional 
yield strength and the ultimate strength using 
appropriate design factors. 

St is the time dependent design stress intensity value 
and is determined from the creep rupture strength 
and the stress which produces 1 % total strain 
using appropriate design factors. 

The definition of S m and S t is given in Table 2. 

Concerning the Primary Stress Limits two design levels 
are defined 


r 


1 


[ 


l 


after cone consisting of 

6 beams clamped to the antenna platform 
from carbon fiber composite (CFC), primary 
structure 

6 skin panels from Be fixed by screws to the 
CFC-beams, secondary structure. 


Design level A which applies to the total design life 
of the probe except the time period of reentry 

Design level B which applies to the time period of 
reentry 


_■___ 1 I 

1 * * 

Antenna pint form 
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\ l 
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1 
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Fig. 5. Design solution of Be-Thermal Protection Systei 


5. ANALYSIS OF TPS PROBE COMPONENTS 

5-1 Loading to be used for Sizing Calculations 

Strength requirements have been specified for the 
launch case and the reentry case. Since the aerodynamic 
pressure loading during the period of reentry is acting 
on a hot forward Be-structure, the determining load 
case to be considered for the sizing calculations is the 
condition of entry into the atmosphere (combination of 
pressure loading and structure temperature). The aero¬ 
dynamic pressure loading during reentry is of a transient 
type with a characteristic time duration of ^ 60s. The 
maximum Be-structure temperatures qiven as an enve¬ 
lope (Ref. 6) are: 

T max nose cap ^ 530 °C (6 mm wall thickness) 

T max fore cone ^ 770 °C (3 mm wall thickness) 


and a distinction between membrane and membrane + 
bending stress will be made. The given Table 2 contains 
the values of primary stress limits which are a function 
of the design level, type of stress and temperature. 

The temperature dependent primary stress limits of Be 
structural grade are given in Fig. 6. Allowable max. 
temperatures are determined by Be creep strength data. 
Assuming two characteristic stress levels/time durations 
the max. allowable temperatures are given below 


max. allowable temperature 

time duration 

S t = 20 MPa 

S t = 30 MPa 

- 

775 °C 

735 °C 

60s 

740 °C 

710 °C 

180 s 
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Definition of the allowable design stresses Sm and St 


Sm = min 


St = min 


s y /1.5 
s u / 2,0 

S r/ 1,5 
s 1% 


S y = Yield strength 
S u = Ultimate strength 

S r = creep rupture stength 

S i% _ stress which produces 
1 % total strain 


A two dimensional model has been used in the case of 
the fore cone taking into account the radial ribs. 
Different wall thicknesses of the radial ribs have been 
investigated concerning their influences on max. tem¬ 
perature of the ribs. As a result skin temperatures at the 
locations of the ribs as a function of Be-rib thickness are 
given in Fig. 7. 


Primary stress limits ( MPa_) 




Temperature range 

Design level 

Stress 

below T= 550 C ° 

above T= 550 C 0 

A 

Membrane 

< Sm 

— 

A 

Membrane + 
Bending 

< 1,5 Sm 

— 

B 

Membrane 

< 1,2 Sm 

< st 

Membrane + 
Bending 

< 1.8 Sm 

< 1,2 St 


Design level A : total design life of the probe exept 
time period of re-entry 

Design level B : time period of re-entry 

Table 2 : Definition of design criteria for Be - components 



Fig. 6: Short- and long time strength behaviour of Beryllium 


Temperature ( K ) 



s( mm ) 

Fig. 7 : Fore cone temperature at the location of the rib 
as a function of Be rib thickness 

A strong influence of the heat sink of Be-mass of the rib 
on the max. temperature is identified. With a 3 mm rib 
thickness chosen the drop of the max. temperature of 
the rib in relation to the unaffected 3 mm skin of the 
fore cone is of about 270 K corresponding to a max. rib 
temperature below 500 °C. 

5.4 Mechanical and Thermomechanical Analysis 

Finite element calculations (2d and 3d structure models) 
have been performed for the analysis of deformation 
and stresses of the TPS-components taking into account 
the pressure and temperature loading associated with 
the reentry load case. 


Significant thermal stresses are expected during the 
time period of reentry only where a rapid temperature 
increase will take place but the material ductility will in¬ 
crease simultaneously. Due to this, concerning the Se¬ 
condary Stress Limits no limitation of thermal stresses 
during the time period of reentry is considered neces¬ 
sary, but strain limits have to be respected; 

elastic-plastic membrane strain ‘4 1% 

elastic-plastic membrane + 

bending strain 4 2 % 

5.3 Thermal Analysis 

Thermal calculations have been carried out to study the 
influence of Be-mass heat sink on max. temperature of 
the after cone and the fore cone taking into account the 
radial ribs of the fore cone. The thermal model defi¬ 
nition used and the heat transfer rates taken for the 
period of reentry were in accordance with the data used 
in (Ref. 6). 

A one dimensional model has been used in the case of 
the after cone. With an assumed Be-sheet thickness of 
0.8 mm the calculated max. temperature is of about 
260 °C and thus far below any critical value of Be- 
material. Furthermore max. values of temperatures can 
be controlled by local thickening of the Be-sheet ma¬ 
terial where ever it is considered necessary (e. g. bolted 
joint of skin panel/CFC-beam). 


A two-dimensional model (Fig. 8) of the TPS-structure 
using 2d axisymmetric and plane stress elements of the 
ADINA code (Ref. 10) was used for the investigation of 
the overall behaviour of the TPS-assembiy in form of a 
parametric study. From the results obtained it was 
concluded that the connection between fore cone and 


after cone requires a joint solution which allows for 
stress free radial thermal expansion. 



Fig. 8 : 2D - model of TPS structure 
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A three-dimensional model of a 90° symmetry section of 
nose cap, fore cone and after cone was used for the 
verification of all TPS-components with respect to defor¬ 
mations and stresses. The finite element model (8 node 
shell elements of the ADINA code) which contains the 
nose cap, the fore cone with radial and circumferential 
ribs, the hinge connection between fore cone and after 
cone, the after cone beams and the after cone skin 
panels is given in Fig. 9. Special attention was taken in 
the modelling of structure cut out for the external aper¬ 
tures. The structure was supported by a clamped condi¬ 
tion at the upper end of the after cone beams (common 
interface of the TPS to the primary probe structure). 
Two load cases (pressure loading and temperature 
loading) were analyzed. 

A summary of the stress results obtained is given in 
Table 3. On this basis of the given design data all stresses 
from the mechanical loading are witnin design allow¬ 
able stress values. 



Fig. 9 : 3D - model of TPS structure 



mech. model 

therm, model 


Stress 

( MPa ) 

Stress 

( MPa ) 

Location 

calculated 

admlssable 

calculated 

admlssable 

Nosecap ( Be ) 





membrane 

< 5,0 

20 


1.0 % 

membrane + bending 

5.0 

24 


2,0 % 

Fore cone ( B© ) 





membrane 

< 15.0 

20 


1.0 % 

membrane + bending 

56,0 

150 


2.0 % 

Alter cone / ncn \ 

. tream_ ( CFC > 





membrane 

10 

400 



membrane + bending 

330 

400 



After cone / p_ \ 

skin panel 1 De > 





membrane 



455 




= < 0.5 % 
strain 

1.0 % 
strain 


Beryllium design allowable stress : 

. Temperature T = 775 ° C . Time = 60 $ 

Allowable membrane stress : St = 20 MPa 

Allowable membrane + bending stress : St = 1.2 * 20.0 = 24,0 MPa 

. Temperature T = 500 ° C 

Allowable membrane stress : 1,2 Sm =100 MPa 

Allowable membrane + bending stress : 1,8 Sm = 150 MPa 

CFC design allowable stress : 

{ for example Gy - 70 / Epoxy according CDH ESA PSS-03-1101 .Dec. 1986 ) 
Allowable membrane + bending stress : cr = 400 MPa 

Table 3 : Summary of stress resultes of TPS structure 


First estimates concerning the temperature input of 
T = 770 °C (nose cap and fore cone), T = 210 °C (skin 
panel of after cone) and T = 20 °C (after cone beam) 
have been used for the appraisal of thermally induced 
deformations and stresses. Since the supporting concept 
of the fore cone chosen allows for stress free thermal 
expansion, thermal stresses are occurring in the skin 
panel of the after cone only. The calculated max. value 
of thermal stress is 455 MPa assuming linear elastic 
material behaviour. This result of course is strongly 
affected by the assumptions of temperature loading 
input (20 °C for the beams and 210 °C for the skin 
panels). Thickening of the skin panels along their edges 
(e. g. 2.3 mm instead of 0.8 mm as indicated before) will 
lower the max. skin panel temperature significantly. 
Thus the above max. stress value of 455 MPa represents 
an upper bound of the thermal stresses of the after cone 
skin panels. When assuming a plastic correction factor of 
about 2 in the correlation between the elastically 
calculated thermal stress and the associated elastic 
plastic strain the calculated stress of 455 MPa is 
equivalent to about 0.5 % strain which is below 1.0 % 
(allowable value). 

The selected suitable joining method for assembling the 
six Be-pieces to the fore cone (for providing strength 
and tightness) is brazing using a silver brazing alloy and 
bolting (bolting as a redundancy for the loading con¬ 
dition during the period of reentry). 

The melting temperature of silver brazing alloy is of 
about 730 °C while the different methods of brazing 
require temperatures in the range of 650 °C to 820 °C. 

Based on the results of the thermal calculations per¬ 
formed the structure temperature of the brazed joints 
during the period of reentry is below 500 °C. Sufficient 
strength of the brazed joint under this temperature con¬ 
dition is expected in order to fulfil the strength require¬ 
ments with respect to the mechanical loading associated 
with the period of reentry. Nevertheless, bolting as a re¬ 
dundant joining method is incorporated in the design 
solution. Below 500°C titanium can be used as screw 
material while above 500 °C service temperature the 
screws have to be manufactured from steel. 

Thermal stresses as a result of an inhomogeneous Be 
heat sink (e. g. mass concentration of radial ribs) have to 
be considered in future design calculations. 


5.5 Vibration Analysis 

To validate the overall design of the Be-TPS and its 
interface structure vibration analyses for the total probe 
structure have been carried out. 

Concerning the support concept of the after cone beams 
two design solutions are considered (Fig. 5): 

after cone beams acting as cantilevers without an 
additional support to the primary probe structure 
(solution 1) 

an integrated design solution obtained by the in¬ 
corporation of an additional connection between 
the beams and the main platform (solution 2). 

In both design solutions the forward heat shield of the 
TPS is acting as a hot structure without an additional 
supporting back structure. The intention for the deve¬ 
lopment of solution 2 was the expected imprqvement of 
the probe vibration behaviour with respect to mass 
saving. 

Th e o structure model used for the vibration analysis is a 
180° symmetry model of the total probe structure usinq 
the ADINA code (Fig. 10). 
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The model incorporates all relevant structural compo¬ 
nents of the total probe. Stiffness data and mass data of 
the primary probe structure are chosen in accordance to 
(Ref. 8,9). 

. , probe support 

\ struts 



The total probe is supported at the upper end of the 
probe support struts and the connections fore 
cone/after cone beam, after cone beam/antenna plat¬ 
form, after cone beam/main platform (solution 2 only) 
are placed at the circumferential angles of 30°, 90° and 
150° respectively. 

A summary of calculated frequencies is given in Table 4 
while the deformed shape of mode 1 (solution 1) is 
given in Fig. 11. 



Fig. 11: Mode shape of vibration mode 1, solution 1 


Solution 1 of the TPS support concept fulfils very well 
the stiffness requirement of the total probe 
(36.6 Hz >24 Hz) while the improvement of the TPS- 
structure to platform structure stiffness (solution 2) was 
found of little effect on the global vibration mode of 
the total probe (36.6 Hz to 37.5 Hz). This behaviour 
seems to be logical due to the fact that the 1st mode of 
the total probe is determined by the stiffness of the 
probe support struts. 

5.6 Determination of the Mass Budget 

The estimation of the mass of the TPS-components is 
21.75 kg for nose cap/fore cone, 9.3 kg for the after cone 
and 8.7 kg for the thermal insulation. Total mass of the 
TPS (without fastening devices, pyrotechnics, springs 
etc.) is 39.75 kg. This is dose to the 41.2 kg given in 
(Ref. 9) for a carbon/carbon solution. 


Summary of calculated frequencies 


solution 

freque 

mode 1 

ncy ( cycle 

mode 2 

3S ! S ) 

mode 3 

remark concerning 
mode 1 

heat shield 
only 

64,9 

90,2 

92.4 

Shell vibration mode 
of skin panel 

1 

36,6 

50,3 

61,3 

Global bending mode 
of probe support struts 

2 

37,5 

50.3 

61,3 

Global bending mode 
of probesupport struts 


Design requirement of the probe f > 24 Hz 


Table 4 : Summary of calculated frequencies, 
TPS and total probe 


6 CONCLUSION 

As a result of the investigations carried out it can be 
stated that the realisation of a TPS manufactured from 
Be is assessed feasible. The performance of a Be-TPS 
solution concerning heat sink, mass budget, strength 
and stiffness fulfils the specified requirements. 

To secure the design solution further more detailed in¬ 
vestigations for validation of the Be strength data in the 
material creep range and of the chosen joining methods 
(brazing, bolting) are recommended. 
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ABSTRACT 

CNSR Rosetta mission will bring back to Earth comet 
nucleus samples. The mission will consist in landing on a 
comet after, collecting samples and return them to Earth 
stowed in a capsule performing a direct reentry. 

During the system definition study, the preliminary design 
of the EarthRetum Capsule Thermal Protection Subsystem 
has been performed. Due to high heat flux level, a high 
density ablative material was choosen for the heatshield. 
This design lead to amass that did not meet the requirements. 


The SEPCORE ® concept was proposed in order reduce 
the heatshield thickness. This concept requires the 
introduction of a thermal resistant structure. The material 
with high specific characteristics proposed forthe aeroshell 
is a Ceramic Matrix Composite, and the insulation function 
is ensured by an lightweight internal multilayer material. 

The application of SEPCORE ® concept on the CNSR 
Rosetta Earth Return Capsule allows a mass saving of 50 
% at Thermal Protection Subsystem level and of 20 % at 
capsule system level. The mass budgets esta-blished with 
this design met the requirements. 
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FIGURE: 1 - SYNTHETIZED OPERATIONS 
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1. INTRODUCTION. 2. THERMAL PROTECTION FUNCTIONS. 


The aim of the Comet Nucleus Sample Return (CNSR) 
mission is to bring back to Earth samples of the core of a 
comet. The mission phases will consist in a flyby of a 
comet, landing on its nucleus, collecting material samples 
and return them to Earth with the help of a direct reentry. 
The trade-offs performed during the mission definition 
study (ref. 1), raised the need of three modules for the 
different mission phases: a Lander, a Cruiser and an Earth 
Return Capsule (ERC). Synthetized operations of the 
mission are presented in figure 1. 

The configuration of the different components of the 
mission on the comet is presented in figure 2. 

In the frame of the system definition study led by Matra 
under ESA contract, the design of the ERC at subsystem 
level has beenperformed (ref. 2). An iteration in the design 
of the Earth Return Capsule Thermal Protection Subsystem 
has led to introduce the SEPCORE ® concept. 


The functional analysis of a thermal protection subsystem 
requires the gathering of an important amount of technical 
informations. A preliminary functional analysis has been 
performed on the CNSR Earth Return Capsule thermal 
protection based on the experience of design of thermal 
protections for Huygens Titan entry probe (which is part 
of the Cassini mission) and the european spaceplane 
Hermes. 

The Thermal Protection Subsystem of the capsule should 
ensure the following function: 

- decelerate the capsule during the entry in Earth 
atmosphere in orderto allow samples recovery (this 
technique is known under the generic name of 
aerobraking), 

Several constraint functions are induced as well by the 
environmental conditions during the whole mission than 
the different hardware operating during the missioa 



FIGURE: 2 - SYSTEM CONFIGURATION 
































- adaptation to comet environment, 

- adaptation to the capsule structure, 

- compatibility with the capsule different 
components, 

- adaptation to the Earth reentry and post-reentry 
environmental conditions, 

- compatibility with the cruiser system. 

Several technical solutions can ensure the hereabove 
functions. Among them, two are presented hereafter. 

3. ERC - TPS PRELIMINARY STUDY. 

The objective of the TPS preliminary study was to establish 
a first mass budget for this subsystem on the basis of a 
conservative baseline design. 

The Earth entiy, descent and immersion in the sea are the 
phases of the operational life of the ERC retained for the 
design of the TPS. 

Preliminary trade-offs led to define a baseline Thermal 
Protection Subsystem linked to the capsule until sample 
recovery. It is not jettisonned after reentry as in the case of 
Viking or Galileo missions. 



The reentry conditions are defined for a ballistic trajectory 
with an initial velocity of 15 km/s and an entry angle of 11 
degrees. Trajectory analysis for these conditions led to a 
peak deceleration of 55 g and a peak heatflux at stagnation 
point of 10 MW/m2 (ief. 3). 


The peak heatflux level requires the use of a dense 
charring ablative material in order to limit external 
aerodynamic shape changes due to recession. Carbon 
Phenolic composite developped for this range ofheatfluxes 
for solid rocket motors exit cones is therefore appropriate. 
The conservative design of the thermal protection 
subsystem with this material is a heatshield bonded on a 
metallic structure. This sandwich like internal structure 
indicated in figure 3 is made of two sheets of Titanium 
linked with stmts. 

With the help of an inverse parametric thermal analysis 
the heatshield thickness required in order to limit the 
bondline temperature to420K is established. This analysis 
was performed over the three phases indicated in figure 4 
with the associated thermal boundary conditions. 
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The Earth Return Capsule characteristics are a total mass 
objective of 320 kg, an external diameter of 1.63 m, a 60 
degrees cone forward shape with a nose radius of of 1 m. 
The capsule configuration is presented in figure 3. 
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FIGURE: 4 -THERMAL BOUNDARY CONDITIONS AT STAGNATION POINT 
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The thermal characteristics of the carbon phenolic material 
are: 

- Emissivity: 0.85, 

- Density: 1480 kg/m3, 

- Specific heat at 100 K: 846 J/kg/K, 

- Specific heat at 2500 K: 2778 J/kg/K, 

- Conductivity at 100 K: 0.965 W/m/K, 

- Conductivity at 2500 K: 7.59 W/m/K. 

The heatshield thickness required at the stagnation point is 
40 mm in order to respect the bondline maximum allowed 
temperature. The energy stored in the heatshield during the 
entry phase is propagated by conduction to the bondline 
through the heatshield during the descent and immersion 
phases. The external thermal conditions resulting from the 
air convection during the descent phase and the water 
imposed temperature during immersion after splash-down 
are too weak thermal effects in order to cool down the 
heatshield. 

The resulting heatshield thickness induces an important 
time-shift between: 

- the peak heatflux occurring 75 seconds after the 
beginning of the modelized phases, 

- and the bondline maximum temperature observed 
770 seconds after the beginning of the reentry. 

The mass budget without margins resulting from this 
analysis is 140 kg for the forward heatshield. 

This result does meet the mass objective at Earth Return 
Capsule system level. 

4. SEPCORE ® CONCEPT 
PRESENTATION. 

For the specific needs of the Rosetta ERC mission, the 
preliminary study performed with a conservative thermal 
protection concept indicates that its thickness at the end of 
the entry phase is divided in the following parts : 

- 2 mm recession, 

- 5 mm of charred material, 

-13 mm of pyrolysed material, 

- 20 mm of virgin material working as insulator. 

The major relative part of the heatshield is acting as an 
insulator. An allowed temperature at the rear side of the 
heatshield higher than the bondline design one, will allow 
an external insulation thickness reduction. 

This suggestion requires the introduction of a structural 
part made of a material with a maximum allowed 
temperature higher than the titanium of the existing 
structure. On the other side, the insulation function with 
regards to the subsystems at the rearside of the structure 
will beensured by a lightweight insulatorensuring radiative 
decoupling. 
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FIGURE: 5 - FUNCTIONAL ANALYSIS 


The two concepts are presented in figure 5. 

In order to take benefit of the developments performed in 
the frame of the HERMES european spaceplane program, 
the material proposed for the structure is a Ceramic Matrix 
Composite named SEPCARBINOX ®. This material will 
be used for the manufacturing of the Thermal Structures of 
this spaceplane: winglets, elevons and body-flap. 

From aconceptual point of view, the SEPCORE ® concept 
can be considered as an evolution of the radiative thermal 
protection and structural parts of Hermes. Astheheatfiuxes 
level seenduring the entry of RosettaEarth Return Capsule 
can not be endured by a radiative thermal protection, an 
external ablative material heatshield covers the thermal 
resistant structure. 

5. SEPCORE ©APPLICATION TO ERC. 


The application of the SEPCORE ® concept to the design 
of the Rosetta Earth Return Capsule induces the following 
tasks: 

- capsule conceptual general configuration, 

- carbon phenolic heatshield thermal design, 

- lightweight insulator thermal design, 

- thermal resistant structure static prelim inary design. 

This different tasks are described in reference 4. 

5.1. CAPSULE CONFIGURATION. 

The introduction of a Ceramic Matrix Composite primary 
structure suggests to suppress the internal structure shown 
in figure 4. The generic requirements of the interfaces 
between the thermal structure and the capsule structure are: 

- radial flexibility in order to allow the aeroshell 
thermal expansion, 

- axial rigidity in order to transmit the deceleration 
efforts during entry, 

- low conductivity at the mechanical interfaces 
ensuring the two hereabove functions. 

The thermal expansion of the primary structure oceuring 
during the entry phase induces that the mechanical interfaces 
should be managed as near as possible to the capsule axis. 



5.2. HEATSHIELD. 

The analysis of the the forward heatshield has been 
conducted with the same hypotheses than those presented 
in paragraph 3. The introduction of the SEPCORE ® 
concept leads to an evolution of the thermal design criterion: 
the temperature at the rear side of the heatshield is not 
determined by the bondline material but by the structure 
material. The ultimate use temperature of the Ceramic 
Matrix Composite is depending on thermodynamic 
conditions: temperature and surrounding gas composition, 
and exposure duration. In order to establish a reference 
point for the heatshield mass and given the uncertainties of 
the environment composition the retained value of 
temperature is: 1270 K. 

For this iteration on the design of the thermal protection 
subsystem, due to configuration changes at system level, 
the capsule overall diameter increased from 1.63 m to 1.79 
m. This new configuration did not induce changes in the 
environmental entry conditions. 

The result of the inverse parametric thermal analysis is that 
a carbon phenolic heatshield of 15 mm thickness at 
stagnation point is required in order to respect the structure 
allowed temperature. The thermal inertia of the reduced 
thickness heatshield is lowered as the maximum structure 
temperature occurs 145 seconds after the peak heatflux 
solicitation. 

This analysis leads to a heatshield mass of 70 kg. 

5.3. REAR SIDE INSULATOR. 

The insulator proposed for the rear side of the structure is 
an internal multilayer insulation material developped in 
the frame of the Hermes spaceplane Reusable External 
Insulation. Its principle consists in a multiscreen 
arrangement that constitute a chain of thermal radiative 
resistances. 

FUNCTIONAL PRINCIPE 
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FIGURE: 6 - INTERNAL MULTILAYER INSULATION (IMI) 
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The response to a reentry temperature pulse is indicated in 
figure 6. 

The material characteristics retained for the thermal design 
of this part are: 

- density: 60 kg/m3, 

- Specific heat at 300 K: 869 J/kg/K, 

- Specific heat at 1300IC: 1183 J/kg/K, 

- Conductivity at 300 K: 0.023 W/m/K, 

- Conductivity at 1300 K: 0.138 W/m/K. 

The thermal boundary condition on the link between the 
structure and the internal multilayer insulation is the 
structure temperature resulting from the analysis described 
in paragraph 5.2. 

The design criterion is a rear side temperature limited to 
300 K in order to limit the radiative thermal exchange 
between this part and the other capsule subsystems. 

The thermal analysis performed with analytical rules leads 
to a required thikness of 70mm. Themaximum temperature 
at the backside of this thickness is obtained 20 minutes 
after the moment the entry peak heatflux occurs. 

This thickness leads to a mass of 10 kg. 

5.4. THERMOSTRUCTURAL PART. 

A preliminary design of the thermal resistant structure 
made of Ceramic Matrix Composite has been performed 
in order to establish its mass. 

This design takes into account the experience gained 
during the design of the Hennes Thermal Structures. 
Nowadays state of the art of design of this type of structures 
allows the use shell structures which is an intermediate 
type in the range oflightweight structures located beetween 
the beam and sandwich structures. Associated 
manufacturing technologies are developped in the frame 
of the Hermes Thermal Structures program. 

The entry peak deceleration (55 g) quasi-static load case 
has been retained for the design of this part The associated 
stagnation pressure applied on the external side of the shell 
is 50 kPa. 

Given the external diameter of the sample container (see 
figure 4) aerodynamic loads will be transmit from the 
primary structure to the payload at this location through a 
ring allowing ponctual attachments. 

The Ceramic Matrix Composite used for this design is 
composed of a carbon fiber reinforcement associated to a 
silicon carbide matrix. The type of reinforcement is named 
Skinex ®. This name is based on a manufacturing 
technique of the reinforcement at textile preform level 
which allows the establishment of links between the ply 
during their build up. This technique isparticulariy adapted 
to skin stiffened structures. The different application of this 
material are presented in paper in reference 5. 

The material mechanical characteristics retained for this 
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analysis are constant in the use temperature range of the 
structure : 100 K to 1300 K. The behaviour is modelized 
as an orthotropic composite material adapted to shell type 
structures: 

- density: 2100kg/m3, 

- Young’s modulus (in plane): 40 GPa, 

- Young’s modulus (perpendicular to plane): 30 
GPa, 

- shear modulus: 10 GPa, 

- tensile strength : 200 MPa, 

- compressive strength: 300 MPa, 

- shear strength: 30 MPa. 

Analytical rules were used in order to establish the shell 
thickness, the rings and stringers distribution and their 
sections and inertia. The resulting design is presented in 
figures 7 and 8. 




Figure: 8-T.P.S. SECTION 

This design has been verified by Finite Element Method 
code as described in paper in reference 4. The results of this 
analysis are: 

- displacements on the outer diameter of the structure 
are equal to 1.6 mm which will induce low changes 
in the external shape of the heatshield. 

- calculated stresses levels present a safety coefficient 
equal to 3 which is satisfactory for the preliminary 
design of a part. 

The resulting mass of the structure is equal to 39 kg. 


6 . CONCEPTS COMPARISON. 

In order to compare properly the designs presented in 
paragraphs 3 and 5, mass budgets of the capsule subsytems 
consisting in the heatshield and the part of the internal 
structure located behind the heatshield transmitting the 
deceleration efforts to the whole system are to be established. 

For the concept presented in paragraph 3, the metallic 
structure working behind the heatshield as an aeroshell is 
estimated to 20 kg. And the mass of the heatshield when 
calculated for the diameter of the capsule retained during 
the study of SEPCORE ® applicability is equal to 188 kg. 
The comparison of mass budgets is given in the following 
table: 


CAPSULE CONCEPT 


COLD 

STRUCTURE 

SEPCORE ® 

Aerodynamic Structure 

(kg) 

20 

39 

External Heatshield 

(kg) 

168 

70 

Internal Insulation 

(kg) 

0 

10 

Total mass 

(kg) 

188 

119 


This mass comparison indicates a clear mass saving on the 
heatshield with the introduction of SEPCORE ® concept. 
At Thermal Protection Subsystem level relative mass 
saving is 50% of the mass of the first proposed design. At 
capsule system level, this mass saving represents 20% of 
first configuration. 

The introduction of SEPCORE ® concept allows the respect 
of the mass objectives. 

On the other side the mass loss noticed for the structural part 
is due to the fact the metallic structure is a sandwich type 
one and the SEPCORE ® one is a shell type one. The design 
experience of parts with metallic material is much greater 
than with new theimostructural material, which explains 
the conservative design approach used for the new design. 

7. CONCLUSION. 

The introduction of the SEPCORE ® concept on the Earth 
Return Capsule for the CNSR Rosetta mission induces an 
important mass saving: 20% of the capsule mass. 

The SEPCORE ® concept is a novati ve concept of thermal 
protection able to stand high heatfluxes environments. It is 
based on known technologies : 

- Carbon phenolic ablative heatshield, 

- Skinex-SiC material structure. 

Its introduction requires detailed trade-offs at system level 
as changes occur in the design at thermal protectionsubsytem 
level and structural subsytem level. 

Its adaption on future planetary exploration missions is 
possible, especially with the development of aerobraking 
techniques in space transportation area. 
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NOTCHED STRENGTH OF COMPOSITE MATERIALS 
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Abstract: 

The plane stress and displacement fields around an elliptical opening in an 
anisotropic plate with linear elastic material properties under arbitrary 
tensional forces and fiber direction are analytically determined by the 
method of complex stress functions. For this purpose a plate with infinite 
extension under uni-axial load is used as the mathematical model. Using a 
glass fiber reinforced composite with orthotropic material properties as an 
example it is shown that the data gathered from isotropic materials on the 
behavior of stress and displacement around elliptical and circular openings 
is not applicable to anisotropic materials. This is especially true if load and 
orthotropic principal directions (off-axis*load) do not coincide. For several 
particular cases the stress concentration factors which are decisive for 
constructual design are depicted in polar diagrams. Furthermore the location 
of the maximum stress is given for these examples as well which are - in 
contrast to isotropic materials - generally not on the tip of the opening. 


Keywords: fiber reinforced epoxy, notches, tensile loading, off-axis loading. 


1. INTRODUCTION 

In the field of the design of lightweight structures anisotropic materials - 
e-g- fiber reinforced composites are more and more often used. These 
materials allow to design in respect to the optimal load distribution leading 
to the most weight efficient construction for the required purpose. Being 
able to satisfy the requirements for contructions out of these modem 
materials new criteria and guidelines for their dimension have to be 
established which take their anisotropic properties into consideration. 

The fiber reinforced composites used with polymeric, metallic and ceramic 
matrix as well as the new self-reinforced polymers ( Liquid crystal 
Polymers ) show in general an anisotropic behavior. This behavior is called 
in the nomenclature of the physics of crystals as the orthorhombic 
anisotropy or orthotropy. 

Stress concentration in such a material due to notches can barely be reduced 
by the effect of stress rearanging (macro-stiffening) due to its small 
elongation at rupture. This states the importance for the discussion of the 
stresses in anisotropic materials. 


E I “ a i 5 n + CJ 2 S 12’ 
E I ■ °I 5 I2 +0 2 5 2I> 

y 12 “ Y 21 “ " C 12‘“*66’ 


(1) 


where o i ,o 2 ,r u are the stress components, e lt e 2t y n are the strains and 

^n’^i 2 »*^ 22» , ^66 are the compliances in the principal directions. The relations 
between the compliances, , and the constants of elasticity are 



2.2 Equation for the orthotropic Plate and its Solution 

The differential equation describing the stress state in an orthotropic plate 
can be obtained from Eq. (1) in consideration of the compatibility condition 
to 


d*F 


S n — + (2S u +S u ) 


d 4 F 


dX 


dxjdx 2 


— + s 
2 T u 22 


d 4 F 


dX 


r-o> 


(3) 


where F is the Airy Stress Function. The stresses result from the relations 





d 2 F 

dx i dx 2 


(4) 


(•*, = X, x 2 = || to the fiber direction). It has to be pointed out that in 
contrast to the equation for an isotropic plate the equation for an orthotropic 
plate is influenced by the characteristic of the material. 

If we use a complex representation of the Airy Stress Function 


2. THEORETICAL SOLUTION FOR AN ANISOTROPIC 
PLATE BY THE METHOD OF COMPLEX STRESS 
FUNCTIONS AND THE CONFORMAL MAPPING 


2.1 Hooke's Law for the two-dimensional orthotropic Stress State 

In case of a two-dimensional orthotropic problem Hooke's Law in its 
general form can be rewritten in the principal coordinate system as follows 


F«/(*i + px 2 ) 


(5) 


the differential equation can easily be obtained in its characteristic form 
from Eq. (3) 


4 2S l2 +S 66 2 

P +—---p J +~£- -0, 


mi 


( 6 ) 


1) Dedicated to Professor Dr.-Ing. H-W.Bergmann for his 65th birthday. 


Proc. Internat. Conf: 'Spacecraft Structures and Mechanical Testing \ Noordwijk, The Netherlands, 
24-26 April 1991 (ESA SP-321, October 1991) 
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where the square roots depend on the elastic constants of the orthotropic By expressing the material characteristics in the reference system in its 
material complex form p 2 - a i + i|3 4 we can obtain out of 


"*1 - 


25 12 +iS' 46 \( 2S n +S^ \ S n 


x + V- k y * X(x, + l*t* z ) (X distortion factor) 


For the laminates, we want to discuss, these roots are in pairs conjugate 
complex and therefore known as the complex representation of the material 
characteristics. At best these roots can be complete imaginary but they can 
never be real [1], In case of an isotropic material we get (with the double 
square root) p « ±i (i ■ yf-i). 

By denoting the roots 


Pi " Q j +ip, » Pj-aj-ip, , p 2 -a 2 +ip 2 , p 2 -a 2 -ip 2 , (8) 


we can introduce the affine deformed coordinates in their complex form 


z t ~x l + a 4 x 2 +iMj » z k mX i +a ** 2 (A:-1,2). (9) 


Goursat [2] states that a real biharmonic function, F, in a plane can be 
described by two analytic functions with the complexe variable z% 


F-F l (z l ) + F l {z l ) + F 9 (z t ) + F i {z t ). 


In the further approach we will use the more suitable derivatives of the 
functions Fj and Fj'. 


dF » d F ' 

dz, iz. 


Under the restriction caused by the real part of the function F Eq. (4) leads 


■ i * 

-2Re p;<D, (z,) + pj0 2 (z 2 ) , 

o 2 -2Re[d> I (z,) + <I> 2 (z 2 )|, (12) 

x u - -2Re p.Oj (z,) + p 2 <J> 2 (z 2 ) . 

» 

By this method we reduced the original problem to the determination of two 
suitable potential functions ^(zj) and0 2 (z 2 ), which have to satisfy the 

outer boundary conditions (load) and inner boundary conditions (at the 
opening edge). 

For the comparison with a numerical solution finite element analysis or 
with experimental results it is recommendable to perform the calculation in 
a body orientated coordinate system (in this case in a cartesian x,y-system). 
As we assume an analytic model with infinite extension, this conversion is 
not absolute necessary. Furthermore the axis of the elliptic opening are 
assumed to be parallel to the reference coordinate system. 

If the fiber orientated coordinate system (denoted as the xi^-system) should 
be lying under an angle, ip, to the reference system (Fig, 1) the 
transformation follows the equation 

(x + iy)e Ar - Xj + ix 2 
respectively 

jCj - x cos ip - y sin ip, x 2 - x simp +y cos tp. (13) 


in consideration of Eq. (13) and elimination of X the expression 


p* cosip-sintp f 

U* ---- (at -1,2). 

cosip +p t smip 


By using 


K -* + P*y-* + a*;y + i|3 k y 


we obtain from Eq. (12) the stress components in the reference coordinate 
system 


"2Re pJO, (zj + p 2 ^ (z 2 )|, 
o r -2Re <J>, (Zj) + <J> 2 (z 2 )], 

' r t 

X xy ™ “2Re|p,d>, (zJ + pjOj (z 2 )j. 



Figure 1: Coordinate systems 

For given external forces Xn, Yn acting on the boundary surfaces we can 
rewrite the boundary condition along the contour (0...s) 




-fx.ds+c. 


respectively 


2Re[<t,(zi) + 4> 2 (z,)] - +/Y,ds + c,, 

0 

2Re[p 1 <J> 1 (z I ) + |i 2 <I > 2 (z 2 )] - -/X„ds + c 2 , 


where c j and C 2 are arbitrary (but irrelevant) constants. (They have no 

influence on the stress evaluation and indicate for the displacement only a 
additional rigid body movement, which remain indeterminated.) 

To adjust the functions < t’ 1 (z 1 ) and <J> 2 (z 2 ), which have to behave regular in 
the infinity these functions are being used in the form of series. The 
coefficients of the series can be defined by comparision of the coefficients 
for the functual values at their boundary <t>, - 4>, , <J> 2 - 4> 2 °. This definition 

is with z - jzfe* 6 in particular simple for the unit circle with the contour 
|z|=l. Based on the circular shaped opening every individual boundary 
problem can be dealt with by using the affine transformation, as the 
potential functions, O*, do not change its charcteris ics. References to this 
and other solution methods can be found by Muskdisvili [3] as well as by 
Kantorowitsch and Krylov [4]. 

In the case of an elliptic opening the integrals at the contour Eq. (17) (where 
s = 2rt) are periodic functions in dependence of the (a so called) elliptic 
parameter, ©, and have a period of 2 ji. These functions can be represented 
in Fourier series, hence the boundary conditions Eq. (18) can be laid down 
in the form 
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(19) 


(where a m , b m are complex coefficients). 

We assume that the exterior of the z-plane with an elliptic opening (original 
plane) is represented on the outer contour of the unit circle in the ^-piane by 
the function z=z(£) (Fig. 2). 





Figure 2: Conformal mapping 

Both stress functions, 0,(2,) and <l> 2 (z 2 ), are related to two different 
coordinate systems which emerge from the x,y-system in the original plane 
by the affine transformation z k - x + jl t y (k » 1,2) . For this we have as the 

(modified) mapping function 


Z a “ i U y , fl + frk* 1 
4 2 1 2 % k 


(*-U), 


( 20 ) 


where a and b are the major axis of the elliptic opening. (The difference in 
£ is a formal one and only important for the back transformation.) 

We want to express both potential functions, ^(z*), in the £-plane by 

series in analogy to Lekhnitskii [5] 


JR-1 


( 21 ) 


X m - CT X ° cos (n,x) + T® cos(n,y), 

Y m - o° cos(n,y) + x® cos(w, x). (24) 


In the case of an elliptic contour (major axis a, b) Eq. (25) is valid 


cos(n,x) 

cos(n,y) 


dy b cos 8 

4s y}a 2 sin 2 0 + b 2 cos 2 0 

dx _ a cos 6 _ 

4s -Ja 2 sin* 8 + b 2 cos 2 B 


(25) 


3. STRESS FIELD NEAR THE ELLIPTIC OPENING IN AN 
ANISOTROPIC PLATE WITH INFINITE EXTENSION AND 
GENERAL FIBER ORIENTATION UNDER TENSIONAL 

LOADING 

The stress state in the whole plate distorted due to an opening can be 
interpreted as a superposition of the undisturbed stresses in a plate and the 
distorted stresses in a plate with opening which has no influence on the 
stress state in a certain distant to the opening. In the actual case the plate 
with infinite extension, laying under the angle, qp, to the direction of the 
tensional loading, p, is splitted up into the undisturbed stress state I and the 
disturbed stress state II as shown in Fig. 3. 



Figure 3: Split up of the plate problem 


For state I the transformation into the reference coordinate system gives for 
the boundary stress values 


To calculate the complex coefficients, A™, we substitute Eq. (21) into the 
boundary conditions (18) 


A? - ^ ~ bm (A: —1,2 



( 22 ) 


- P cos 2 <p - o° z , 
o n -/>sin J g>-o; , 

Vo «/>cosq>sin<p«T“ . 


(26) 


By proceeding reciprocally we obtain for the potential functions, , 


^ m-i*. 


19*1 


« 1*2 "M, 


(23) 


where a m , b m are the Fourier coefficients as given in the series form for the 
given forces acting on the edge of the elliptic opening: 


For the Fourier coefficients we obtain by the use of Eq. (19) 



(27) 


and comparison of the coefficients 
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a, --^sinqp(asinqp-/b cosqp), 

b x - +—cosqp(asincp -ib cosqp), 

2 

fl 0 « fc 0 - 0, a m ~b m ~0 formal 


In order to obtain the unknown function, O,(£*(£,)), in the %- plane we 
substitute Eq. (28) into Eq. (23) 


(*,(£,)) 


*2 (^(^ 2 )) 


p(ji 2 sin qp + cos gp)(a sin qp - ib cosqp) 
pdl, singp + cosqp)(asin(p-ibcoscp) 

2 (m-i “i*a)^a 


It has to be noticed that the roots yjzl -a 2 ~|i ]b 2 in the mapping function 
Eq. (30) can be positiv as well as negative. In case that the z-plane can be 
regarded as being cut open between the two focus of the ellipse 
(Riemannsch’s plane) (cp. Fig. 2), the relation is reversible inverse definite. 
Since the circumferential loading along the elliptic opening is significant 

for the failure (crack development) of notched components, we will give the 
expression for the tangential stress, o ( , explicitly. After the transformation 

into a natural coordinate system (tangential and normal to the contour of the 
ellipse), Le. 


o, •o j cos 2 (t,x) + a y cos 2 (r,y) + 2 x^ cos(r,x)cos(r,>’) , 
o„ «o, cos 2 (/!,*) +o y cos 2 (/t,y) + 2 t v cos(/i,*)cos(/i,y) , 
x m « o z cos(n,x)cos(t>x) + o y cos(n,y)cos(r,y) 

+2x v [cos(n,x)cos(/ > y) + cos(n,>')cos(r,x)] 


By using the inverse mapping 


we obtain with Eq. (25) and cos(f,Jc) --cos(n,y), cos(f,y) - - cos(/t,x), 
for the unloaded elliptic opening contour o n - x M - 0 based on Eq. (34) in 
combination with Eq. (35) 


z k ± yl z ! -a 1 -ty 

a-i\i k b 


the results can be transformed back into the - resp. i 2 - coordinates; 






p(\x 2 sincp + coscpXasinqp- ibcoscpXa-ii^b) 

2(p 1 -p I )(i,±V f i 2 -fl 2 -pfb 2 ) 

/?(p, sinqp + cosqp)(asinqj - ibcosqp)(a - ipi 2 b) 

2(u,-U 2 )(z 2 ± V i i 2 -a 2 -^y ) 


Based on the derivatives of the potential functions Eq. (31) Le. 


\ Pi&i sinqp + cos qp)(a sin qp-ib cosqp) 

( 2 i) “ . _ 

2 (p,-tA 2 )(a+ip 1 b) 

\ Pip r s inqp + cosqp)(asinqp-ibcosqp) rr 
® 2 ( 2 i) m : : i U 2> 


, v / . „ asinqp-ibcosqp a sin 0 

o,(0)« pi l + sm(2qp) + Re-:-:. .. — —77 - 7 — 

y M V-i-Vi a sin 2 © + b 2 cos 2 0 


. J C 0 Sqp + Pj Sinqp TT . 2 C0S9 + P, sinqp T7 

-Pi tt ^i + P2 T ~z ^2 

a + p.jb a + \i 2 b 


b 2 COS 2 © cosqp + P 2 sinqp ' COSCp + p, sinqp y 

a 2 sin 2 © + b 2 cos 2 © a + ji,fc» 1 a + p 2 b 


2 ab sin© cos© 


a 2 sin 1 © 


i©cos© - cosqp + p, sinqp _ cosqp + pi, sinqp 

- -a,- - - U. + u,- 1 - U 7 

+ b 2 cos 2 © a + p,b a + \i 2 b 


where 


1' 


ft-a'-mb' 


which are simplyfied by the expression 


and z k -z Jt (©)»acos© + p 1 bsin© (£- 1 , 2 ). 


U k ■!- 7 (£ «1,2) , 

* r ~2 2 ‘2l2 n y 

v*;- a 


we are able to determine the stress components in the cartesian coordinate 
system to 


o -a + o* - p\ cos ' 1 ® + Re 

1 irt 1 ■* I 


a sin qp - ib cos 9 
Pj -P 2 


cos cp + pl 2 sin qp rr . 2 cosqp + p, sinqp 

“P, - TT - U l +P 2 - 

a +> Pjb a + \i 2 b 


a sin cp - ib cos qp 
P t -P 2 


o y -o M + 0 ; -pjsin cp + Re 



Figure 4: Orthotropic plate with elliptical opening under loading in fiber 
direction 


COS qp + p 2 Sin qp cosqp + pi, Sinqp 

x-r- U .+-—- U 

a + pib a+pi 2 b 


2 > 


x -t +x* ■ pi sinqp cosqp + Re 


a sin qp - ib cos qp 
P t ~P2 


, .(34) 

a + p,b a + p 2 b 


In the special case that the fiber direction and the direction of the loading 
coincide (qp-90°,tj> -90°; cp. Fig. 4) we obtain for the points at the 
diametrical ends parallel to the tensile forces (9-0 resp. ji ) the simplified 


expression 


L . a Pi + P 2 

o, - p\ 1 + -- 
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This expression yields for a circular opening {a = b) and an isotropic 
material ((3j a (3 2 = 1) > n the well known stress concentration factor 


«G 



(38) 


4. EVALUATION OF THE STRAIN - AND 
DISPLACEMENT FIELD IN NOTCHED ANISOTROPIC 
PLATES UNDER TENSION 

In the dimensioning of polymeric fiber reinforced composites it is often 
more efficient to use a strain criteria instead of a stress criteria for the 
failure hypothesis. For this purpose we will give the strain and displacement 
values assigned for the calculated stress field. 

Based on the reference coordinate system (x,y-system), Hooke's Law ( 1 ) in 
its orthotropic form has to be transformed accordingly which leads by the 
use of the transformation matrix (cp. Fig. 1) 


cos 2 ip 



sin 2 ip 

2 simp cosip 


sin 2 ip 
cos 2 ip 
sin ip cosip 


simp cosip 
-sinip cosip 
cos 2 ip - sin 2 ip 


(39) 


due to 


E , 

-rn 

e i 

E 2 

> 


.[T] 


yJ 2 . 


,Y 12 ! 2. 


/2 


x„/2. 


(40) 


and in combination with the compliance tensor 



X 

X 

-[F] 

X 


0 ‘ 

S a 

X 

S u 

S* 


0 

s M 

X 



0 

0 

V 



to the extended form 


E i “^11°* + ^i« T v > 

t y •S n o i + S 72 o y +5^^ , 




(41) 


(42) 


(We relinquish of the presentation of the full transformation formula.) 

The integration of the strains yields according to Eq. (34) with $>„ and Eq. 
(31) in the displacements (except for the unimportant rigid body 
movement). 


“(*. - f !) -f e A - 2 R e[C5U? +4 - 5 _.ll, )<t>, (z, ) 


respectively 


KM 2 )-/e,dy-2Re 


/- - S. 


LV 


K6) 

R, 


+[5 1J |I 2 +-^--5 M ]4> 2 (5 J1 ) 
H 2 


To be able to evaluate the deformation of the elliptical opening contour in 
case of an orthotropic material, and especially under off-axis loading, and 
therefore to be capable for a comparison with isotropic materials, the 
displacement components Eq. (42) can be expressed through Eq. (25) in the 
normal and tangential direction: 


(©)-■ 


==-[«(i,,i 2 ) 6 cos 0 + v(z,,z 2 )flsin©] , 


yja 1 sin 2 © +b 2 cos 2 © 

u,( 0 )- T ==i==[-u(z 1 ,i 2 )flsin©+v( 2 I ,f J >cos©] , ( 44 ) 
\a sin © + cos 0 


with z k « 2 *(©) - a cos© + p^bsin© (it- 1 , 2 ).. 


5. DETERMINATION OF THE STRESS FIELD IN 
NOTCHED GLASFIBER REINFORCED EPOXY PLATES 

We can calculate with the established equations the stress and displacement 

distributions in the complete field for arbitrary direction of the applied 
force, any material properties (compliances), S v and for any diametrical 

ratios of the semiaxis, a:b, of the elliptical opening as well as the fiber 
orientation, indicated by the angle, cp. 

For the evaluation of the stress increase a stress intensity factor, as defined 
for isotropic material, will be applied for the anisotropic material as well. 
The stress concentration factor, a G , characterizes the ratio between the 

maximum stress at the notch contour and the nominal stress of the cross 
section without a notch or crack. The stress concentration factor is 
independent of the magnitude of the applied load and therefore in particular 
qualified for the dimensioning of structural components. 

Figure 5 and Fig. 6 show polar diagrams for the stress intensity factor in 
notched anisotropic plates under tension. The diagrams for elliptical 
openings are valid for plates with a large width in comparison to the 
existing notch radius. The notched induced stress distributions were 
calculated for the technical relevant GFR-materials with the given elastic 
constants. In the polar diagrams in Fig. 5 and Fig .6 the stress intensity 
factor is shown normal to the notch contour which is also the zero position 
of the tangential stress, in relation to the parameter 6 of the ellipse: for 
tension outwards, for compression inwards. The load direction is indicated 
by the arrow (F) resp. by the angle, cp, The angle between the main 
orthotropic axis for the larger elastic modulus and the abscissa of the global 
coordinate system is represented by the letter ip. For comparison; the fine 
line stands for the equivalent known stress distribution in isotropic 
materials. 

The calculation indicates for a load acting parallel to the fiber direction 
(Fig, 5a) and a given elliptical opening with the dimensions gg. a = 
20.0mm and b = 12.5mm a stress intensity factor in the notch ground which 
is 1.73 times the value for isotropic materials. It has to be noticed that the 
maximum stress concentration factor is in addition to the notch geomertie 
and load case affected by the elastic constants as well. Under such extreme 
conditions of E/E^, as in carbon fiber reinforced laminates (CFR), much 

larger stress concentration factors can exist. 

The calculation shows for load acting perpendicular to the fiber direction 
(Fig. 5b) stress intensity factors in the notch ground of the same order as for 
isotropic materials. On the other hand the compressive stresses are near the 
notch tip larger than by isotropic materials so that for thin plates attention 
has to be payed to the danger of instability due to buckling. In multilayer 
laminates additional danger arises through delamination. In materials with a 
large ratio of E^ the increase in compressive stress can become even 
larger than the increase in tensional stress. 

Off-axis loading results in notched induced stress distributions as shown in 
Fig. 6 . Conspicuous is in this connection that the. stress maximum is not at 
the notch tip as in case of a loading in direction to the main axis of orthropy 
but outside to the notch ground. If the load direction} <p, next to the fiber 
direction, ip, is tilted against the main elliptic diameter as well, stress 
distributions occurs as depicted in Fig. 6 b £ 4 *, ip - 30° and 9 - 40°. 


(43) 
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Figure 5a and b: Polar diagram of the stress concentration factor, a G , under loading in the principal direction of the 
coordinate systems of the orthropy [ 6 ]. Characteristic values of elasticity: E ( = 39.5 GPa, G g = 3.54 GPa; E a = 12.16 
GPa, v u = 0.21. Maximum stress intensity factor: a a G = 7.28 at 0 = 0° ;b a 0 = 4.48 at © = 0° 




Figure 6a and b: Polar diagram of the stress concentration factor, a G , under off-axis loading [ 6 ]. Same characteristic 
values of elasticity as in figure 5. Max. stress intensity factor: a a G = 4.44 at 0 = 22° ;b a G = 3.11 at © = 142° 


6. SUMMARY AND CONCLUSION 

The investigation of notch induced stress problems is of major technical 
importance, as in the production of structural components openings 
drill-holes can rarely be avoided. In particular for anisotropic materials 
there are only a few informations available in literature about stress 
concentration behavior and therefore no guidelines for their dimensioning. 

In this paper the stress and strain fields near an elliptic opening in an 
orthotropic plate under tensional loading and arbitrary fiber orientation are 
calculated (for this purpose) using the complex stress functions. Since the 
tangential stress distribution on the contour of the opening is of major 
importance for the evaluation of a component failure, its knowledge is 
extremely important. 

The results indicate that the stress concentration factor, a c , in direction of 

the larger elasic modulus can become several times of the value for 
isotropic materials. Under extreme conditions Ee^ CFR-laminates, the 

increase in compressive stress at the place on the opening tip can become in 
total larger than the increase in tensional stress, whereby the probability of 
delamination and instability increases. 

Attention has to be payed to the fact that in the case of off-axis loading the 
maximum increase in stress occours outside the notch contour and neither in 
the direction of the applied load nor in the direction of either principal axis 
of orthotropy. 

Anisotropic materials show next to the direction orientated elasic moduli a 
directional dependence in strength as well. Therefore, the location of the 
maximum stress increase in general does not determine the failure the 
composite structure. 
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ABSTRACT 


For space applications composite structures are of 
main importance because of their low weight, their 
high stiffness and strength and their thermal 
deformation stability. For many years MBB has 
developed solar arrays for satellites such as Exosat, 
DFS Kopernikus, Intelsat V and VI, HS393, SCSI, and 
DFH3. 


For these requirements and the aim of low structural 
weight and large areas of usable surfaces, sandwich 
structures with filament wound face sheets are 
manufactured. The skins of the sandwich are composites 
made of high modulus carbon fibers with an epoxy resin; 
the fiber orientation is 0*/90*. 


For the solar panels a sandwich structure with Kevlar 
fabrics or filament wound high modulus carbon com¬ 
posite face sheets with 0*/90° fiber orientation was 
chosen. For the core a light weight perforated aluminum 
honeycomb is usually used. The panels are mainly loaded 
by bending moments with sandwich wrinkling as the 
critical failure mode. As the face sheet thickness 
usually is very small and the honeycomb core is of 
low density, the wrinkling strength was studied with 
the help of four-point bending specimens. 

In several test series with a high number of test 
samples the influence of the Young's moduli, the 
thicknesses of the face sheets and the core on the 
wrinkling stress was examined. The results showed, 
that the prefactor of the wrinkling formula has to be 
remarkably reduced in comparison to the theoretical 
value of 0.816. 

Keywords: composite, sandwich, solar arrays, 
antennas, thermal stability 


1. COMPOSITE SANDWICH STRUCTURES FOR SOLAR ARRAYS 


Weight per 
Unit Area [g/m*] 


A 


INTELSAT V. SCSI 


1050 - 


670 - 





Figure la: Weight per Unit Area of different 
Solar Arrays 

Figure lb: Specific Strength versus Specific 

Young's Modulus of Various Materials 
(UD-Composites with 60% Fiber Volume 
Content) 


Several solar arrays were developed by MBB in a period 
of twenty years (Figure A), such as OTS (Orbit Test 
Satellite), Intelsat V, Exosat, Intelsat VI, DFS 
Kopernikus (Deutscher Fernmeldesatellit), HS393, SCSI 
(Super Bird), and DFH3 (Dong Fang Hong 3). The spectrum 
of designed solar arrays covers the range from research 
satellites such as Exosat (Figure B) to communication 
satellites such as Intelsat V and VI. Intelsat V is 
a typical three axes stabilized communication sat¬ 
ellite transmitting from point to point with a capacity 
of 12000 phone calls (Figure C). The necessary power 
of such satellites is in the range of 500 to 3000 W 
[1], Typical requirements on solar arrays are: 

High stiffness in the folded position because of 
the vibrations during launch and in the deployed 
position because of the position control of the 
satellite in orbit. 

High strength at the hold-down points because of 
vibrations and at the hinge connections of two 
panels because of the lock-down shock. 


In Figure la the typical mass per unit area of SCSI 
and Intelsat V can be seen in relation to the sandwich 
structure of DFH3. Figure lb shows the specific 
strength and stiffness of different fiber composite 
materials. In the present, extreme light-weight 
sandwich structures with an open net as face sheet 
are being developed by MBB in order to meet the 
requirements for the Chinese communication satellite 
DFH3. 

Besides homogeneous sandwich areas, the panels have 
reinforced zones with edge profiles and strengthened 
corner parts, carrying the lock-down shock and 
eventual transfer orbit loads. A test sample of a 
corner part after wrinkling failure can be seen in 
Figure D. The inserts at the hold-down points are 
highly loaded by the launch vibrations. Composite 
doublers are used to increase the ultimate wrinkling 
stresses in critical areas. For the core a light 
perforated aluminum honeycomb with a specific weight 
of 16 kg/m^ was used. 


Proc. Intemat. Conf.: ‘Spacecraft Structures and Mechanical Testing \ Noordwijk, The Netherlands, 
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A sandwich structure with Kevlar 0°/90 o fabric face 
sheets was used in the design of the cylindrical 
telescoping solar array Intelsat VI. The solar array 
development has combined the HS-376 deployable 
cylindrical technology (Hughes) with the light-weight 
Intelsat V and ULP (Ultra Light Panel) solar cell 
assembly and installation (MBB). 



DIAMETER: 

3.6 m {12 ft) 
HEIGHT STOWED: 
5.3 m (17.5 ft) 


DIAMETER: 

.3.6 m {12 ft) 

HEIGHT DEPLOYED: 
11.7 m (39 ft) 
WEIGHT: 

1781 kg (3918 lb) 


Figure 2: Intelsat VI, Undeployed and Deployed 
Configuration 


The solar array consists of two cylindrical solar 
panels. During transfer orbit, the deployable solar 
panel, stowed over the fixed solar panel, provides 
power for the satellite. In synchronous orbit, the 
deployable solar panel telescopes to its normal (fully 
deployed) position. So power is provided by both solar 
arrays. The design of each panel section is a simple 
curved sandwich shell. Again, the basic core has a 
density of 16 kg/m 3 and a height of 13 mm. 

The solar panel was designed to suffer no damage when 
exposed to environmental conditions. All materials 
should withstand temperature extremes of -168 # C to 
+177°C while under no load condition. This condition 
proved to be severe especially regarding the stresses 
due to constraints. 

In the test series with more than 150 specimens the 
Young's moduli of the Kevlar sandwich configurations 
were studied with the help of compression, shear and 
bending specimens in order to ensure the required 
eigenfrequencies. Several influences such as Young's 
moduli and thickness of the face sheets on the 
wrinkling strength were examined. The fractured 
samples can be seen in Figure E and F. 

In more recent developments efforts were made in order 
to diminish the structural weight of the solar arrays 
by reducing the face skin weight. Therefore 'open net' 
filament wound face sheets were designed for qua¬ 
siisotropic and orthotropic flat and cylindrical 
sandwich panels (Figure E). Open net structures were 
tested with the solar array Mark IV by sinus vibration 
and acoustic noise. The basic design proved to have 
enough strength and stiffness to meet the launch loads 
and frequency requirements. 


2. SANDWICH DESIGNS FOR ANTENNA STRUCTURES 

Several space antenna configurations were evaluated 
by MBB in the past ten years. An antenna system with 
polarization sensitive reflectors was studied in the 
near past [9]. The described reflector consists of 
two sandwich shells with a diameter of about 1100 mm. 
They are located one behind the other in order to get 
a compact design. The face sheets were made of qua¬ 
siisotropic Kevlar 0*/90* fabrics. A Nomex core with 
a thickness of 7.4 mm was used. Several influences 
were studied for these sandwich configurations such 
as influence of honeycomb Young's modulus and 
coefficient of thermal expansion on the distortion of 
the reflector, and influence of humidity on the 
deflections of Kevlar structures. 

The knowledge gained by designing and testing the 
Kevlar sandwich reflectors was used for the devel¬ 
opment of the PSR (Polarization Sensitive Reflector) 
and the substructure of the Chinese DFH3 satellite. 



Figure 3: Polarization Sensitive Reflector System 
and Support Structure of DFH3 


The deployable DFH3 antenna system exists of two 
sandwich reflector shells mounted behind each other 
and a stiff sandwich support substructure. The 
electrically transparent reflector shell consists of 
Kevlar quasi isotropic face skins and a Nomex .honeycomb 
core with a height of 13 mm. The shells are connected 
to a carbon ring with four hold down elements. The 
laminate of the ring was tuned in such way, that its 
coefficient of thermal expansion (CTE) meets the CTE 
of the quasi isotropic face sheets including the effect 
of CTE of the core. 

The support structure consists of double cantilever 
quasi isotropic carbon composite sandwich plates. The 
bottom sandwich plate with four brackets form the 
interface between spacecraft and antenna. Another four 
brackets, located at the upper area of the structure 
form the support of the antenna reflectors in the 
stowed configuration. 

All sandwich plates consist of a quasi isotropic high 
modulus 0V±60° face sheet lay up and a low density 
aluminum core. The plates are stiffened by unidi¬ 
rectional high modulus Thornel 75S straps in regions 
where high stiffness is needed to meet the frequency 
requirements. 

The mechanical behaviour of the antenna system was 
tested and qualified. The main electrical performance 
specifications have been verified by test with the 
integrated antenna module in the 'Compact Antenna Test 
Range' (CATR) of MBB. 
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3. LOCAL STABILITY OF SANDWICH STRUCTURES 


Local stability of sandwich structures having iso¬ 
tropic and orthotropic cores has been analyzed by many 
authors [3], [5], [6], and [7]. At MBB for space 
structures usually the approach of the Manual for 
Structural Stability Analysis [3] is used. The panels 
and antenna shells are generally loaded by compres¬ 
sion, tension and bending moments. The possible 
failure modes include wrinkling and intercellular 
buckling. As the thicknesses of the composite face 
sheets are of low magnitude intercellular buckling 
often occurs. This buckling mode does not mean a 
failure but the stresses in the supported areas 
increase. The higher stresses may cause an earlier 
wrinkling failure. For the wrinkling analysis a beam 
on continuous elastic foundation is calculated. 
Antimetrical or symmetrical buckling modes may occur. 
The symmetrical modes lead to lower buckling stresses, 
when orthotropic honeycomb cores are used. In this 
case the theoretical buckling stress for a sandwich 
stripe can be calculated by the formula: 
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Figure 4: Test Results of Compression Loaded 
Sandwich Stripes 


The relation between measured strength and theoretical 
parameters can be established for different test 
specimens. For tests with samples loaded in com¬ 
pression a relation is given in Figure 4. 

For sandwich plates with thin composite face skins 
the formula should be modified. The local bending 
stiffness of the face sheets should be included. With 
the local bending stiffness 


( 1 - v xy v y ,)12 


we get 

The theoretical prefactor of k = 0.816 has to be 
reduced according to tests remarkably to x= 0.33 to 
0.41. This value is in accordance with [3]. At MBB 
several tests were performed with compressive and 
bending specimens. The bending tests give higher 
stresses with lower scatter values than compressive 
tests. When the skins are subjected to biaxial com¬ 
pression, it is recommended that one uses according 
[3] the interaction formula 

Rl*R y ~ 1 


1 ux 


= k 


VT2 fl 7 


B 



[Applied Compressive Loading in Subscript Direction] 
'Tritica^Compressive Loading {when acting alone) in 

Subscript Direction 


and the y-direction corresponds to the direction of 
maximum compression. For cases involving shearing 
stresses which are coplanar with the facings, it is 
recommended to calculate the principal stresses. 

If the face sheets are isotropic the calculated 
stresses can be used in the above interaction formula. 
For 0°/9°* layers the shear modulus is low and shear 
forces are not transferred by the sandwich panels. 


For a general wrinkling theory, the equations given 
in [5], should be derived for anisotropic face sheets. 

The influence of temperature was studied while 
designing the Kevlar sandwich of Intelsat VI using 
the resin system M10 and the adhesive Redux 312 UL. 

4. SANDWICH BEHAVIOUR UNDER DYNAMIC LOAD 

The dimensioning load cases for solar arrays are 
vibrations and acoustic noise during launch. The 
maximum loads usually occur at a frequency between 50 
and 200 Hz. In order to investigate the influence of 
frequency on the wrinkling stress, double cantilever 
beams were loaded dynamically. Four samples of the 
Intelsat V and SCSI type of face sheet and a core with 
16 kg/m 3 were manufactured and tested (Figure 5 and 
6). For comparison the light weight 'open net' face 
skin was used for another two double test beams. 

The specimens were equipped with strain gauges and 
accelerometers and were fixed to a shaker (Figure 5 
to 8). The strain gauges were applied at the area of 
maximum stresses near the doublers of the central 
reinforcements. The acceleration was performed at a 
frequency from 1 to 200 Hz. In Figure 5 to 8 the 
resonance frequencies of the two cantilever beams are 
shown together with the input accelerations. On the 
upper vertical axis the corresponding strains are 
shown. On the lower axis the critical damping 
calculated from the amplification factor is shown. 
For the SCSI type sandwich the static mean value of 
e wr = 0.88 [mm/m] was tested. Test specimens A and B 

had a maximum strain of about e wrdyn = 0.7 [mm/m] at 
a frequency of 108 Hz. Test specimen C had a maximum 
strain of £ wr>dyn * 0.99 [mm/m] at a frequency of 44.5 

Hz. Test specimen C was equipped with some additional 
masses in order to reduce the resonance eigenfre- 
quencies. The three SCSI type specimens had a maximum 
damping of about 2.5 % . 
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Figure 5: SCSI Solar Array Sandwich Behaviour 
under Dynamic Load (Sample A, B) 
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Figure 6: SCSI Solar Array Sandwich Behaviour 

under Dynamic Load (Sample C) Figure 8: DFH3 Solar Array Net Sandwich Behaviour 



Acceleration [g] 


Resonance 



under Dynamic Load (Sample G, H) 

5. SUMMARY AND IMPROVEMENTS OF SANDWICH STRUCTURES 


The objective of the paper was to show improvements 
gained in the last twenty years concerning the weight 
of sandwich solar array structures. The 'open net' 
structure is a reliable sandwich design which is used 
for the satellite DFH3. 

The analytical tools allow the design of highly stable 
antenna designs. Effects, such as thermal distortions 
due to core deformations, and deflections due to 
humidity, are studied with the help of analytical 
models and test samples. Sandwich structural 
improvements will be gained in the future due to the 
available analytical optimization procedures on 
'Panel-' and 'System-' level (Figure 9). 


Optimization of Composite Structures 


Optimization of Composites on "Panef-Level; 

Variation o( Layer-Thicknesses and Fiber-Angles 
in one Element 

Compliance of Strength-, Sliltness- 
and other Restrictions 
(e g. Thermal Conductivity) 



Optimization of Structures on System-Level: 
Variation of Layer-Thicknesses and Fiber Angles 
in every Element ol Hie FE Model 

Compliance of Global Strength- 

and Stiffness Restrictions 

(Stress. Strain, Deflection. Eigenfrequencies) 



Figure 7: DFH3 Solar Array Net Sandwich Behaviour 
under Dynamic Load (Sample E, F) 


Figure 9: Optimization of Composite Structures 
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M3CELXNG OF HONEYOCMB OGRE FCR SANDWICH 

CUE HKEDICriCN 


L. Scolamiero 


Alenia Spazio, Italy 


ABSTRACT 

The overall mechanical behavior of sandwich panels 
depends on and can be predicted from the mechanical 
properties of their constituends: fibers, resins, 
core, adhesives. 

As far as the honeycomb core is concerned, its 
in-plane mechanical properties are difficult to 
define (it being expandable in nature), and are 
often neglected. 

When performing thermoelastic analyses, in a 
context of high dimensional stability, this is not 
yet applicable. 

Different sandwich CTE prediction methodologies are 
reviewed and discussed. 

A new concept practical method, also based on core 
measured properties from material supplier data 
sheets is presented. 

Keywords ; Sandwich CTE, Honeyocmb Core Modeling, 
Core cell distortions, Dimensional Stability 


Nomenclature 



a cell hexagon side length 

S cell size 

to cell foil thickness 

a honeyocmb degree of expansion 

t generic thickness - T direction 

E generic Young's modulus 

i relative to the i-th layer 

LL equivalent ribbon length L-direction 

IW equivalent ribbon length W-direction 

IT total ribbon length 

EL equivalent Young's modulus Indirection 

EW equivalent Young's modulus W-direction 

ETm measured compression modulus T-directian 

ETc computed compression modulus T-direction 

CTE coefficient of thermal expansion 


1. iNmococrrcN 

High dimensional stability is increasingly required 
for new generation reflector antennas. 

Sandwich panel structures (tipically CFRP skins 
bonded to an aluminum core) are widely used for 
their excellent stiffness to weight ratio and 
thermal dimensional stability. 

For static and dynamic response computation the 
core in-plane elastic constants can often be 
neglected. In Fig. 1.1 the relative contribution of 
sandwich components for what concerns the in-plane 
panel stiffness, for two typical antenna sandwich 
configurations, is shown. 

For thermo-elastic distortion analysis, on the 
contrary, the high aluminum core CTE makes a 
detailed material characterization unavoidable (see 
Fig. 1.2). 


SKIN ADHESIVE CORE 

SSSSSS C22S3 B9HHK 



Fig. 1.1 Individual layer contribution to 
in-plane sandwich stiffness 


SKIN ADHESIVE CORE 

n\wwn E5SSS3 asm 

El*ti*alpha [Pa/mm/*Cl 

70 j-- 



1/4* cor* thlcknas* 1/2* cor* Ihlckn*** 


Fig. 1.2 Individual layer contribution to 
in-plane sandwich CTE 
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The core experimental characterization, 
particularly for what concerns the in-plane elastic 
moduli, is a cumbersome task. 

In fact, if the core layer is tested separately 
from the facings, the measured elastic moduli can 
be wrong (this will be clarified in para. 2.3). 

If it is tested when bonded to the facings, its 
very low contribution to overall stiffness will be 
hardly identified. 

Core modeling is usually approached by means of a 
more or less detailed analysis of its mechanical 
behavior at cell scale level (Refs. 1 to 5). 

FE models and analytical approaches are commonly 
adopted. 

2. HONEYOCMB MXELENG APPROACHES 

The basical problem is the identification of the 
core equivalent homogeneous thermo-elastic 
properties to be introduced at sandwich level. 
Limiting the analysis to the bi-dimensional case, 
which is very appropriate for large plane panels, 
the in-plane core elastic moduli have to be 
identified. 

In the following paragraphs published techniques 
are reviewed. 

2.1. Cell structure FE models 

Core structure FE modeling (Refs. 2,3,4) precedes 
through the identification and modeling of the 
minimum representative portion of the elementary 
core cell (see, from Ref. 3, fig. 2.1.1 ). 




Fig. 2.1.1 Honeycomb core FE modeling (from Ref.3) 

Different levels of model complexity may concern 
the skin to core adhesive schematization and the 
congruence conditions inside the cell. 

Also the buckling behavior of the thin cell walls 
can be accounted for in a more sophisticated 
analysis approach. 

This technique, of course, does not have a great 
flexibility, in a design phase, for performing a 
parametric analysis on different core 
configurations. 

FE models allow a better understanding of the core 
mechanics at cell scale level, and provide 
reference values for validating simpler prediction 
models. 

2.2. Analytical models 

This approach is based on considering the 
microstructure of the cells as built up by solid 
aluminum walls, placed according to the cell 
geometry (Refs. 1 to 4). 

By further dividing the cell in sub-elementar zones 
and solving the elastic problem with adequate 
congruence conditions, the core stiffness matrices 
can be derived (see, from Ref. 3, Fig. 2.2.1 ). 




Fig. 2.2.1 Sub-elements idendification for 
analytical method (from Ref.3) 

Core, adhesive and skin stiffness matrices are then 
assembled according to classical lamination theory. 
The derived expressions are quite simple and easy 
to implement on a computer code. 

2.3. Test simulation models 

One option for computing core equivalent 
homogeneous elastic constants (Ref. 5), has been 
found by simulating real test a portion of core 
layer separated from the two facings (see, from 
Ref. 5, Fig. 2.3.1). 



Fig. 2.3.1 Test simulation model (from Ref.5) 

Particular care is suggested when modeling or 
testing the honeycomb in a free condition; in fact, 
different deformed shapes (and thus elastic 
properties) can be found with respect to the real 

case (i.e. bonded facings). 

This because the very lew bending stiffness of the 
cell walls is involved instead of their in-plane 
reaction capabilities. 

To better clarify let us extrapolate to the case of 
cell hexagon vertices to be substituted by 
frictionless cylindrical hinges (Fig. 2.3.2). 



It would result in a completely labile honeyoemto 
structure (zero in-plane stiffness), while its 
contribution, when bounded to facings, would remain 
practically unchanged. 









3. EFFECTS OF CELL DISTORTIONS 

Honeycomb core suppliers provide material data 
sheets (Ref. 6), which include ccnpressive 
(stabilized) elastic moduli: Elm . 

This value can be used to check the adequacy of 
considering the core as a solid aluminum structure. 
Fran the above assumption, in fact, the equivalent 
homogeneous compression modulus can be easily 
computed. 

It will simply be determined by the core base 
material modulus (aluminum) scaled by the core 
effective mass density (w.r.t. solid aluminum). 

By plotting the ratio ETc/ETm in function of core 
foil thickness (Fig. 3.1) a clear tendency to 
overestimate the core stiffness is visible. 


S » 3/16’ s ■ 1/4* S - 3/8* 



0.000 0.001 0.002 0.003 0.004 0.005 

Call foil thickness - to [Inches] 


Fig. 3.1 Compression stiffness ratios for 

5052 Hexcel Honeycomb bore Aerosp. Grade 


The discrepancy can be explained by hypothesizing a 
reduced core reaction capability due to the 
fcuckled/deformed condition of the thin cell wall. 
This is clearly shown by the asynpthotic tendency 
of the curves when increasing the wall thick ness , 
and by the effect of the cell size (which stresses 
the phenomenon). 

The primary cell distortion source can be found in 
the core manufacturing process, namely when 
expanding the hobe slice to reach the final 
hexagonal shape. 

The above identified discrepancies should be also 
expected for the in-plane moduli computations (if 
the same mechanical assumptions are mantained). 

It mist also be stressed that commonly utilized 
honeycomb cores, for antenna applications, fall in 
the foil thickness range between 0.0007 and 0.001 
inches which, of course, is the most affected by 
tlie stiffness reduction effect. 


4. PROPOSED CONCEPT 

A new practical method for estimating the in-plane 
core stiffness properties (and thus overall 
sandwich CTE) is presented. 

It is based on the knowledge of the real core 
compression modulus from the material supplier, 
plus a simplified mechanical schematization at cell 
level. 

With reference to Fig. 4.1 let us define and 
compute an equivalent active ribbon length for both 
the L and W directions. 



Fig. 4.1 Reference scheme for equivalent ribbon 
lengths computation 


This can be done by simply assuming the cell walls 
only to react on their physical plane (bending 
deformations are excluded), and imposing congruence 
conditions on the boundaries. 

The following expressions will result: 

LL=2a*(1+cos^a) 

IW=2a*sin 2 a 
LT=LLfIW 

The total amount of sandwich in-plane stiffness 
capability is derived by the measured compression 
modulus (available from material data sheets), and 
shared between the I/W directions according to the 
II/IW ratios, namely: 

EL=ETm*LL/LT 

EW=ETm*IW/LT 

The core base material CTE is well known, thus the 
overall sandwich CTE can be computed by applying 
the weighting formula: 

2 ti*Ei*CTEi 

CTE overall -- 

2 ti*Ei 

The above described method is easily applicable to 
any degree of core expansion (being it parametric 
with a ), up to the over-expanded ox-core (a=90 deg, 
i.e. rectangular cell). 

A comparison between computed and measured values 
is shewn in Fig. 4.2 for two different sandwich 
oonfiguratians. 


MEASURED COMPUTED 

□ * 

L direction CTE [10E-6*C] 

2.0 



0.2 0.3 0.4 0.5 0.6 

CORE THICKNESS [inches] 

Fig. 4.2 Ccrputed/measured CTE for 

different sandwich configurations 


o.o 
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► 

Namely 300*70 imu samples, ; made from Pitch 75/934 
skins, and 5052 aluminum core (for two different 
core thicknesses, foil thicknesses, cell sizes) 
have been tested. 

The CTE differences along the L-W directions can 
play an Important role when performing thermal 
distortion analyses. 

In Fig. 4.3 the ccnputed/ireasured ccnparison 
refers to a single sandwich sample (Gy70/69, 5052 
aluminum core), tested along both the L and W 
directions. 

MEASURED COMPUTED 

□ * 



All above reported measurements refer to average 
values over the test temperature range. 

Good agreement can be observed both for absolute 
CTE value predictions (different sandwich 
configurations), and in accounting for orthotrcpic 
behavior (different CTE along IrW directions). 

The need for a higher degree of accuracy in 
evaluating sandwich CTE is a questionable matter. 

In fact, when performing thermal distortion 
analyses, the scattering in ocnposite material 
properties and practical difficulties in computing 
accurate temperature fields, are often unavoidable. 
Sophisticated CTE predictive models ccxild lead to 
fictitious final analysis result accuracy. 


5. OCNCHJSICN5 

The relevance of honeycomb thermo-elastic 
characterization for sandwich structure dimensional 
stability analyses is pointed cut. 

Different prediction methodologies are critically 
reviewed with particular reference to the 
mechanical behavior singularities of the honeycomb 
core layer as a self-standing structure. 
Discrepancies between idealized properties and real 
behavior (expecially for very lew cell foil 
thickness configurations) have been investigated. 

A new concept approach, based both on measured 
properties from material suppliers and simplified 
theoretical assumptions is described. 

Good agreement with measured sandwich CTE values 
has resulted. 

The adequacy of the proposed method accuracy, in 
the frame of thermo-elastic distortion analyses has 
also been established. 
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Abstract 


Polymers with characteristic dissipation 
properties are obtained by compounding 
them with additives. The mechanical be- 
havioure under vibration conditions of 
these compounds are characterized by dy¬ 
namic moduli, which depend on the static 
preload. The test results of an PU- 
Compound is presented in this paper. The 
obtained results enable to calculate the 
complex moduli of a special dynamic 
constitutive equation, which then enables 
to calculate stress and strain of dynamic 
deformations of structures under static 
preload. 


This means that the nonlinear viscoelas¬ 
tic material behaviour must be investi¬ 
gated by creep-, relaxation- and forced 
vibration experiments. 

This paper describes the investigations 
conducted on a PU-Compound to measure the 
influence of the static deformation on 
the dynamic material properties. Based on 
these results, a multiaxial constitutive 
equation was developed. Using this 
equation in conection with an FEM- 
program, the dynamic response of complex 
foam structures can be calculated. 


Nonlinear, viscoelstic, compound 2 Kinematic and Constitutive Em.ai-irm 

The loading condition of a grain can be 
described by a superposition of a larger 
static and a small harmonic strain. 
1 Description of the Problem and Aims Because of the large static deformation, 

the Green tensor G is used to describe 
The dynamic behaviour of solid the kinematic situation of the supposed 
propellands is complex because of there strains 
viscoelastic response. When used as 

grains, geometrical and physical G = G m + G° 

nonlinearities can be observed as a 

result of different static deformations. with: 


For the deformation analysis of grains, 
mathematical procedures such as the 
Finite Element Method (FEM) become more 
and more important, because of the 
availability of more efficient and less 
expensive computers /l/. The essential 
advantage of this approach is the ability 
to calculate the deformation response of 
the complex structures used in realistic 
applications. 

The precision of FEM-analyses depends on 
the constitutive equation which describes 
the response of the material. 


G m = static deformation 
G° = dynamic deformation 

If this strain description is used in a 
nonlinear constitutive equation /3/, the 
solution can be divided into static and 
dynamic components. The result is that 
the complex module of the dynamic part of 
the solution depend on the excitation 
frequency and the static deformation. The 
complex moduli of this dynamic solution 
can be calculated if the dependency on 
static deformation for the complex 
Young's - and shear modulus is known. 
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3 Complex Material Description 

When a viscoelastic material such as a 
foam is deformed dynamically, one part of 
the deformation energy is stored and the 
other part is dissipated as heat. This 
material behaviour for a given prestrain 
and a exertation frequency f Q can be 
described by a complex modulus: 

E ( e xx' f o) - E '( £ xx' f o) +i E "< 4 5 6 xx' f o> 
with an absolute value of 

l E !( e xx' f o) - ( E '( £ xx' f o) +i E "( 6 XX' f o) ) 

where E '(£ xx /f Q ) is the storage modulus 
which describes the reversible material 
behaviour, and the irreversible behaviour 
is described by E''(6 XX ,f Q ), the loss 
modulus. 

The quotient of these values 

tan(d(6 xx ,f 0 )) = E- ( e xx ,f 0 )/E'(G xx ,f 0 ) 

is an expression for the damping 
behaviour of the material. The dynamic 
behaviour of the investigated foam was 
characterized through these material 
properties. As /3/ shows, they are the 
basic parameters needed to obtain suf¬ 
ficient material description for dynamic 
analysis of nonlinear viscoelastic struc¬ 
tures . 


4 Results of the Vibration Experiments 

The results of the vibration tests are 
ilustrated in Figs. 1 to 4. 

5 Application 

When the dependence of the prestrain on 
the shear modulus G(£ xx ,f 0 ) and the 
elastic modulus E(€ xx ,f 0 ) is known, a 
nonlinear constitutive equation can be 
prepared /2/. The determined functions 
can then be used in a Finite Element code 
/3/ to calculate the dynamic deformation 
of solid propelland structures with 
realistic geometries. 
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ABSTRACT 

The general problem discussed in this paper is the 
analysis of free-free flexible tanks filled with an 
incompressible fluid. Gravity effects due to thrust 
forces are considered both for the fluid and the 
structure. A numerical analysis methodology is 
presented which uses the boundary element method 
for the fluid model and the finite element method 
for the structural model. For the analysis of 
free-free tank-fluid systems under gravity condi¬ 
tions it is essential to include the rigid degrees of 
freedom explicitly in the model in order to get a 
correct rigid mode behaviour. Besides numerical 
solutions two benchmark problems are presented 
which have been solved analytically by means of 
Fourier series expansions. Only two-dimensional 
problems are discussed in the paper. The 
generalisation to three dimensions is, however, 
straightforward. 

Keywords: Fluid-structure interaction, FEM-BEM 

coupled analysis, free-free tanks, rigid modes 


1. INTRODUCTION 

The mass of the liquid propellant in modern 
launchers and spacecrafts represents a high 
percentage of the total mass and therefore the 
adequate modelling of these fluids is essential for 
the spacecraft dynamic behaviour. In this paper it 
is discussed how the fluid can efficiently be 
modelled with the boundary element method and how 
this model is coupled to the structural model 
obtained by the finite element method. Special 
emphasis is placed on the effects of gravity both on 
the fluid and the structure and on the correct rigid 
mode behaviour of the model under gravity 
conditions. 

During launch, such systems are subjected to 
gravity and thrust forces, the latter being partly 
governed by the control system of the launcher. 
Due to these forces such systems are not free-free 
in the usual sense, since the forces acting on the 
system determine its motion. However, they are 
free-free in the sense that they are not fixed at 
any point to the inertial system. Here some general 
aspects of the mathematical model of such systems 
shall be introduced for a very basic model of a 
launcher, having in mind, that more complex models 
have similar characteristics. In Figure la, the 
flexible beam (mass mi) corresponds to a launcher 
and the attached pendulum (mass m2) represents the 
fluid propellant. T is the thrust force, which, for 


reasons of simplicity, is assumed to be constant and 
to point always in the opposite direction of the 

acceleration of gravity g (no control system 

included). Such a system can be reduced to an 

equivalent system as shown in Figure lb, where the 
vertical motion is suppressed in the point (hinge) 
where the thrust T is applied. It is the distance 
from the beam centre of gravity (cog) to the hinge. 
The acceleration of gravity g is replaced by an 

apparent acceleration a=T/m with m=mi+m 2 . Yr and 9k 
are the remaining rigid degrees of freedom of a 
two-dimensional problem which describe the motion 
of a rigid reference frame attached to the beam in 
its undisturbed position. 



Figure la Figure lb 


Rigid modes: 

Such systems obviously have a rigid mode with zero 
eigenfrequency corresponding to a rigid translation 
in y-direction. There is a second rigid mode which 
is related to rigid rotations about a horizontal axis. 
However, under gravity conditions this is only a 
’pseudo’ rigid mode or a so-called pendulum mode 
with an eigenfrequency larger than zero, if the 
thrust force (hinge) is applied above a critical 
location on the beam axis. The mode shape exhibits 
in this case comparably large rigid rotations of the 
beam, only small elastic deformations and significant 
oscillations of the attached pendulum (i.e. fluid 
sloshing). Such a mode is recovered in a real 
spacecraft model by explicitly introducing the rigid 
dof’s (see sect. 3). If the hinge is located below a 
critical location the system obviously is unstable 
(negative eigenvalue) if no control system is active. 
If the hinge is located just at the critical location a 
true rigid mode with a zero eigenvalue is obtained 
for the pendulum mode. In this particular case- the 
beam is rigidly rotated and the attached pendulum 
remains vertical (i.e. the fluid free surface remains 
horizontal). 
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Gravity effects of the structure: 

Considering the flexible beam only, we have a simple 
model of a dry launcher (no propellant). If the 
governing equations are derived from Hamilton’s 
principle, additional gravity terms must be included 
in the potential energy (see sect. 3). The first one 
is related to geometric stiffness effects. In the beam 
example this term takes the form 


Figure 2b. The tank is fixed in vertical direction at 
B to a reference frame Oyz. This reference frame is 
accelerated in vertical direction by a-g, where a is 
the acceleration due to the thrust force (a=T/m, 
with m being the total mass). However, Oyz can be 
considered as an inertial coordinate system if the 
tank-fluid system is subjected to the apparent 
acceleration a. 



( 1 . 1 ) 


and is related to the vertical elevation of the beam 
cog due to the beam deflection u. Two additional 
terms stem from the vertical elevation of the beam 
cog due to the rigid rotation about a horizontal axis 
and have the following form 


1 

2 m 


a l T 9 2 R + m , a$ R ^ 




ds 


( 1 . 2 ) 


In section 3 these terms are given in more general 
form. 

Gravity effects of the fluid: 

A direct consequence of gravity is the sloshing of 
the fluid free surface. In the beam model this is 
represented by oscillations of the attached 
pendulum and its gravity potential energy is 
proportional to its vertical elevation. For a fluid, 
the gravity potential energy is related to the 
vertical elevation of its cog in a disturbed position 
(see sect. 3). 


Hamilton’s principle is given by 

6 f * T - 17 dt m 0 (2.1) 


The kinetic energy T and the potential energy 7T 
consist of the respective energies of the structure 
(index s) and the fluid (index f) which are defined 
as follows 


T,= Jp,f (Vp)*dK 

Z J V 4 

1 

(2.2) 

1 f , 


T s = 2 Ps J y dW 

(2.3) 

n = p f a f zdV 

(2.4) 

J V f 


n c “ sd + p s a f zdV 

J t'c 

(2.5) 


In the following sections the methodologies are 
briefly outlined, which are used for the solution of 
general tank-fluid systems and which are imple¬ 
mented in the FABE software developed by the 
authors of this paper. In sections 5 and 6 numerical 
solutions are compared against analytical solutions 
which are based on a Ritz analysis-of rectangular 
boxes. 

Some fundamental concepts related to fluid analysis 
are discussed in more detail in refs. 1 and 2. An 
introduction to the boundary element method used 
for the computation of the fluid mass matrix is 
given in ref. 3. The work presented in this paper is 
further discussed in refs. 4 and 5, 


'Y? is the fluid velocity potential, u the velocity in a 
structural point and and ^ are the mass densities 
of the fluid and the structure. The potential energy 
of the structure consists of the elastic deformation 
energy 77 ^ and the potential energy due to the 
apparent gravity acceleration a. The above energy 
terms shall be evaluated for small displacements of 
the structure and the fluid. Hence in order to get 
the energies correct up to second order terms the 
domain of integration in the kinetic energies are the 
volumes of the fluid and the structure respectively 
in the undisturbed position, whereas for the 
potential energies due to gravity the fluid and 
structural cog’s must be evaluated for a disturbed 
configuration. 


2. HAMILTON’S PRINCIPLE 


3. NUMERICAL SOLUTION METHODOLOGY 


Consider a free-free liquid filled tank as shown in 
Figure 2a which is subjected to a thrust force T in 
point B and the acceleration of gravity g. For 
reasons of simplicity T is assumed to be constant 
and to point always in the vertical direction. Point 
B where the thrust is applied may be chosen 

according the problem at hand. Here B is chosen 

such that the system is stable without an active 

control system. This tank-fluid system can be 

represented by an equivalent system, as shown in 



Hamilton’s principle as stated in the previous 
section is the basis for the mathematical model of 
the coupled tank-fluid system. The structural mass 
and stiffness matrices will be computed in a 
standard way with the finite element method. The 
fluid mass matrix is obtained from the boundary 
element solution of the related potential problem. 
Additional stiffness matrices for the structure and 
the fluid which are related to the gravity potential 
will be derived below. A non-standard feature of 
the proposed methodology is the representation of 
the rigid motion of the system with the explicit 
rigid dof’s Yr and Or. 

Rigid dof’s and the reference frame Ayz: 

The rigid dof’s Yr and 9r define the position of' the 
rigid reference frame Ayz. The elastic tank is 
assumed to be fixed to Ayz in some point and the 
structural deformation u and the fluid free surface 
elevation shall be defined relative to Ayz. As an 
example in Figure 2 the tank is clamped at the 
bottom point to Ayz. A is the centre point of the 
fluid free surface in its undisturbed configuration. 



439 


Structural mass matrix: 

Approximating the structural kinetic energy, eqn. 
(2.3), using the finite element method yields the 
mass matrix Ms with respect to the structural dof’s 
u. Shall be the matrix of the rigid mode vectors 
with respect to the rigid dof’s Yr and and ur is 
the vector consisting of the rigid dof’s Yr and @r. 
Then the equivalent mass matrix where the rigid 
dof’s are explicitly included can be written in the 
following form 


a/ 4 0 * lr u ' 


(3.1) 


Fluid mass matrix: 

The fluid kinetic energy, eqn. (2,2), can be 
transformed to the following boundary integral 


(Vv) 2 dV= l -p,Jj>y „d r 


(3.2) 


The relation between y/ and Vn on the fluid 
boundary is given for a two-dimensional problem by 
the following integral equation 


- \ — , , ^ f ~ 31 n r , _ 

np ^ p Jnrdf = I v——dr 

Jr J r OR 


(3.3) 


is the value of the fluid velocity potential in one 
point on the boundary (source node) and r is the 
distance from this specified point to all other points 
(influence nodes) on the fluid boundary. Discretiza¬ 
tion of the fluid boundary with boundary elements 
and subsequent evaluation of the above boundary 
integral equation for all source nodes yields 


H H 


12 P I _ £ 11 ^ 12 P 1 .n 

22 _ JP 2 _ _^21 


(3.4) 


where for reasons to be explained, V* shall denote 
the potential at an arbitrarily selected boundary 
node and '\p- 1 shall be the vector of the potentials 
at the remaining N-l nodes. From the above 
equation the potential at the boundary nodes may 
be computed for given normal derivatives (i.e. for 
given fluid normal velocities) by inverting H. 
However, H is singular since in a Neumann problem 
the potential is determined only within an arbitrary 
constant. Thus H can only be inverted, if the 
potential is fixed to a certain value at one node, 
e.g. - 0. Rearranging the sub-matrices in 

equation (3.4) yields 


// i s ” C !2 
^21 ~^22 


P 2.n 


- H 
-H 


T»j., 
_L p 2 


(3.5) 


is an additional constraint equation for the fluid 
normal displacements along the fluid boundary and 
is known as the incompressibility condition. This 
condition must be implemented in the final numerical 
model of the tank-fluid system by means of a 
Lagrange multiplier or a multi-point constraint 
equation. 

The fluid mass matrix may now be defined based on 
the discretized fluid kinetic energy. Approximation 
of the fluid potential and its normal derivative by 
boundary elements with appropriate shape functions 
gives 


p = [b?[p], [B]= J r [t>][6 ]'dr 


(3.9) 


T , = \p,\vp.»dr= l - P! [v (3.10) 


Shall N relate the normal displacements un in the 
boundary nodes to the displacement components u 
in these nodes. Hence 

iu n j = [iV][u] (3.11) 


T / = -p,[ii] r [/V] r [5][f][W][u] (3.12) 


The fluid mass matrix is thus defined by 


/]= ^P/[A/] r f[R][F] + [^] r [5] r )[A/] (3.13) 


The rigid dof’s Yr and O r may be explicitly 
introduced in the fluid mass matrix as shown in 
equation (3.1) for the structural mass matrix. 

Structural stiffness matrix: 

The elastic stiffness matrix Kse of the structure and 
the geometric stiffness matrix Ksg due to body 
forces * caused by the apparent acceleration of ' 
gravity may be derived from the structural 
potential energy using the finite element method. 
Since 


[K ( . + *-Jk] = 0 


(3.14) 


where 0 r again is the matrix of the rigid body mode 
vectors, these stiffness matrices do not contribute 
to the sub-matrices related to the rigid dof’s Yr 
and 0 r. The potential energy of the structure due 
to small rotations of the reference frame Ayz in the 
gravity field a is given by 


The left-hand side matrix is now regular. Shall F 
denote the product matrix of the inverted left-hand 
side matrix with the right-hand side matrix. Hence 


P 1 _ F 1 1 F [2 P l.n 

P 2.n _ _^2I ^ 22 _ _ P 2 _ 


(3.6) 


Since Vi = the above equation can be rewritten 


P,UF„ OlTpi./ 

_i»ij l oJLp 2 .„_ 


(3.7) 


H= 2 m ' al '- 9 ** m s aO R u‘ y 


(3.15) 


where Is is the distance from the structural cog to 
the hinge and where uy denotes the displacement of 
the structural cog in y-direction and is defined by 




(3.16) 


Hence, the structural stiffness, matrix takes the 
following form, where A is defined by the second 
term of equation (3.15) 


The following equation which results from (3.6) 


p2.n = [F 2l][Vi. B ] 


(3.8) 


Kt, 


0 m s aZ £ JL 0 


(3.17) 
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Fluid stiffness matrix: 

The fluid volume Vf can be divided in Vo, which is 
the undisturbed fluid volume and Vi, which is the 
difference of the disturbed to the undisturbed 
volume (Vf = Vo + Vi). Equation (2.4) takes now the 
following form, where the integral over Vo is 
evaluated for small rigid rotations r and where If is 
the distance of the fluid cog in the undisturbed 
position to the hinge 

n f =\m f al f e\+p t a [ zdV (3.18) 

2 2 v \ 

\ 

Considering that in our fluid model only the normal 
displacement un is used for the definition of a 
disturbed volume the remaining integral from above 
may be approximated by 

r r f 

p,aj zdV ~ p ,a j ( zd^df (3.19) 

J V I * J r J fi 

where f is the variable in the normal direction. 
According Figure 3 z can be expressed in terms of 
local coordinates and subsequently is linearized for 
small Or and £ 

z ^ z B ~ [z B - z)cos9 k + ysin0*+ f/i y sin6 R + f n t cosQ R 
« z + y 6 r + f n x + const. (3.20) 

Inserting in eqn. (3.19) and integrating with respect 
to J yields 

n f ~ f a l + P,a j^zu n d r 

+ p f ae R j^ y u r .dr+^p t a ^n z u 2 n df (3.21) 


Numerical implementation: 

The above described numerical solution methodology 
for two-dimenional fluid-structure interaction prob¬ 
lems in free-free tanks was implemented in the 
FABE2D/ASKA system. ASKA is a general purpose 
finite element analysis system and FABE2D is a 
two-dimensional version of a program developed by 
the authors of this paper and is used for Fluid 
Analysis with Boundary Elements. With FABE2D the 
fluid mass and stiffness matrices as defined in this 
section may be computed. The actual dynamic 
analysis is then performed within ASKA where the 
fluid matrices are imported using the ASKA 
partitioning tools. These tools are also used for 
setting up the structural sub-matrices with respect 
to the rigid dof’s. Some results are presented in 
section 5 and 6 . 


4. ANALYTICAL SOLUTION METHODOLOGY 

In order to verify the above proposed numerical 
solution methodology, 2 benchmark examples haved 
been defined and solved with a Ritz analysis based 
on Hamilton’s principle described in section 2. These 
benchmark examples are defined in Figure 4. They 
consist of a fluid filled rectangular box which is 
open on the top. The first example has rigid 
vertical sides and a flexibe bottom plate, which is 
simply supported at both ends. The second box is 
rigid on the left and the bottom side and has a 
flexible plate on the right side, which is clamped at 
the bottom. Both boxes are fixed to a rigid 
reference frame Ayz. The rigid dof’s Yr and Or are 
defined in R and describe the motion of this 
reference frame. B is the hinge point. Analogously 
as in the numerical solution, the fluid and the plate 
motion are defined relative to AyZ. 

Stokes-Zhukovsky potentials: 

The absolute fluid velocity potential y may be 
decomposed as follows 


The first integral from the above expression defines 
the hydrostatic load on the wet tank surface. The 
static solution, however, is usually subtracted from 
the general solution. The remaining two integrals 
may be evaluated using the boundary element 
discretization defined for the computation of the 
fluid mass matrix. Hence, the fluid stiffness matrix 
takes the following form, where C is defined by the 
second term of equation (3.21) and Kfti by the third 
terra. 

~K, a 0 C Ju- 

000 ^a (3.22) 

_C T 0 m f a 1 1 _ _ 0 a __ 



p=p+ Y R p y + Q R p B 


(4.1) 


y is the fluid velocity potential relative to Ayz 
and and “Ve* are the so-called Stokes-Zhukovski 
potentials (SZ-potentials) governing the rigid motion 
of the fluid. The SZ-potentials are the velocity 
potentials of a fluid, whose free surface is covered 
with a rigid partition and which is subjected to a 
translation with unit velocity in y-direction or to a 
rotation with unit angular velocity about the 
reference point R respectively. Hence, these 
potentials are defined by 

Ap y = 0, p yn =n y (4.2) 

Ap e =0, P B . n = n 2 [y-y R )~ n y (z-z R ) (4.3) 


where n is the outer unit normal along the 
boundary. The translational SZ-potential is simply 
given by Vy-y* For a rectangular box the rotational 
SZ-potential y& is given by 

x n - nit/b 

*>0= z)y + j*- 


m 

I 


86 2 sinh(H„ 2 :) , ^ 

- ---—cos h. y 

(n/r) 3 cosh(H n c/2j 


(4.4) 


Figure 3 


where the coordinate system Cyz of example 1 is 
used. 
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Description of solution: 

For reasons of limited space only a brief description 
of the further solution is given here. The relative 
fluid velocity potential and the plate displace¬ 
ments u are expanded in series in terms of the 
eigensolutions of the plate and the fluid. The 
expansion for the fluid velocity potential must fulfill 
the boundary condition y/ )tc =0 along the rigid sides. 
Equating the normal derivative of the potential 
along the flexible plate with the expansion of the 
plate ensures compatibility. Incompressibility of the 
fluid must be enforced. These series expansions, 
which are truncated after a finite number of terms, 
are inserted in the energy expressions of Hamilton’s 
principle and the standard Ritz procedure yields 
the eigenvalue problem in the coefficients of the 
series expansions and the rigid dof’s. Some results 
are presented in the next two sections and are 
compared with numerical results. 


5. BENCHMARK I 





jluj&lu 


7TT? 

K 
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Figure 4 b: 


The example defined in Figure 4a was solved for the 
following data set: 


box length in y- and z-direction: 
plate thickness: 
mass density of structure: 
Young’s modulus of plate: 
mass density fluid: 
distance free surface-hinge: 
distance free surface-ref. point: 


1.0m, 0.5m 
0.05m 
3000.0kg/m 3 
10 10 N/m 2 
1000.0kg/m 3 
1.0m 
1.0m 


The plate thickness and mass density are identical 
for the rigid and flexible plates. The structural 
geometric stiffness terms are not included in the 
models below, because the primary objective of 
these benchmarks is to verify the numerical 
implementation of the proposed fluid modelling. The 
results of the Ritz analysis have been obtained by 
truncation of the series expansions after a finite 
number of terms. The number of terms have been 
determined such, that numerical convergence was 
reached for the lowest fluid and structural 
eigenfrequencies and mode shapes. For the 
numerical analyis with FABE2D/ASKA the following 
models have been used: 


Some typical mode shapes are given in the following 
plots, where the initial position of the box is plotted 
together with the disturbed position. The respective 
results from the Ritz analysis and the FABE2D/ASKA 
analysis are identical. 





Mesh A: 10 by 5 elements 
Mesh B: 20 by 10 elements 
Mesh C: 40 by 20 elements 

The results for the eigenfrequencies are as follows: 


mode 

Mesh A 
f[HzJ 

Mesh B 
f[Hz] 

Mesh C 
f[Hz] 

Ritz 

f[Hz] 

rigid 

0.0 

0.0 

0.0 

0.0 

1, fluid 

0.9959 

0.9921 

0.9912 

0.9908 

2, fluid 

1.2635 

1.2517 

1.2484 

1.2472 

3, fluid 

1.5771 

1.5480 

1.5395 

1.5365 

pendulum 

1.7708 

1.7638 

1.7619 

1.7612 

4, fluid 

1.8542 

1.7921 

1.7737 

1.7671 

1, plate 

21.131 

21.007 

20.975 

20.965 

2, plate 

130.53 

128.18 

127.56 

127.34 

3, plate 

275.85 

266.68 

264.30 

263.48 


Figure 7: First plate mode, f = 20.965 Hz 


A second set of results is given below for the 
identical example as above except that the hinge 
and the reference point were located slightly above 
the critical stability location, namely at 

0.1927m below the free surface. 

For this configuration the pendulum frequency is 
almost zero and the fluid free surface remains 
horizontal for small disturbancies from the equilibri¬ 
um position (Figure 8). The eigenfrequencies are 





442 


mode 

Mesh A 
f[Hz] 

Mesh B 
f[Hz] 

— 

Mesh C 
f[Hz] 

Ritz 

f[Hz] 

rigid 

0.0 

0.0 

0.0 

0.0 

pendulum 

0.0033 

0.0033 

0.0032 

0.0047 

1, fluid 

1.0423 

1.0380 

1.0368 

1.0364 

2, fluid 

1.2635 

1.2517 

1.2484 

1.2472 

3, fluid 

1.5942 

1.5619 

1.5526 

1.5493 

4, fluid 

1.8542 

1.7921 

1.7737 

1.7671 

1, plate 

21.131 

21.007 

20.975 

20.954 

2, plate 

130.53 

128.18 

127.56 

127.34 

3, plate 

275.85 

266.68 

264.30 

263.46 



6. BENCHMARK II 

The second example as defined in Figure 4b was 
solved for the same data set as defined for the 
above example. Again the structural geometric 
stiffness terms are not included in the models. In 
addition to the 3 meshes defined above, a fourth 
one will be used, since this benchmark has worse 

convergence properties: 


Mesh D: 80 by 40 elements 


The results for the eigenfrequencies are as follows: 


mode 

Mesh B 
f[Hz] 

Mesh C 
f[Hz] 

Mesh D 
f[Hz] 

Ritz 

f[Hz] 

rigid 

0.0 

0.0 

0.0 

0.0 

1, fluid 

0.9922 

0.9911 

0.9908 

0.9908 

2, fluid 

1.2516 

1.2483 

1.2474 

1.2472 

3, fluid 

1.5480 

1.5395 

1.5372 

1.5364 

pendulum 

1.7638 

1.7618 

1.7613 

1.7611 

4, fluid 

1.7921 

1.7737 

1.7688 

1.7671 

1, plate 

51.115 

50.987 

50.942 

50.917 

2, plate 

284.45 

282.58 

282.00 

281.73 

3, plate 

860.91 

851.01 

848.04 

846.75 


The first few fluid modes are identical in 
eigenfrequency and mode shape as the respective 
modes of benchmark I. The shape of the first plate 
mode is given in Figure 9. 



7. FABE SOFTWARE 

The numerical solutions presented above, have been 
obtained with the FABE fluid analysis program, 
which currently is interfaced with the finite element 
analysis system ASKA. The analysis has been 
performed with a two-dimensional prototype of the 
three-dimensional version, which currently is 
under development and will have the following 
capabilities: 

~ Linear quadrangular and triangular boundary 
elements, which may be continuous or discontinu¬ 
ous. 

- Single zone analysis (i.e. analysis of tanks of more 
or less concave shape) 

- 6 explicit rigid degrees of freedom for correct 
rigid mode modelling 

- Computation of fluid mass and stiffness matrices 

For the near future an update is forseen, which will 
include quadratic elements and possibly multi-zoning 
capabilities. It is also feasible, that for fluid 
analysis of tanks in a low-gravity environment, the 
additional fluid stiffness matrix due to capillary free 
surfaces can be included in FABE. However, in this 
case, it is necessary to determine in advance the 
equilibrium shape of the free surface. 


8. CONCLUSIONS 

Comparing the numerical results from the above 
benchmark examples with the respective results 
from the Ritz analysis indicates that the proposed 
numerical methodology for the analysis of free-free 
tank-fluid systems is correct. Although a conven¬ 
tional boundary element technique (boundary 
collocation) was used, w'hich yields unsymmetrical 
system matrices, the resulting fluid mass and 
stiffness matrices are sj'mmetrical since they are 
derived from Hamilton’s principle. Symmetrical fluid 
matrices facilitate the dynamic analysis of the 
coupled system within a finite element analysis 
system. Further, it was shown, that for the correct 
rigid mode behaviour of such systems, it is 
advantageous, to include explicit rigid degrees of 
freedom in the model. This makes it also feasible to 
include an active control system in the model of 
free-free systems and to perform stability analyses. 
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Figure 9: First plate mode t f - 50.917 Hz 
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ABSTRACT / RESUME 

This contribution presents a procedure for the des¬ 
cription and solution of fluid-structure-interaction 
(FSI) problems. In contrast to many other approaches 
a complete coupling of the fluid with the structure 
is obtained. The derived eigenvalue problem of the 
coupled system is solved with a modified subspace 
iteration method. The time integration is performed 
with the method of modal superposition. In two 
examples the influence of the fluid-structure-interac¬ 
tion on the eigenfrequencies of mechanical systems is 
shown. 

Keywords: Fluid - Structure - Interaction, Subspace - Itera¬ 
tion- Method, Coupled Frequencies, Fluid 
Sloshing, Modal Superposition 


1. INTRODUCTION 

In a wide range of technical problems fluid-structure 
interaction (FSI) phenomena occur and must be con¬ 
sidered in the design process of mechanical systems. 
Due to the additional mass and the dynamic forces of 
the acting fluid the loading of a wetted structure is 
more severe in the case of an excitation of the system. 
Furthermore the frequencies of the coupled system are 
changed in comparison to the frequencies of the fluid 
or the structure alone. Typical examples for FSI 
phenomena are: Fluid fuel rockets during the laun¬ 
ching phase, tanks or dams under earthquake excitation, 
water towers excited by wind forces, and so on. 

The numerical treatment of coupled fluid-structure- 
systems requires a high computer performance with res¬ 
pect to computational speed and central memory. 
Using the finite element method for the description 
of the motion of the fluid and the structure, the 
stiffness and mass matrices for both systems must be 
built up and stored. If for both systems a displace¬ 
ment method Is used (Refs. 1-3), symmetrical system 
matrices are obtained. However, in this case every no¬ 
dal point of the fluid has three degrees of freedom 
and large matrices are the consequence. Assuming, on 


the other hand, an inviscid, irrotational, ideal fluid a 
velocity or displacement potential can be introduced 
for the description of the fluid which leads to a 
considerable reduction of the number of degrees of 
freedom (dof). Unfortunately, in this case the favou¬ 
rable properties of the system matrices (symmetric, 
banded) are destroyed by an additional coupling ma¬ 
trix (Refs. 4,5). To overcome these shortcomings Ol¬ 
son and Bathe (Ref. 6) used a velocity potential and 
additionally the pressure as the unknown functions 
for the fluid ( see also Refs. 7, 8 ). But in this case a 
modal analysis is more difficult due to a supplementary 
matrix (no damping matrix) which is multiplied by the 
first time derivative of the unknown nodal variables. 

In this contribution the motion of the fluid is descri¬ 
bed by a displacement potential. The submatrices of 
the fluid only have the dimension of n f , if n f denotes 
the number of nodal points of the fluid. The disad¬ 
vantage (nonsymmetric) is abolished by multiplication 
of the system matrices by a transformation matrix 
which leads to a symmetric formulation of the cou¬ 
pled fluid-structure system (Ref. 9). The structure of 
the submatrices for the fluid and the solid is not 
changed by this operation. For this symmetric system 
equation the eigenfrequencies and associated mode 
shapes can be computed by means of a modified sub¬ 
space iteration method. 

2. DESIGNATIONS, ASSUMPTIONS AND BASIC 

EQUATIONS 

The motion for both continue is described in an arbi¬ 
trary coordinate system with the basis vectors a t 
(I s 1,2,3). For the formulation of the boundary and 
coupling conditions local coordinate systems are defi¬ 
ned. In these coordinate systems the 3’ or 3'* direction 
is normal to the boundary of the considered conti¬ 
nuum. All quantities which are related to the fluid are 
marked by an " f", all quantities, which are related to 
the structure, are indicated with an "s" (Fig. 1). 

In this first step only isotropic, linear elastic materi¬ 
als and small displacements and distortions are consi¬ 
dered. The motion of the solid is described by the 
Lame-Navler equations, in which the inertia t»rms are 
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introduced. 

P„ u‘ = °{| J ♦ f 1 In V s (2.1) 

p s : density of the structure 
u 1 : contravariant displacement component 
oj : component of the mixed stress tensor 
f* : component of the load vector 



r 2 v V s X 2 ®l X 1 

Fig. 1: Designations and coordinate systems 


At the boundary T 2 (Fig. 1). of the structure either 
displacements or stresses must be prescribed as boun¬ 
dary conditions: 


s 


o 


i" 

3” 


^ A A * «9 

Og.. or u = u at r 2 " . 


( 2 . 2 ) 


The motion of the inviscid, irrotational ideal fluid 
with small density changes is described by the wave 
equation 




= 0 


in V f . (2.3) 


where 4>: displacement potential, 

c : sound velocity of the fluid. 


The boundary condition at the free fluid surface T 0 
follows from the nonstationary Bernoulli equation by 
assuming small amplitudes: 

i + g <t| 3 ’ =0 at r 0 . (2.4) 

At the common boundary, denoted as Tj (see Fig. 1), 
the coupling conditions between the fluid and the 
structure must be accomplished. The relationships 
between the two local coordinate systems, in which 
the coupling conditions are described, are also shown 
in Fig. 1. The coupling conditions are 

a. ) equal normal displacements of the fluid and the 

structure 

4> | 3 ' + u 3 " =0, (2.S) 

b. ) and equal normal stresses 

a o 3 '.‘ + p f * = 0. (2.6) 

In consequence of the assumption of an inviscid fluid 
the tangential stress components are zero 

*o 3 : = 0 . (2.7) 

<x 

Using the method of weighted residuals (Refs. 5,10) 
the equivalent variational problem is received from the 
basic equations, boundary and coupling conditions 
(Eqns. (2.1 -2.7)). 


/( $1 *&$>!! + - 0 si )p f dV f + J(o i J SE^ + p s u I Su i )dV } + 

V f C v s 

Jisi^dA 3 . - J(isu 3 ’-u 3 ’&i) p dA 3 . + (2.8) 

r 8 r 

0 1 1 

J 5 o 3 : Su 1 dA 3 „ = 0. 


3. FINITE-ELEMENT-FORMULATION 


The variational problem (2.8) represents the basis for 
a further treatment with the finite element method. 
Using this discrete approach the variational problem 
yields to the coupled system equation (Ref. 10) 



where 

B s = LH , Bf = v h , 


M f 

IC 

K s 

r 

s 

and 

D: 

L. 

U: 

n: 

N: 

H: 

h: 

P = 


= / bJ B f Pf d V f , 


/ T Pf r T r f 

bh — 2 dv f+ f b r b r-r dA f’ 


T Pf 


= / B I DB s dv s . M s = /H T H Ps dV s , 


= -/H^NH^pdA. F = Jh r n T H r p f dA, 


elasticity matrix for linear elastic materials, 
operator matrix, 

displacement vector of the structure, 

components of normal vectors on Tj , 

matrix with the direction vectors of the local 
coordinate systems at r t , 

matrix of shape functions describing u, 

vector of shape functions describing <t>, 

vector with the prescribed stresses at 1^ . 


K f and M f are the stiffness and mass matrices of the 
fluid, and K s and M s denote the stiffness and mass 
matrices of the structure. The matrix F is the coupling 
matrix which contains the interface conditions bet¬ 
ween the fluid and the structure. The vector r & is the 

load vector of the structure in case of prescribed 

* 

stresses at f 2 . 
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4. SOLUTION OF THE COUPLED EIGENVALUE 

PROBLEM 


For the computation of eigenvalues and eigenfrequen- 
cies of mechanical systems with the finite element 
method many procedures have been developed. These 
procedures use the special properties of the element 
matrices, such as the symmetric and banded structure 
and allow the computation of a small number of 
eigenvalues and eigenmodes ( p - eigenvalues) even if 
the number of unknowns is high. After separating the 
time function the algebraic eigenvalue problem of the 
coupled system can be received from equation (3.1). 

With d f = f(t) d f , d a = f(t)d s or d = f(t)d, 
and f (t) = - G ) 2 f (t) (4.1) 


the following eigenvalue problem is obtained: 





(4.2) 


or with the matrices K and M of the entire system 
( K - u >? M ) d, = 0 . 


Wj denotes the i-st eigenfrequency of the system and 
d| is the appertaining eigenvector. In consequence of 
the fluid - structure coupling the system matrices K 
and M are nonsymmetric. Standard procedures of the 
finite element method require symmetric matrices for 
the solution of the eigenvalue problem. Therefore, to 
be able to apply these standard methods, the’ system 
matrices must be symmetrized. To receive symmetric 
matrices K and M the eigenvalue problem (4.2) is 
multiplied by a transformation matrix T: 


T*( K - of M ) d A = 0 , 


(4.3) 


K = TK, 


M = T M . 


(4.4) 


The symmetric conditions for the matrices K*and M*are: 


* »T 

K = K 


* «T 

M = M 


(4.5) 

For the unknown transformation matrix follows (Ref. 9): 


t = r 1 '"*• l 

L° M K ‘ J 


(4.6) 


By multiplication of the eigenvalue problem by this 
transformation matrix the following symmetric formu¬ 
lation is obtained: 


-fk 'm ~|\ 

fE f l 

-1 “ 

L =0, 

M * K » M J/ 

L E sJ 


(4.7) 


where Ef and E s denote the matrices of the eigen¬ 
vectors of the fluid and the structure. The dimension 
of these matrices is (nf *p) and (n s *p) respectively, 
where n f is the number of unknowns of the fluid, n a 
the number of unknows of the structure and p the 
number of eigenvectors to be determined. The solution 
of this coupled eigenvalue problem is performed with 
a modified subspace iteration method (Ref. 10). The 
flowchart of this procedure is shown in Fig. 2. 



Fig. 2: Flowchart for the solution of the coupled ei¬ 
genvalue problem 


To avoid the computation of the inverse stiffness 
matrix K" 1 , two auxiliary matrices R and S are intro¬ 
duced. The advantage of the subspace iteration method 
(Ref. 11) is the solution of the reduced eigenvalue 
problem. That means that for the solution of the 
eigenvalue problem only p- iteration vectors are used. 
The eigenvalue problem is transformed into a subspace 
with the dimension p*p, in which the solution is 
accomplished. This is a very efficient method with 
regard to computation time and memory requirement. 
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5. TIME INTEGRATION BY THE METHOD OF 
MODAL SUPERPOSITION 

To obtain the transient response of the coupled system 
due to a dynamic excitation, a time integration must 
be performed. This can be accomplished in discrete 
time steps (direct time integration) or applying modal 
superposition. Presuming a linear behaviour of the 
system the modal superposition technique is very 
effective, if the response of the system can be des¬ 
cribed by a superposition of a small number of eigen¬ 
vectors. 

in the present approach the transient response Is 
evaluated with the method of modal superposition. 
Since the eigenvectors of the symmetrized eigenvalue 
problem are computed, the modal superposition must 
base on the symmetrized system equation 

M* d + C*d ♦ K*d = T r(t), (5.1) 

with the initial conditions 

t = 0 : d(t-o) = do * d <t=o) = do- (5.2) 



Fig. 3: Capabilities of the computer program 


By use of the matrix C subsequently a system dam¬ 
ping is introduced. In this time integration method the 
system response is described by a superposition of 
the excited eigenvectors 

d(t) = E p(t), (5.3) 

where 

p(t): modal coefficients, 

E : matrix of eigenvectors. 

Assuming modal damping 

E t C*E = D 5 with (S.4) 

C*e, = 2?, o,8,, , {5.5> 

a decoupled linear system of ordinary differential 
equations for the modal coefficients p(t) is obtained: 

p + D^p + D u p = -E t T r(t). (5.6) 

The initial conditions must also be transformed to the 
modal basis: 

t=0: p 0 =E T M*d 0 ; p„= E T M’d 0 . (5.7) 


6. COMPUTER PROGRAM 

The steps, which were shown In the previous part of 
this contribution, are realized in the computer pro¬ 
gram SOFLIN (SOiid-FLuld-INteraction). The flow¬ 
chart given in Fig. 3 shows the capabilities of this 
code. Up to now this computer program cooperates 
with a special postprocessor, but in the near future a 
link to MAKROS (Ref. 12) will be realized. 


7. VERIFICATION 

The reliability of this method is proven by the com¬ 
parison with experimentally gained data. Fig. 4 shows 
a container, filled with water. The tank consists of 
quasi rigid bottom and top plates and of an elastic 
cylindrical wall. A simple spring-mass system, which 
is completely surrounded with water, is mounted inside 
the container. The position of the oscillator and all 
geometrical data are also shown in Figure 4. The cylin¬ 
drical oscillator is made of aluminum. Two different 
kinds of springs are investigated. In the first case, a 
coll spring with an elastic coefficient of 14 N/mm, in 
the second case a set of five plate springs with a 
spring constant of 1900 N/mm are employed. 



Fig. 4: Test container with spring-mass system 
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The data of the masses and spring constants for the 
two cases are given in table 1. The side-wall of the 
container is made of steel with E = 206000N/mm 2 , 
v= 0.3 and p = 7800 kg/m 3 . 


case 

[ N/mm] 

m c 

Ckg] 

[kg] 

in 

[kg] 

m o 

[kg] 

1 

14 

7.4 

1.3 

0.16 

8.21 

2 

1900 

7.4 

4.9 

1.50 

11.35 


where 

k s : spring-constant, 

m c : mass of the oscillating cylinder, 
m a : spring-mass, 

m a : mass to attach the spring at the oscillator, 
m Q : whole oscillating mass = m c + m s + m a . 

Table U Spring constants and masses of the two cases 



Fluid element 

Fluid-solid 
interface element 

Solid element 



O Fluid nodal point 
* Solid nodal point 


The system is excited by a sudden strike onto the 
rigid bottom plate in vertical direction. Figure S 
shows the time history of the excitation (case 2), i.e. 
the measured acceleration at the bottom of the con¬ 
tainer. The measured response of the oscillator is 
given in Figure 6 and Figure 7. 
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Fig. 5: Acceleration at the rigid bottom plate 
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Fig. 6: Accelaration at the oscillator 


Fig. 8: Discretization of the system 


structure and connect the degrees of freedom of the 
structure and the fluid at the common boundary I\. In 
table 2 the computed and measured frequencies are 
compared. 



computed with SOFLIN 

measured 

case 

f 8 [Hz] 

f 8f CHz] 

f„ f [Hz] 

1 

6.6 

5.4 

5.7 

2 

65.1 

57.4 

57.8 


Table 2: Comparison between computed and measured 
frequencies 


Table 2 shows a good agreement between the compu¬ 
ted and measured frequencies f sf . f sf denotes the 
frequencies of the oscillator in water, while f s are the 
frequencies without water (in air). Due to the effect 
of the added hydraulic masses the frequencies of the 
wetted oscillators are lower. In case 1 the difference 
between computation and experiment is larger than in 
case 2. An exactly orthogonal attachment of the coil 



Figure 8 shows the discretization for the SOFLIN 
computation. Due to the axis-symmetric of this prob - 
lem only the traces of the cylinder and the oscillating 
mass are discretized. The coupling of the fluid and the 
structure is accomplished with special coupling ele¬ 
ments. These are located between the fluid and the 


spring (case 1) onto the bottom plate was not possi¬ 
ble. Therefore, in this case the vertical vibration is 
superposed with small bending vibrations. This could 
be the reason for the larger deviation in case 1. 


8. APPLICATION 

At last for a more complex system, a water tower, 
the coupled frequencies are calculated. The structure 
consists of a slender shaft with a height h= 35 m. At 
the top of the shaft a spherical water reservoir is 
attached. In this configuration the sphere is half fil¬ 
led with water. Figure 9 shows the geometry of the 
water tower. 
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k _. 


Geometrical data 


(4): Rigid tank, 6^ = d s = d s = 0: 



Sphere: 

a = 7.53 m, t s = 0.02 m 
Shaft: 

d t = 3.97 m, d a = 4.03 m 
h = 35 m 

Material data 
Structure: 

E = 206000 N/mm 2 , 
p s = 7800 kg/m 3 , v =0.3. 

Fluid: 

p f = 1000 kg/mm 3 , 
c = 1300 m/s, 
g = 9.81 m/s 2 . 


A- A 


(K f -w 2 M f )e fl =0. 


( 8 . 6 ) 



Fig. 9: Water tower 

Due to the only partial filling of the sphere the dy¬ 
namic boundary condition at the free surface must be 
taken into account. In the finite element computation 
this condition is described by special surface ele¬ 
ments. Since the system is axis-symmetric also rota¬ 
tional symmetric finite elements can be used. For the 
computation of non - symmetric modes, the dependence 
of the state variables in clrcumferencial direction is 
expressed in fourier- series 


m u r (t,r,z) cos(mcp) 

a O 

u = £ m u tp (t,r,z) sln(mip) 
ms =° m Uz (t,r,z) cos(mtp) 


( 8 . 1 ) 


ao 

4> = ^ m $(t,r,z)cos(rn<p). 


( 8 . 2 ) 


m=0 


For the most important, first antimetric vibration mo¬ 
de, m= 1, the first eigenfrequencies and ascending ei¬ 
genvectors are calculated with SOFLIN. The following 
special cases are included in the general coupled ei¬ 
genvalue problem (case 3) 

,3 " ([«' 


(1): Empty tank, d f = df = d f = 0: 
(K s - M s )e ai = 0 . 


(8.4) 


(2): Neglecting of the dynamic boundary condition at 
the free surface (no fluid sloshing), assuming 
an incompressible fluid: M f = 0 . 

[ K a - of <F T K>‘ F + M,)]e„ = 0 . (8.S) 

The term F T KfF represents an additional mass 
term for the structure in consequence of the fluid. 


For these four cases the first ten calculated frequen¬ 
cies are given in table 3. 


case 1 
w sl 

6.0084 
37.1974 

104.4941 
243.2625 
417.3938 
454.0334 
575. 8695 
596.3721 
625.5902 
647.5995 


case 2 

<*>sl 

2.3378 
35.8948 
102.8356 
160.4913 
217.0253 
236.6883 
264.0267 
284.7402 
302.3349 
329.4111 


case 3 

w sfl 

1.2923 
2.5906 
3.2916 
3.7120 
3.9481 
4.4088 
4.8491 
5.2559 
5.6356 
5.9939 


case 4 

Wfi 

1.4257 

2.6216 

3.3287 

3.9017 

4.3987 

4.8446 

5.2534 

5.6340 

5.9928 

6.3345 


Table 3: Computed eigenfrequencies in tl/s] 


u sJ «6.0t^ u -2 • 37.20 ^ w.a* 104.49^ 243.26 ^ o>„ s = 417.40 


(2) I 


«.r,-2-34i. 


2 * 35.89 ~ 102.84^ u #f4 « (60.49w. fs = 217.03^ 
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•* 8 TS s 


Fig. 10: Eigenforms of the system for mode m=l 



Due to the additional fluid mass the frequencies in case 
2 are lower than the frequencies of an empty tank 
(case 1). In case 3 the general coupled eigenvalue prob¬ 
lem is solved, i.e. the fluid frequencies, the structrual 
frequencies and some coupled frequencies are inclu¬ 
ded. In Figure 10 the lowest five ascending eigenvec¬ 
tors for the four cases are presented. The first three 
coupled mode shapes (case 3) are primarily fluid eigen- 
modes. The frequencies decrease in comparison to the 
fluid frequencies of a rigid tank due to the elasticity 
of the structure. The fourth eigenmode is a coupled one, 
because it consists of the first structural mode shape 
and parts of the third and fourth fluid mode shapes. In 
case 2 the dynamic boundary condition at the free fluid 
surface is neglected. That means, that the sloshing 
modes of the fluid are suppressed, the fluid is not 
able to move relative to the surrounding structure. In 
this case the structure must accelerate the whole 
fluid, the computed frequencies are too small. In table 
4 the first 3 structural frequencies, with and without 
neglecting the dynamic boundary condition at the free 
fluid surface, are compared: 


Error = 


^1(3) ^1(2) 

“iO) 


* 100 


in X 


1. Fenves, G.; Vargas-Loli, L.M.: Nonlinear Dynamic 
Analysis of Fluid - Structure Systems. Journal of En¬ 
gineering Mechanics, Vol. 114, No. 2 (1988), pp 219-240. 

2. Wilson, E. L.; Khalvati, M.: Finite Elements for the 
Dynamic Analysis of Fluid - Solid Systems. Intern. 
Joum. for Num. Methods in Eng., Vol. 19 (1983), 
pp. 1657-1668. 

3. Hamdi, M.A.; Ousset, Y.; Vercherys, G.: A Displace¬ 
ment Method for the Analysis of Vibrations of 
Coupled Fluid - Structure Systems. Intern. Joum. for 
Num. Methods in Eng., Vol. 13 (1978), pp. 139-150. 

4. Everstine, G. C.: A Symmetric Potential Formulation 
for Fluid - Structure Interaction. Journal of Sound 
and Vibration (1981), 79(1), pp. 157-160. 

5. Schiffner, K.: Ein allgemeines Variationsproblem zur 
Beschreibung von FlUssigkeitsschwingungen in elasti- 
schen Strukturen. ZAMM 63, (1983), T94-T96. 

6. Olson, L. G.; Bathe, K.-J.: Analysis of Fluid-Structure 
Interaction. A Direct Symmetric Coupled Formulation 
Based on the Fluid Velocity Potential. Computers & 
Structures, Vol. 21, No. 1/2 (1985), pp. 21-32. 


w (l) 

empty 

tank 


w <2> 

without 

sloshing 

W (3) 

with 

sloshing 

error 

in X 

6.008 


2.338 

3.712 

37. 02 

37. 197 


35.895 

36.153 

0.71. 

104.494 


102.836 

102. 846 

0.01 


Table 4: Comparision of the first structural frequencies 

It can be observed, that for higher frequencies (in 
this example above 35 [ 1/s i) the dynamic boundary 
condition at the free fluid surface is negligible. For 
higher frequencies only a thin layer of the fluid in the 
vicinity of the free surface performs a relative motion 
to the structure. This shows, that for frequencies above 
35 [1/s] only the reduced eigenvalue problem (case 
2) must be solved. Only for lower structural frequen¬ 
cies (structural frequencies in the same order of 
magnitude as the first fluid frequencies) the whole 
coupled eigenvalue problem (case 3) must be solved. 
The solution of the reduced eigenvalue problem leads 
to a considerable reduction of computation time, be¬ 
cause the eigenvalue problem only has the order of 
the number of degrees of freedom of the structure. 
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ABSTRACT 

The dynamic analysis of liquid filled tanks has 
become an increasingly important topic as their mass 
may represent over half the total mass of some 
spacecrafts. 

However, the analysis of such coupled systems is 
difficult because of the particular behaviour of 
fluids, especially when gravity effects are 
included. In this paper, a general method applicable 
to three-dimensional cases is presented, using fluid 
finite elements. 

A general variational principle including gravity 
effects is established, from which a classical set 
of coupled equations is derived. Emphasis is put on 
the implementation of the formulation and its 
interface with a general FE code (NASTRAN) which is 
used to compute the structural matrices and to solve 
the system of equations. Test examples are shown 
which demonstrate the general usefulness of the 
procedure. 


1. INTRODUCTION 

The fluid-structure interaction is today a rather 
well-known problem and various techniques based on 
finite elements or boundary integrals have been 
developed to solve it. CNES for instance has built 
the ASTRAL code for its launch vehicle activities. 

Commercial FE codes such as NASTRAN offer also some 
capability in this domain. But the implementation of 
these methods is not fully satisfactory because of 
restrictions which can be severe in same cases. The 
limitations may concern either the geometry of the 
tanks or the type of analysis. As an example the 
sloshing analysis for full 3D models including inner 
structures such as baffles, propulsion management 
device., cannot be established without important 
simplifying assumptions. 


For these reasons SEP and MATRA have developed on 
ESA contract a software which may be interfaced with 
large FE programs used as solvers. The program 
involves none of the limitations described above 
except for the linear behaviour of the system around 
its equilibrium position and assumptions about the 
fluid. Regarding this last point, the basic 
hypothesis is the nature of the fluid which is 
assumed to be incompressible and irrotational. 


Compressibility effects can be considered negligible 
when low frequency - below 500 Hz - behaviour is 
analysed. The latter problem - the liquid is 
irrotational - deals rather with local boundary 
effects. It is clear that around sharp corners such 
as baffle edges turbulent flow is likely to occur. 
However, this kind of limitation is probably not 
critical when considering the purpose of this study. 

2. THEORETICAL ANALYSIS 


The theoretical analysis of the fluid structure 
interaction problem is based on the application of 
Hamilton's principle to the system (Ref. 1) : 



where the displacement potential a) has been selected 
as the fluid variable. 1 



Figure 1 



P 




I 


I 


Proc. Internal. Conf: ‘Spacecraft Structures and Mechanical Testing Noordwijk , The Netherlands, 
24-26 April 1991 (ESA SP-321, October 1991) 
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Definition of the variables : 

u : displacement field of the structure 

displacement field of the free surface 
displacement potential of the fluid. 

Conjugate discretized variables : 

q : generalized displacements of the structure 
: generalized displacements of the free surface 
f : displacement potential of the fluid. 

Unit vectors : i, j, k. 



In this expression, T Is the kinetic energy of the 
structure, V its potential energy (including the 
effect of initial static loads if any). The next 
three terms represent the energy due to the dynamic 
pressure of the liquid. The last term is a complex 
function which describes the potential energy of the 
fluid in the gravity field : 





The correct evaluation of this fluid potential 
energy is required in order to obtain accurate rigid 
body modes. 

It is necessary to add to this principle an equation 
which states that the fluid volume is constant 
without gaps between the structure and the liquid : 

a-T\.) ds* = 0 


I 


( 

’(s;+£) 


Euler's equations of the principle are obtained by 
varying the independent variables u, and . After 
dicretization, these equations can be written in 
matrix form : 


T 

M -D 

0 


9 


K-S 0 

0 


q 

D N_ 

-B 


f 

+ 

0 0 

0 


f 

o -b t 

0 


v _ 


0 0 

C 


V 


0 C4) 


And the "constant volume" condition is 
i T Dq + i T Bi^-0 
where i is a unit vector. 



The displacement potential of the fluid is not 
defined in a unique manner. Any function of time can 
be added to the potential which will still satisfy 
the principle. The mathematical consequence of this 
indetermination is the singularity of the fluid mass 
matrix N. It is possible to choose in the fluid 
domain a reference point where the potential is set 
to zero and thus eliminate the singularity. This 
operation is actually required so that the mass 
matrix N can be inverted. In practice it is 
sufficient to delete one d.o.f. from the matrices N, 
B and D. We write these matrices : N^, B^ and D^. 


It has been shown (Debongnie LTAS and Hamdi UTC) 
that the explicit incompressibility condition is 
required as a direct consequence of the removal of 
the N matrix singularity in order to preserve the 
initial nature of the problem. 

The next step is the elimination of the fluid 
d.o.f.*s f, which is now possible since matrix N, is 
non singular. 

The final set of equations is : 


M + D 






D \ ", 

Vi 





.T .T 

’ V * ’ “l = 0. 



It is also possible to derive . the following 
expression for the dynamic pressure : 


P - - 



(D 1 q + B^) 



If the potential is set to zero at a free surface 
d.o.f. It is important to notice that the 
formulation leads to a symmetric system of 
equations. It is therefore possible to use all the 
functional modules assigned to eigenvalue and 
eigenvector extraction which are available in the 
large FE codes. 


3. PROGRAM ORGANIZATION 

The computer program performs four major steps which 
are described in this section (Ref. 2). 

The first module is the input file processor (IFP) 
which reads the input data deck, recognizes the 
headers and sorts the informations. 

The second module, called the fluid geometry 
processor (FGP) is basically a NASTRAN card decoder 
which interprets the main geometry data. 

The next module, the Boundary Fluid Processor (BFP) 
is dedicated to the analysis of the fluid regions. 
The purpose of this processor is to determine each 
distinct fluid region, defined by nodes and 
elements, as well as their boundaries, either walls 
or free surface. 

In each fluid domain, matching between faces of 
different fluid elements is tested until the outer 
surface of the volume is determined. Then these 
unmatched faces are tested against the structural 
elements in order to detect the wetted walls. 
Remaining faces are usually free surface elements 
unless inappropriate meshing of the fluid volume has 
been performed. 

The axial (Z) position of the grids of the free 
surface elements is checked before these nodes are 
classified as free surface grids. (The z axis is 
assumed to be parallel to the gravity field). 

* 

Further analysis of the "wetted" grids in order to 
assess whether the corresponding fluid node 
potential is uniquely defined. Grids which belong to 
multi-wetted walls, must be assigned different 
potential values according to the fluid 
configuration except for edge grids (figure 2). At 
last the module builds the data input for the fluid 
element subroutines. 
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NASTRAN BUILD DATA DECK 
- GEOMETRY DATA 
STRUCTURE + FLUID 
-ANALYSIS DATA 
(fluid properties, gravity,...) 


GEOMETRY PROCESSOR 


BINARY FILE 
GEOMETRY DATA 
FOR FLUID 

ELEMENTS GENERATION 


MATRIX GENERATOR 
MATRIX ASSEMBLER 


BINARY FILE 
MATRICES 
OUTPUT4 FORMAT 


NASTRAN RUN 
DYNAMIC ANALYSIS 


NASTRAN 
TEST RUNS 
(Option al) 


NASTRAN BULK 
DATA DECK 

- STRUCTURE 
-PLOTEL 

- SPC - MPC 
-DMIG 


PRINTER RLE 
MESSAGES 


DMAP ALTER 
LIBRARY 

\\ / ^ 

— - 

NASTRAN BULK 
DATA DECK 
Supplem. data* 

\ V \l »/. . ^ 



(Oplior a]) 



“ Multi-wetted'' 
Grid 

- 4 different 
Potentials 


Figure 2 


Structure with inner walls 
Definition of multipotential nodes 
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- Eigen vaiue extraction method 

- dynamic excitation 


The last module is the Matrix assembly and 
Calculation Processor (MCP). The various fluid and 
structural matrices are computed and assembled in 
this processor which also includes a bandwidth 
optimizer in order to decrease the storage space 
needed and CPU time for matrix inversion by NASTRAN 
(Ref. 3). In fact the connectivity of the fluid 
elements is not apparent in the final NASTRAN model 
even though the fluid mass matrix is inverted by one 
of the program subroutines. 


4. PROGRAM OPERATION 

The solution of the fluid interaction problem 
requires only two steps. 

In phase 1, the user submits a data deck which 
contains the tank and fluid geometry as the input to 
the fluid software program. It Is in practice a 
standard NASTRAN data deck with only some special 
features which are briefly described here. 

The volume elements of each fluid region are 
identified through their property ID which 
references a special MFLUID card (one per region) 
which also contains added information about the 
position of the free surface (if need be) and fluid 
properties. When gravity effects are to be included, 
the information is delivered through a NASTRAN GRAV 
card. 


The main limitations in the FE model concern the 
elements which are recognized by the code. The tank 
structure may be modelled using any NASTRAN standard 
element, however only CTRIA3 and CQUAD4 elements are 
allowed wetted surfaces. Also the fluid domain has 
to be discretized with the following volume 
elements : CHEXA8, CPENTA and CTETRA. 

It is worth noticing that any actual tank geometry 
can be described with these elements which are used 
on a standard basis by NASTRAN analysts. 

The output of this phase is a number of binary files 
(NASTRAN 0UTPUT4 format) containing the fluid and 
fluid/structure coupling matrices, and a modified 
data deck. All the data related to the fluid domain 
are deleted, except grid cards which may be 
referenced by the structure FE model. On the other 
hand new data are generated, essentially related to 
the matrices introduction procedure (partitioning 
vectors) and the free surface. In the same run a 
message file is created as well as special geometry 
data decks for checks and plotting purposes. 

In phase 2, a modal extraction or dynamic response 
analysis may be directly performed using the data 
deck created in phase 1 and a specialized DMAP alter 
program for matrix introduction and operations. 

It is clear that all the standard analyses - such as 
stress or acceleration calculations - can be run 
without restrictions. 













5. TEST EXAMPLES 


The accuracy of the determination of the sloshing 
modes has been checked on some simple examples where 
the theoretical solution is known (cubic or 
cylindrical reservoir). For instance the sloshing 
modes of a cubic tank with a free surface have been 
computed with only 8 fluid elements and yet the 
eigenvalues found at 1.98 Hz, 2.37 Hz and 2.93 Hz 
are very close to the theoretical eigen frequencies 
(Ref. 4). 

Rigid body behaviour has also been checked. The 
strain energy of the rigid body modes is low and the 
rigid body mass matrix is fairly accurate (the error 
is of the order of 0.2 %). 

The method has been tested in the case of the 
EUROSTAR tank developed by MATRA and SEP. This 
reservoir is composed of 3 parts : a cylinder and 2 
hemispheres on each side. The bottom pole is fixed 
on the supporting structure, while the top pole is 
restrained only in the lateral directions (it is 
allowed to slide in the axial direction). The total 
mass of the structure when it is filled with liquid 
is approximately 340 kg. 

The main sloshing modes are found at 1.73 Hz and the 
sloshing mass is 34 kg. These results are close to 
the values found by other means. 

In the axial direction, the tank behaves like a 
single d.o.f, structure with a resonance at 59 Hz 
and a large modal mass (table 1, figure 3 and 4). 
The lateral behaviour is essentially governed by the 
position of the fixations (offset with respect to 
the poles). Again the modal mass of the first 
lateral mode at 68 Hz is a large fraction of the 
total mass. 

The inertia Iz is very small as it should be. It is 
equal to the inertia of the structure, plus a 
limited amount of fluid due to the polygonal shape 
of the model. This example shows that reasonably 
good results can be obtained with a rather coarse 
model. 


EUROSTAR MODEL 
EIGENVALUES AND MODAL MASSES 



MODAL 

MASS MATRICES 

: DIAGONAL TERMS 


UNITS : TIHE 

» S LENGTH * 

N MASS 

» KG 

FORCE - 

M 

Mo 

FREQUENCY 

T 

T 

T 

R 

R 

R 



X 

Y 

Z 

X 

Y 

Z 

1 

1.73 

11.54 

34.24 

0.00 

0.82 

0.28 

o-.oo 

2 

1.73 

33.91 

11.45 

0.00 

0.28 

0.82 

0.00 

3 

2.08 

0.00 

0.00 

0.03 

0.00 

0.00 

0.00 

4 

2.10 

0.00 

0.00 

0.00 

0.00 

0.00 

0.00 

5 

2.11 

0.00 

0.00 

0.00 

0.00 

0.00 

0.00 

6 

2.36 

0.00 

0.00 

0.00 

0.00 

0.00 

0.00 

7 

58.62 

0.00 

0.00 

335.73 

0.00 

0.00 

0.00 

8 

68.20 

268.83 

24.64 

0.00 

0.04 

0.45 

0.00 

9 

68.21 

24.63 

268.75 

0.00 

0.46 

0.04 

0.00 

10 

115.66 

0.00 

0.00 

0.00 

0.00 

0.00 

0.68 

11 

HI .19 

0.00 

0.00 

0.00 

0.00 

0.00 

0.00 

12 

141.19 

0.00 

0.00 

0.00 

0.00 

0.00 

0.00 

MODAL HASS SUM 

338.91 

339.08 

335.76 

1.60 

1.59 

0.68 

INERTIA MATRIX 

342.48 

342.64 

341.24 

8.98 

8.98 

0.68 

PERCENTAGE 

98.96 

98.96 

98.40 

17.40 

17.75 

99.92 


Table 1 



Figure 3 : EUROSTAR tank - Axial mode N - 59 Hz 



Figure 4 : EUROSTAR tank - Axial load at 

bottom pole measured during axial 
excitation test 


6 . CONCLUSION 

r 

The FE Software which has been developed and 
interfaced with MSC NASTRAN to solve 
fluid-interaction problems is general enough to be 
applicable to the analysis of most reservoirs. In a 
single analysis, sloshing and hydroelastic modes can 
be determined with good accuracy. 










The tank geometry may be very complex, including 
several separate fluid regions, multi-wetted walls 
and free surface. The only potential limitations are 
inherent to the nature of the problem : coupling of 
the structural d.o.f's through the fluid may require 
rather large computer resources when important 3D 
models are developed. 
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ABSTRACT 

In modem spacecrafts a large percentage of the total mass 
consists of fluids. For satellites, this percentage can go up to 
50%, and can be even higher for launcher elements (90% for 
Ariane V central body).To control the spacecraft behaviour the 
two following phenomena must be taken into account: 

-Liquid sloshing for partially filled tanks. 

-Hydroelastic modes. 

To predict these phenomena , a convenient mathematical fluid 
modelling is required. In this study, we propose a new fluid 
modelling formulation based on coupled BEM - FEM technique 
in order to calculate sloshing modes. 

Keywords: Boundary Element Method-BEM, Finite Element 
Method-FEM, Sloshing modes. Hydroelastic modes, variational 
formulation. 


1. THE PROBLEM EQUATIONS 

Let us consider a rigid container partially filled with a liquid 
(figl). This liquid with a density pp is supposed inviscid and 

incompressible and is subjected to gravity acceleration g. Op £ 

and T respectively denote the liquid domain, the wetted surface 
of the container and the free surface of the liquid in the 
equilibrium position. The liquid motion is supposed irrotational 
and small. 



For an harmonic motion of a pulsation co, the potential displa¬ 
cement y of the liquid satisfies the following eigenvalue 
problem: 


Ay = 0 in Of 



ay 

9n 


= 0 


on L 



ay 

an 


4y = o 


on r 



(1) is Laplace's equation describing the incompressibility 
condition of the liquid. 

(2) describes the fluid sliding on the wetted surface X. 

(3) represents the waves equation on the free surface T, where: 

X = f (4) 

We can replace (3) by the following representation: 



ti -X'F = 0 


} 


on r 


(5) 

( 6 ) 


where T| is an auxiliary variable representing the elevation of 
the free surface above the plane T. r\ must satisfy: 


t] dr = o 
r 



This condition results from relation (1). 


2. VARIATIONAL FORMULATION OF THE PROBLEM 

2.1 Integral representation in the fluid domain 

From Green’s second idendity and from boundary condition 
(2), point M in the fluid must satisfy : 


T(M) = [ ti(Q) G(M,Q) dr(Q) - I V(Q) 8Q - M ’ Q) dS(Q) (8) 

Jr Js °hq 

where: S = = luf 


G(M,Q) = 


1 


47t||MQ 


is the Green’s function 


When M is a regular point on boundary S, the two following 
representations are satisfied: 


2 T(M)= / r 


i 


Tl(Q)G(M,Q)dr(Q) -v.pl y(Q) d° (M ’, Q) dS(Q) (9) 

S dn Q 


1 


w(M) = 




T)(Q) dT(Q) - p.f ( y(Q) <*-933 dS (Q) 

driM J s 


M 


fs 5n M 9nQ Q 0 ) 
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where: 


a'P(M) fO for Ms X 

W (M) = -3 -= 1 

<™M t| for Me F 


( 11 ) 


(v.p) is Cauchy's principal value and (p.f) is Hadamard's finite 
part. 

The solution of problem (1) -- (3) can be obtained using the 
collocation technique to solve the less singular equation (9), 
after taking into account of the equation (3). This gives: 


^F( M ) + v.pj 


vp ( Q) dG( M ,Q) dS(Q) 

driQ 


4 


4'(Q) 4 (M ’ Q) dHQ) 
dn Q 


The collocation method presents two main disadvantages: 
-The first one is due to singularity of integrals. 

-The second one is the non symmetrical final matrix. 


( 12 ) 


To avoid these two disadvantages, the following variational 
equation is associated to equation ( 10 ): 


D 0F,O) -L (0) = 0 VOeH (S) 


(13) 


where: 


DOF 


•*> -1 


¥(Q) d^M.Q) dS (Q) dS ( M ) 


(14) 


L(0) = 


SxS 3n M 3nq 


[ ti(Q) 8G(M,Q) O(M) dT(Q)dS(M) 
»Sxr 3n M 


■a 


r|(M) <D(M) dT(M) 


(15) 


D (¥,<£) is a bilinear symmetric form and L(d>) is a linear form. 
As shown in (Ref. 1), DOF,d>) is also given by: 

D(^o)= - J (n M AV'F).(n Q AVtI>) G(M,Q)dS(Q)dS(M) (16) 
J SxS 

This representation avoids the explicit evaluation of the finite 
part for the singular integral in equation ( 10 ). 

For a known elevation of the free surface T], the potential *F 
makes the following functional stationary : 


T m = 1 D OF, y) - L OF) 


(17) 


In the same way, the following variational equation is 
associated to the equation (3),: 


J 0 (r|,£) - a > 2 C(^) = 0 


V^g H 1/2 (r) 


(18) 


where: 


K(T]£) =pfg I T](M) £(M) dT(M) 


C© 




'P(M) !;(M) dT(M) 


(19) 


( 20 ) 


Green's idendity allows to transform the linear form C(^) as: 


«.(T1 


.4) = ipf f{F(ti)^ + F©Ti}dr 


( 22 ) 


The solution (co,r|) of (1) - (3) will be obtained by making the 
following functional stationary: 


R(n) = fcCn.ri) - m 2 H(n,n) 


(23) 


under condition: 


ridr = 0 


(24) 


JC(T|,T|) : is the potential energy caused by gravity field on the 
free surface T. 

co M(ti,ti) : is the fluid cinetic energy. 


3.DISCRETISATION 

After discretisation of the boundary S by the finite element 
method and making the discrete form of the functional (17) 
stationnary , the following algeraic system is obtained: 


[D] PF/ S ) = [B - 1/2 C] 


(25) 


where: 


[D] : is the admittance operator given by discretisation of the 
bilinear form D(¥,¥). The [D] matrix is singular at first 
order. 

[B - 1/2 C] T : is the operator given by discretisation of the 
linear form LOF). 

After inverting [D] at the (n - 1) order, the discrete form of 
application F is obtained. 


[F] = [D ]- 1 [B - 1/2 C] T 


(26) 


The sloshing modes of the liquid are obtained by solving the 
following eigenvalue problem: 


K g L 
|T 0 


Mo 0 


= (°) 

0 0 ' ' 


(27) 


[Kg] : is a stiffness matrix obtained by FEM discretisation of 
the bilinear symmetrical form 1 C(r|,T|). 

[Mg] : is a mass matrix obtained by BEM discretisation of the 
bilinear symmetrical form Pl(r[,T|). 


[Mg] = 1/2 { [C] [F] +([C] [F] ) T } 


(28) 


JC(rj£) is a bilinear form and C(^) is a linear form. 

The stationarity of the functional FOF) eq. (16), allows to 
construct the application: 


{L): is a vector describing the incompressibiliy condition equa¬ 
tion (24) 

p : is Lagrange's multiplier. 




( 21 ) 
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4. NUMERICAL RESULTS 

Several geometrical container are investigated to calculate the 
sloshing modes, the simplest ones are the cube and the 
cylinder for which analytical solutions are known. The liquid 

is watter with = 1000 kg/m 3 subjected to gravity g = 10 m/s 2 . 
4.1 The cube exemple. 

The discretisation of the boundary S is performed with 
quadran- gular finite element. 



boundary fluid mech 
figure 2 


Table 1: Numerical and analytical frequency . 






Mode 6 


Mode 7 



Mode 8 


Mode N* 

Numerical 

Freq.(Hz) 

Analytical 

Fieq.(Hz) 

%Error 

1 

1.97679 

1.99098 

0.71 

2 

1.97685 

1.99098 

0.71 

3 

2.3532 

2.37179 

0.78 

4 

2.8105 

2.82093 

0.36 

5 

2.8161 

2.82093 

0.T7 

6 

2.9722 

2.98278 

0.35 

7 

2.9722 

2.98278 

0.35 

8 

3.3547 

3.35469 

0.00 

9 

3.4709 

3.45494 

-0.46 

10 

3.4709 

3.45494 

-0.46 


MODESHAPES 






4.2 The cylinder exemple. 



figure 3 


Table 2: Numerical and analytical frequency . 


Mode N* 

Numerical 

Freq.(Hz) 

Analytical 

Freq.(Hz) 

%Euox 

1 

2.1651 

2.1582 

-0.32 

2 

2.1651 

2.1582 

-0.32 

3 

2.7922 

2.7814 

-0.38 

4 

2.7922 

2.7814 

-0.38 

5 

3.1159 

3.1154 

-0.02 

6 

3.2841 

3.2621 

-0.67 

7 

3.2841 

3.2621 

-0.67 

8 

3.7027 

3.6700 

-0.89 

9 

3.7027 

3.6700 

-0.89 

10 

3.7115 

3.6748 

-1.00 


MODESHAPES 
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Mode 4 


Mode 5 


5. CONCLUSION 

The variationnal formulation presented here avoids the discre¬ 
tisation of the fluid domain, and leads to symmetric fluid 
matrices. This can be solved by standard eigenvalue 
algorithms. Compared to FEM, this method has the main 
advantage of permitting an automatic condensation of the 
internal fluid degrees of Freedom . 

This is performed by developping a prototype software which 
consists of a coupling between PATRAN for pre-post 
processing , ASKA for FEM structural computations and 
RAYON for BEM fluid modelling. 
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TUNING REQUIRED FOR EXPERIMENTAL MODAL ANALYSIS 


Norbert Niedbal, Erhard Klusowski* 
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Gottingen, Fed. Rep. of Germany 


ABSTRACT 

Experiences gained with present modal survey test tech¬ 
niques range from excellent results to unrealistic normal 
mode parameters. Present experimental modal analysis 
procedures suffer under the absence of a criterion for 
optimal exciter placement. In order to increase the reli¬ 
ability and robustness of modern identification methods, 
a technique for optimal exciter point selection was devel¬ 
oped based on combinatorical optimization. Applying 
three force tuning procedures published in the past and a 
new method, reliable normal mode parameters of an ana¬ 
lytical eleven-degree-of-freedom system and of a real 
structure could be determined, which verifies the perform¬ 
ance of the proposed technique. 


Keywords: structural dynamics, phase resonance, phase 
separation, normal mode parameters, optimal exciter 
points, optimal exciter forces. 


1. INTRODUCTION 


In order to improve the performance and efficiency of 
aerospace vehicles, the entire design has to be optimized. 
Reducing the structural masses while simultaneously 
increasing the payload and enlarging the dimensions are 
factors which add to the structural dynamic problems. 
Extensive finite-element investigations and modal survey 
tests provide the data base for analyzing and optimizing 
the dynamic behavior of such structures. 

Therefore, modal survey testing plays an important role in 
the qualification procedure of these structures. In the past, 
most modal survey tests on large and complicated aero¬ 
space structures were performed mainly by means of the 
phase resonance method (sine dwell test). Excitation at the 
normal frequencies with an appropriated exciter config¬ 
uration is the basic concept behind this test procedure 
(Refs. 1 , 2). In this case, the structure under consideration 
will respond with only one real normal mode, thus pre¬ 
senting an opportunity to measure the real normal mode 
directly. However, the questions: 

• How many exciters are necessary? 

• Where to place the exciters? 

• How to tune the exciter forces? 

+ Dr.-Ing. Norbert Niedbal, Dipl.-Ing. Erhard Klusowski: DER - 
Dept, of Structural Dynamics 


require a solution. Some force tuning procedures have been 
published which calculate the exciter force distribution by 
means of measured structural responses. But, in the 
absence of powerful microcomputers and optimal exciter 
point selection criteria, the application of these procedures 
within a modal survey test was difficult and time-consum¬ 
ing. Therefore, a computer-aided intuitive-iterative exciter 
force appropriation technique was applied (Refs. 3 , 4). 
Powerful process computers now enable systematic 
selection of the optimal exciter points and calculation of 
appropriated exciter forces by means of measured response 
data. The a priori information necessary for these calcu¬ 
lations can be gathered by means of various sweep-runs. 

By solving the present shortcomings, a new computer-aid¬ 
ed test management system can be realized which supports 
the test engineer. By employing the phase resonance 
method, the intuitive-iterative selection of excitation forces 
for the specific characteristics of the eigenmodes is sup¬ 
ported and partially replaced by a systematic strategy. 
This should shorten the test, duration while simultaneously 
retaining the high reliability and accuracy of the phase 
resonance method. Utilizing phase separation techniques, 

suitable excitation vectors are necessary as well, since only 
sufficiently excited eigenmodes can be calculated from 
complex structural response data by means of mathemat¬ 
ical algorithms. 

The new computer-aided test management system and the 
determination of optimal exciter points and exciter forces 
has been applied by simulating experimental modal analy¬ 
sis techniques on an analytical eleven-degree-of-freedom 
system and by performing a modal survey test on the real 
structure SI MOD. The results of all investigations and 
tests performed within this investigation document the 
necessity of optimal exciter placement and force vector 
tuning in order to obtain accurate and reliable normal 
mode parameters. 


2. BASIC DYNAMIC EQUATIONS 

Assuming a linear elastomechanical system with np physi- 
cal-degrees-of-freedom (measurement points) and void of 
gyroscopic effects, the equilibrium of the inertial, stiffness, 
structural damping and external forces of a harmonically 
vibrating structure leads to the equations of motion 

( — co 2 m +/d + k) u = F . (1) 

The physical mass, damping and stiffness distributions are 
represented by the symmetric quadratic matrices m, d and 
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k of order np. u is the vector of the structural responses 
due to the external excitation vector F, both of order np. 

The complex structural response vector u may be described 
by a series expansion of ng normal modes <J> r of order np 

u - d>q . (2) 

Matrix O is the modal matrix. The ng normal modes in the 
frequency range of interest are equivalent to from one 
third to one tenth of np or even less. Column vector q of 
the order ng comprises the generalized coordinates. Intro¬ 
ducing Eq. (2) into Eq. (1) and premultiplying by <P 7 , Eq. 
(2) yields 

(-w 2 M+yD + K)q = <D r F . (3) 

From a physical standpoint, the matrix transformation 
denotes a change from a force equation into an energy 
equation and a reduction of the physical-degrees-of-free- 
dom from the order np to ng of the normal modes. 
According to Eq. (1), the matrices M, D and K are called 
the generalized mass, generalized damping and generalized 
stiffness matrix, respectively. The orthogonality conditions 
of the normal modes require the diagonal generalized 
matrices M and K. On the other hand, real structures have 
physical damping distributions which may not be propor¬ 
tional to the physical mass and stiffness distributions. 
Therefore, the generalized damping matrix D also has off- 
diagonal terms. Here, a structural damping law is assumed 

D = TK (4a) 

which defines the global structural damping coefficient of 
the r-th normal mode in cases of proportional damping 
distribution as 

D r 

Vr = -f- . (4b) 

and Eq. (3) reads 

( - co 2 M + K (I + jT)) q = <E> r F . (5) 

The measurement of the normal mode parameters, which 
control Eqs. (3) and (5), is accomplished by the modal 
survey test: 

• normal circular frequencies c o r 

• normal modes <P r 

• generalized masses M r 

• damping factors y r or the generalized damping 
matrix D. 


2.1 Phase Resonance Method 


external excitation forces compensates for the structural 
damping energy, Eq. (7a). Eqs. (7a and b) define the phase 
resonance criterion. A proven tool to fulfill this objective 
is the indicator function (Ref. 3). More detailed informa¬ 
tion concerning the application of this phase resonance 
technique is given in Ref. 4. 

All indicator function values determined in reference to the 
analytical investigations were calculated according to 
Breitbach (Ref. 3). As the modal survey test of the 
SI MOD structure was controlled by means of a small 
personal computer only, the indicator function values of 
the SIMOD structure were determined by means of 

np 

I im («,•) I (I im («,) | + | re («,) I) 

T = ^-yr p --- . (8) 

(I im («,■) I + |re(«,.)|) 2 

i= 1 

The T-function is defined in the region 0 < T < 1 and 
reaches a value of 1 for the phase purity of a normal mode. 

Four procedures were applied to determine the generalized 
mass values and damping factors while performing the 
modal survey test on the SIMOD structure. A detailed 
description of these methods is presented in Ref. 5. 


2.2 Phase Separation Method 

A broad spectrum of phase separation methods has been 
developed in the past in order to avoid the time-consuming 
force appropriation of the phase resonance method (sine 
dwell) and to reduce the required test effort and test peri¬ 
od. The equations of motion are formulated in the phase 
separation methods such that only the damped or complex 
normal modes are identified, thus precluding a direct 
comparison and correlation with results of finite-element 
calculations. In order to eliminate this shortcoming, the 
complex normal modes have to be transformed into real 
normal modes (Refs. 6 , 7). 

All phase separation methods are similar in that they 
measure the complex responses and calculate the normal 
mode parameters by means of a numerical procedure. The 
method described in Ref. 7 was selected for this investi¬ 
gation. The complex response vector u due to the excitation 
forces F can be formulated by means of the normal mode 
parameters as follows: 


u = 





Considering real exciter forces with harmonic signals, the 
structure will also vibrate in a harmonic manner, but with 
a phase lag <p relative to the excitation which allows the 
separation of Eq. (3) into its real and imaginary parts: 


2 r T t 

( — co M cos (p + K cos (p - D sin <p) q = <t> F (6a) 

( — co 2 M sin (p + K sin (p -f D cos (p) q = 0 . (6b) 

A phase shift of 
• (p ~ 90° yields 

- Dq = <D r F (7a) 

( - w 2 M + K) q = 0 . (7b) 


Eq. (7b) is satisfied if the excitation frequency is identical 
to the normal frequency and if the input energy of the 


Normalization of the mode shapes <t>^ assumes that the 
input energy <I> 7 F divided by the generalized mass is equal 
to unity. X r represents the eigenvalues and co is the circular 
frequency of the excitation. Eq. (9) yields in matrix nota¬ 
tion 

u = ® N S . (10) 

Taking a measurement on the left-hand side designated 
"a" and one on the right-hand side designated "/T of each 
normal frequency, Eq. (10) allows elimination of 'the 
unknown normal mode shapes 

= S a .W . (II) 

Matrix W contains the measured complex responses 

W = («>,)-> u 2 u„ . (12) 
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The condition number of matrix W supplies information 
if ng normal modes were excited and included in Eq. (12). 
Here, close interaction with Asher's effective-degrees-of- 
freedom formulation (Ref. 8) can be noted. Eq. (11) allows 
formulation of the polynomial 


ng ng 

X i v \ 


P\2 


P(A): = ng- 2,2, 


W. 


rs 


S = If SB 1 


^ - (o>s) 
X - (co“) 2 


0 


(13) 


The normal modes are determined by Eqs. (10). According 
to the normalization included in Eqs. (9), the generalized 
masses are calculated by 

Mr = F , (14) 


at least the fundamental effects. The physical damping 
values of the damping distributions Dl, D2 and D3 are 
also presented in Table 1 and are pictured in Figure 2. The 
damping distribution Dl simulates damping proportional 
to the stiffness values. This decouples the dynamic Eq. (3) 
and sets up an ideal situation for modal survey testing. 
Damping distribution D2 counterfeits local damping con¬ 
centrations, and distribution D3 has unsymmetric damp¬ 
ing values compared to the symmetric stiffness distribu¬ 
tion. Damping distribution D3 simulates the most difficult 
real structure situations .and leads to complex normal 
modes when phase separation procedures are applied. 
Here, results of damping distributions Dl and D3 are 
presented only. 


assuming renormalized normal modes, e.g. the largest 
deformation equal to 1.0. 


3. DESCRIPTION OF THE TEST MODELS 


3.1 Analytical Test Models 

In order to check the performance of the proposed tech¬ 
niques, an analytical eleven-degree-of-freedom model was 
tuned to simulate a real structure's dynamic behavior. A 
sketch of this model is shown in Figure 1 and the physical 
mass and stiffness values are given in Table 1. 



Fig. 1 Analytical Model with Eleven-Degrees-of-Freedom. 


Nodal 

Point 

Phys. 

Masses 

Phys. 

Sti finesses 

Local Damping Factor 

No. 

kg 

kg s‘ J 

Dl 

D2 

D3 

1 

1.0 

2421.4 

0.04 

0.10 

0.04 

2 

6.0 

2989.4 

0.04 

0.04 

0.05 

3 

1.0 

3690.6 

0.04 

0.10 

0.06 

4 

0.6 

4556.3 

0.04 

0.04 

0.07 

5 

1.0 

5625.0 

0.04 

0.04 

0.08 

6 

1.0 

18000.0 

0.04 

0.10 

0.09 

7 

1.0 

5625.0 

0.04 

0.04 

0.10 

8 

0.6 

4556.3 

0.04 

0.04 

0.11 

9 

1.0 

3690.6 

0.04 

0.10 

0.12 

10 

6.0 

2989.4 

0.04 

0.04 

0.13 

11 

1.0 

2421.4 

0.04 

0.10 

0.14 


Table I Physical Masses, Stiffnesses and Structural 
Damping Factors of the Analytical Model . 

As the damping distribution significantly influences 
dynamic behavior in modal survey testing, three structural 
damping distributions were taken into account to simulate 



The appropriated normal frequencies, generalized masses 
and global structural damping factors are shown in Table 
2. The normal frequencies show a frequency cluster of four 
normal modes in the frequency range between 7.7 cps and 
9.3 cps. The real normal modes are illustrated in Figure 3; 
the deformation values are given in Table 3. 


Mode 

Normal 

Frequency 

Generalized 

Masses 

Global Damping Factor 

No. 

Hz 

kg m 2 

Dl 

D2 

D3 

1 

1.71 

14.25 

0.04 

0.0618 

0.09 

2 

1.82 

13.85 

0.04 

0.0569 

0.09 

3 

7.70 

5.76 

0.04 

0.0675 

0.09 

4 

8.18 

3.00 

0.04 

0.0837 

0.09 

5 

8.75 

3.52 

0.04 

0.0877 

0.09 

6 

9.26 

5.64 

0.04 

0.0563 

0.09 

7 

13.40 

3.71 

0.04 

0.0661 

0.09 

8 

14.62 

3.86 

0.04 

0.0626 

0.09 

9 

21.49 

1.74 

0.04 

0.0683 

0.09 

10 

22.13 

1.87 

0.04 

0.0605 

0.09 

11 

28.64 

1.17 

0.04 

0.0687 

0.09 


Table 2 

Normal 

Frequencies , 

Generalized Masses 

and 


Global 

Model. 

Damping 

Factors 

of 

the 

Analytical 

1 -too 

-100 

-91 

100 

100 

73 

-4 

-2 

0 

0 

0 

2 -95 

-95 

-3 

-9 

-25 

-29 

8 

6 

-1 

i 

0 

3 -69 

-66 

63 

-49 

25 

86 

-100 

-91 

32 

-29 

2 

4 -46 

-40 

100 

-46 

45 

100 

4 

38 

-100 

100 

-12 

5 -27 

-18 

83 

-28 

43 

67 

85 

100 

33 

-50 

28 

6 -10 

0 

35 

0 

19 

0 

43 

0 

34 

0 - 

100 

7 -27 

18 

83 

28 

43 

-67 

85 

-100 

33 

50 

28 

3 -46 

40 

100 

46 

45 

-100 

4 

-38 

-100 

-100 

-12 

9 -69 

66 

83 

49 

25 

-86 

-100 

91 

32 

29 

2 

10 -95 

95 

-3 

9 

-25 

29 

8 

-6 

-1 

-1 

0 

11 -100 

100 

-91 ■ 

-100 

100 

-73 

-4 

2 

0 

0 

O 

1 

2 

3 

4 

5 

6 

7 

8 

9 

10 . 

1 1 

Table 3 

Real Normal Modes of the Analytical Model. 
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Fig. 3 Normal Modes of the Analytical Model. 


Due to the proportionality of distribution Dl, the general- 
ized damping matrix is a unity matrix. The orthonormal- 
ized, generalized damping matrix of the physical damping 
distribution D3 is presented in Table 4 which shows sig¬ 
nificant damping coupling between neighboring normal 
modes. The maximum off-diagonal term is then equal to 
37 between normal modes 5 and 6. 


1 100 

2 -28 100 

3 0 -14 100 

4 7 0 37 100 

5 0-60 -33 

6 -fl 0-5 o 

7 0 -2 0 -e 

8-2 0 6 o 
9 0 0 0 o 

10 0 0 0 o 

11 0 2 0 2 

12 3 4 


100 

-36 100 

0 17 100 

4 0 -26 100 

o i o a ioo 

0 0 -4 0 25 100 

0 -3 0 -5 0 9 

5 6 7 8 9 10 


100 

11 


Table 4 Orthonormalized Generalized Damping Matrix 
of Damping Distribution D3. 


3.2 Real Test Model SIMOD 

The overall dimensions of the SIMOD (Simple MODel) 
structure are 1.10m (height), 1.05m (width) and 0.60m 
(depth). The total mass of the structure is about 206 kg. 
The material is aluminium and steel. Most panels are 
sandwich plates with aluminium sheets. The complete test 
structure clamped on a seismic block is shown in 
Figure 4. 

To obtain modal densities similar to real satellite struc¬ 
tures, the panels were equipped with a large number of 
rigid masses as shown in Figure 4. The "payload" mass of 
the SIMOD is equal to 129.3 kg; the total mass of the 
structure amounts to 71.7 kg leading to a mass ratio 
between payload and structure of 1.8:1. 



Fig. 4 SIMOD Test Structure. 


4. ESTABLISHMENT OF AN A PRIORI DATA BASE 


Computer-aided localization of the optimal exciter posi¬ 
tions and calculation of exciter forces requires a priori 
information on the structural dynamic behavior of the 
structure. One possibility for collecting this data is to per¬ 
form several sweep-runs and to store the structural defor¬ 
mations at the resonance or indicator function peaks 
(peak-picking method) as an approximation of the normal 
modes and normal frequencies. In order to create a reliable 
and adequate data base, the data set has to be condensed 
to the effective number of normal modes located in the 
frequency range of interest. 

Some procedures have been published to determine the 
number of degrees-of-freedom and/or to correlate normal 
mode shapes. However, the original idea behind these 
procedures was not aimed at the establishment of a data 
base to realize a computer-aided test management system. 
The following criteria are taken into consideration: 

• effective-degrees-of-freedom Ref. 8, 

• orthogonality test, 

• modal scale factor Ref. 9 and 

• modal assurance criterion Ref. 10. 

All criteria have to be assessed from an aerospace engi¬ 
neering point of view. Present and future complex space¬ 
crafts are composed of many substructures, boxes, tanks, 
antennas etc., which may lead to many local normal modes 
in addition to some global normal modes. Due to the 
complexity of the structure and the limited number of 
deformation sensors, deformations of local modes are 
measured by one or two sensors only. All criteria presented 
above are global criteria taking into account all defor¬ 
mations simultaneously. Discrepancies for one or two def¬ 
ormations compared to the correlation of mode shape def¬ 
ormations for a hundred of measurement points will not 
result in a significant criterion value. Therefore, the rela¬ 
tive deviation of all individual measurement stations 

Id). - d>. [ 
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is calculated, where i represents a component of the 5 -th 
and r -th eigenvectors. For small normal mode components 
the absolute elevation £ abs is regarded which means the 
numerator of Eq.(15) is taken into account only. If all 
normal mode components fulfill or violate a given value 
of £ , the two normal modes are defined as identical or 
different. By means of this difference criterion, all meas¬ 
ured structural deformations are compared and the result¬ 
ing independent displacement vectors with best indicator 
function values form the desired data base. 

The performance of the proposed technique is documented 
with test results gathered on the real structure SI MOD. 
Nine exciter configurations have been selected to identify 
all normal modes in the frequency range up to 100 Hz. 
Based on this information, 129 peaks of the T-function 
have been localized, each of which indicates a normal 
mode. By means of the difference criterion, Eq.(15), all 
measured structural deformations have been analyzed and 
21 independent deformation vectors have been identified. 
Table 5 presents the condensed listing of the identified 
normal modes. They are designated "SWP" (sweep) fol¬ 
lowed by two marks first indicating the number of the 
frequency sweep and secondly the number of the identified 
norma! modes. 


NO. 

MODE 

FREQUENCY 

PRC 

NC 

1 

SWP03-01 

5.109 

878 

2 

2 

SWP01-02 

5.530 

805 

0 

3 

SWP06-03 

7.639 

923 

1 

4 

SWP01-04 

9.748 

929 

2 

5 

SWP06-05 

14.387 

665 

1 

6 

SWP09-06 

16.918 

800 

4 

7 

SWP02-07 

19.237 

960 

4 

8 

SWP09-08 

34.420 

920 

3 

9 

SWP05-09 

35.264 

825 

3 

10 

SWP08-10 

56.984 

789 

6 

11 

SWP08-11 

58.038 

803 

5 

12 

SWP07-12 

62.677 

918 

3 

13 

SWP09-13 

63.310 

919 

4 

14 

SWP01-14 

71.955 

839 

3 

15 

SWP06-15 

75.119 

970 

3 

16 

SWP05-16 

77.016 

949 

4 

17 

SWP04-17 

82.077 

745 

3 

18 

SWP05-18 

85.030 

906 

5 

19 

SWP09-19 

89.247 

787 

3 

20 

SWP03-20 

95.362 

835 

4 

21 

SWP04-21 

97.893 

860 

5 


DISPLACEMENT VECTORS BEFORE CORRELATION : 129 
DISPLACEMENT VECTORS AFTER CORRELATION : 21 


Table 5 Condensed Data Set of Displacement Vectors of 
the SI MOD Structure Resulting from Sweep- 
Runs. 


5. OPTIMAL EXCITER PLACEMENT 


A literature study concerning exciter force tuning (Refs. 
11-16). points at the influence of exciter placement and at 
the necessity of localizing optimal exciter points to guar¬ 
antee reliable results from the force tuning procedures. 
Craig and Su (Ref. 17) stated in an investigation of multi¬ 
ple-shaker resonance testing: "... the combination (6,8) 
produced very good second and third modes because each 
of these points is almost on a node line of one mode while 
it has large amplitude in the other mode". Salama, Rose 
and Garba presented a paper (Ref. 18) on the optimal 
placement of excitations and sensors to maximize the 
observed measurements by means of finite-element infor¬ 
mation. The task is solved by combinatorical optimization 


based on kinetic and strain energy criteria. The method for 
optimal exciter placement proposed here is based on the 
formulation described in Refs. 14, 15. In order to excite 
only one normal mode, the input energy is tuned requiring 



The necessity of tuning the exciter forces, even for phase 
separation test techniques, is neither generally accepted 
today nor taken into consideration in present modal survey 
testing. The literature study shows clearly that all publi¬ 
cations concerning exciter force tuning focus exclusively on 
the problem of force appropriation with the sine-dwell 
method. 

The basic idea behind the phase separation test technique 
is to avoid tuning of the exciter forces and to decompose 
the complex structural responses into normal mode 
parameters by means of numerical algorithms. As most 
arbitrary exciter configurations produce complex struc¬ 
tural responses, phase separation test techniques are 
assumed to be much simpler and more efficient. However, 
it is essential not to produce complex structural responses 
only. The phase separation method (Refs. 4, 7) applied in 
this investigation - and possibly all phase separation pro¬ 
cedures - requires the excitation of all normal modes of 
interest with amplitudes which allow correct measure¬ 
ments. Normal modes outside the frequency range of 
interest must not respond or the responses must be negli¬ 
gible compared to the structural responses of interest. This 
criterion is difficult to control and, therefore, remains 
uncontrolled in most of today's modal survey testing. The 
expansion of Anderson's method, Eq. (16), now offers an 
opportunity to control the input energy of the normal 
modes which leads to 



As the formulation is identical to the one applied for phase 
resonance testing, Eq. (16), optimal exciter point localiza¬ 
tion is identical for both phase resonance and phase sepa¬ 
ration methods. 


If, for example, five normal modes have to be taken into 
account, then the best combination of five observation/ 
control points must be sought. Assuming, for example, 
np — 50 measurement points (and the same number of 
potential exciter points) and ng = 5 normal modes, the 
maximum number of combinations is equal to 



np'- 50! 

(np - ng)< ng! (50 - 5)! 5! 


2.1 • 10 6 . 


(18) 


Here, the optimal combination of the ng excitation points 
is selected by combinatorical optimization applying the 

condition numbers of the ngxng submatrices <J>" as crite¬ 
rion. 


5.1 Results of the Analytical Model 

The isolation of normal modes 1 and 2 results in 55 exciter 
point combinations acc. to Eq. (18) which are presented in 
Table 6 combined with the appertaining condition num¬ 
bers (multiplied by a factor of 1000). The optimal combi¬ 
nation is given by the condition number 1.0 (no. 55) and 
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CONDITION NUMBERS 


1 

3 

3 

25 

25 

28 

28 

47 

47 

72 

72 

75 

75 

116 

116 

163 

163 

187 

187 

190 

190 

559 

559 

652 

24 

652 

687 

687 

705 

705 

707 

707 

927 

965 

965 

976 

976 

981 

981 

982 

982 

989 

995 

995 

997 

997 

997 

997 

47 

998 

1000 

1000 

1000 

1000 

1000 

1000 

1000 

1000 















OPTIMAL 

EXC1 TER 

POINTS 




















1 

10 

1 

9 

2 

9 

1 

8 

3 

8 

2 

8 

1 

4 

7 

3 

7 

2 

7 

1 

7 

5 

6 

4 

2 

11 

2 

10 

3 

11 

3 

9 

4 

10 

4 

1 1 

4 

5 

8 

5 

9 

5 

10 

5 

11 

6 

7 

6 


1 

2 

3 

4 

5 

6 

7 

8 

9 

10 

1 1 

12 

13 

14 

15 

16 

17 

18 

19 

20 

21 

22 

23 

1 

6 

3 

6 

2 

6 

1 

6 

5 

4 

5 

3 

5 

2 

5 

5 

1 

4 

4 

3 

4 

2 

4 

1 

2 

a 

6 

9 

6 

10 

6 

1 1 

7 

7 

8 

7 

9 

7 

10 

11 

7 

a 

9 

a 

10 

8 

11 

8 


24 

25 

26 

27 

28 

29 

30 

31 

32 

33 

34 

35 

36 

37 

38 

39 

40 

41 

42 

43 

44 

45 

46 

1 

3 

2 

3 

1 

3 

2 

2 

1 

1 















2 

9 

9 

10 

9 

11 

10 

1 1 

10 

1 1 
















47 

48 

49 

50 

51 

52 

53 

54 

55 
















Table 6 Condition Numbers and Exciter Point Combinations of the Normal Modes 1 and 2. 


CONDITION NUMBERS 


1 576 

576 

587 

587 

607 

607 

610 

610 

631 

631 

636 

24 71 1 

711 

721 

721 

723 

723 

724 

724 

761 

761 

781 


OPTIMAL 

EXCITER 

POINTS 








1 1 

1 

2 

2 

1 

2 

2 

2 

1 

1 

1 

2 5 

6 

3 

5 

6 

3 

3 

4 

3 

2 

5 

3 6 

7 

7 

9 

9 

6 

8 

9 

10 

9 

10 

4 1 1 

11 

10 

10 

10 

11 

10 

10 

11 

11 

1 1 

1 

2 

3 

4 

5 

6 

7 

8 

9 

10 

11 


1 

1 

2 

1 

1 

1 

2 

1 

2 

1 

2 

1 

2 

3 

4 

3 

6 

5 

4 

4 

4 

3 

3 

4 

3 

8 

9 

6 

9 

6 

7 

8 

8 

9 

9 

9 

4 

10 

1 1 

11 

11 

10 

11 

10 

1 1 

10 

1 1 

10 


24 

25 

26 

27 

28 

29 

30 

31 

32 

33 

34 


Table 7 Condition Numbers and Exciter Point 


the measurement points 1 and 11 are the appropriated 
exciter points. As shown in Table 6, all exciter point com- 
binations from 31-55 result in condition numbers larger 
than 0.92, which indicates acceptable exciter placement. 
All these exciter point combinations include one exciter 
point to the left and one to the right of the symmetry axis. 
The combinations from 21-30 give condition numbers from 
0.71 to 0.56. Here, all combinations include measurement 
point no. 6 which is located in the nodal line of normal 
mode no. 2. The combinations from 1-20 show condition 
numbers smaller than 0.2, as both exciter points are 
located on either the left or the right side only. The exam¬ 
ples demonstrate the performance of the proposed tech¬ 
nique and correlate with experiences from modal testing. 

For isolation of normal modes no. 3-6, the best exciter 
point combination has to be selected from 330 possible 
exciter point combinations. Table 7 gives the best 46 con¬ 
dition numbers and the appertaining exciter point combi¬ 
nations. The highest condition number is 0.928 and the 
optimal exciter points are the nodal points 1,4, 8 and 11. 
The results of the four-normal-mode example demonstrate 
the complexity of optimal exciter point selection but still 
allow a physical interpretation. 

Due to space limitations, detailed results on the real test 
model SI MOD are not presented here. The global results 
of the modal survey test will prove the proposed technique. 


636 

641 

641 

654 

671 

671 

677 

677 

687 

687 

691 

691 

781 

787 

787 

885 

907 

910 

910 

921 

921 

927 

927 

928 
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1 

1 

2 

1 

1 

1 

2 

1 

2 

1 

2 

2 

4 

2 

3 

4 

6 

5 

5 

3 

5 

4 

5 

7 

10 

8 

9 

6 

8 

7 

7 

7 

9 

7 

8 

11 

11 

11 

10 

11 

11 

10 

11 

10 

11 

10 

11 

12 

13 

14 

15 

16 

17 

18 

19 

20 

21 

22 
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2 

1 

2 

1 

1 

1 

1 

1 

1 

1 

1 

1 

3 

5 

3 

3 

5 

3 

4 

3 

5 

4 

5 

4 

6 

9 

7 

9 

7 

8 

9 

7 

9 

7 

8 

8 

11 

10 

11 

11 

11 

11 

11 

11 

11 

11 
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11 

35 

36 

37 

38 

39 

40 

41 

42 

43 

44 

45 
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Combinations of the Normal Modes 3-6. 

6. TUNING OF THE EXCITER FORCES 

In order to assess the potential of published exciter force 
appropriation techniques, various proposals and methods 
have been analyzed (Refs. 11-16). All procedures aim at 
force appropriation for application of the sine-dwell test 
only. Some of the procedures are based on similar concepts 
and/or formulations thus allowing a condensed presenta¬ 
tion. 


6.1 Method of Traill-Nash, Asher and Ibanez 

One of the most original contributions concerning force 

appropriation is given in Refs. 11, 12. Exciting the struc¬ 
ture at a normal circularjrequency c o r with ng linear inde¬ 
pendent exciter forces F, defines the complex response 
matrix u. According to the phase resonance criterion, Eq. 
(7), the real parts u' of the responses must vanish. This 
allows the formulation of ng linear, homogeneous 
equations with ng unknowns a r as 

u' a r — 0 . (19) 

Eq. (19) has a solution, since u' is of the order (ng - I) 
which leads to the required force distribution 

F r = aj F, . (20) 
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The solution of Eq. (19) requires a minimum of ng obser¬ 
vation (measurement) points and Eq. (20) demands ng 
exciter vectors F, . Hereafter, this technique will be called 
Asher's method. 


6.2 Method of Morosow/Ayre and Anderson 

Another approach to shaker force appropriation based on 
the imaginary part of the structural responses was devel¬ 
oped by Morosow and Ayre (Ref. 14) and by Anderson 
(Ref. 15). Both procedures are based directly on the modal 
force formulation (input energy). The determination of a 
force vector F r over a set of modes is quantified by a finite 
value of 1.0 for the input energy of the target mode and 
by an input energy value of zero for every other mode in 
the set. This requirement can be expanded to define similar 
force vectors for the successive isolation of each mode in 
the group. 

0' r F = I . (21) 

A solution for Eq. (21) can be obtained by inversion 

F = (S' 7 )-' . (22) 

Here, this procedure will be labelled Anderson's method. 


be achieved by adding the condition of a real exciter vec¬ 
tor, but eigenvalue formulations (Refs. 12, 13, 16, 19) seem 
more promising. Therefore, taking into account Eq. (25) 
while minimizing the input energy of the real part compo¬ 
nents and establishing the input energy of the objective 
normal mode, the eigenvalue formulation 

<u ,T f 

min - = X (26) 

d>" F 

can be derived. However, Eq. (26) considers the structural 
responses of the excitation points only. In order to improve 
this formulation, a least square solution is applied and 
yields 

(<J>' T _ x <l >" T O'") F = 0 . (27) 

Comparing Eq. (27) to Eq. (24) from Hunt's method 
shows that both equations are based on similar formu¬ 
lations. However, Eq. (27) does not require physical mass 
values and represents a simpler formulation. In the com¬ 
parison of selected force tuning procedures, the method 
given by Eq. (27) is called Niedbal's method. 

7. COMPARISON OF MODAL SURVEY TEST 

RESULTS 


6.3 Method of Hunt, Void, Peterson and Williams 

This method (Ref. 16) defines the norms for the real 
response and for the total response by 

IIU' II = u' r m u' (23a) 

2 

llu'+/u"|l =u ,r mu' + u J mu ff (23b) 

to formulate a criterion. A force vector F must be found 
such that the real response, Eq. (23a), is minimized com¬ 
pared to the total response, Eq. (23b). The indicator func¬ 
tion formulation leads to the formulation 

[H' r m H' - 2(H' r m H' + H" r m H') ] F = 0 . (24) 

Plotting the smallest eigenvalue versus the excitation fre¬ 
quency gives the multivariate mode indicator function and 
thus indicates the normal frequencies, a technique which 
is also proposed in Refs. 12, 13, 19. The ability to take all 
structural responses into account simultaneously is an 
important advantage of this force tuning procedure, which 
will be called Hunt's method. 


6.4 Additional Method 

Based on the literature study, three basic exciter force 
tuning procedures have been identified. Asher's method 
proposes exciter force appropriation by suppressing the 
real part of the structural responses. The method proposed 
by Morosow/Ayre and Anderson takes into consideration 
the imaginary parts of the structural reponses only. Modal 
survey testing, applying the phase resonance method, 
demands consideration of both requirements. Thus, the 
following formulation has been developed 

['I 1 ' 7 ; i' 7 I |r] - Jo ; ?> . (25) 

Is SJ 

Eq. (25) is a complex linear equation system which also 
leads to complex exciter forces. An analytical solution may 


7.1 Results Derived from the Analytical Model 

As the normal modes are vectors, which precludes an effi¬ 
cient comparison, two criteria are applied in order to con¬ 
dense the test information. A proven tool for controlling 
the phase resonance criterion is given by the indicator 
function (Ref. 3). As the correct normal modes of the 
analytical model are known (designated by "<z"), the aver¬ 
aged error of the "experimental" normal modes (designated 
by "e") can be used to control accuracy by 

np 

*, = Tp Z ' ( 28 > 

i= 1 


7.2 Phase Resonance Method 

The isolation of one normal mode in the neighborhood of 
three others is simulated in the frequency band from 
7.7-9.3 Hz. Figures 5 and 6 depict the indicator function 
values and the mean error value of the four normal modes 
vs. the condition number of the exciter point deformations. 
The values equal to 23, 51, 74 and 100% of the optimal 
condition number are selected for comparison. The exciter 
point combinations are presented in Table 7. 



* Trot11-Nash oAnderson a Hunt DNledboL 


Fig. 5 Indicator Function Values and Normal Mode 
Errors of Normal Modes 3-6 (Damping Distribu¬ 
tion Dl). 
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♦ Tral U-Nash o Anderson 4 Hunt DNledbat. 


Fig. 6 Indicator Function Values and Normal Mode 
Errors of Normal Modes 3-6 (Damping Distribu¬ 
tion D3 ). 


Analyzing the results of the damping distributions Dl and 
D3, the Traill-Nash procedure fails if non-appropriated 
exciter point combinations are selected. Anderson's meth¬ 
od provides considerably better values and the methods of 
Hunt and Niedbal are the most successful. The largest 
mean error value of the normal modes reaches 3.3% for 
Hunt and Niedbal's method simulating damping distribu¬ 
tion D3 and an exciter point combination which produces 
a value equal to 23% of the optimal condition number 
only. Here, Anderson's method produces a mean error 

value of 7.6%. The indicator function determines values 
between 937 and 733 for Hunt's and Niedbal's methods 
and between 825 and 628 for Anderson's procedure, thus 
indicating larger mode shape errors. 


EXCITER CONFIG. El 

NORMAL FREQUENCIES 

7.70 8.18 8.75 9.26 

DAMPING FACTORS 

.031 .041 .053 .018 


MODAL MATRIX 


-92 

100 

100 

74 

-4 

-9 

-24 

-27 

82 

-49 

26 

87 

100 

-45 

46 

100 

83 

-27 

43 

67 

34 

0 

18 

0 

82 

27 

42 

-67 

99 

45 

43 

-100 

82 

48 

24 

-85 

-3 

9 

-24 

29 

-91 

-100 

98 

-73 


GEN. MASSES 

5.68 2.93 3.45 5.86 


GEN. DAMPING MATRIX 
100 

7 100 

14 34 100 

28 42 9 100 

Table 8 


EXCITER CONFIG. E2 

NORMAL FREQUENCIES 

7.70 8.18 8.75 9.26 

DAMPING FACTORS 
.040 .040 .040 .040 


MODAL MATRIX 


-91 

100 

100 

73 

-3 

-9 

-25 

-29 

83 

-49 

25 

86 

100 

-46 

45 

100 

83 

-28 

43 

67 

35 

0 

19 

0 

83 

28 

43 

-67 

100 

46 

45 

-100 

83 

49 

25 

-86 

-3 

9 

-25 

29 

-91 

-100 

100 

-73 


GEN. MASSES 

5.76 3.00 3.52 5.64 


GEN. DAMPING MATRIX 
100 

0 100 
0 0 100 

0 0 0 100 


Test Results for Normal Modes 3-6 with Physi¬ 
cal Damping Distribution DI. 


7.3 Phase Separation Method 

A first approximation of the exciter forces can be obtained 
from Eq. (7a). Assuming constant damping values, Eq. 
(7a) gives 

n 8 

F f - = ^ 0 /r (« = 1,2, 3,..., np) , (29) 

r = I 

which supplies a moderate estimation of the exciter forces. 
Here, the number of exciter forces is equal to np. This 
exciter configuration will be denoted El. The exciter forces 
resulting from Eq. (17) are designated E2. 

The isolation of four normal modes within a frequency 
range of 1.6 Hz, including proportional as well as non- 
proportional damping, may be encountered in real test 
situations. The results of the isolation process of normal 
modes nos. 3-6 are presented in Tables 8 and 9 for the 
damping distributions Dl and D3. 

Table 8 shows test results with damping distribution Dl. 
Applying exciter configuration El, the indicator function 
values denote excellent separation of the normal modes but 
the damping factors present errors of up to 55%. The 
orthonormalized generalized damping matrix, which is a 
unity matrix for damping distribution Dl, presents off- 
diagonal values of up to 42%. The errors of the normal 
mode deformations (deformations larger than 0.1) reach 
5.75%. By virtue of these normal mode errors, the gener¬ 
alized mass data show discrepancies of up to 3.8%. 
Applying the tuned exciter configuration E2, the phase 
separation method determines correct normal mode 
parameters. Complete phase purity is shown and a unity 
matrix is even determined for the generalized damping 
matrix. 


EXCITER CONFIG. El 


EXCITER CONFIG. E2 


NORMAL FREQUENCIES NORMAL FREQUENCIES 

7.70 8.11 8.67 9.13 7.70 8.18 8.75 9.26 


DAMPING FACTORS DAMPING FACTORS 


.089 

.313 . 

421 

.325 

.090 

.090 

.090 

.091 

MODAL 

MATRIX 



MODAL 

MATRIX 



-89 

82 

75 

100 

-91 

100 

100 

73 

-5 

-13 

-16 

-22 

-3 

-9 

-25 

-29 

70 

-60 

-4 

89 

83 

-49 

25 

86 

89 

-52 

13 

95 

100 

-46 

45 

100 

74 

-34 

20 

68 

83 

-28 

43 

67 

32 

-2 

16 

4 

35 

0 

18 

0 

81 

26 

56 

-48 

83 

28 

43 

-67 

100 

47 

68 

-78 

100 

46 

45 

-100 

83 

49 

46 

-68 

83 

49 

25 

-85 

-2 

10 

-29 

20 

-3 

9 

-25 

29 

-92 

-100 

100 

-48 

-91 

-100 

100 

-73 


GEN. 

MASSES 

GEN. 

MASSES 

5.02 

2.71 2.20 4.06 

5.75 

3.00 3.53 5.64 


GEN. 

DAMPING 

MATRIX 

GEN. 

DAMPING 

MATRIX 

100 



100 



26 

100 


36 

100 


-4 

-2 

100 

0 

-33 

100 

-2 

-31 

-35 100 

-6 

-1 

-36 100 


Table 9 Test Results for Normal Modes 3-6 with Physi¬ 
cal Damping Distribution D3. 
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The results of damping distribution D3 are shown in Table 
9. With the exciter configuration El, the normal frequency 
of mode no. 6 is shifted by -1.4%. The damping factors 
show values up to 360% larger than the correct ones. The 
maximum difference between the corresponding off-diago¬ 
nal elements of the orthonormalized generalized damping 
matrix is equal to 33. Exciting by means of exciter config¬ 
uration E2, the normal frequencies are correct. Even the 
damping factors are much closer to the correct ones, the 
fourth damping value has a maximum error of 1.6%. The 
off-diagonal elements of the damping matrix differ by only 
one digit. Local mode shape errors resulting from exciter 
forces El reach values greater than 100%. On the other 
hand, the normal modes resulting from the tuned exciter 
forces E2 produce mode shape errors of less than 1%. 


7.4 Results Derived from the Real Test Structure 

Three modal survey tests were executed by applying: 

1. The present approach of phase resonance method 
(sine-dwell), 

(The results of this test are labelled "DWELL".) 

2. the Sine Dwell test with Optimized Exciter Points and 
Forces and 

(The normal mode parameters resulting from this test 
are called "DOEPF".) 

3. the phase separation technique. 

(The results of this test are designated "SEPAR".) 

Based on the sweep-run information, Table 5, 21 normal 
modes were measured. The condensed data set created by 
the computer-aided test management system is given in 
Table 10 which corresponds to Table 5. Here, those nor- 
maL-modes with the best phase purity result from the 
DWELL (2 normal modes), DOEPF (12 normal modes) 
and SEPAR (7 normal modes) tests. The example demon¬ 
strates the feasibility of improving test management by 
means of computer-aided testing. 


NO. 

MODE 

FREQUENCY 

PRC 

NC 

1 

DOEPF-01 

5.292 

962 

2 

2 

DWELL-02 

5.738 

929 

2 

3 

DOEPF-03 

7.980 

968 

2 

4 

DOEPF-04 

10.061 

982 

2 

5 

SEPAR-05 

14.691 

990 

3 

6 

DOEPF-Q6 

17.167 

988 

3 

7 

DOEPF-07 

19.363 

988 

3 

6 

SEPAR-08 

34.827 

995 

3 

9 

SEPAR-09 

35.362 

991 

3 

10 

SEPAR-10 

56.918 

994 

3 

11 

DOEPF-11 

58.150 

991 

3 

12 

DWELL-12 

63.296 

978 

3 

13 

SEPAR-13 

63.913 

979 

3 

14 

DOEPF-14 

72.156 

956 

3 

15 

DOEPF-15 

75.816 

981 

3 

16 

DOEPF-16 

78.033 

972 

3 

17 

SEPAR-17 

83.116 

968 

3 

18 

DOEPF-18 

86.147 

972 

3 

19 

DOEPF-19 

89.781 

987 

3 

20 

SEPAR-20 

95.794 

966 

3 

21 

DOEPF-21 

97.138 

980 

3 


DISPLACEMENT VECTORS BEFORE CORRELATION : 80 
DISPLACEMENT VECTORS AFTER CORRELATION : 21 

Table 10 Condensed Data Set of Normal Modes of the 
SI MOD Structure Resulting from SWEEP, 
DWELL, DOEPF and SEPAR Tests. 


The normal frequencies of the DWELL, DOEPF and 
SEPAR tests resulted in excellent agreement. Only the 
normal modes nos. 9, 11 and 18-21 presented some dis¬ 
crepancies which were investigated by a linearity test. 
These normal frequencies showed variations of up to 
1.75 cps depending on the vibration amplitudes, which 
may serve as a possible explanation. 

All T-function values, Eq. (8), are larger than 900, which 
indicates good or even excellent isolation of the individual 
normal modes. While the DWELL method shows some 
smaller values, the DOEPF and SEPAR techniques 
reached values larger than 975. 

The generalized mass values are depicted in Figure 7. 
Taking into account the total mass of the test structure 
(206 kg) and the normalization of the maximum deforma¬ 
tion of normal modes to 1.0 m, the generalized mass values 
of normal modes nos. 2, 3 and 5 do not represent correct 
values for the test structure. The generalized masses no. 
1-6 are influenced by the co-vibrating rigid body modes of 
the seismic block. All other values show excellent con¬ 
formity when considering that generalized mass measure¬ 
ments are very sensitive. Most values lie within a ± 10% 
tolerance range. 



No. oF Normal nodes 


Fig. 7 Generalized Mass Values of the SI MOD Structure 
Resulting from the Tests DWELL, DOEPF and 
SEPAR. 


The structural damping factors are shown in Figure 8. 
Most values show excellent conformity and acceptable tol¬ 
erance ranges. The damping factors of normal modes nos. 
1-3 indicate co-vibration of the rigid body modes of the 
seismic block, as these factors show much higher damping 
values due to the rubber suspension of the seismic block. 
Taking into account the results of the analytical test model 
and comparing with experiences gained from other test 
structures (Ref. 20), the proposed optimal exciter place¬ 
ment and exciter force tuning is proved. 
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Fig. 8 Structural Damping Factors of the SI MOD Struc¬ 
ture Resulting from the Tests DWELL, DOEPF 
and SEPAR. 



Table 11 Global Error Values of the Normal Modes Mea¬ 
sured with the Test Methods DWELL, DOEPF 
and SEPAR . 


I 

i 


f 


The normal mode shape deformations are not presented 
here. A global comparison of the normal mode shapes 
resulting from the individual tests is used to indicate the 
performance of the test techniques applied. To enable a 
global comparison of the normal modes, the value of 

np 

«= - • ( 3I > 

2(l®fll + l4> 0 l) 

i = 1 

is used for comparison. The error criteria ej — e 3 multiplied 
by 100 are defined as follows: 

g, - comparison of DWELL and DOEPF normal 

modes, 

t 2 - comparison of DOEPF and SEPAR normal 

modes and 

c 3 - comparison of SEPAR and DWELL normal 

modes, 

which are presented in Table II. As an adequate seismic 
block was not available, the rigid body modes of the seis¬ 
mic block significantly influenced the normal modes of the 
test structure up to 10.0 Hz. For this reason, the phase 
separation method could not be applied in this frequency 
range. With the exception of normal mode no. 9 and with 
limitations on normal modes nos. 20 and 21, most error 
values are within a 4% tolerance range, which may be 
purely attributable to measurement accuracy. Normal 
mode no. 9 shows much larger discrepancies. The non-li¬ 
nearity test showed close interaction of both normal modes 
nos. 8 and 9. However, phase separation methods do not 
take into account the non-linearity effects which could 
provide a possible explanation. Larger non-linearity influ¬ 
ences were also determined for modes nos. 20 and 21. 


8. CONCLUSION 


In order to overcome some shortcomings of present exper¬ 
imental modal analysis techniques, this investigation 
attacks the task of localizing optimal exciter points and * 
determining adequate exciter forces by applying the phase 
resonance (sine-dwell test) as well as the phase separation 
test technique. 


Tests were performed on an eleven-degree-of-freedom sys¬ 
tem and on the real structure SIMOD. The test results on 
the incomplete analytical model show the feasibility of 
calculating the appropriated exciter forces required for 
phase resonance as well as phase separation applications. 
The complete test concept was tested on the real structure 
SIMOD. The computer-aided test management system, 
ranging from sweep-run analysis to normal mode shape 
correlation of individual test results, functioned success¬ 
fully. Most normal mode parameters measured by means 
of the classical approach and the improved test techniques 
showed excellent conformity, which verifies the proposed 
techniques. At the same time it documents that the phase 
separation technique determines accurate and reliable 
normal mode parameters only if optimal exciter points- are 
selected and suitable exciter forces are applied. 


The concept of computer-aided test management may help j 

to reduce the test periods and to improve the accuracy and > 

reliability of the test data required for combining and ; 

updating finite-element models (Ref. 21). The technique 
of optimal observation point selection can even be applied 
during test preparations to determine the optimal meas- 


The optimal exciter point combinations were selected by 
combinatorial optimization applying the condition num¬ 
ber of the exciter point deformation matrix as a criterion. 
Based on a literature study, three procedures for exciter 
force appropriation were selected for application of the 
phase resonance method and tested in combination with a 
new method developed in this investigation. As exciter 
force tuning is not regarded in present phase separation 
test techniques, an expansion of Morosow's/ Anderson's 
method is proposed as a solution. 
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urement stations based on results from finite-element cal¬ 
culations. Moreover, the selection of optimal observation 
points and tuning of the exciter forces may even be of 
interest for control purposes. 
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ABSTRACT 

This article presents the recent developements pro¬ 
posed by the LMA in the domain of parametric upda¬ 
ting of finite element models. 

The emphasis is placed on the preliminary step of 
localizing the dominant error zones prior to their 
correction. Two techniques for matching finite 
element models to modal data are presented, both 
of which exploit the identified real eigenso- 
lutions. 

The first procedure is based on the minimization of 
the distances between the eigensolutions introduced 
as output quantities and while the second is based 
on the minimization of a mixed residual formed from 
the inputs and outputs. The advantages and 'disad¬ 
vantages of these formulations are discussed. 

Keywords : Parametric identification ; Updating 
finite element models ; Localization of the 
dominant errors. 


1. INTRODUCTION 

The general problem considered here is the 
parametric updating of finite elements models used 
in structural dynamics. It is assumed that the 
structures are linear elastodynamic and that their 
mathematical models are "simple" in the sense that 
they are governed by state matrices which are 
strictly diagonalizable. The case of non self- 
adjoint or "non simple" structures can be treated 
with analogous although more complicated methods. 

The methods of parametric updating which 
have been developed at the LMA exploit data which 
are stationary with respect to time, either 
eigensolutions or frequency responses. It is sought 
to correct the state matrices, M a ; K a e R c ' c both 
symmetric and positive definite, representing the 
initial finite element estimation of the mass and 
stiffness matrices, respectively, using the 
measured dynamic behavior of the real physical 
structure. The parametric identification problem is 
reduced to a linear or non-linear parametric 
optimization problem with constraints. 

Two formulations of the local parametric 
updating problem have presently been retained and 
will be evoked here. They are based on the 
exploitation of both the eigensolutions calculated 
using the finite element model M a ; K a and the 
identified eigensolutions of the conservative 
structure associated to the physical structure 
(Transformation of complex eigensolutions into the 


real eigensolutions of the associated conservative 
structure).These two formulations have the follo¬ 
wing points in common : 

- the minimization of the chosen cost function res¬ 
pects the topology, the connectivity, the dis¬ 
cretization and the physical signification of the 
initial finite element estimation 

- the following active variables x can be taken 
into account during the minimization : the phy¬ 
sical parameters of the elementary sub-domains or 
the global (or homogenized) parameters of the 
sub-domains representing complicated zones 

- the active variables are selected in such a way 
as to represent, in an independent manner, all 
the types of potential and kinetic energies par¬ 
ticipating in the observed frequency band 

- these active variables are then processed in such 
a manner as to localize the sub-group of parame¬ 
ters responsable for the distances between the 
model and structure 

- the parametric correction (minimization of the 
cost function) is then performed with the sub¬ 
group of variables selected during the loca¬ 
lization 

- the minimization of the cost function, eventually 
with constraints on the parameters, proceeds by 
successive iterations until convergence is 
reached 

- the totality of the procedure described above can 
be iterated in a global manner in order to com¬ 
pensate for the influence of local linearizations 
(case of minimization of the outputs) or the 
influence of the incomplete basis of repre¬ 
sentation (case of the mixed minimization of the 
inputs and outputs). 

2. PARAMETRIC CORRECTION BY MINIMIZATION OF 
THE DISTANCES BETWEEN THE EIGENSOLUTIONS 
INTRODUCED AS OUTPUT QUANTITIES (OUTPUT 
RESIDUAL) 

2.1 Formulation 

This method consists of an iterative mini¬ 
mization of a residual vector r(x) formed from the 
distances between the real calculated and measured 
eigensolutions which are considered as output 
quantities. 

The procedure consists in an iterative mini¬ 
mization of the scalar function J(x) : 

J(x) - T r(x) P p r(x) + T (x-x°) P x (x-x°), , (1) 

under the inequality constraints : x L < x < . 
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The localization and parametric correction 
are performed using the following data ; 

* K (aJ (x) ; M* a) (x) E R c,c , initial estimation for 
finite element mass and stiffness matrices 


* Y 1 <a> (x) - [..y y a) (x)..] e R c,n ; 

A<0)( x ) diag (A y a> (x)) e R N ' N , respectively 
modal and spectral matrices such that : 

K (a) y (a) _ M <a> Y< a) A< a) ; T Y 1 <a) M ( a) Y, (a} ~ I N 

* K. c8J (x) ; M. * a) (x) E R c,c , mass and stiffness 
matrices of the i th sub -domain,i - 1(1).. 


* Z (m) - [.. .z< m) . . . ] e R c ' M ; A (ffl) - diag {A v <m> } 

E R m,m , v - 1(1)M, respectively sub-modal 

(normalized) and spectral matrices identified from 

the structure. The vector z y <m> e R c,t is a sub^ 

vector of y y (m) e R 1 "' 1 , solution of : 

[K (m) - A v <m) M (m> ] y v <ffl) - 0 , v - 1(1)M 

K (m) ; E R C ' C are the unknown matrices to be 

identified. It is assumed that the modal 

identification technique yields eigenvectors 
(and consequently z y m *) which are normalized by : 

V m) M (m> y v (m) - 1 , V - 1(1)M. 



r lv - 2 


r 2v = 2 


z v < a> (x) 


||z v (rn) |l + ||z v (a) (x)|| 


A (m) - A <a> 

V _ V 

\ on) , \ (a) 

A v + A v 


e R c ' 1 v “ 1(1)M 


v -= 1(1)M 


* p • p 
r » ’ 

matrices 


diagonal, positive definite weighting 


* x°, initial estimation of x - 1 {. . . p. 0 . . . ) E R n ' 1 

The resolution of J(x) by the Newton (or 
Gauss-Newton) method does not allow the convergence 
to be obtained in a single calculation step. The 
calculation thus proceeds in an iterative fashion 
with an updating of the sensitivity matrix S and 
the Hessian matrix V at each iteration. If a 
Gauss-Newton type approach is used (V - 0) and P x 
- 0, eq. (1) is thus equivalent for over-determined 
systems [(c+l)M > n) to the minimisation of : 

|[c|1 2 ^ - T € c, with £ defined by : 

£ - F r 1/2 (r(x°) - S (x°) x] (2) 



* in terms of the localization and adjustment, to 
coarsely adjust the identified generalized masses 
with respect to the calculated generalized 
masses, then to introduce correction terms to the 
generalized masses as supplementary unknowns. The 
principle of this technique now is developed. 
Let : 

y E R Cf1 , structure eigenvector with correct 

•J V w » % * V / _ \ 


^ . T (m) M (m) Cm) 
norm : M y v 


v - 1(1)M. 


y Cm) _ ^ y (m ) e R c ' 1 , structure eigenvector with 
error in norm. designates the norm error. Let 

A i V 

^ - (1 - a y ) . The identified sub-eigenvectors 

containing only the c observed dof satisfy : 


(i - « v > K lm) 


z <m) with : z <m> ; z < m> e R c -' . 


This can be rewritten 


^ Cm) _ C a) 
v v 


S' x + a z (m) 

2 V V V 


where : S' e R c,n is the Jacobian matrix of first 
derivative of the sub-eigenvector z y (a> ; x E R n ' ; 
x - {...Ak. /k. ... ;... Am./m....) 

Introducing the normalization : 


h h 


S 'zv x + “v — z^ m) , noted : 


Az y " s zv * + Q v z v > v - K1) M (3) 

With norm errors, the sensitivity of the 
eigenvalues remains unchanged and is written after 
normalisation : 


L (Ay <"> 

v 


- A <“’) - AA 


A 1 


S! x 


where : l y - - (A y <*> + A y ‘“>) 


AA' A 

-y- - aa v - s Av x 

V 


v = 1(1) M 


Equations (3) and (4) are regrouped in the 
following system : 



According to the definition of the residual 
vector r 1 , the use of the identified sub- 
eigenvectors implies that these be normed in a co¬ 
herent way with respect to the calculated sub- 
eigenvectors. In other words, the procedure 
requires the knowledge of the generalized masses of 
the structure. Now it is known that their identifi¬ 
cation is delicate and their values strongly affec¬ 
ted by the presence of non-linearities (even weak 
ones) in stiffness or damping. Two remedies are 
proposed : 

* at the experimental level, to perform complemen¬ 
tary tests in order to refine their identifica¬ 
tion (micro-sweeping in frequency ; introduction 
of additional masses or feedback loops) [1] ; 


This system is to be solved with respect to 
T x - ( T x""> ; T x< k> ) and T 0 - v - 1(1)M 

after introduction of the weighting matrix P r 

2.3 Definition of the sub-domains 

Here, the sub-domains of parametric correc¬ 
tion are defined to be coherent with the effective 
modelization errors. The equation (5) has the 
general form : 

Ax — b A G R m ' n . (6) 
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The problem consists in defining the columns A., 
i = l(l)n of the matrix A (and thus the 
corresponding components x. of the vector x) 
coherent with the effective modelling errors. We 
propose the following method : 


a) Division of the structure in a overabundant num¬ 
ber of sub-domains and selection of the correc¬ 
tion parameters x f , in the interior of each of 
these sub-domains. Let N (N » n) be the initial 
total number of parameters x jf i - 1(1)N, thus 
defined 

b) Calculate the columns A f , i = 1(1)N associated to 
each of these parameters 

c) Resolution with respect to x' f j k of a series of 
least squares problems : 


Min 


x i j k . . . 


J (x' 




(7) 


where : c '... 

1 J K 


b" 1 | | [b - A' 


i jk 


X 1 


i jk 


In this series of problems the matrix column A < . k 
is formed by grouping the columns A- , A-, A. , . . * * 

1 J ^ 


d) Analysis of the evolution of the efficiency in¬ 
dicator (1 -||c'. || x 100. The variation 

as a function of the*parameters ijk... of the 
slope of this efficiency indicator give infor¬ 
mation on the regrouping of sub-domains which 
can be made and the dominant error regions. 


a) Before localization, the following operations 

are performed : a) a regrouping (or elimination 
for the considered iteration) of the columns of 
A having small norms ; /?) a regrouping of co¬ 

lumns which are quasi-linearly dependent if and 
only if they correspond to adjacent sub-domains. 

b) The localization starts with a search for the 
best combination of d - 1,2 to 3 columns (3 as a 
practical example) among the possible combi¬ 
nations of the columns of A. Retaining these 3 
columns, the best fourth column among those re¬ 
maining is selected, and so on, with the objec¬ 
tive of limiting the number of combinations. 

c) The evolution of || c d | | depends on the defini¬ 
tion of the sub-domain partitioning and the pa¬ 
rameterization chosen in these domains. Several 
localizations are performed associated with 
different definitions, then comparisons and in¬ 
tersections between the localized parameters are 
made. 

d) The quality of the localization in the sense of 
selecting the smallest number of poorly mode- 
lized parameters in the finite element model 
conditions the quality of the ulterior para¬ 
metric adjustment. The selection of the equa¬ 
tions forming the lines of A is thus considered 
to be very important. 

2.5 Automatic pairing 


2.4 Localization of the dominant errors 

2.4.1 Preliminary test for localization of Ax - b . 
The localization of the dominant modelling errors 
in the estimation M® ; K 8 is reduced to selecting 
in (6) among the columns of A those which are the 
closest to the direction defined by b. The global 
quality of this localization depends on the 
projection of the vector b in the sub-space whose 
basis vectors are the columns of A. 

The first useful operation consists thus in eva¬ 
luating the rank of the matrix A and that of the 

A 

augmented matrix A - [A;b]. If the ranks of these 2 
matrices are the same, then the necessary condition 

A 

for the localization is satisfed. If R(A) > R(A), a 
perfect localization will be impossible. 

2.4.2 Localization by the sub-space method [2:31 . 

Starting with the matrix A G R m,n , the sub-matrix 
A formed of p (p « n) columns of A is extracted 
which allow the best representation, in the least 
squares sense, of the "distance vector" b of the 
initial problem : Ax — b. The procedure progresses 
in successive steps of p selected columns, p = 
19 H 

i « j • • « j ^« 

For p = d, the best sub-space of dimension d 
is sought in the space of the parameters x G R"' 1 
which best reduces, in the least square sense, the 
error vector £ d of the over determined problem : 

1 

£d== jjbjy ^ b ‘ A d x cJ ’ hence : x d ~ A d + b where : 

A, e R m,d is a sub-matrix of A formed by d columns 
d (d « m) 


The "distance" between the structure and its 
finite element model is evaluated by calculating 
the difference between homologous eigenvalues and 
eigenvectors. The evaluation of this distance makes 
sense only if the eigensolutions have been paired, 
(association of an identified eigenmode with its 
homologous F.E mode in eigenshape and in sign). 

The mode pairing is performed automatically 
from a calculation of the projection of the 
identified modes z* m) G R Cf1 , v - 1(1)M, on the 
modal sub-basis Z* a ' G R c ' N of the modes calculated 
by finite elements. The vector z y m) is projected on 
the basis of adjacent modes. In order to do this, 
a half bandwith b y associated to z y m) is defined. 

In practice, two modes are considered to be 
matched if, for the projection columm h y , the 
following two conditions are satisfied : 

a) the maximum element must have an absolute value 
superior to 0.7 

b) the ratio between the maximun element and the 
next largest must be greater than 2.0 

If these 2 conditions are not satisfied, the 
mode v under consideration is not taken into 
account in the parametric correction at the 
respective iteration. If the eigenmodes respective¬ 
ly calculated and measured are not in the same 
order, then the vectors of Z* 8} are rearranged. 

2.6 Optimal selection of the pickup dof vis a vis 
the conditioning of the sensitivity matrix [41 

This proposition can be considered as one of 
the techniques of test preparation in view of a 
parametric correction. The sensitivity matrix 
S g r( c + 1) M , n j nias t ^ e g enera i form : 


A d + G R d,m is the Moore-Penrose pseudo inverse of A d 

x d G R d(1 is the sub-vector of x associated with 
the d columns of A d 

The norm | | £ d | | is a non-increasing function 
of d. Its evolution as a function of d and the va¬ 
riations in the slope of | f e d | as a function of d 
are exploited in order to select the columns of the 
matrix A which are the most efficient for re¬ 
presenting the vector b. In practice : 


It is assumed in what follows to be 
written in adimensional form. In a 
deterministic approach, the 2 sub- 
matrices of S are considered to have 
the same relative importance. 

A weighting coefficient is thus 
introduced for the equations relative 
to S in such a way as to obtain 
matrices S 2 and S^with the same norms. 

In a stochastic approach, the weightings defined by 
P^; P 2 will then be introduced. The optimal pickup 
mesh is defined by one of the following two 
procedures. 
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2.6.1 Best orthogonality of S . S z is rewritten in 
the form : 





S E R ' n 


where : s i £ R K,n is the sensitivity matrix of the 
i th dof; R corresponds to the number of pickup dof 
possible after having eliminated from among the C 
model dof : the inacessible dof ; the rotational 
dof ; the dof having small displacements for the M 
identified modes... The procedure consists in 
selecting one by one the dof in such a way as to 
obtain a matrix T SS which tends toward a 


diagonal matrix. 


a) Choice of the first dof. Starting with the R po¬ 
tential dof, R matrices s| ■* W. T [ T s. | T £ R 2 ,n 
i *= 1 (1) R, are constructed, where W. allows 
an identical norm to be obtained in the Sensi¬ 
tivity blocks for the eigenvalues and eigen¬ 
vectors. The dof i which best diagonalizes 7 

Sj is retained. 

b) Choice of the second dof. 

The R-l matrices sj - VL T I T s. | T s^ | T S^j e R M ' n , 
j = 1(1)R are constructed where Wj allows as 
before, to obtain the same norms in the sensi¬ 
tivity blocks for the eigenvalues and eigen¬ 
vectors. The dof j is selected which best dia¬ 
gonalizes T . 

c) By proceeding in this way, step by step, a local 
minimum of the diagonality is obtained for a 
given number c of pickups. The global minimum is 
obtained by evaluating the diagonalities of the 
Cjj combinations. This number is, in general, too 
large to envisage such a procedure. Thus a sub¬ 
optimum of the optimum pickup mesh is obtained. 

d) The number c which is selected corresponds to 
one of the first local^minima of 6(S) as a func¬ 
tion of the selected pickups. 


2.6.2 Best conditioning for S . This method consists 
in selecting one by one the dof leading to the best 
possible condition number R(S) of S with a maximal 
rank. From a numerical point of view, the following 
procedure is employed. Let a. be the i th singular 
value of S 
A 

and : r. - a \/ a \ * The condition number R(S) of S is 
then defined to be equal to the number of 
quantities r^ superior to a given tolerance T. 

Having chosen the M possible dof, a matrix S 
is constructed by a technique analogous to the 
preceeding one (cf 2.6.1). Starting with S, the dof 
are selected one by one as to simultaneously 
obtain the maximum rank and the minimum condition 
number for the normalized sensitivity matrix. This 
normalization is performed by normalizing each 
column of S to 1. The optimal number c is that 
which yields a maximum rank with a minimum of dof 
and a minimum condition number. 


2.7 Remarks concerning the weighting, between the 



An order of magnitude of the diagonal 
elements of these matrices is given by : P h - {diag 
a'* h ) , where < 7 . . h designates the uncertainty 
(standard deviation) for the quantity associated 
with the matrix P h . 

These weighting problems are very delicate 
and cannot be solved efficiently and correctly 
except in an approach based on the minimum variance 
estimators. These problems have only been 
superficially confronted and should be studied more 
thoroughly in future research [cf H.G. Natke [5-6] 
and M.I. Friswell [7] ]. 


3. PARAMETRIC CORRECTION BY MINIMIZATION 
OF A MIXED RESIDUAL FORMED FROM THE 
INPUTS AND OUTPUTS 


3.1 Formulation 

In opposition to the previous formulation 

(cf 2) , this approach : 

* does not impose any matching between the calcu¬ 
lated and measured eigensolutions 

* allows the exploitation of the non-normalized 
measured eigenvectors. 

* does not depend on any linearization of the ei- 
gensolution distances with respect to the para¬ 
meters 

* requires the expansion of the unobserved sub- 
eigenvectors. 

The cost function has the following form : 

Min x J = P^ c. + T (x-x°) P 4 (x-x°) (9) 

submitted to the inequality constraints on the cor¬ 
rection parameters : 

x. < x < x, 


and where : e. - A. x - b. 


1(1)3 


I P., j=l(l)4, weighting matrices, Pj>0. 
The unknown matrices K <m) ; M (m) E R c ' c are written : 


K (n1) - S i k. K| a) ; M <m) - E. m- Mj a> 

where k| a5 ; M* a * are the matrices associated with 

the i th and j th domain to be updated ; k. , nr 
optimal values of the correction parameters, hence: 

x - T { . . . Ak. /k. ; . . . ; Anr /m. ; . . . } 

The matrices A.; b f i= 1(1)3 are constructed 
from the following relations. 

3.1.1 Equations relative to the eigenvalues . The 
model sought must satisfy, for each one of the M 
measured eigenvectors, the dynamic stiffness rela¬ 
tion : 


1 1 j 


Z y 

v J V 


f (P) 


v - 1(1)M 


where : Z y -(K a -A< m> M a ) f„(p) - (A< m) AM - AK) y<' 

Premultiplying by T y* a> , u = 1(1)2 M leads to : 
d uv AA uv - T yJ [6K-Xi m> AM] yj, v- 1(1) M 


d uv AA u v " VS [AK-Aj m> AM] yj, v- 1(1) M (10) 

with : AA uy - A' m) - A< a) ; d uy - T e u d y , is the u ,h 
component of the linear combination vector defined 
by : y* m) =yj a) d v where Y 1 a E R C ' M is the modal sub¬ 
basis formed by the N first eigenvectors of M (a) ; 


Assuming a linear parameterization of AM ; AK 
AM - M Cm) - M (a) mj 0> Xj Mj a} , 


AK - K (m) - K <a) k[ 0> x { K.\ 


The equations (10) are regrouped in the form : 

A,x - b, , A 1 E R a ’ n (11) 

The number a 1 is defined by the condition :* 

d uy > 0,5 and in practice : M < a 1 < 2M. 

1.2 Orthonormalitv equations .They are defined by: 


tyCn) [M (a) + 

T y‘ m> lK <a) + AK] y N 


n v { uV 


A v n v *uv 
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where : u,v - 1(1)M and regrouped in the form : 

A 2 x = b 2 , A 2 e R a2,n (12) 

where : a 2 *= jM(M+1) if n y is correctly identified 
I M(M-l) if n y is not identified 

3-1-3 Dynamic flexibility relations . They have the 
form : 

y( m ^[K (a) -A< m> M (a> ]' 1 [A< m> AM-AK]y< m) v=l(l)M (13) 

and are regrouped in the form : A 3 x = b 3 where 
Aj e R a 3 ' n with : cM < a 3 < C M. 

The difficulties related to the numerical 
conditioning of the matrix : [K (a * - A y m) M (aJ ] are 
avoided by the introduction of shifts in the 
eigenvalues of the model M ( aJ ; K ( a } . 

3.1.4 The totality of equations form the linear non 
homogeneous system : Ax = b (14) 

which is successively exploited for the locali¬ 
zation of the dominant errors followed by the para¬ 
metric correction. 

3•2 Expansion of the unobserved sub-eigenvectors . 
Formulation in C space and 2C space 

The relations (10) to (13) involve the 
eigenvector y y m) € R C ' 1 , v — 1(1) M. This implies 
the expansion of the unobserved sub-eigenvectors. 
An important number of recent studies have examined 
this problem in relation to model correction (see 
for example [8,9,10]. 

3.2.1 Exploitation of the modal sub-bases of the 
estimated finite element model in C-space 

a) Principle . Let y y m) £ R c ' 1 , v 1(1)M, be the 

eigenvector of the conservative structure 
associated to the real structure. In practice, 
only the sub-vector z y m) £ R c ' 1 of y y m corres¬ 
ponding to the measured dof is known. In order 
to expand (extrapolate) y y m) from z y mJ , one 
technique consists in using as a Ritz basis the 
modal basis of the finite element estimation : 

y‘ m) = Y< a) c v . v - 1(1)M (15) 

where : y‘ m) e R c ' 1 ; y‘ a) e R c '“ , C » N. 

The linear combination vector c v is 
evaluated using only the observed dof z y m ^ : 

Z v (m) = z <a) c v Where: zJ m) eR c ' 1 ; z <a) £R c * N (16) 

The solution of (16) in the least 
squares sense leads to (normal solution) : 

c y = Z +(a> z<"° , Z +(a) - [ T Z (a) Z (a> ] -1 T Z (a) (17) 

This classical extrapolation technique, ana¬ 
logous to a method of spatial filtering [11], has 
been applied at the LMA to problems of parametric 
correction of finite element models since 1976 
[12]. 

b) Evaluation of this expansion procedure . The fol¬ 
lowing commentaries can be made with respect to 
this procedure : 

* the representation basis Y* a } satisfies the 
geometrical and kinematical boundary condi¬ 
tions of the structure 

* the quality of the expansion (extrapolation) 
will be as good as the eigenvectors of the fi¬ 
nite element model are close to the real 
structure. This remark leads naturally to an 
iterative expansion procedure. 

* the basis of representation Y* a) is : 

- immediately available 

- easier to use than a spline function polyno¬ 
mial basis and is a priori of better qua¬ 
lity 


* according to S. Cogan [13], a segmentation of 
the basis Z (a) into independent bases defi¬ 
ned either a priori from natural physical 
substructures, or from and in function of the 
"discontinuities” of the observed displace- 

f If. \ * 

ments in the subvector z y , allows, by in¬ 
creasing efficiently and in a logical manner 
the dimension of the Ritz basis, the repre¬ 
sentation of the effects of significant loca¬ 
lized errors of the initial estimation. 


3.2.2 Exploitation of the modal sub-bases of the 
finite element estimations. Formulation in 20- 
space . The idea consists in applying the preceeding 
extrapolation (cf 3.2.1) in the 2C state space 
defined by : x = T { T y ; T y* } : 

* from a mathematical point of view, this space 
constitutes the natural space of second order 
differential systems. 

* from a physical point of view, such a formulation 
should have a tendency to moderate the amplitude 
of the components of the basis vectors corres¬ 
ponding to distant modes. 


It can be shown that, in the case of real 
modes considered here, the formulation in 2C leads 
to the same results as the extrapolation in C. 


3.2.3 Exploitation of the modal bases of the finite 
element estimation. Formulation in C-space with the 
unobserved dof taken into account . This formulation 
is similar to the one developed in paragraph 
3.2.1. Here it is sought to: 


a) Define a linear combination vector whose compo¬ 
nent values are independent (case a) or quasi- 
independant (case b) of the dimension of the re¬ 
presentation basis 

b) Take into account in an indirect manner the re¬ 
lations with respect to the unobserved dof 

Case_a2 Limiting case : observation of the C dof of 
the structure 

The following notations are used : 

Y (a) e R c ' c , complete basis : Y ia) - [Y< a) ;Y< a) ] 

where Ylj a } £ R c ' N . Having available the sub-basis 

Y 1 (a} , the eigenvector of the structure is 
represented by : 

y‘ m> - Y' a) d v + £ v v - 1(1)M (18) 

where £ v belongs to the column space of Yi 8 * . The 
linear combination vector d y can be expressed : 

d v - Y ! a) * yi m) < 19 > 

where Y^ a>+ is a pseudo-inverse of 8 * for which 
the following conditions are satisfied : 


a) Y< a) + Y 1 (a) = I N (20) 

fi) Y< a>+ e v - 0 (21) 

A T 

7 ) components dj y = e^ d y , j= 1(1)N, of the vector 

d depend on the vectors y . (a) = T e Y * 8 J and y tm) . 
A pseudo-inverse satisfying these three conditions 


is 


•y( 8 ) + 
*1 


T y( 0 ) |^( 8 ) 


( 22 ) 


Case_bl Practical case : N < c « C 

The partitioning into observed (index c) 
and unobserved (index i) dof’ is defined as 
follows ; 



v (m) . y(B) 

Isy ' i 

y( 8 ) 

Cl 

("0 

J f v 

y( 3 ) 

1 


where : Y< a) £ R c ' N 

v( 3 ) „ y( 3 ) 

*Cl ~ ^ 

(cf para 3.2.1) 
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r(a ) + 


Y + Y + - 

1 c 1 X i1 



Equation (18) leads to the relations 


<m) 

-'ey 

Cm) 

j \ y 



d v + £ cv 
Y n’ d v + £ iv 


Equation (19) gives : 


y( a ) + v ( m > + y( a ) + v ( m > 
c 1 ^cv 1 i1 *iv 


while taking into account (25) : 

d =Y (8}+ v (m) +Y^ a)+ fY d +e 1 
°v *c1 Y cv + l*i1 G v + £ iv J ' 


(23) 


(24) 

(25) 


(26) 


(27) 


Expressing Y* 1 as a function of Y c1 + using (20) and 
accounting for (21) yields : 


Y (a> + Y , + Y<! ) + Y< a) 

Cl cl 1 1 1 1 


y( a ) 
x i 1 £ i 


- Y‘ a> * £ 


The relation (27) then becomes : 


Y (a)+ y(a) d 

cl cl V 


r(a)+ r,,<m) 


f y' m * - £ ] 


(28) 


to be solved in an iterative fashion with respect 
to the unknowns d y and £ cv . The expression (28) of 
the linear combination vector d y obtained by taking 
into account the constraint equations (25) relative 
to the sub-vector yj^* of unobserved dof can be 
compared to (17) corresponding to the solution of 
(16) or (24) with constraints and in the habitual 
least squares sense : 


T y( a ) yC a ) _ _ T y( a ) ( m ) 

cl cl v cl ^cv 


(z ta > = y'!>) 


Remarks : 


a) In the particular case M (a = I c , the following 


relations are obtained : 

y( a ) + T a ) 
cl X c1 


y( a ) + __ T y( a ) 
i 1 i 1 


If the distribution of mass is nearly uniform, 
these relations are also nearly satisfied. 

fi) In the majority of the particular numerical 
cases treated : 

* the vector d y was very close to the vector c y 

* the quality of the expansion of the vector 
y y * m> obtained from the vector d y was also 
very close to the quality of the expansion ob¬ 


tained from the vector c 


1(1)M. 


Taking into account the numerical costs in eva¬ 
luating yj a)+ from (23), such a procedure seems 
to be of questionable efficiency. 

3.3 Sensitivity of the different types of equations 
to truncations in the Ritz basis 

The general tendencies of the influence of 
the unmeasured sub-eigenvector expansion errors on 
the different types of parametric correction 
equations have been developed in [14]. 

To summarize these results, the 
ins ensitivity I with respect to the truncation 
errors due to the exploitation of the sub-basis 
Y 1 <a) of representation can schematically be 
established as follows : 

I (dynamic stiffness relations) « I 
(flexibility relations) < I (relations relative to 
the off diagonal elements of the orthonormality 
relations, with I(±/K) < I(l/M) ) < I (relations 
relative to the diagonal elements of the 
orthonormality relations < I (relations relative to 
the eigenvalues). 


3.4 Optimal selection of 
expansion [41 


)ickup dof vis a vis the 


It is assumed that this selection of pickup 
dof is made before the observation of the dynamic 
behavior of the structure. The vectors z^ m , v - 
1(1)M thus cannot be used to define this choice. 

The problem of determining an optimal pickup mesh 
is reduced to the search for the maximum rank and 
minimum condition number of the matrix Z* a1 G R c ' . 

The method for constructing Z (a} is analogous to 
that described in paragraph 2.6.2. 

The matrix Z (a) thus constructed is, by 
virtue of the chosen construction procedure, a sub- 
optimal matrix. The search for the strictly optimal 
conditioning requires the testing of C|j op 
combinations, that is to say, a number of 
combinations which is generally inacceptable. The 
sub-optimal matrix Z (a5 G R Cop,N thus constructed 
leads to a significant improvement in the quality 
of the expansion and an improved robustness with 
respect to the uncertainties in z* m1 . 

3.5 Definition of the sub-domains and localization 
of the dominant errors 

It has been shown in paragraph 3.1 that the 
different relations exploited in this method can be 
rewritten in a form analogous to that exploited in 
the first correction method based on the outputs. 
The methods of sub-domain selection and 
localization developed previously thus remain 
strictly applicable (cf 2.3 and 2.4). 


3.6 Iterative expansion of the eigenvectors [15] 

The quality of the expansion conditions the 
quality of the localization and parametric 
correction. This quality improves as the projection 
basis approachs the eigenbasis of the structure, 
hence the following interative procedure. 

First iteration : it proceeds as defined in 
(3.2) and (3.4). A fairly crude localization is 
performed and the localized parameters are 
corrected. Let AK 1 ; AM 1 be the obtained 
correction. The eigensolutions of the problem are 
then evaluated : 

[(K (a> + AK 1 ) -A< n (M <a) + AM 1 )] y< 1? = 0 , v= 1(1)M , 
giving the modal matrix Y 3 * 1 ^. 


At the k th iteration : the expansion is performed 
from : 


.m< k) 


ya (k -1 ) d < k)^ w h ere : 


d (k) _ [z a(k-1> ]+ 2 (m> 


v - 1(1)M. 


These iterations are performed in view of 
improving the quality of the Ritz basis. The loca¬ 
lization and adjustment are performed at each ite¬ 
ration in terms of the M (a * ; K (a) initial estima¬ 
tion. 

Needless to say, the procedures presented 
above for optimal pickup selection and iterative 
expansion can be applied more generally to other 
parametric updating techniques requiring the expan¬ 
sion of the measured eigenvectors. 

4. RECOMMENDATIONS AND LIMITATIONS 
OF THE METHODS 

* 

4.1 General conclusions concerning the methods 
proposed by the AML 

Based on the experience to date, the follo¬ 
wing general remarks can be made relative to para¬ 
metric updating techniques for finite element mo¬ 
dels : 
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* acceptable and sometimes excellent results have 
been obtained in numerically simulated test cases 
even in the presence of simulated data errors 

* relatively little experience has been acquired in 
real industrial test cases and caution must be 
shown in extrapolating the results of simulated 
test cases. 

4.1.1 The methods based on a minimization of a re¬ 
sidual formed from the distances between the eigen- 
solutions (output residual : cf 2) . They are the 
only methods which are : 

* applicable when an insufficient number c of 
pickup dof are available to perform an expansion 
of the unobserved sub-eigenvectors 

* fairly robust vis-a-vis the incertainties in the 
observed data 

* directly minimize the distances between the fun¬ 
damental quantities (eigenvalues and eigenvec¬ 
tors) and are the most general in terms of future 
applications of the updated model. 

On the other hand : 

* they can lead to the situation where only a small 
number of equations are available, thus the ne¬ 
cessity of having efficient methods for loca¬ 
lizing dominant errors if the parametric correc¬ 
tion of minimal norm is to be avoided ; 

* they are not well adapted to the case of large 

non-affine distances between the model and 
structure. They are based on a linearization of 
the model-structure distance, which can be 

dangerous for the localization techniques based 
on the matrix of first derivatives ; 

* the fact that they require mode matching and the 
taking into account of the generalized masses as 
supplementary unknowns are not in themselves 
serious flaws. However, they imply serious 
complications the case of multiple or quasi¬ 
multiple eigenvalues and this can become 
inacceptable on a practical level ; 

* the numerical evaluation of the first derivatives 
of the eigensolutions is costly. However, it 
should not be forgotten that this sensitivity 
matrix is fundamental for a very large number of 
other technical applications (Examples : struc¬ 
tural modifications ; structural optimization). 

4.1.2 The methods based on the minimization of a 
mixed residual formed from the inputs and ouputs 
(cf 3) : 

* all require, either preliminarily or simulta¬ 
neously with the parametric updating, the expan¬ 
sion of the unobserved dof. This remark impli¬ 
citly excludes those strategies based on the con¬ 
densation of the finite element model on the ob¬ 
served dof. Taking into account the duality and the 
identities of the formulations between the linear 
condensation transformation and the expansion, it 
is considered, and this remains to be proven, that 
no differences exist in the : 

- observability of the modelization errors, 

- quality of the updated models, 

obtained by the two procedures of expansion and 
condensation ; 

* have been classified according to their sensi¬ 
tivity to expansion errors (cf. 3.3). Taking into 
account the usual orders of magnitude of the 
incertainties in the identified eigenvalues and 
sub-eigenvectors and in the absence of new 
strategies (which remain to be defined) : 

- the exploitation of the dynamic stiffness rela¬ 
tions is, at present, not advised 

- the dynamic flexibility relations are much less 
sensitive to noise than the associated 
stiffness relations 

- the bilinear forms and the quadratic forms are 
to be recommended 


* the quality of the parametric updating depends 
essentially on the quality of the eigenvector 
expansion. This quality is related to the choice 
of the Ritz basis which underlines the extreme 
importance given to the choice of the pickup dof. 

4.2 Problems related to the presence of multiple or 
quasi-multiple eigenvalues 

In the presence of multiple or quasi- 
multiple eigenvalues in the finite element model 
and for the corresponding eigensolutions : 

* the relations relative to the evaluation of the 
first derivatives of the eigensolutions (cf. 2.2) 
cannot be applied (inexact formulations and (or) 
non convergent series expansions) ; 

* the pairing between measured and calculated 
eigensolutions becomes meaningless. 

Formulation 2 is thus inapplicable or 
incorrect for neighboring eigenmodes. The 
formulation 3 however remains entirely applicable. 
In order to avoid the intrinsic difficulties in the 
formulation 2.1, several complementary remedies 
have been proposed and will be evoked in the 
following paragraph : 

a) Separation of the multiple and quasi-multiple 
eigenvalues by the introduction of selective 
"numerical" modifications simultaneously in the 
finite element model and in the structure [16- 

17] 

b) Exploitation of the sensitivity relative to the 
sums and products of multiple or quasi-multiple 
eigenvalues 

c) Presently under study, a development based on 
the work of I.U Ojalvo [18] relative to the 
direct sensitivity problem and allowing the 
inverse sensitivity problem to be treated by the 
introduction of the notion of generalized 
diadics. 

4.3 Conclusions. Points common to all the methods. 
Essential recommendations 

4.3.1 It would be unrealistic to consider that 
there exists (or will exist) one method of model 
correction for linear elastodynamics. Depending on 
the particularities of the case under conside¬ 
ration, namely : 

* the value of the model-structure distance ; local 
or global corrections ; spectral density ; number 
of observation points, etc... and depending on 
the final objective envisaged : 

* forced responses ; optimization using a reliable 
updated model ; coupled analysis..., 

One method will be better adapted than 
another. In a general manner, it will always be 
relatively inexpensive (with respect to the cost of 
the initial modelization and the tests) to apply 
several correction strategies in parallel and to 
compare the convergences. 

4.3.2 Regardless of the chosen formulation : 

- based on the estimated finite element model, 

- in relation to the chosen parametric correction 

formulation, , 

The following questions must be answered : 

a) Preparation of tests with the objective of para¬ 
metric correction. This point remains to be stu¬ 
died more thoroughly. 
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b) Choice of the weighting between, the different 
components of the cost funtiprisV They must be 
defined as a funtion of : 

* the variances in the observed data, 

* the initial relative importance of the diffe¬ 
rent components, 

* the future applications of the corrected model. 

c) Choice of the parameterization of the sub- 
domains which respects the following aspects : 

* independent representation of the different 
types of kinetic and potential energies 
participating, by sub-domain, in the conside¬ 
red frequency band (exploitation of modal 
energy maps), This poses the problem where by 
these constraints may eventually be poorly 
adapted to the types of finite elements which 
are currently available 

* "intelligent" parameterization of the joints 
and the singularities 

d) Choice of the sub-domain divisions. This problem 
is not trivial and it conditions the quality of 
the parametric correction. The current strategy 
of the LMA is the following : 

* division into small sub-domains and parame¬ 
terization 

* combinatory analysis of the contribution to 
the model-structure distance, that is to say, 
search for possible regroupings of the sub- 
domains 

e) Localization of the dominant errors 
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ABSTRACT 


1. INTRODUCTION 


In multi-point modal testing the appropriated 
force distributions for identifying and isolating 
pure modes of vibration may be determined by Ite¬ 
rative or Direct methods. A number of these me¬ 
thods which are based on the classical Phase Re¬ 
sonance criterion and operate on measured recep- 
tance matrix data have been investigated and com¬ 
pared using a simulated model. 

Of the methods which operate on square matrix da¬ 
ta a suggested variation on Asher's method was 
found useful for estimating the effective number 
of modes (and hence exciters needed) in the fre¬ 
quency range of interest. The Traill-Nash method 
provided the clearest estimate of appropriated 
forces but was more sensitive to noise. Of the 
methods which operate on rectangular matrices the 
Extended Asher method was not considered suita¬ 
ble. The Multivariate Mode Indicator Function me¬ 
thod was the most promising but suffered from 
conditioning problems if too many exciters were 
used. An iterative method operating on updates of 
measured modal matrix data performed well and if 
improved could automate the modal tuning process. 

KEYWORDS 

Modal Testing, Phase Resonance, Normal Mode, Mul¬ 
ti-Point Excitation, Force Appropiation 


NOMENCLATURE 


A( to) 

B( to) 

e 

f 

j,k,l 

m 

n 

n* 

2 

a, e,X,y 

to 

|a( to) | 

[A(to)l T 

ENDOF 


real part of receptance matrix 

imaginary part of receptance matrix 

number of exciters 

force vector 

integer counters 

number of transducers 

number of actual modes 

number of effective modes 

complex response vector 

kth element of z 

eigenvalues 

radian frequency 

determinant of matrix [A(«)] 

transpose of matrix [A(w)] 

Effective Number of Degrees of Freedom 


Modal testing has over the recent years been ca¬ 
rried out using methods belonging to either of 
two different schools of approach, namely Phase 
Resonance and Phase Separation. The former appro¬ 
ach aims to isolate and measure each normal mode 
on the structure by exciting it at its undamped 
natural frequency with a corresponding appropria¬ 
ted vector of exciter forces. The latter approach 
involves excitation over the whole frequency ran¬ 
ge containing the target modes (using either sin¬ 
gle or multiple exciters) and aims to extract the 
modal parameters of the modes from measured data 
using detailed multi degree of freedom (MDOF) 
curve fitting algorithms. Both approaches have 
inherent advantages and disadvantages to the ex¬ 
tent that complementary use of methods from both 
approaches is not unusual. 

Recently there has been a renewed interest in the 
traditional Phase Resonance methods, especially 
in the Aerospace industry, due to the methods' 
ability to identify and isolate closely spaced or 
coincident modes. The extraction of real normal 
modes is a further benefit of these methods since 
normal model parameters are directly comparable 
with analytical predictions. Effectively the me¬ 
thods aim to force a physical response on the 
structure composed of a single normal mode only 
by exciting this mode and suppressing all the 
rest. A "pure" mode response is defined when its 
phasing is coherent throughout the structure and 
in quadrature with the (monophase) sinusoidal ex¬ 
citation (Phase Resonance Criterion) (Ref.l).- 
Forcing of the structure is at the natural frequ¬ 
ency of the mode and via a number of exciters 
whose forces have been appropriated accordingly 
for that mode. A number of Direct and Iterative 
methods have been proposed over the years to de¬ 
rive these appropriated force vectors. 

Iterative methods are those in which the ex¬ 
citation frequency and an initial force vector 
are progressively adjusted (with varying degre¬ 
es of automation) (Refs. 2-4) until some prede¬ 
fined modal purity criterion is satisfied. Di¬ 
rect methods are those which operate on measured 
complex receptance function matrices and (without 
curvefitting) obtain natural frequencies and ap¬ 
propriated force distributions for the modes in 
the frequency range of interest. Receptance ma¬ 
trices are measured at discrete steps covering 
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the frequency range and relate a number of exci¬ 
ter and response locations. Of the methods which 
operate on square inertance matrices Asher's me¬ 
thod (Ref.5), which owes much to Traill-Nash 
(Ref.6), involves a determinant solution approach 
and the Traill-Nash (Ref.7) and Modified Asher 
(Ref.8) methods involve an eigenvalue solution 
approach. The Extended Asher (Ref.9) and Multiva¬ 
riate Mode Indicator Function (MMIF) (Ref.10) me¬ 
thods also involve eigensolutions but can operate 
on rectangular (more response than excitation lo¬ 
cations) inertance matrices. Clearly the latter 
two methods offer the advantage of more global 
structural monitoring and definition. 

The central problem of all the methods is the de¬ 
finition of the number, locations/directions and 
amplitude of exciter forces needed to force the 
structure. The choice of the number of exciters, 
when related to the effective number of modes, 
can affect the conditioning of the receptance ma¬ 
trices and therefore the performance of the me¬ 
thods. 

A number of Direct and Iterative methods were 
thoroughly investigated by Alexiou (Ref.11). 
Methods were expressed in a common mathematical 
formulation and were studied on their ability to 
identify and isolate closely spaced modes by de¬ 
fining the correct set of exciter forces under 
ideal and non-ideal conditions (noisy data, non- 
-proportionally damped structures). Methods were 
evaluated on both simulated MDOF and measured da¬ 
ta from realistic structures. In this paper some 
of the findings from the simulated data study are 
presented; results from using data from a real 
structure will be presented in a later paper. 

2. PRELIMINARY THEORETICAL CONSIDERATIONS 

Consider a structure whose complex response z de¬ 
fined at m transducer locations is given by 

z = [A(to) + i B(w)]f (1) 

where f is the monophase exciter force vector de¬ 
fined at e locations and [A(w) + i B(co)] is the 
receptance transfer matrix at frequency w. Each 
term in the matrix involves a series summation of 
contributions from all the modes of the structu¬ 
re, the expressions differing according to whet¬ 
her the damping is proportional or not. Although 
theoretically infinite the number of modes in the 
summation n is in practice finite. All the me¬ 
thods considered in the present paper operate on 
the inertance matrix as frequency to changes and 
seek a force vector f which when applied harmoni¬ 
cally at the j th undamped natural frequency (j 
= 1,2,...n) will excite the corresponding j th un¬ 
damped or "pure” mode. A "pure" mode is excited 
when response and excitation are in quadrature or 
when the real part of the response vector is ze¬ 
ro, i.e. from (Eq.l) 

[A (to)] f = 0 (2) 

In order to solve Eq.2 for £ f the behaviour of 
the [A(co)J matrix as frequency changes needs to 
be known and this depends on the relative values 
of m and e. For a square (A(w)] matrix (m=e) a- 
-non-trivial solution of (Eq.2) is only possible 
when its determinant is zero, i.e. 

|A(w) |=0 (3) 

The variation of |A(«)| with frequency depends 
upon the values of m (or e) and n. If the excita¬ 
tion and measurement locations are equal and 
coincident then for an n degree of freedom struc¬ 


ture it can be shown theoretically that the de¬ 
terminant |A(go) | vanishes at the natural frequen¬ 
cies of the n modes only, if and only if m = e = 
n. In this case phase quadrature is guaranteed 
at the measured m locations but not necessarily 
elsewhere on a continuous structure. If m * n 
then the frequencies at which |A(w)| vanishes are 
not necessarily natural frequencies. Overall exa¬ 
mination of the conditioning of both the [A(w)J 
and [B(w)] matrices dictates that it is important 
to select a number of exciters equal to the num¬ 
ber of modes n. Since however n is large the use 
of such a number of exciters should be impracti¬ 
cal. Instead use is made of the number of modes 
actually effective in the immediate frequency 
range of interest (ENDOF), n* and a number of ex¬ 
citers equal to n* is used. 

Asher's (Ref.5) method operates on the determi¬ 
nant of the real part [A(w)j (Eq.2) whereas other 
methods (Ref.11) of the same category (m=e) ope¬ 
rate on eigenformulations involving the real and 
imaginary parts [A(w)] and [B(w)] of the the com¬ 
plex receptance matrix i.e. (dropping the frequ¬ 
ency (w) symbols), 

Af = Xf Modified Asher (4) 

Af = yBf Traill-Nash (5) 

When m > e then the alternative eigenformulations 
are expressed by 

A T Af = af Extended Asher (6) 

A T Af = g~(A T A + B T B)f MMIF (no weighting) (7) 

It can be shown that for the eigenformulations of 
Eqs. 4 and 5 modal frequencies correspond to 
frequencies where eigenvalues vanish whereas 
from Eqs. 6 and 7 natural frequencies correspond 
to local minima of the eigenvalues. In both cases 
the corresponding eigenvectors (interpolated) at 
each resonant frequency yield the appropriated 
force distributions. When m > e then in practice 
the real part of the response can only be minimi¬ 
zed in some way as defined by the following cost 
functions which correspond to Eqs. 6 and 7 above. 

m 

L [Re (z k )] 2 Extended Asher (8) 

k=l 

m m 

L [Re (z k )] 2 / I |z k | 2 MMIF (9) 

k=l k=l 

It should be noted that the original EA formula¬ 
tion in Ref.9 was incorrect; Ref.11 shows the co¬ 
rrect analysis. 

One of the main problems of the methods investi¬ 
gated (and generally all methods) is that the ef¬ 
fective number of modes n* is not known at the 
onset of the test. All that is known is that in 
the small frequency range of interest n* is sig¬ 
nificantly smaller than n and also that n* exci¬ 
ters (appropriately located) would be needed to 
excite all n* modes. In practice the value of n* 
is not easily deductable by observing some preli¬ 
minary measurements from the structure e.g. 
frf's, indicator functions etc. However practical 
experience has shown that n* is rarely larger 
than 5. From Eq.2, at each resonance , the rank 
of the [A(w)] matrix is reduced by a number equal 
to the multiplicity of modes at ol ; the rank of 
the [B(w)] matrix is not affected. If e = n* then 
[A(«)J would be rank n* away from and rank 
(n*-y) at Wj , where y is the number of coincident 
modes at co_j. If e > n* then both [A(w)] and 
[B(w)] would be singular at all resonant and non- 
-resonant frequencies. 
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Clearly the choice of the number of exciters e 
will affect the conditioning of both the [A(c*>)] 
and [B(w)J matrices by virtue of the relation 
between e and n*. Consequently, the performance 
of the methods based on the eigensolutions of Eq. 

4 to 7 will also be severely affected. 

3. MATHEMATICAL MODEL 

In order to compare the methods, a 6-DOF "wing/ 
engine" mathematical model was constructed; the 
wing could bend and twist and the engine could 
sway and yaw with reference to the wing. The na¬ 
tural frequencies of the model were at 57.4, 
68.17, 70.72, 109.9, 165.7 and 410.3 Hz. A fairly 
high level of damping (5% critical) was used in 
the model to cause the second and third modes to 
interfere more. Figure 1 shows the shape of the 
wing second mode. Receptance matrices were evalu¬ 
ated for 8 (m = 8) transducer locations (5, 6, 9, 
10, 11, 12, 13, 14) and 5 (e = 5) exciter loca¬ 

tions (5, 9, 13, 10, 14) at discrete frequencies 
over the frequency range of interest. A receptan¬ 
ce function corrupted by noise is plotted in Fi¬ 
gure 2 which shows that a single input at the 
wing tip in the out of plane direction could not 
adequately separate the two close modes; a multi- 
-point excitation would be needed. 

The methods were studied by operating on subsets 
of the (8 x 5) receptance matrix in the 50 to 80 
Hz frequency range. Square and rectangular sub¬ 
sets corresponding to different numbers of exci¬ 
ters (1 to 5) were employed; the effective number 
of degrees of freedom n* in the 50-80 Hz range 
being essentially three. Different combinations 
of response and excitation locations were tried 
to simulate choices of accelerometer and exciter 
locations in practice. A full description of re¬ 
sults is given in Ref.11 and a summary is presen¬ 
ted here. 

4. INVESTIGATION OF DIRECT METHODS 

4.1. Equal Numbers of Response and Excitation Lo¬ 
cations 

The variation with frequency of the determinant 
|A(w) | and the eigenvalues X and p for Eqs. 3 to 

5 is shown in Figures 3 to 5 for a selection of 
coincident measurement/excitation locations and 
values of m. Note that the numbering on the ei¬ 
genvalue plots is simply the ordering produced by 
the QR eigenvalue algorithm. 

For a twin exciter combination 9, 13 in Figure 3 
there are two zero crossings which indicate two 
modes. However the behaviour of the curves around 
65 Hz shows the influence of an extra mode becau¬ 
se they nearly cross again and p does not incre¬ 
ase monotonically. 

The variation of the X eigenvalues in Figure 3 is 
rather difficult to trace near the first zero 
crossing where the eigenvalues come close toge¬ 
ther. This variation is needed for selection of 
eigenvalue (and corresponding eigenvector) ele¬ 
ments to fit and interpolate in order to identify 
natural frequencies and corresponding appropria¬ 
ted force vectors. 

It is apparent from the above results that n* > 2 
at least for modes 2 and 3. Figure 4 shows re¬ 
sults for the 3 exciter combination 9, 13, 10 for 
noise corrupted data. There are three zero cros- 
sings close to the undamped natural frequencies 
and the eigenvalues behave sensibly, crossing on¬ 
ly once in this region. Note that a poor exciter 
combination 13, 14, 9 produced two crossings on¬ 


ly, proving that a good exciter location choice 
is necessary to determine n*. Noise has a small 
effect on |A(w)| and X but a significant effect 
on p away from resonance. 

Some results for the MA method with the four ex¬ 
citer combination 9, 13, 10, 14 are presented in 
Fig. 5 for noise-free data. An additional small 
eigenvalue is seen but there are still only three 
crossings. The determinant variation (not shown) 
is similar to that for e = 3 but the numerical 
values are smaller. The p eigenvalue behaviour is 
also similar except for an additional large ei¬ 
genvalue. 

For a five exciter combination 9, 13, 10, 14, 5 
the noise-free results are sensible and when noi¬ 
se is included the determinant crosses the fre¬ 
quency axis many times and so indicates near sin¬ 
gularity of the [A(w)] over the frequency region. 
Thus n* must be less than 5 and this is confirmed 
by the X eigenvalue behaviour which shows the ad¬ 
ditional eigenvalue root as being essentially ze¬ 
ro over the entire region, the remaining roots 
behaving sensibly; such results would indicate 
that fewer exciters ought to be used. The results 
of the p eigenvalue with noise were very poor due 
to the near singularity of the [B(w)J matrix. 

4.2. Unequal Numbers of Exciter and Response Lo¬ 
cations. 

The Extended Asher, Eq. 6 (both the determinant 
and eigenvalue implementations) and the Multiva¬ 
riate Mode Indicator Function, Eq.7, methods were 
studied. Receptance matrix data were used for the 
same eight transducer (m = 8) locations and five 
exciter locations (e = 1 to 5) as before. Note 
therefore that the exciter locations were always 
coincident with transducers. 

Figure 6 shows clear dips at frequencies corres¬ 
ponding to modes 1 and 3 for an exciter combina¬ 
tion at locations 9 and 13. The MMIF eigenvalues 
give the clearest indication of the second mode 
by the double dip in the primary MMIF and the dip 
in the secondary MMIF. However mode 2 would not 
be excited very well because the primary MMIF 
only dips to around 0.2. It is arguable that the 
Extended Asher determinant is easier to interpret 
than the corresponding eigenvalues a. 

Figure 7 shows clear dips at all three natural f- 
requencies for the three exciter combination 9, 
13 and 10 since n* has been reached for mode 2. 
The eigenvalues a are difficult to interpret be¬ 
cause of the tracking problem, the dynamic range 
of the eigenvalues and the obscuring of the dip 
by extra small eigenvalues associated with using 
e > n*, as seen around mode 1. Random noise had a 
small effect, especially for the primary MMIF 
around each resonance where 0 < 0.2. Effects on 
the secondary and tertiary MMIF were slightly 
higher. 

Results for a four exciter combination at loca¬ 
tions 9, 13, 10 and 14 (not shown) are similar 
for those for three exciters. The undisturbed be¬ 
haviour of the fourth MMIF as frequency changes 
shows that more exciters are being used than are 
really necessary. The a eigenvalues«become still 
more difficult to interpret (much more so than 
the modified approach to Asher's method). 

Figure 8 shows results for a five exciter combi¬ 
nation at locations 9, 13, 10, 14 and 5 for the 
MMIF method with noise corrupted data. The noise 
free behaviour is much the same as before but 
the addition of noise corrupts the picture signi- 
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ficantly, especially for the secondary and terti¬ 
ary MMIF values. It is most likely that this is 
due to the near singularity of both the [A(w)] T_ 
[A(w)] and (B(w) ] T [B(co)] matrices. 

When the MMIF analysis was performed on data with 
non-coincident transducer and exciter locations 
(Refs.11,12) then, depending upon the measurement 
and excitation directions, peculiar behaviour of 
the MMIF eigenvalues is sometimes seen, including 
spurious dips or even absence of a dip where a 
phase resonant excitation is impossible for the 
data set used. 

Therefore it is sensible to include accelerome¬ 
ters at all excitation locations and to ensure 
that all important structural motions are measu¬ 
red. The choice of exciter positions is not stra¬ 
ight forward. 

The problem of matrix ill-conditioning when e > 
n* may be overcome by a singular value decomposi¬ 
tion approach as proposed recently by Wright and 
Juang (Ref.13). Alternatively the MA eigenvalues 
show how many exciters are necessary. 

4.3. Determination of Appropriated Force Distri¬ 
butions 

Once a suitable accelerometer exciter set was se¬ 
lected then the natural frequencies could be ob¬ 
tained from the zero crossings of the X or y or 
from the minima of a or 3. Due to the influence 
of noise the eigenvalues were curve fitted with a 
simple polynomial in the resonance region and ze¬ 
ro crossings or minima found from the fitted cur¬ 
ve. Frequency results agreed well with the theo¬ 
retical undamped natural frequencies. 

Once the natural frequencies were identified the 
appropriated force distributions were obtained 
simply by recovering (at the natural frequency 
concerned) the eigenvector corresponding to the 
fitted eigenvalue. Curve fitting and interpola¬ 
tion avoids re-measuring at the natural frequen¬ 
cies. However it is important that the variation 
of the normalized eigenvector elements in this 
region is fairly smooth and passes through the 
desired values at the crossing frequency; this 
depends on the correct choice and hence "trac¬ 
king" of eigenvalues. 

Figure 9 shows normalised eigenvectors for the 3 
exciter configurations considered earlier for all 
but Asher's method since solution of Eq.2 for f 
is difficult and very sensitive to measuring pre¬ 
cisely at each natural frequency Ref.11. It was 
shown in Refs. 8 and 11 that the Modified Asher 
eigenvector varied in a discontinuous manner if 
the eigenvalues were assumed to cross each other 
near resonance but continuously when they were 
assumed not to cross (i.e. eigenvalues apparently 
discontinuous). This behaviour makes the Modified 
Asher method difficult to use for force distribu¬ 
tions, especially for e > n* as seen in Figure 9. 
Indeed, whereas all the methods show fairly smo¬ 
oth eigenvector variation for e = n* (i.e. modes 
2 and 3) only the Traill-Nash eigenvectors vary 
smoothly for e > n* (i.e. mode 1). However all 
methods yielded similar force distributions. 

Figure 10 shows a "pure" mode 3 response that was 
obtained when the appropriated force vector was 
"applied" to the model. Off-quadrature errors we¬ 
re less than 2.5°, the largest error occurring at 
locations of low response. Corresponding Indica¬ 
tor Functions were of the order of 0.96 to 0.99. 


5. ITERATIVE APPROXIMATE METHOD 

An iterative method proposed by Morosow and Ayre 
(Ref.14) and Anderson (Ref.15) was also investi¬ 
gated using data from the 6-D0F wing-engine mo¬ 
del. The main assumption of the method is that of 
proportional damping although the present study 
concluded that for low damping with a low degree 
of non-proportionality the method still worked 
adequately. 

Effectively the method operates on a group of 
closely spaced modes, one of which is classified 
as the target while the rest are the "contamina¬ 
ting" modes. Initially the target mode is defi¬ 
ned. The rest of the group modes are selected by 
virtue of the proximity of their frequencies to 
the target mode frequency or by virtue of their 
contaminating effect on the target mode. A number 
of exciters not exceeding the number of modes in 
the group is used and an iterative procedure is 
initiated. In the first cycle of the iteration 
each mode is excited at (or close to) its natural 
frequency using an initial estimate of its appro¬ 
priated force vector. Once measurements for all 
modes in the group are obtained an initial esti¬ 
mate of the mode shape matrix is derived from the 
imaginary parts of the response vectors. The for¬ 
cing matrix for the next iteration cycle is obta¬ 
ined from the inverse of the transpose of the 
subset of the mode shape matrix defined at the 
exciter locations. This inverse yields the physi¬ 
cal forces required to produce generalised forces 
only in each mode of interest. Iterations are 
continued until the applied physical force vec¬ 
tor, for each mode, has converged to the respec¬ 
tive appropriated vector required to isolate the 
mode. Convergence is monitored by checking modal 
purity on the response via the Indicator Func¬ 
tion, phase errors and diagonality of the genera¬ 
lised force matrix. The advantage of the method 
is that provided the correct number of exciters 
is used then it can automatically converge on tu¬ 
ning all the modes in the group. 

The first 3 modes of the model were selected in a 
target group, exciters were selected at locations 
9, 13, 10 and responses were measured at loca¬ 

tions 5, 6, 9, 10, 11, 12, 13 and 14. The varia¬ 
tion of the Indicator Function with iteration cy¬ 
cle is shown in Figure 11 from which it is clear 
that reasonable convergence was achieved after 5 
or 6 iterations for all modes. The Indicator 
functions shown in Figure 12 correspond to a pro¬ 
portionally damped model and converged much more 
rapidly reaching values in the range of 0.99- 
-1.00; proportionality in damping was achieved by 
reconstructing the damping matrix so that each of 
its elements was proportional to the respective 
elements of the mass matrix. Finally the effects 
of including only the two close modes 2 and 3 in 
the target group and using exciters at locations 
9 and 13 are shown in Figure 13. Mode 3 converges 
to a value that is perhaps acceptable whereas mo¬ 
de 2 is not adequately isolated. Such poor re¬ 
sults can indicate too small a target group and/¬ 
or inappropriate choice of exciter locations. 

It may be that this approach could be used to 
"fine tune" force distributions obtained from di¬ 
rect methods. * 

6. CONCLUSION 

A number of methods has been investigated for 
identifying and isolating pure modes of vibration 
using appropriated multi-point excitation. The 
performance of the methods was evaluated on simu¬ 
lated data. It was found that the methods, can 
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successfully identify and isolate a number of 
closely spaced modes and that use of a combina¬ 
tion of methods may be appropriate, each having 
different strengths. 
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FIGURES 




FIGURE 1 SIX-DOF Model: undeformed shape 
and mode shape of second normal mode. 



FIGURE 2 SIX-DOF Model: 
(with noise) excitation 
locations 9, 13, 10, 14. 


Sample transfer function 
at location 9, response at 
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FIGURE 3 SIX-DOF Model: Variation of determinant/ 
eigenvalues for A/KA/TN methods - excitation/res¬ 
ponse at locations 9,13 (e-m-2). 
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FIGURE 4 SIX-DOF Model (with noise): Variation of 
determinant/eigenvalues for A/MA/TN methods - ex¬ 
citation/response at locations 9, 13, 10 (e-m»3). 



FIGURE 5 SIX-DOF Model: Variation of eigenvalues 
for HA method - excitation/response at locations 
9, 13, 10, 14 (e-m-4). 
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FIGURE B SIX-DOF Model (with noise): Variation of 
eigenvalues for MIF method - excitation at 
locations 9, 13, 10, 14, 5 (e-5), , response at 

locations 5, 6, 9, 10, 11, 12, 13, 14 (a*8). 

































INDICATOR FN [l-&] 


489 


EXTENDED ASHER DETERMI NANT 


■’’i, 

1 * *111» 1 2 


H 

AC 


1*1 2 

2 

1 1 

2 

2 1 
1 1 


12 


2 

1 2 


: j 


% 00 


.T ' . ' " 1 ~ 1 

(00 J 00 

fBfQUfMC f IMi 1 i 10** I 


"I 


t 00 


EXTENDED ASHER EIGENVALUES 



FMQUEMCr rn«i » w--*i 


EXTENDED ASHER DETERMINANT 


vs 



rot q unit r ui ■ i > m * • • i 


EXTENDED ASHER EIGENVALUES 


)3 


3*3 


} n33 }j 


2”?,. i 3J3,3 3 } . 


jjjll* 1 '' ‘ 2? ^2J J ”: 3J |5 22 

UU 1 ) ? 1 I n I > rt - 2 nil | 11 111 1 1 1 111 M h > );M 111 111 7 2 2 2 


1 24-4 - 2- 


1 00 


I 00 

fOEOUfNCr (Hi) 


2 . 00 
10 • • - l 


0 00 


MIP EIGENVALUES 



FHiQUi.'lt i 1 i: i / :o»* • 1 


FIGURE 6 SIX-DOF Model: Variation of determinant/ 
eigenvalues for EA/HIF methods - excitation at 
locations 9, 13 (e-2), response at locations 5, 6, 
9, 10, 11, 12, 13, 14 (*.8). 



FIGURE 7 SIX-DOF Model: Variation of determinant/ 
eigenvalues for EA/MIF methods - excitation at 
locations 9, 13, 10 (e-3), response at locations 
5, 6, 9. 10, 11, 12, 13, 14 (m-8). 
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FIGURE 11 SIX-DOF Model: Variation of Indicator 
function with iteration number - Morosov and Ayre 
method, 3 node target group - excitation at loca¬ 
tions 9, 13, 10 (e-3),response at locations 5, 6, 
9. 10, 11, 12, 13, 14 (m-8). 


FIGURE 12 SIX-DOF Model (proportional damping): 
Variation of Indicator function vith number - 
Morosov and Ayre method, 3 mode target group - 
excitation at locations 9, 13, 10 (e-3), response 
locations 5, 6, 9, 10, 11, 12, 13, 14 (a»8). 
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DESIGN PARAMETER UPDATE OF DYNAMIC MATHEMATICAL MODELS 
IN PRESENCE OF TEST NOISE AND MODE PAIRING PROBLEMS 


B. Caesar 1 , L. Eckert 1 , A. Hoppe^ 

1 Dornier GmbH, Friedrichshafen, FRG 
^ University of Stuttgart, FRG 


ABSTRACT 

An update procedure is described, which im¬ 
proves design parameters towards the cor¬ 
rect ones so that the eigenfrequencies and 
mode shapes of a mathematical model conver¬ 
ge to the measured ones. Design parameter 
can be any input parameter of a Finite Ele¬ 
ment- (FE-) model. The objective is to mi¬ 
nimize the weighted differences of measured 
and analysed eigenfrequencies and mode sha¬ 
pes with minimum changes of the design pa¬ 
rameters. Any type of finite element may be 
used in the FE-model. The in general nonli¬ 
near functions of the eigenfrequencies and 
modes w.r.t. the design parameters are 
linearized based on FE-sensitivity analy¬ 
ses. The new mode shapes are calculated as 
a linear combination of the initial ones. 

The procedure is able to update erroneous 
design parameters in the presence of noisy 
test data. The test data may be incomplete. 
No condensation to the test degrees of 
freedom or expansion of the test to the 
analysis data is necessary. 

The procedure requires the calculation of 
eigenfrequency and mode shape differences. 
This calculation is possible only, if test 
and analysis modes can be paired. In case 
of crossing eigenfrequency sequences bet¬ 
ween test and analysis and mode coupling 
pairing criteria as the Model Assurance 
Criterion (MAC) fail and lead to signifi¬ 
cant convergence problems. The paper shows 
how to treat such pairing problems. 

Numerical examples using noisy and incom¬ 
plete test data demonstrate the successful 
application of the update procedure. 


Keywords: Model Update, Structural 
mics, Test Data, Noise, Mode Pairing. 
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NOMENCLATURE 

objective function 

terms of objective function 

k-th circular eigenfrequency 
[rad/s] 

k-th eigenfrequency [Hz] 


f <P 

n, w i 
W f , W'P, 

w a 


max,k 


1-th design parameter 
1-th correction parameter 
vector, containing the correction 
parameters a lf 1=1 ,L 
1-th correction factor (Cpl+aj) 

weighting factor for 1-th parame¬ 
ter 

weighting factor for k-th eigen¬ 
frequency, eigenvector 
weighting factors for different 
terms in objective function 

modal matrix, containing eigenvec¬ 
tors as columns 
k-th eigenvector 

i-th component of k-th eigenvector 
maximum component of k-th eigen¬ 
vector 

euclidian norm of vector (p 


Subscripts: 

i=lj index for measured degree of free¬ 

dom 

k=l,K index for mode 

1=1,L index for design parameter 

Superscripts: 
i initial analysis 

u updated model 

m measured 


1. UPDATE OBJECTIVES 

The update procedure described in this pa¬ 
per shall improve design parameters of dy¬ 
namic mathematical models towards the cor¬ 
rect ones. Satisfying this major objective 
results in a mathematical model that 

- reproduces the measured data, namely ei¬ 
genfrequencies, mode shapes and if avai¬ 
lable generalized masses and total mass, 

- improves additionally the not measured 
properties (effective masses, not meas¬ 
ured eigenfrequencies, modes shapes and 
generalized masses, local stiffnesses 
and mass distributions) , 

- can be used as a submodel for coupled 
analyses and 

- can be used for static and control ana¬ 
lyses . 
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The reference data, eigenfrequenci.es and 
mode shapes, are gained from tests. 

The update procedure shall run 

- in presence of random errors on the test 
data (noisy test data), 

- with incomplete test data, i.e. 

• with a number of measurement pick-ups 
much smaller than the number of de¬ 
grees of freedom of the mathematical 
model and 

• with an incomplete number of measured 
mode shapes. 

The procedure shall converge fast and sta¬ 
ble and shall support the process of error 
localization and error source detection. 


2 . THEORY 

The theory of the update procedure is des¬ 
cribed in detail in Ref. 1. 


2.1 


The update procedure gives a frame in which 
different programme packages, in general FE 
programmes, can be run. Actually the proce¬ 
dure is coupled with PERMAS and ASKA. 

Any input parameter may be selected as up¬ 
date variable e.g. material properties 
(density, modulus of elasticity, ...), 
geometrical input data (thickness, cross 
sectional area, moment of inertia, ...) or 
even nodal point coordinates. A set of such 
physical variables called design parameters 
has to be selected by the user. 

The 1-th updated design parameter p^ u is 

described as a function of the 1-th correc¬ 
tion parameter a^ and the initial design 

parameter p-^ 1 by: 

P?(ai)= (l+ai)-pj (!) 

Iteratively the design parameters are im¬ 
proved minimizing the differences between 
measured and analysed eigenfrequencies and 
mode shapes. 

The procedure works with a selected number 
of degrees of freedom (dofs) of the 
analysis which can be correlated with test 
dofs (pick-ups) . Thus no condensation of 
the analysis model to the test (e.g. by 
Guyan reduction) or expansion of the test 
dofs to the complete analysis model is 
required. 


, W f V f [fk^Xl 2 
J(a) = W 1 2, w k Sa — 

k=i L he j 


. w-i 

k=l i=l L t max,k 


1 -i 

+ W a X wf a? 


and 


rp 

a={aj,a 2 » ..., ap apj 1 : vector of correction 

parameters 

W a , wj^, Wj/P, Wj^, Wj a : weighting factors 
: k-th eigenfrequency 

(p^ : i-th component of k-th eigenvector 

superscript m: measured, superscript u: 
updated analysis and superscript i: initial 
analysis. 

The updated eigenfrequencies and eigenvec¬ 
tors are approximated by a first Taylor’s 
series expansion based on sensitivities of 
eigenfrequencies and eigenvectors. 


u/ \ i i V ^<Pk( a l) 

cpk(a) - 9k + * J 


The analysis eigenvector sensitivities are 
assumed to be a linear combination of the 
M lowest eigenvectors of the initial model 
(superscript i) 


d<Pk(ai) 

3ai 


m 

= ^ dmk( a l) * 9nn 


2.3 


The objective function Eq. 2 is minimized 
by a routine described in Ref. 3 solving 
nonlinear constrained optimization pro¬ 
blems. The constraints may be general func¬ 

tions of the correction parameters aj 

gj(a) <0 (7) 

or 

af B < ai < a}® (8) 

superscript LB: lower bound 
superscript UB: upper bound 

so, that changes of the design parameters 
can be limited between upper and lower 
bounds. 


2.2 


The objective function minimizes the weigh¬ 
ted differences of eigenfrequencies and mo¬ 
de shapes from analysis and test with mini¬ 
mum changes of the design parameters. So, 
the objective function (Eq. 2) consists of 
three terms: 


minimize J(a) = J f (a) + F(a) + J a (a) 


with 


2.4 


The eigenvectors of analysis and test have 
to be paired to calculate the difference of 
the eigenvector components in Eq. 2. Prior 
to this difference calculation the eigen¬ 
vectors are scaled either 

- to generalized masses equal to 1 
or 

- to the length of the analytical vector 
using the Modal Scale Factor MSF with 


<pf = MSF< 


( 9 ) 
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The MSF is defined by 


MSF(tf/qf) = 



( 10 ) 


The Modal Scale Factor is taken if the 
accuracy of the measured generalized mass 
is insufficient. 


2.5 Mode Pairing. 


The measured and analytical mode shapes are 
paired on the basis of maximum values of 
the Modal Assurance Criterion (MAC) (see 
Ref. 2) . 


MAC(<pt I ',<Pj 1 ) 


(<pr T <pyf 

(<p (<pf<p?) 


( 11 ) 


3. NUMERICAL EXAMPLES 

Three different numerical examples are dis¬ 
cussed in the following: 

- The problem of mode pairing by maximum 
MAC-values is described with a two de¬ 
gree of freedom spring-mass system (2- 
DOF-System). 

- A small scale beam model, due to its 
shape called FORK, will demonstrate the 
robustness of the update method w.r.t. 
noise on test data (random errors). 


commonly the Modal Assurance Criterion MAC 
is used as a measure for correlation. Modes 
are paired according to the maximum MAC- 
value. 

A simple example of a two degree of freedom 
spring-mass system shall demonstrate that 
mode pairing by maximum MAC-values is not 
sufficient and can be the reason for 
convergence problems. 

Fig. 1 shows the change of the eigenvalues 
cand CO 2 of the spring-mass system w.r.t. 
changes of the stiffness k 2 - The influence 
of k 2 at the starting point (k 2 = 0.4) is 

mainly on co^ and switches over to a >2 in 
the range of 0.8 < k 2 < 1.2. We have a coup¬ 
ling or crossing point of the two modes in 
this range. In addition Fig. 1 shows an 
extreme sensitivity of the effective masses 
of both modes in the range of 0.8 < k 2 < 1.2 

indicating significant coupling w.r.t. the 
forced response behaviour, too. So, such an 
area is sensitive and of major interest for 
the prediction of the dynamic behaviour of 
the system. 

Finally let us check the behaviour of the 
MAC- values (Fig. 2) according to stiffness 
changes of k 2 . The maximum MAC-value at 

the starting point indicates very good cor¬ 
relation between analysis mode 2 and test 

mode 1 ( ( P2 //( Pi m ^ together with no corre¬ 

lation between analysis mode 1 and test 
mode 2 (<p^/cp2 m ^ • At the crossing-point of 


- Finally a hardware test case is present¬ 
ed with update results of a 2 m by 5 m 
frame structure. 


3.1 The Pairing Problem 

Design Parameter Update with the objective 
to minimize the weighted differences of 
measured and analytical eigenfrequencies 
and mode shapes requires paired eigenfre- 
quencies and mode shapes to calculate these 
differences. 

Good correlation between two mode shapes, 
one measured and one analysed, should be a 
sufficient criterion for pairing. So, 



Figure 2: MAC-Value Evolution 

w.r.t. Stiffness Change 
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Figure 1: Eigenvalue and Effective Mass 
Change w.r.t. Stiffness Change 








the two MAC-curves (q^/^i™) and 

the system changes. From that point on the 
maximum MAC-value indicates pairing of 
analysis mode 1 with test mode 1 and 
analysis mode 2 with test mode 2. 

An update of the spring stiffness from the 
starting point = 0.4 to k 2 = 0.6 based on 

maximum MAC-value pairing would cause that 
the terms of the objective function change 
in the following way: 

- increase of the eigenvalue difference 
Ci) 2 U- tt>i m (MAC-value 0.98), 

- decrease of the eigenvalue difference 
<-0^ (MAC-value 0.0), 

- increase of the eigenvector difference 
cp 2 U -(Pi m / acc. to decrease of MAC, 

- decrease of the eigenvector difference 
(pl U — < p 2 1Tl / acc. to increase of MAC. 

This means, only two terms (out of four) of 
the objective function would decrease and 
an improvement of the design parameter k 2 

from its starting point may not be possible 
due to an increase of the objective func¬ 
tion. Leaving out the eigenfrequency and 
mode shape pair with the very poor MAC- 
value would even make worse the situation. 
The only term, that decreases with an im¬ 
provement of k 2 would be thrown out. 

As an alternative to the MAC-value one 
could check the linear combination between 
test and analysis mode shapes by 

min e = ” 4> a B (12) 

with 

B = [ <|> a T <t> a ] _1 - [<|> a T <> t ] (13) 

Our actual experience is, that the B-matrix 
coefficients give similar results as the 
MAC-matrix and do not solve the problem. 

Both, the MAC-matrix as well as the B-ma- 
trix, show significant coupling between the 
two mode pairs. 


- The maximum MAC-value shall be taken for 
mode paring in general. 

- An exception from this rule becomes 
valid, if the ascending eigenfrequency 
sequence of paired modes is disturbed, 
e.g. analysis mode i is paired with test 
mode j and vice versa (see Fig. 4 of the 
FORK-example). 


b) the undisturbed ascending sequence of 
mode pairs may be used in contradic¬ 
tion to the maximum B^j or MAC^j val¬ 
ues if these values indicate modal 
coupling between two mode pairs (no 
experiences are available with this 
method). 

Method a) is not applicable in case of the 
two dof spring-mass system omitting all 
available modes. In case of many modes and 
mode pairs this method has shown convincing 
results . 


3.2 The FORK Test Case 

The FORK model is shown in Fig. 3. It is a 
simple two dimensional beam model with 27 
dofs. Tab. 1 and 2 give the model input da¬ 
ta for stiffness and mass for both the 
analysis and the test model. The simulated 
test data, the eigenfrequencies and mode 
shapes, are disturbed by random errors 
(noise). 



0.0 0.25 0.5 0.75 1.0 x [m] 


Figure 3: FORK-Geometry 


- In the exception case 

a) both mode pairs may be omitted in the 
first update steps until an undistur¬ 
bed ascending sequence of mode pairs 
is reached or 


3.2.1 



The test inaccuracies in the measured ei¬ 
genfrequencies and eigenvectors shall be of 
random nature. For this noisy test data a 



Table 1: FORK. Beam Element Data 



Initial Analysis Model 
FORK 

Test Model 

FORKP 


Density 

Area 

Moment 
of Inertia 

Density 

Area 

Moment 
of Inertia 

Element 

P 

A 

I 

P 

A 

I 

No. 

105 k g/rr? 

10' 4 m 2 

10' 6 m 4 

105 kg/m^ 

10~ 4 m 2 

10' 6 m 4 

1 

0.5384 

7.4283 

369.52 

like 

9.2854 

369.52 

2 

1.0510 

5.7103 

5.2872 

Initial 

5.7103 

5.2872 

3 

1.4010 

6.8524 

7.1377 

Model 

6.8524 

7.1377 

4 

1.0770 

9.2854 

527.88 


9.2854 

527.88 

5 

1.0510 

5.7103 

5.2872 


5.7103 

5.2872 

6 

1.4010 

4.5682 

6.6090 


4.5682 

6.6090 

7 

5.0450 

0.1487 

1.9457 


0.1487 

2.5943 

8 

10.0900 

0.1487 

2.8198 


0.19827 

3.7598 

9 

0.0000 

0.08566 

0.46396 


0.08566 

0.71378 


Modulus of Elasticity: E = 7*10^ N/m^ 


Table 2: FORK. Mass Data 



Initial Analysis Model 
FORK 

Test Model 

FORKP 

Mass 

Rotational 

Mass 

Mass 

Rotational 

Mass 

Nodal Point 

m 

e 

m 

0 

No. 

..... k £ _ 

kgm^ 

kg 

kgm^ 

1 

0.0 

0.0 

0.0 

0.0 

2 

0.0 

0.0 

0.0 

0.0 

3 

180.0 

42.0 

180.0 

42.0 

4 

165.0 

42.0 

165.0 

42.0 

5 

0.0 

0.0 

0.0 

0.0 

6 

0.0 

0.0 

0.0 

0.0 

7 

14.0 

1.8 

20.0 

3.0 

8 

39.0 

4.2 

30.0 

4.2 

9 

360.0 

37.5 

400.0 

37.5 

10 

12.0 

1.0 

15.0 

1.0 


medium noise level of 

maximum 1 % on the eigenfrequencies 
and 

maximum 10 % of the maximum component of 
an eigenvector on each vector component 
is assumed. 

So, small components of the eigenvector may 
have large errors well above 10 %. 

The measured generalized mass is assumed to 
be not reliable enough to be used for upda¬ 
ting at all. 


3.2.2 R esults Qf , t h e FQRK Tes t 
Initial Modal Data 

Tab. 3 gives a correlation between the mea¬ 
sured eigenfrequencies of the test model 
and the initial eigenfrequencies of the 
analysis model prior to updating. The mode 
shape correlation based on maximum MAC-va- 
lues figures out poor to bad correlation 
from mode 4 to 7 within the first eight mo¬ 
de shapes, although the eigenfrequency dif¬ 
ferences are less than 12 % (see Tab. 4). 
The MAC-values indicate a sequence crossing 
of the measured modes 6, 7 and 8 to the 

analysis modes. Analysis mode shape 7 can 
not be correlated to any of the eight mea¬ 
sured modes. 


Update Regylt -S 

W.r.t. the experiences on convergence pro¬ 
blems gained from other test cases and on 
the pairing problems described in chapter 
3.1, the update process was started leaving 
out test mode 6, 7 and 8. At the end of 

iteration 2 the correlation sequence appea¬ 
red undisturbed and all eight measured mo¬ 
des could be used for further updating (see 
Fig. 4) . 

Fig. 5 and 6 show the fast convergence of 
the MAC- values and the frequency differen¬ 
ces, indicating the fast convergence of the 
analysis mode shapes and eigenfrequencies 
towards the test values. 

In Fig. 7 one can see the evolution of the 
correction factors of the design parame¬ 
ters. Based on this results one could have 
stopped the update process at the end of 
iteration 5 having reached already perfect 
MAC-values close to 1 and eigenfrequency 
differences well below 1 %. Only some de¬ 
sign parameters have not reached final but 
already satisfying values (see Tab. 5) . 


k u : Index of Analytical Mode ^m 



Figure 4: FORK. 

Mode Pairing by Maximum MAC-Value 
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Table 3: FORK. Correlation of Test and Analysis Model 


TEST MODEL 


I INITIAL MODEL I UPDATED MODEL 


k m 

f m 
*k 

r m 

*k 

k 1 

f 1 
f k 

MAC 

k u 

f u 

MAC 


1) 

2) 



D, 2) 



1) , 2) 

— 

[HZ] 

[Hz] 

— 

[Hz] 

- 

— 

[Hz] 

— 

1 

21.40 

21.19 

l 

21.13 

0.834 

1 

21.34 

1.000 

2 

24.33 

24.18 

2 

24.30 

0.803 

2 

24.27 

1.000 

3 

32.06 

32.22 

3 

29.07 

0.963 

3 

32.05 

1.000 

4 

37.31 

37.17 

4 

33.07 

0.638 

4 

37.19 

1.000 

5 

38.23 

38.15 

5 

36.68 

0.605 

5 

38.13 

1.000 

6 

42.70 

43.12 

8 

46.37 

0.546 

6 

42.62 

1.000 

7 

43.82 

44.19 

6 

39.66 

0.442 

7 

43.75 

1.000 

8 

47.57 

47.39 

9 

51.30 

0.919 

8 

47.47 

1.000 

9 

50.77 

i 50.93 

7 

44.83 

0.577 

9 

50.69 

0.999 

10 

52.34 

52.07 

10 

60.11 

0.911 

10 

52.18 

1.000 

11 

118.26 

117.49 

11 

108.04 

0.647 

11 

118.06 

0.999 

12 

122.30 

122.40 

13 

124.42 

0.722 

12 

122.10 

0.999 


measured 


not measured 


1) with respect to unnoisy modal test data 

2) with respect to noisy modal test data 



^ / 

i 

7 (T\ I 


\ i 
\ i 
\ ■ 

6 


k: Mode Number 


4 8 

ITERATION CYCLE 



Design Parameter Id. I 


Figure 5: FORK. Evolution of MAC-Values 


if '' 


t/ 


ITERATION CYCLE 

Figure 7: FORK. Correction Factor 
Evolution 


The update procedure works with incomplete, 
noisy test data, improves the physical de¬ 
sign parameter towards the correct ones and 
with that improves also not measured pro¬ 
perties as the eigenfrequencies and mode 
shapes number 9 to 12. Stiffness and mass 
errors can be located. 


k: Mode Number 


4 8 

ITERATION CYCLE 


The FORK example is based on consistent up¬ 
dating. This means, the error -can exactly 
be described by changes of the FE-model. » 

The algorithm is stable and converges ra¬ 
pidly . 


Figure 6: FORK. Evolution of Eigenfre- 
quency Differences 




Table 4: FORK. Deviations of Eigenfrequencies and Mode Shapes 


1) with respect to unnoisy modal test data 

2) with respect to noisy modal test data 



INITIAL MODEL 

UPDATED MODEL 

k m 

k 1 

AfVf k m 

MAC 


AfVf k m 

k u 


MAC 

l|4q> U ||/ll<p m k ll 

AfX 1 " 



1) 

1) 

1) 

2) 


1) 

l) 

1) 

2) 

— 

— 

[%] 

— 

[%] 

[%] 

— 

[%) 

— 

[%] 

... 

1 

1 

-1.29 

0.834 

41.65 

-0.30 

1 

-0.299 

1.000 

0.24 

0.704 

2 

2 

-0.14 

0.803 

47.02 

0.50 

2 

-0.240 

1.000 

0.14 

0.389 

3 

3 

-9.34 

0.963 

29.98 

-9.78 

3 

-0.047 

1.000 

0.80 

-0.528 

4 

4 

-11.37 

0.638 

62.05 

-11.03 

4 

-0.340 

1.000 

0.52 

0.043 

5 

5 

-4.04 

0.605 

64.04 

-3.85 

5 

-0.248 

1.000 

0.41 

-0.057 

6 

8 

8.59 

0.546 

81.14 

7.55 

6 

-0.186 

1.000 

0.47 

-1.141 

7 

6 

-9.49 

0.442 

74.71 

-10.26 

7 

-0.147 

1.000 

0.41 

-0.996 

8 

9 

7.85 

0.919 

64.76 

8.26 

8 

-0.216 

1.000 

0.74 

0.168. 

9 

7 

-11.70 

0.577 

67.31 

-11.98 

9 

-0.157 

0.999 

3.32 

-0.468" 

10 

10 

14.84 

0.911 

43.49 

15.45 

10 

-0.304 

1.000 

1.65 

0.225 

11 

11 

-8.642 

0.647 

72.580 

-8.042 

11 

-0.168 

0.999 

3.43 

0.487 

12 

13 

1.731 

0.722 

53.160 

1.643 

12 

-0.158 

0.999 

3.59 

-0.244 J 


r measured 


not measured 


Table 5: 


FORK. Correction Factors (True Values and from Update) 
Deviations from True Values 


Type 

of 

Design 

Parameter 

Correction Factors 

Deviations from 

True Correction Factors 

INITIAL 

MODEL 

True 

Value 

UPDATE 
10 Iterations 

UPDATE 

5 Iterations 

INITIAL 

MODEL 

UPDATE 
10 Iterations 

UPDATE 

5 Iterations 

I 

Pi 

element no./ 

c \' 

r ,true 

4 

c l u 

c l u 

Ac|'/c, true 

Ac^/cj^ 6 

ACjH/c^ 6 

- 

- 

node no. 

- 

100% 

- 

- 

% 

% 

% 

l 

A 

1 

1.00 

1.250000 

1.24700 

1.237 

-20.00 

-0.24 

-1.04 

2 

A 

8 

1.00 

1.333334 

1.35513 

1.394 

-25.00 

1.63 

4.55 

3 

I 

2 

1.00 

1.000000 

1.00528 

1.008 

0.00 

0.53 

0.80 

4 

I 

3 

1.00 

1.000000 

1.00563 

1.036 

0.00 

0.56 

3.60 

5 

I 

7 

1.00 

1.333334 

1.35825 

1.272 

-25.00 

1.87 

-4.60 

6 

I 

8 

1.00 

1.333334 

1.34237 

1.439 

-25.00 

0.68 

7.92 

7 

I 

9 

1.00 

1.538500 

1.59736 

1.637 

-35.00 

3.83 

6.40 

8 

P 

1 

1.00 

1.000000 

1.01891 

1.008 

0.00 

1.89 

0.80 

9 

P 

8 

1.00 

1.000000 

0.93800 

1.000 

0.00 

-6.20 

0.00 

10 

m 

7 

1.00 

1.428600 

1.43855 

1.498 

-30.00 

0.70 

4.86 

11 

m 

8 

1.00 

0.769200 

0.79032 

0.791 

30.01 

2.75 

2.83 

12 

m 

9 

1.00 

1.111111 

1.12286 

1.147 

-10.00 

1.06 

3.23 

13 

m 

10 

. 1.00 

1.250000 

1.25167 

1.230 

-20.00 

0.13 

-1.60 

14 

e 

3 

1.00 

1.000000 

1.01100 

1.051 

0.00 

1.10 

5.10 

15 

e 

4 

1.00 

1.000000 

1.00786 

1.088 

0.00 

0.79 

8.80 

16 

e 

7 

1.00 

1.666667 

1.70995 

1.394 

-40.00 

2.60 

-16.36 

17 

e 

10 

1.00 

1.000000 

1.08432 

1.130 

0.00 

8.43 

13.00 


3.3 Update of the SPACE FRAME 

The SPACE FRAME isa2mby5m truss 
structure with a mass of 90 kg, similar to 
a light weight frame structure which is 
planned to be used in future orbital space 
stations (see Fig. 8). The test as well as 
the FE-model data are based on Ref. 4. 

The structure consists of 117 beams, 6 
plates and 48 structural nodes, connecting 
the beams and plates. The FE-model consists 
of 146 nodes, 117 times 2 beam elements, 6 
times 4 plate elements and 48 concentrated 
masses and has 146 times 6 dofs. The beams 
have been assumed to be incorrect. Three 


types of beams exist, 

- beams in x,y-plane 

- beams parallel to the z-axis and 

- diagonal beams 

with 4 design parameters each, namely 

- cross-sectional area A, 

- moments of inertia I v/ I„ 

- St. Venant torsion constant J and 

- density p 

This results in 48 design parameters to be 
updated. No detailed information about de¬ 
sign and test of the structure to support 
the update process are available to the au¬ 
thors . 
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k: Mode Number 



0 12 3 


ITERATION CYCLE 


Figure 9: SPACE FRAME. Evolution of 
Eigenfrequency Differences 



1 2 3 4 5 6 7 8 10 11 12 14 

Mode Number 

Figure 10: 

SPACE FRAME. Eigenfrequency Deviations for 
Update with 12 Measured Modes 
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ilBda-tg_JS.esu 11s Using 6 Test Modes 
One update run has been performed using 
only 6 out of 12 available test modes. The 
test modes 1 to 5 and 8 have been selected. 
This selection and restriction is based on 
the idea that the updating should be suc¬ 
cessful also in the case of incomplete 
measurements. If the changes of the design 
parameters are physically meaningful also 
the residual eigenfrequencies and modes 
should be improved and approximated to the 
measured ones. 

Tab. 6 shows the test eigenfrequencies, the 
corresponding initial and updated ones. 
Within three iterations the analytical ei¬ 
genfrequencies could be significantly im¬ 
proved. The frequency differences {Fig. 9) 
are reduced from maximum values of 23.7 % 
to values below 2.1 % and the MAC-values 
are better than 0.976 for those modes par¬ 
ticipating in the update process. For the 
residual modes one finds a significant im¬ 
provement, too. Only test mode 6, a local 
mode, shows still a frequency difference of 
8.72 %, all other differences are less or 
equal to 3.8 %. 

Update Results Using 12 Test Modes 
Tab. 7 shows the measured eigenfrequencies 
as well as the correlated analysis eigen¬ 
frequencies of the initial and updated 
model using 12 test modes. Test modes 9 and 
13 could not be correlated to any analysis 
mode. 

After 4 iterations the update process is 
stopped. All MAC-values have reached values 
greater than 0.95 except for test mode 14. 
Most frequency differences are below 1 % 
with a maximum of 2.6 % for test mode 14 
(updated analysis mode 12) - see Fig. 10. 


Some Remarks to the SPACE FRAME Update 
Only the cross-sectional areas and the den¬ 
sities of the beams are modified signifi¬ 
cantly by the updating. The cross-sectional 
areas are reduced indicating errors in the 
longitudinal stiffnesses. This seems to be 
caused by an erroneous respectively to 
rough description of the structural nodes 
and their connections to the beams. The re¬ 
duction of the cross- sectional areas of 
the beams is compensated by an increase of 
the densities to keep the t ota-1 mass within 
limits. Both the areas and densities of 
simple Aluminium tubes should be well 
known, so that the conclusion of erroneous 
stiffnesses in the connections between the 
tubes and the structural nodes has a high 
probability. So, the SPACE FRAME is an 
example for inconsistent updating, for 
which the updated FE-model is able to 
describe the real structure only with 
substitute stiffness and mass parameters. 

Test mode 9 could not be correlated with 
any analysis mode before and after update. 
It has not been used for updating and is 
assumed to be a noise mode (see also 

Ref. 4) . 

The SPACE FRAME could be updated success¬ 
fully. This was possible without any design 
or test information except the FE-input 
data deck and the test results. The update 
method has given good indications of the 
error sources. 


4. CONCLUSION 

The theory of an update procedure has been 
described and application results publis¬ 
hed. The numerical results of the update 
applications have demonstrated 

- convergence of erroneous design parame¬ 
ters towards correct ones, 

- very good convergence of eigenfrequencies 
and mode shapes towards correct ones, 

- improvement of not measured properties, 

- and robustness in presence of noise on 
simulated test data and under real hard¬ 
ware test conditions. 

Convergence problems due to wrong mode pai¬ 
ring have been explained, circumvented and 
solved. 

Due to the fact that erroneous design para¬ 
meters can be corrected by the procedure 
and the updated FE-models still consist of 
standard finite elements (not macro ele¬ 
ments) , such update models can be used for 
static, dynamic response and coupled analy¬ 
sis as well as control analyses. 

Updating has been successful using measured 
eigenfrequencies and mode shapes, only. So, 
the test is not requested to deliver 
generalized masses, effective masses or 
participation factors, properties which are 
hard to be measured with high accuracy and 
standard effort. 

Errors could be localized and even error 
sources could be detected. The latter has 
been possible in the FORK example including 
only analysis errors. The SPACE FRAME upda¬ 
te has given good indications on the possi¬ 
ble error sources with a final proof to be 
outstanding. 
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